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Abstract—This paper discusses the analysis and design of a very
thin slotless PM brushless motor whose stator laminations are
manufactured from a single strip of steel that is edge wound into
a spiral (like a “Slinky”) and then fitted over the windings that
are preformed on the outside surface of a non-conducting
former. Analytical and finite element analysis (FEA) are used to
determine the constrained optimum dimensions of a motor used
to drive a rim driven thruster in which the motor rotor is fitted
onto the rim of the propeller and the stator is encapsulated in the
thin Kort nozzle of the thruster. The paper describes the
fabrication of a demonstrator motor and presents experimental
results to validate the theoretical calculations. Experimental
motor performance results are also reported and compared with
those of a slotted motor that fits within the same active radial
dimensions as the slotless motor. The slotless motor, which has
longer active length and endwindings, and thicker magnets than
the slotted motor, was found to be less efficient and more
expensive (prototype cost) than the slotted machine.

Index Terms—Slotless brushless PM motor, edge-wound
laminations, rim driven thruster.

I. INTRODUCTION

N rim or tip driven thrusters and marine turbine generators

such as those illustrated in Fig. 1 and Fig. 2 [1-14], the
machine active components need to fit within the small space
in the duct or Kort nozzle that surrounds the propeller. The
duct ideally needs to be relatively thin to minimize
hydrodynamic drag forces and achieve good thrust efficiency.
Although demonstrator rim driven thrusters were built using
induction [5] and switched reluctance machines [11], PM
machines are bests suited to this application as they are more
efficient and can be designed to have a large number of poles
and hence be very thin. They are also tolerant of having a
large airgap that is needed to accommodate stator and rotor
encapsulation layers.

The manufacture of such radially thin machines poses
several practical challenges. For example, the 50 mm
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propeller diameter thruster shown in Fig. 2 [1] has a
lamination yoke thickness of 1.25mm and teeth that are only
1.5 mm wide. This makes lamination production and handling
challenging and costly.

Fig. 1. Photograph f a commercial rim-driven thruster (courtesy TSL
Technology Ltd).

This paper investigates the design and performance of an
alternative brusless PM motor topology that has the potential
to overcome these difficulties. In this topology the stator
laminations of the slotless motor are manufactured from a
single strip of steel that is edge wound into a spiral like a
“Slinky”. The helical laminations are then fitted over the
windings that are preformed on the outside of a non-
conducting former. A brief description of the motor and
preliminary performance results were published in a previous
conference paper by the authors [14]. This paper presents the
details of the methodology used to optimize the design of the
motor using analytical and FEA methods. The paper also
elaborates the lamination fabrication process and describes the
construction of a demonstrator motor for a small rim driven
thruster. Experimental performance results are reported and
compared with those of a slotted motor that fits within the



same active radial dimensions as the slotless motor. The
experimental results are also compared with theoretical
calculations.
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Fig. 2. A drawing of a rim driven thruster designed by the Authors [1]

Il. MOTOR ANALYSIS AND DESIGN

A. Preliminary Analytical Design Optimisation

An analytical method was used to analyze candidate motor
designs and determine the initial constrained optimal
dimensions of the motor such that maximum efficiency is
achieved. The motor for the rim-driven thruster described later
in this paper is required to fit within a certain volume inside
the thruster nozzle, with constraints on the inner rotor radius
R, and the outer stator lamination radius R,, and overall length
L,. The gap between the magnets and the stator bore, which
needs to be relatively large as mentioned earlier, is also
constrained by mechanical design requirements. The objective
is to determine the dimensions of a machine that fits within
these constraints such that the efficiency is maximized, for
given torque T, and speed w. The torque value takes into
account bearing friction loss as well as propeller torque.

For given available motor volume and current density,
efficiency is determined by three main parameters, namely
magnet thickness, number of poles and active length.
Arguably, current density is also another parameter that is
determined by the degree of cooling, which is a function of
the thickness of the windings, but for feasible designs (designs
that fit within the available space) of the machine under study,
which has radially thin windings, the maximum permissible
current density was found to be approximately constant. The
magnet outer diameter needs to be adjusted such that the
remaining space for the rotor yoke is sufficient to carry the
flux at a suitable working flux density. Similarly, the radial
thickness of the winding is constrained by the need to have
sufficient stator yoke thickness to carry the flux at a suitable
working flux density.

The design procedure, which was implemented with the aid
of a computer program, was as follows. An initial active
length, number of poles and magnet thickness were estimated
based on simple hand calculations similar to those discussed
in [17]. A first guess of the outer diameter of the magnet is
also made. The airgap and magnet flux distribution was
determined by solving Laplace’s and Poisson’s equations of

the scalar magnetic potentials ¢, and ¢, in the airgap and

magnets, respectively, assuming parallel magnetized magnets
and a suitable value for magnet width to pole pitch ratio « as

described in the Appendix, in which the definitions of most of
the mathematical symbols below are also included.

The no-load flux carried by the rotor yoke was calculated
by integrating the flux density vector in equation (A25) over
half a pole pitch of the rotor steel outer surface. Assuming an
appropriate maximum no-load working flux density By, in the
rotor, the rotor yoke thickness y; can be calculated to be
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The rotor inner radius was then calculated by subtracting
the magnet thickness and rotor yoke thickness from the
assumed magnet outer radius. If the calculated inner rotor
radius was different from the given value R,, then the outer
diameter (OD) of the magnet was changed using an
optimization routine, which minimized the square of the
difference between the calculated inner radius and the given
value R;, and the above calculations were repeated. If the new
value for the OD of the magnet was found to be greater than
the given outer diameter of the motor, then the number of
poles was increased and the above calculations were repeated.
If the magnet OD however was less than the given stator OD,
the thickness of the stator yoke ys was calculated using
equation (2) below, such that the no-load working flux density
in the stator laminations the does not exceed an appropriate
value By,
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The thickness of the winding is then calculated. The design
was rejected if the winding thickness was below a certain
value or negative, and the number of poles was increased
again till the radial space available for winding was above a
set threshold dictated by mechanical design considerations.
Next the endwiding overhang axial length was calculated,
which was subtracted from L, to calculate the active length L.
If L was negative, the design was rejected and the number of
poles was increased and the calculations were repeated.

Once a feasible motor design, i.e. a design that fits within
the dimensions constraints, was obtained, further analysis was
carried out to determine losses and efficiency. No-load iron
losses P, were estimated from empirical data for the
lamination material used,

Ppe:(pc+ph+pe)XMFe (3)
where Mg, is the mass of the stator laminations, and pe, pn, Pe
are the eddy current, hysteresis and excess power loss
densities. For each flux harmonic n, the different components
of loss are calculated using the following formulae, variants of
which could be found in many textbooks and papers on the
subject such as [17]:

P, =K.B2f?

P = Kth2 f,

Pre = KBy f° (4)
Kc _ 71'62’20'



where o, 7, p are the conductivity, thickness and density of
the laminations, respectively, and K; and K. are constants
determined from empirical data.

Neglecting saturation, the electromagnetic torque exerted
on the rotor due to the interaction of stator current and rotor
magnetic fields is given by:

T:—2pL_[rx(J><B|)dA (5)
A

where J denotes the winding current density vector and L is
the active length of the machine. Ais the cross-sectional area
of the coils under a pole pitch. In polar coordinates the
magnitude of the instantaneous electromagnet torque can be
readily shown to be given by,
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where Ry; is the inner radius of the winding and Ry, is the
outer radius of the winding. A further approximation may be
made if the winding is radially very thin with a thickness
tw=Rwz-Rw1, and the radial variation of flux density is
negligible,

T
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where R,, is the average winding radius.

The motor was assumed to be driven by a brushless DC
trapezoidal drive. An ideal quasi-squarewave current was
assumed for the purpose of the analytical optimization studies
as shown in Figure 3. The winding was assumed to be a lap,
fully pitched, Y-connected winding (see Fig. 7 and 8), and
hence only two-thirds of the winding i.e. two of the phases
carry current at any one time. The winding current distribution
opposite a magnet under the maximum torque condition will
be symmetrical about the magnet’s axis, being constant
between —60 electrical degree and +60 electrical degrees
either side of the axis and zero otherwise. Average
electromagnetic torque Ty is calculated by averaging the
instantaneous torque values calculated over the 60 electrical
degrees of rotation during which the current spatial pattern
remains fixed.

1207

Fig. 3. Ideal quasi-aquarewave waveform

The average electromagnet torque produced by the motor
Tem IS estimated as

Y ®)

The actual electromagnetic torque needs to be slightly
higher than this to allow for the increased iron loss caused by
the armature reaction flux. But for the motor under
consideration, armature reaction and associated increase in
iron loss was found to be not significant, based on FEA
results.

Using a discrete form of (7) the current density in the
windings was estimated for the required average torque [15].
Copper losses were then calculated in the usual manner by
estimating the mean length of turn (MLT) of a coil, and hence
the total wire length of a phase, assuming that each coil has 1
turn to start with. The number of turns was later adjusted
depending on the operating voltage, as discussed in the
following section. The cross-sectional area of the wire was
estimated by multiplying the available space with an
appropriate fill factor (FF). The phase resistance R was then
calculated in the usual manner assuming copper resistivity at
an initial estimated working temperature. Copper loss is
calculated using the following equation,

P, =2I°R ©)
where | is the peak phase current calculated by multiplying the
copper current density by the copper cross-sectional area of a
current carrying coil (assuming 1 turn per coil as discussed
above).

A thermal network model, using copper and iron losses as
inputs, was used to calculate the temperature of the winding,
and accordingly the phase resistance is recalculated at the new
temperature, and the thermal network calculations were
iterated until the change of the estimated winding temperature
became less than 1°C. If the winding temperature was higher
than a maximum permissible temperature, the design was
rejected and the number of poles was increased and/or magnet
thickness was reduced and the calculations were repeated.

The efficiency of the machine was estimated as

T,o

n=——2>———x100
T,o+P, +Pe

To gain an insight into the design optimization process,
motor efficiency for given torque and speed was calculated for
a range of feasible number of poles, magnet thicknesses,
active lengths and « as illustrated in Figs. 4, 5 and 6, for given
winding current density. For given number of poles, active
length and « in Fig. 4, the efficiency initially increases as the
magnet thickness and the magnetic loading are increased. But
further increase of magnet thickness beyond a certain value
results in a decrease of efficiency due to the reduction of the
space available for the windings and the increased copper loss.

In Fig. 4, for a given magnet thickness, increasing the
number of poles leads to i) a reduction of the rotor yoke and
stator yoke steel thicknesses and thus an increase in the space
available for the windings, ii) a reduction in the length of the
endwinding, iii) an increase of the proportion of flux leakage
between neighbouring magnets and a net reduction in the
average flux density in the machine. Both i) and ii) lead to a
reduction in the winding resistance and corresponding copper
loss, but iii) leads to an increase in the winding current or
electric loading, with a corresponding increase in copper loss,
to compensate for the reduction in magnetic loading. The

(10)



significance of these two opposing effects depends on magnet
thickness. For thin magnet designs (3mm and 4mm magnets in
Fig. 4), the effect iii) i.e. leakage flux between neighbouring
magnets was found to be more dominant, thus favouring low
number of poles. But for designs with thick magnets (6 mm
case in Fig. 4), increasing the number of poles actually
improves the efficiency, which suggests that i) and ii) are
more significant. Between the extremes of thin and thick
magnets, the picture is mixed and there is an optimum number
of poles at which efficiency is maximum.

The effect of active length and « is more straightforward.
As expected, the efficiency improves as the active length and
a are increased as illustrated in Figs. 5 and 6.

77
——p=7
72 _
g —m—p=8
o P
(5] —_
:g 67 | p=10
b —+—p=11
—o—p=12
62
57 ‘ ‘ ‘ ‘ ‘
2 3 4 5 6 7
Magnet thickness (mm)

Fig. 4. Efficiency versus magnet thickness and number of poles with
L=25mm, =0.83.
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Fig. 5. Efficiency versus active length for a design with 16 poles and 4.5 mm
thick magnets, «=0.83.
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B. Calculation of the number of turns

An equivalent circuit simulation model of the motor and the
driving inverter as shown in Fig. 7 was used to further analyze
near optimum designs. This enabled current waveforms to be
calculated and helped determine the number of turns for given
power, speed and DC link voltage.

The open circuit back emfs E, Eg and Ec were calculated as
follows. The flux w linking a phase coil was calculated by
integrating the radial component of flux density (A21) over
the cylindrical surface of the coil at the average radius of the
winding Ry, which as expected for the motor under
consideration was almost identical to the integral evaluated at
the stator bore over a coil pitch.

In the stator frame of reference the angle g is related to the
angle @ in the rotor frame of reference by the following
equation,

p=0+6,+at (12)

Where 6, is an initial angle when =0, which depends on
the commutation angle, i.e. the degree of phase advance, and
the spatial location of a phase coil. From equation (A21) the
radial flux density distribution at the winding average radius is
then given by

BrI (Rw’ﬁ) = Z Bn Cosnp(ﬂ_wt_go)
n=135...
where B, =K;(n)fg (R,). The flux linking a stator coil is

then given by

(12)

P
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where £ is the coil pitch angle. The emf E in a phase with N
turns in series can be calculated using Faraday’s law,

—dNy
E= 14
m (14)
It can be shown that a phase emf is given by
E= 3 2NB,R,LaK,,sinnp(at +6,) (15)

n=135,...

where



o B
K =sin np7 (16)

The phase inductance element Ly, in Fig. 6 was calculated
as
Lyn =L —M+ L,y (1))

where Lgyg is the endwinding inductance estimated using
expressions that can be found in [17]. The self and mutual
airgap inductances Ls and M were calculated by evaluating the
armature reaction field using a 2D scalar potential Laplace
equation polar coordinate model. A solution of the armature
reaction field can be found in [18], and hence details of the
solution will not be repeated here to avoid duplication.

Circuit simulations were carried out using Matlab
SimpowerSystems Blockset, using hot resistance values. The
instantaneous electromagnetic torque produced by the
machine was calculated as

T :i(EAiA+EBiB +Ecic) (18)
(4]
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Fig. 7. Equivalent circuit simulation model of motor and inverter

For a given DC link voltage, the number of turns was adjusted
and the circuit simulations were repeated until the average
torque at least equaled the required value. The resistance and
inductance values were adjusted in proportion to the square of
the number of turns. The rms value of the current waveforms
was also evaluated and the copper losses and efficiency were
also recalculated based on the more realist waveforms. For the
motor reported here, the difference between the average
values of torque and efficiency calculated using ideal currents
and those obtained from circuit simulation were found to be
small.

C. FEA Analysis

Feasible designs were further analysed using two-
dimensional transient finite element analysis incorporating

rotor motion and external 3-phase inverter circuit as described
in [1]. Fig. 8 shows the geometry of the FEA model and the
flux distribution in a two-pole section of a candidate motor
design at a particular instant in time.

Fig. 8. Winding configuration and FEA flux distribution in a candidate
motor design

Fig. 9 compares the flux density computed by both FEA
and analytical methods. The analytical values were found to
be higher than the FEA values. This can be explained to be
due to the assumption of infinite steel permeability in the
analytical solution, which neglects the mmf drop along the
steel path. As a result of this, the FEA computed emf, torque,
core loss and efficiency were found to be slightly lower than
the analytical values. The FEA computed core loss for
example was 7W compared to 8W that was calculated
analytically, and the efficiency computed using FEA was 71%
compared to 73% calculated using the analytical method.
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Fig. 9. Analytical and FEA flux density at stator bore



I1l. DESCRIPTION OF THE DEMONSTRATOR MOTOR

Table 1 presents a summary of principal motor parameters
as manufactured, compared with a slotted motor that fits
within the same radial dimensions. Although the optimum
value of the number of poles of the slotless motor was found
to be 20, with =1 and magnet thickness of 5mm, the actual
number of poles of manufactured motor was selected to be 16
poles with a magnet thickness of 4.5 mm and an =0.833.
These decisions were made based on practical considerations
of availability of materials and ease of fabrication of
components. But the efficiency of the selected design was
only marginally lower than the optimal motor as illustrated in
Fig. 4.

TABLE 1

PARAMETERS OF SLOTLESS AND SLOTTED MOTORS
Parameter Slotless Slotted
Stator steel thickness 1.25mm 1.25mm
Rotor steel thickness 1.5mm 1.5mm
Number of poles 16 16mm
Magnet thickness 4.5mm 3.0mm
Motor axial length 25mm 20mm
a 0.833 0.833
Stator OD 104mm 104mm
Rotor ID 73mm 73mm
Electromagnetic airgap ~ 4mm 4mm
Nominal torque 0.68Nm 0.68Nm
Nominal speed 3600rpm 3600rpm
Efficiency at full load 71% 82%
Core loss W 14W
Laminations cost £34 £50
Magnets cost £295 £120
Windings cost £250 £190
Encapsulation cost £75 £20
Total cost £654 £380

The slotted motor, which has 1.5 slots per pole per phase
and concentrated windings, has a shorter active length and
thinner magnets. Both motors fit within the constraints of the
space available in the duct of the rim driven thruster shown in
Fig 2, which has a propeller diameter of 70 mm.

A photograph of the slotless thruster motor components
before assembly is shown in Fig. 10. The stator windings were
wound on a former made of non-conducting, non-magnetic
Derlin material with suitable properties. The former outer
surface was machined to have slots to guide the windings. The
former also functions as part of a water-sealed housing system
for the stator having two O-rings at either end that seal the
stator within an aluminium shroud.

The stator laminations were formed from a single strip of
steel 0.5 mm thick and 1.25 mm wide. The strip was edge
wound under tension on a mandrel that was smaller in
diameter than the final diameter of the helical lamination. A
helical thread-like groove was machined on the surface of the
mandrel to guide the steel strip and prevent it from its natural
tendency to bend flat. The wound strip was left on the
mandrel for approximately 12 hours to even stress

distribution, before removing it from the threaded small
diameter mandrel and clamping it on a mandrel of the correct
larger diameter. The whole assembly was then normalised at
a high temperature of 580 °C for two hours.

magneted
rotor

Spiral
laminations

propeller

Fig. 10. Photograph of motor before assembly

The helical laminations were then fitted and tightened over
the slot liner covering the windings. Insulating varnish was
subsequently applied to glue the assembly of laminations and
windings and improve thermal conductivity. The whole
assembly was then sealed in the aluminium shroud, which
forms the outer surface of the thruster and supports the
bearing assembly spider. The propeller was fitted inside the
rotor ring and the whole rotor assembly was potted in epoxy.

IV. TESTRESULTS

Tests were carried out to validate the computed results and
to assess the performance of the machine compared to the
slotted design. Testing was carried out using a general-
purpose dynamometer rig to measure locked rotor torque
current characteristics, emf and efficiency at different loads.
Tests were also carried out on thrusters using the two motors
to provide a direct comparison of performance in terms of
power needed for required thrust. The measurements
uncertainties were as follows: torque error = £0.07Nm, speed
error = +0.1rpm, voltage error = £0.01V, current error =
+0.01A, thrust measurement error = +1N.

Fig. 11 shows a comparison of the back-EMF waveforms
vs. rotor position obtained from both experimental and finite
element analysis. Fig. 12 shows both experimental and finite
element locked rotor torque vs current characteristics. Fig. 13
shows a comparison between experimental and FEA
computed current waveforms. A good agreement between
finite element and experimental results is generally observed.
The experimental torque measurements at low current were
generally lower than the theoretical values, but the level of
confidence in the accuracy of these low current results is low
as the values were close to the level of uncertainty in torque
measurement.



Experimental
FEA

the same for both thrusters and the propeller torque should
also be the same for both thruster. But the slotless motor was
drawing significantly more power for given thrust output as
shown in Fig. 15. The efficiency of the slotless design was
about 11% below that of the smaller slotted motor.
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Fig. 11. Back EMF waveforms from FEA and experimental 993 rpm

0.8
0.7 m
0.6
0.5 -
0.4
0.3
0.2 -.0

0.1 PO 4
0 \ \ \ \ \
0 5 10 15 20 25

‘ & Experimental MFEA

Locked rotor torque (Nm)

Motor winding current (A)

Fig. 12. Locked-rotor torque versus current characteristics

15 4

10 4

Current (A)

-10 -
Angle (rads)

Fig. 13. FEA and experimental current waveforms at 993 rpm, 0.24 Nm

The general-purpose dynamometer rig was also used to
measure the efficiency of the slotless machine, which was also
found to be in general agreement with calculations, when
bearing friction and windage were allowed for.

A direct comparison between the performance of the
slotless and the slotted machines is illustrated in Figs. 14 and
15. Thrust was measured at bollard-pull condition. Both
thrusters had the same propeller and the same external
dimensions, and the hydrodynamic propeller performance of
the thrusters was essentially identical as demonstrated in Fig.
14: for a given propeller speed, the output thrust was basically
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Table 1 shows a comparison between the prototype costs of
the slotless and the slotted motor. The cost of the slotless
motor, which has more magnet material and copper, was
nearly double that of the slotted machine. This increase in cost
was entirely due to the increase in magnet and copper
materials. Although the lamination cost was slightly cheaper,
this saving was more than offset by the need for a winding
former.

V. CONCLUSIONS

For the particular rim-driven thruster application and the
particular demonstrator motor investigated in this paper, the
proposed slotless motor topology with helical laminations was
found to be inferior to an equivalent slotted motor that fits
within the same radial dimensions. The slotless motor was
larger and less efficient than the slotted machine. But care
needs to be taken before drawing general conclusions, as in
other applications and for motors with different dimensions,
the picture may be different and the slotless motor design may
be more favourable, especially when the motor is produced in
large volumes.



The paper presented a methodology for the design of such a
machine. Analytical methods based on solution of Laplace and
Poisson’s equations of the magnetic field in the motor gap
were demonstrated to be in good agreement with FEA and
experimental results.
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APPENDIX

The flux distribution in the magnets and the airgap of the
machine can be determined by solving the Laplace’s and
Poisson’s equations of the scalar magnetic potentials
¢, and ¢, in the airgap and magnets, respectively, as
described in [15] and [16],

Vip, =0 in the airgap

Al
Vz(p”:iV.M in the magnets (A1)

where M is the residual magnetization vector of the
magnets and g, is the relative recoil permeability of the
magnets. The field vector H can be calculated as
H=-Vg (A2)
The field vectors B and H are coupled by:
B, = 1H, inthe airgap (A3)
B, = ot H, + 1M in the magnets  (A4)
In polar coordinates (neglecting end effects variation in the
axial z-direction) equations (1) can be written as:
2 2
or ror r° o8
2 2
d ¢72u + Lo +i28 (02“ ~LuM inthe magnets (A6)
or ror r° o9 78
For magnets with linear second-quadrant demagnetization
characteristics in the, the amplitude of the magnetization
vector M is given by

inthe airgap (A5)

M =Br (A7)

Ho

where B, is the remanent flux density of the magnet. For the
parallel-magnetized magnets used in the motor described in
this paper, the direction of magnetization is as illustrated in
Fig. Al, and the magnetization vector in polar coordinates
is given by

M=M.u, + M, (A8)
where u, and uy, are unit vectors in the r and @directions
respectively, and

Mr:icose
& —aLSHSaZL (A9)
M, = ——Csing P P
Ho
M =
o le T <h<(2-a)= (A10)
M,=0]| 2p 2p
M, =- ’cos(@——j
Hy (2_ )ﬂ' 37

a)—<f<a— (All)
p p

a= <<= (A12)

which can be expressed as a Fourier series [15] by:

M, = i M,, cos(npé) (Al13)
n=1,35...
M, = S'M,, sin(npo) (A14)
n=1,3,5...
where,
M = Do a(A, + Ay) (AL5)
Ho
Br
Mg =—a(A, - Ay) (A16)
Ho
where,
sin{(np +Da 2”}
A, = i (A17)
(np +1)al
2p

sin{(np -Da ﬂ}
2p
Aoy = (A18)
(np—Dar
2p

where « is the ratio of the pole-arc width of a magnet pole

over the width of the pole pitch which is equal to % where

p is the number of pole pairs.

Fig. Al. Motor airgap geometry and coordinate system

The magnetisation source for equation (A6) can now be
derived as:

V.M=&+ +18M—”: Z ancos(npa) (A18)
r o r 00 . Gur

oM

r



where:
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Solving for these equations yields the solutions for
magnetic flux density. In the motor airgap:

M,=M,, +npM, (A19)
Br,&:wK n) fg, (r)cos(npd A2l
Assuming infinitely permeable rotor and stator steels, the n(1.9) n:l,zs,:s... (") e, (1) cos(np ) (A21)
boundary conditions are given by: o
H, (R,,0)=0 Ba(r,0)= > Kg(n)fg,(r)sin(npo) (A22)
n=1,3,5...
H, (R,0)=0
HII( r ) (AZO)
Brl (lee) = Brll (Rmig)
Ha Ry, 0) =Hy (R, 0)
For np =1 (considering only motors with more that 2 poles):
np+1 2np
R R
M np (A3n _1) + Z(R;] - (ASn +1)(R;J
KB(n):ﬂL n L i — — (A23)
r 4441 1_m ! m _m
/ul' RS /ul' L RS Rm
np-1 np+1 np+1 np-1 np+1 np+1
r R, . r R, R, 1\M,, 1
fB,(r)=(EJ (R—SJ +(—j ) Be(r):—[?sj (Rs +[T] and A, :[np—n—ij—n+n—p (A24)
In the magnets:
Bu= > M, — 0
a n=135.. ° " (np)* -1
2np np+1 np+1
Agn—i Ry + 1+ R— A3n+— 1—i R
4 \ R R #: )\ Ry
’ur +1 1_ l Ri 2np 2np
Hy R
np-1 np-1 np+1 np+l
r R R < np R
A= - —L cos(np@d) + M, —L cos(npé
l:(RmJ (RmJ (rJ ] (p ) anS Ho (np) ( J (p )
+ Y ,qunLA“cos(an) (A25)
n=13,5... (np)
B, = — ;M
= 2 M Gy
2np np+1 2np np+1
PURER ) P 0 ) N P
H )\ R 4 \ Ry R Hy #: )\ Ry
' 2np 2np 2np
M +1 1- R LR, | R
4y R, Hy s Ry
np-1 np-1 np+1 np+L
r R R < np R .
|| = —| = —L sin(np@) + M —L sin(npé
[[R] (RJ & ] (o) 2 #o ) s
- i MM, Af,_” sin(npé) (A26)
n=135.. (np)* -1



