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UNIVERSITY OF SOUTHAMPTON
ABSTRACT

FACULTY OF ENGINEERING AND THE ENVIRONMENT

Aerodynamics and Flight Mechanics
Thesis for the degree of Doctor of Philosophy

HELICOPTER POWER TRANSMISSION : CHANGING THE PARADIGM
by Frank BUYSSCHAERT

In the conventional helicopter, the transmission and powerplant systems are the major produc-
tion and operator direct operating cost drivers. Additionally, they are related to helicopter safety
and reliability concerns and impose performance boundaries. As a consequence, they need to be
addressed.

Adapting the transmission and powerplant systems with the introduction of more electric tech-
nologies, which are reported to be more reliable and cost friendly, involves a gross weight penalty,
which cannot be accepted from a performance viewpoint. The implementation of liquid hydro-
gen, with the objective to introduce a sustainable energy carrier and free cold source for the high
temperature superconductive devices driving the tail rotor, appears unattractive, from either a
weight or a exploitation standpoint. Biodiesel could be an alternative to Avgas driven configura-
tions, but at the moment, it has questionable chemical characteristics and is therefore discarded.
Conceptual alternatives to the conventional helicopter explored in an attempt to verify their ability
to overcome the stated performance, safety and cost aspects, are subjected to the same problems,
the Turbine Driven Rotor (TDR) helicopter configuration excepted. The TDR helicopter drives a
coaxial rotor configuration by means of a rotor embedded Ljungstrém turbine, omitting the need
for a mechanical transmission system.

Three TDR helicopter thermodynamic cycles are proposed. The piston engine powered TDR cycle
shows to be of interest for the low weight class helicopters. The turbofan powered TDR cycle is
preferred in the mid and high weight categories, benefitting from its configurational simplicity.
The more complex turboshaft powered TDR cycle requires a heat exchanger, is heavier and thus
not recommended.

With respect to the Ljungstrom turbine, the loss models of Soderberg and Ainley and Mathieson
used to establish its geometry and performance characteristics are generally acceptable and ap-
pear coherent, while a deviation angle correction is developed to cope with the radial outflow
configuration of the turbine. Similarly, loss models for the internal leakage and disk friction are
proposed. However, these models could not be substantiated by means of experiments.

A design methodology to implement the Ljungstrom turbine in the helicopter rotor head is pre-
sented and allows adjusting the thermodynamic cycle characteristics such as to maximise the
performance gain with respect to the conventional helicopter. For nominal operating conditions,
ISA SLS, a VLR-class TDR helicopter shows to bear a performance gain of 10% over a conventional
helicopter when equipped with an Avgas engine and 14% when a Diesel engine is used. Hereby,
the cycle pressure ratio remained low, i.e. approximately 1.25, allowing a turbine polytropic
efficiency of 87%. An identical study with a NH-90-class TDR helicopter proved to offer a perfor-
mance potential of 50% at a cycle pressure ratio around 1.6 and a turbine polytropic efficiency of
90%. In all cases, the gas temperature at the inlet of Ljungstrom turbine remained below the rotor
bearing temperature limit of 400 K.
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Outline and objectives

Helicopters play an irreplaceable role in present-day society. Their impact on our quality
of life may be regarded as substantial, directly or indirectly. Therefore, continuous efforts
are made to improve its safety, performance and cost. The first objective of the work at
hand is to uncover the technical components in a conventional helicopter that compromise these

aspects and propose alternatives. This discussion is developed as follows :

— The first chapter aims at exposing those technical systems in a conventional helicopter

that contribute most to the degradation of safety, performance and cost.

— The second chapter proposes and assesses technical alternatives for direct imple-
mentation in a conventional helicopter, in an attempt to address the aspects of

concern found in the first chapter.

— The third chapter discusses conceptual alternatives to the conventional helicopter
and proposes the TDR helicopter concept as a viable solution. This helicopter

concept uses a Ljungstrom turbine to drive the rotors.

Having selected the TDR helicopter concept as a potential answer to the first objective, the
second objective aims at the development of a sound theoretical basis to examine its qualities as an
alternative to the conventional helicopter during nominal operation. Since the implementation
of a Ljungstrom turbine in a helicopter platform was never undertaken, the third objective
is establishing a performance and geometry model of the Ljungstrom turbine integrated in a

helicopter rotor head. As a result :

— The fourth chapter develops and discusses three TDR helicopter thermodynamic
cycles and uncovers the major cycle variables. The need to evaluate the impact of
the cycle characteristics on the performance of the Ljungstrom turbine, and vice

VErsa, appears necessary.

— The fifth chapter develops the governing equations necessary to examine the Ljung-

strom turbine performance characteristics.
— The sixth chapter proposes loss models applicable to the Ljungstrom turbine.

— The seventh chapter develops a model to establish the performance characteristics

and geometry of the Ljungstrom turbine.



— The eighth chapter combines the conditioning cycles with the Ljungstrom turbine

performance model by means of two case studies.

Note that due to the various challenges and the multiple objectives involved, the structure
of this thesis may deviate slightly from the traditional format; yet an attempt was made
to present a coherent account integrating the various aspects of the research. In order to
improve its readability, a nomenclature list has been included at the end of each chapter,
with the exception of the third chapter, where it was found unnecessary.



Chapter 1

The conventional helicopter:

Anamnesis

“Not until nearly four years after the first airplane flight (in 1903) did
some helicopters lift their pilots off the ground. These attempts
achieved only short, tricky, and badly controlled flights. Most of them
ended in failure. Their cinema records look today like the best
slapstick comedy ever made. Subsequent improvement was slow.”

Jacob Shapiro in The Helicopter (1958)

It takes courage when birds leave their nest for the first time, stretching their wings and
taking the first steps towards the frontiers of familiarity. Each and everyone of them takes
the risk of whirling down and end in a misadventure. The difference between helicopter
pioneering and birds lays within the fact that most birds are anatomically fit to fly, while
human-mind-conceived contraptions are not. The records of men that sacrificed their
life are a bitter testimony of how difficult it is to achieve vertical flight and the lack of
profound knowledge of the physical problem and its consequences, overshadowed by
the craving of success and the ability to fly. But it would be immoral not to praise the
bravery of these pioneers, as it allowed vertical flight to evolve to the helicopters known
today, which play an invaluable role in modern society. The evolution the helicopter
underwent, is historic. The result however, could be reflected by the word anamnesis. It
echoes the inventory of mishaps and difficulties related to vertical flight, but also ques-
tions the capability of man to find the solution that yields the best capable vertical lift-off
platformi. Indeed, contemporary knowledge, political and financial burdens all influence
the final result, effectively working as “a natural selection of the fittest”.

After the Second World War, the helicopter morphology became more or less fixed, prob-

ably by the industrialisation and mass-production of the most successful configurations.

iIn his Meno dialogue, Plato argues that the answer to the paradox of inquiry lies with the innate knowledge
of man, which only needs to be recalled to find the solution to a problem. Therefore he uses the Greek word
Anamnesis — Samet (2008). The paradox of inquiry states that the solution to a problem of which the nature is
not known, can only be accepted when the perception of the nature of the problem is correct. But since the
nature of the problem is a priori unknown, how can one be sure the solution is correct ?



But even today engineers still try to overcome major issues related to reliability, safety,
performance and cost. In the country of the blind, the one-eyed man is king, a conclusion
drawn by many researchers as several new concepts arise and battle for survival. How-
ever, if a new concept must survive, it has to overcome the weaknesses of the dominant
morphology, while exhibiting a superior fitness for the job.

Finding the major technical weaknesses of the current conventional helicopters will be
the subject of this chapter, examining accident data, cost parameters as well as important
performance constraints. The result of this assessment will serve as the basis for the next
chapter, in which alternative configurations will be sought with the main objective to
improve the competitiveness of the conventional helicopter.

1.1 The conventional helicopter configuration

Evaluating new concepts requires a standard for comparison. Adopting the conventional
helicopter as the reference is natural, but the perception of the term conventional still needs
a proper definition. In Western countries, helicopters typically have a single main rotor
with tail rotor or similar (Fig.1.1), with the exception of the tandem configuration, which is
mainly used for heavy transport (Fig.1.2(a)). Eastern countries however, mostly develop
and produce helicopters with coaxially placed rotors (Fig.1.2(b)). The interpretation of
what helicopter configuration is “conventional” therefore has a strong geographic depen-
dence. The conventional helicopter discussed in this work is the western configuration.
It will be seen though that the conclusions drawn from the subsequent conventional he-
licopter assessment will also apply to its eastern counterpart.

Even though the general morphology of a conventional helicopter is invariant, it can be
subcategorised. The sub-configurations depend on the design requirements on the one
hand and are also subjected to technical improvements over time on the other. These
effects work on the external shape of the conventional helicopter as well as on the internal

configuration. A short survey of the most noteworthy configurations is given next.

1.1.1 External configurations

Important elements contributing to the external configuration are the fuselage, undercar-
riage, tail boom and tail rotor. The stated mission requirements influence strongly the
external configuration of a conventional helicopter.

With regard to the fuselage, helicopters made for executive transport normally exhibit the
better cruise speeds and require streamlined bodies (Fig.1.3(a)), whereas cargo-oriented
transport helicopters demand a maximum stowage, causing its shape to become more
angular, i.e. functional (Fig.1.3(c)). If it must float on water in case of an emergency, the

fuselage must work as a hull (Fig.1.3(b)), or in other cases inflatable bags are installed in

4
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Ficure 1.1. Conventional helicopter configuration (AW GrandNew),
AgustaWestland (2015).

the sponsons, which make part of the fuselage (Fig.1.3(d)). The sponsons can also contain

fuel tanks and or a part of the retractable landing gear.

For the undercarriage, two options exist : skids or wheels (Fig.1.4). Prouty (2007) explains
that skids should be preferred when the helicopter lands on soft ground. Also the skids
function as a parking brake omitting the problem of rolling away when put on inclined
surfaces. The disadvantage is ground handling. Moving the helicopter from the hangar
to the apron requires in most cases special equipment and approaching the take-off zone
can only be done by air taxiing. As a result, wheels are typically selected for the un-
dercarriage of the larger and heavier helicopters. Besides the ease of ground handling
by ground crew, wheels offer also the advantage of ground taxiing, which reduces the
downwash during the manoeuvre considerably decreasing the risk of “placer mining”%,
compromised visibility and the blowing-away of objects along the taxi trajectory. Re-
tractable wheels should only be considered when speed is important, while the impact

resistance against a hard landing or crash is reduced.

Three anti-torque devices are commonly used on conventional helicopters : the tail rotor,
the fan-in-tail or fenestron and the fan-in-boom or NOTAR (Fig.1.5). Most conventional
helicopters use the tail rotor, as shown in Fig.1.5(a). Though, it comes in different config-
urations with for example a variable number of tail rotor blades, angle of the rotational

axis with respect to the longitudinal plane of the rotorcraft and rotor position with respect

A term adopted from Prouty (2002) indicating the potential of the rotor downwash to dig out soil
underneath the helicopter.
iNO Tail Rotor; NOTAR is a trademark of MD Helicopters, now the Boeing Company.



(a) Tandem helicopter configuration (b) Coaxial helicopter configuration (Kamov Ka-
(AgustaWestland ICH-47F), AgustaWestland 226), Denis Mosolov.
(2015).

Ficure 1.2. Non-conventional helicopter configurations.

(a) Smooth fuselage (Eurocopter AS365-N3), (b) Hull shaped fuselage of the Westland SeaKing
Patrick Penna, Eurocopter. Mk48, Belgian Defence/DG COM.

(¢) Angular fuselage (NH Industries NH90), (d) Sponsons on the Sikorsky CH-53E Super Stal-
AgustaWestland (2015). lion, Sikorsky.

Ficure 1.3. Major fuselage configurations.



(a) Skid undercarriage (AW109 Trekker), (b)  Semi-retractable-wheel undercarriage
AgustaWestland (2015). (AW139M), AgustaWestland (2015).

Ficure 1.4. Helicopter undercarriage configurations.

to the vertical stabiliser. Regardless of the selected configuration, the working method
remains similar and an aerodynamic force is mainly used to compensate the reaction
torque exerted on the fuselage by the main gearbox. The problem with the tail rotor is its
vulnerability, noise production and being a potential danger to anything near. The fan-
in-tail reduces these issues partially as it consists of a shrouded rotor with more, smaller
and faster turning blades placed in front of a stator (Fig.1.5(b)). The power consumption
of the ducted fan configuration could be lower than that of the tail rotor configuration
when considering the same diameter (Newman (2003)), but the fan is normally smaller.
The consequence of embedding a rotor in the tail is a large vertical tail, which brings
along a mass penalty. A large vertical fin on the other hand, takes over the function
of the fan progressively with increasing flight speed, which is advantageous, and offers
in some cases the ability to perform a controlled landing in case of a fan failure. The
fan-in-boom or NOTAR tackles the problems of vulnerability and noise. The NOTAR
system is a patented anti-torque system of MD Helicopters (now the Boeing Company),
which produces an aerodynamic force along the helicopter tail boom (Fig.1.5(c)), mainly
via circulation control (Coandi effect) and the vertical tailplanes', and partially thanks
to an orientable jet near the tail boom extremity (Fig.1.5(d)). A frequently reported disad-
vantage of the system concerns a slow response to yaw inputs by the pilot, as reported by
Sampatacos et al. (1983), but they also highlighted that test pilots claimed better handling
qualities.

1.1.2 Internal configurations

When looking underneath the skin of a conventional helicopter, it is possible to distin-
guish “perpetual” components : engine(s), gearboxes, shafts, fuel tanks, cabin and cargo

stowage, and a structure that holds the components. The relationship between these

¥This depends on the flight conditions.



(a) Tail rotor (NHI NH90 MFH), Belgian De- (b) Fan-in-tail (EC-135 EMS), Olivier Balmain, Eu-
fence/DG COM. rocopter.

(c) Tail boom with air slots (MD-900), Terence (d) Orientable jet thruster (MD-900), Terence
Rayee, ULB. Rayee, ULB.

Ficure 1.5. Conventional helicopter anti-torque system configurations.



components and their spatial distribution form the internal configuration of the heli-
copter. With time, the components were optimised, replaced, and some were positioned
elsewhere in the helicopter all to exhibit a better performance per unit of mass and an
improved reliability (Fig.1.6). Important improvements consisted of the implementation
of new lightweight materials such as composites, high power density turboshaft engines

and better materials for the gearbox components.

In general, internal combustion engine(s) provide(s) power to the rotors via multiple
reduction stages (Fig.1.7). In many cases, a first reduction takes place in the engine, after
which a larger reduction occurs in the main gearbox of the helicopter. Multiple shafts
can leave the main gearbox. Most noteworthy are the shaft to the main rotor and the
shaft driving the tail rotor system. Both rotors are limited in rotational velocity due to
rotor blade Mach number constraints — Prouty (2002). Depending on the mutual position
between the main gearbox and the tail rotor, several shafts and intermediate angle-and-or-
speed-changing gearboxes can be required. For a given power, increasing the rotational
speed of the shafts reduces the torque and consequently the amount of material used.
However, unstable phenomena such as resonance and torsion buckling limit the max-
imum rotational speed, such as depicted by Dyess (1991) and Welborn (1967). Hence,
instead of one long shaft, several shaft-segments supported by bearings and dampers will
be found.

Besides the main gearbox, the tail gearbox deserves attention too. In many cases, it con-
cerns a bevel gearbox with an output shaft nearly perpendicular to the input shaft. Unlike
the main gearbox, the tail gearbox is much more exposed to vibrations, dirt and risks for
shocks — for example when the tail hook hits the ground during flare — and has no similar

oil-cooling provisions.

The ensemble of gearboxes and shafts with concurring accessories such as the oil system
and shaft suspensions is defined as the transmission system. The powerplant, consisting
of the internal combustion engine with accessories, together with the fuel and trans-
mission systems forms the propulsion system. Fig.1.7 shows a schematic overview of a
conventional helicopter propulsion system (the fuel system excepted”). Note the presence
of a cooling system used to evacuate the heat produced inside the gearbox by friction
losses. The necessity of an intermediate gearbox in this helicopter is required by the
positioning of the tail rotor on the fuselage. However, an intermediate gearbox is not

always found in a conventional helicopter.

YWhen using the term propulsion system in this thesis, one refers generally to the powerplant and the drive
subsystems as the fuel subsystem is of lesser importance from either a weight or cost perspective. This may
be proven by the model of Beltramo & Morris (1980), adopted in Appendix A.



(a) Sikorsky S-55 Whirlwind. The helicopter has a radial piston engine mounted
in the nose and the pilots sit on top of the passenger cabin. Note the diagonally
placed shaft between the engine in the nose and the main gearbox installed behind
the pilots.

(b) Sikorsky S-76. Multiple turboshaft engines provide mechanical power and
the transmission system is much more compact. This allows almost all propulsion
system components to be placed above the cabin, which increases the useful volume

of the rotorcraft.

Ficure 1.6. Conventional helicopter internal configurations, evolution with time -
Adopted from FlightGlobal (2015).

10



FiGure 1.7. Sketch of the Mil Mi-6 propulsion system.
1. Engine drive shaft; 2. Oil cooling fan drive shaft; 3. Main gearbox;
4. Main rotor brake; 5. Tail boom shaft; 6. Intermediate gearbox;
7. Tail rotor shaft; 8. Tail rotor gearbox
Adopted from Bushmarin et al. (1983).
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Figure 1.8. The internal architecture of the MD-900 with NOTAR. Note the absence

of a tail boom shaft and the presence of a fan in the tail root, required to generate the

compressed air flow. The size of the transmission system is clearly reduced with respect
to the helicopters with tail rotor. Adopted from FlightGlobal (2015).

A noteworthy alternative to the internal configuration depicted so far comes from the
NOTAR system (Fig.1.8). In that particular case, the main gearbox drives — albeit via an
additional reduction — a variable pitch fan placed near the entry of the hollow tail boom.
The tail boom shaft does not appear in this configuration, only air at a slight over-pressure
flowing through slots in the tail boom and jet thruster. The jet thruster pod is mounted
on a collar bearing and is turned mechanically via a cable. Although not visible on the
picture, pilot inputs also change the pitch of the blades of the fan, which in turn varies

the air mass flow through the tail boom in order to guarantee sustained control.

1.1.3 Concluding notes

The conventional helicopter layout can be subdivided into an external and an internal
configuration. After assessing the possible morphologies, it is clear that in general and
for a given timeframe, similar components can be found in the conventional helicopter
bearing a similar degree of importance in the system, regardless its subcategory. The
subsequent performance, reliability and cost examinations can therefore be generalised
to the definition of the conventional helicopter, without expecting a major loss in accuracy.
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1.2 Conventional helicopter costs

1.2.1 Introduction and objectives

An important cost parameter to either the manufacturer or the helicopter operator is the
helicopter Life Cycle Cost or LCC. It is the total cost from purchase to retirement and
serves according to Jenkinson et al. (1999) and Burns (1994) as a yardstick for the financial
competitiveness of rotorcraft. It can be subdivided into (Fig.1.9) :

— Research cost
— Development, test and evaluation (DT&E) cost

— Production/Acquisition cost. The manufacturer production cost with a fair profit
margin is mainly the acquisition cost of the operator. Depending on the type of
operator (commercial or governmental), several factors can impact the cost distri-
bution. Whereas the research and DT&E cost can be borne by the government in
case of a military project, it must still be paid by the client (airliner) in case the
aircraft is developed entirely by means of public funding. However, if the commer-
cial product is a spin-off of a governmental sponsored project, it affects LCC of the
commercial product strongly.

— Operating and maintenance cost
— Disposal cost

The objective of the intended cost study is to analyse the financial “fitness” of a component
in a conventional helicopter from a technical point of view. Then, the cost effectiveness of
a system is reflected most reliably by the recurring costs of the manufacturer Cry and the
Direct Operating Costs DOC of the operator (Fig.1.9). Indeed, Sostilio (1997) notes that the
non-recurring costs of the manufacturer, under which the research and DT&E costs fall,
may be well below usual if it concerns a spin-off product, which leads to an unreliable
basis for comparisonVi. Liebeck et al. (1995) on the other hand explain that helicopter
manufacturers evaluate the impact of the use of different technology levels in a platform
by means of DOC. Alvarez (1974) confirms this by stating that even though the operator’s
Indirect Operating Costs IOC are substantial, they do not relate to the helicopter from a
technical viewpoint. Hence, it is reasonable to examine Cgps and DOC only in order to

retrieve the cost driving (physical) elements in a conventional helicopter.

1.2.2 Then-year vs. Now-year

Before discussing the recurring production & assembly costs of the manufacturer and

the direct operating cost of the operator, it must be noted that the cost of a product is

ViFor example, the Sikorsky S-92 was derived from the H-60 Black Hawk, of which the latter’s development
costs are borne by tax payers.
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Direct Operating Cost Indirect Operating Cost

- Flight costs - Depreciation ground equipment
- Maintenance - Handling & catering

- Standing charges - Sales & Customer services

Figure 1.9. Life Cycle Cost breakdown — Raymer (1992), Nicolai & Carichner (2010) and
Berrittella et al. (2009).

influenced by deflation or inflation. For example, the cost of a product in the past (then-
year) must be corrected to the contemporary financial standards (now-year), if it is meant to
serve as a basis of comparison in present-day terms. In the aircraft industry, the consumer
price index CPI is generally used for this purpose, as reported by for example Burns (1994)
and Raymer (1992). It varies with time and is presented in Fig.1.10. As a result, if the
absolute cost calculated by a model in then-year needs to be expressed in now-year, it only
needs to be corrected by introduction of a CPI-correction factor kcpr, which is expressed
as follows :

Cost now-year

CPI (1.1)

~ Cost then-year

1.2.3 Manufacturer recurring production and assembly costs Cry

With regard to the estimation of the recurring production and assembly costs, several cost
models exist. The most detailed models are aircraft company owned and not available in
the public domain. However, for the purpose of this study, it is sufficient to rely on some-
what less accurate models, which are usually established in light of government funded

studies — for example Large et al. (1976). Unfortunately, most cost models target the
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FiGure 1.10. U.S. Dollar Average Consumer Price Index evolution issued by the Bureau
of Labor Statistics, U.S. Department of Labor.

aeroplane niche, which makes finding a reasonably complete cost model for conventional
helicopters cumbersome. The cost model established by Beltramo & Morris (1980) specif-
ically targets the helicopter manufacturing recurring production and assembly costs, and
was found to be sufficiently complete for the study at hand. As a consequence, it is used
to investigate Cry.

The model of Beltramo & Morris (1980) covers the recurring production costs Crp, which
include the costs of the raw materials from which the prime components are made, the
fabrication procedures (labour), and tooling and production engineering. The larger com-
ponents acquired via sub-contractors also fall under this category. Also, the model yields
values for the recurring assembly costs Cra related to the assembly phase, which starts
as soon as two prime components are put together and incorporates all other technical
actions that lead to the final product, such as minor and major assemblies, paint jobs,
quality control, cleaning, sealing and testing.

The cost calculated by Beltramo & Morris (1980) is mainly based on the relationship be-
tween cost and weight of a certain component and its production volume Q, since all
production processes are susceptible to a learning curve, which causes a decline in cost
with each produced unit. With regard to the influence of weight, the helicopter is subdi-
vided in multiple component groups (Table 1.1V1), for each of which the empty weightiil
WE ; is determined. The index i stands for the group number. W ; then serves to estimate
the group recurring production cost Crp;, where Wg; is approximated via inter alia the
helicopter design gross weight W¢. Thereupon, the cost model calculates Cra via Cgp;.
Note however that even though Cgp and thus Crs vary generally commensurate with

ViiThe used classification is also recommended by the Society of Allied Weight Engineers R.P.8.
Vil Although referred to as “weight” by convention, the term will normally represent a mass. The same is
true for gross weight.
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mass, the advantage of a low weight component can be deceptive in terms of total cost as
it may cause higher development costs, such as described by the work of Turner (1986).
However, this effect has been neglected in the model. The model of Beltramo & Morris

(1980) is explained further in Appendix A.

TasLE 1.1. Helicopter mass and recurring cost group subdivision as used in the model of
Beltramo & Morris (1980).
Group name Group number

Production costs

Wing system 1
Main rotor system 2
Tail system 3
Body system 4
Alighting gear system (undercarriage) 5
Nacelle system 6
Propulsion system 7
Flight controls system 8
Auxiliary power system 9
Instruments system 10
Hydraulic system 11
Pneumatic system 12
Electrical system 13
Avionics system 14
Furnishings & equipment system 15
Air conditioning system 16
Anti-icing system 17
Load & handling system 18
Assembly costs
In-house assembly 19

For some systems, amongst which the body system group (4), parameters different from
the empty weight are required to find Crp, such as the wetted surface of the body volume.
In order to reduce the amount of independent variables in the cost model, the author
of this work found it sensible to make all component groups a function of gross weight.
Therefore the necessary “transformation” correlations were established using data from
an extensive survey performed by this author (Appendix H) and from the work of Bel-
tramo & Morris (1980). This discussion and the model proposed by Beltramo & Morris
(1980) with modifications are adopted in Appendix A. Here it is sufficient to note that the

16



manufacturer recurring production and assembly cost is obtained by (Eq.A.53) :

18
Crm = kcpr (Z Crpi + Cra)
=1

where k represents the group number and kcp; the factor addressing inflation (Eq.1.1). The
best way to evaluate the cost driving elements is by presenting the relative share of each
group on the total balance for a range of helicopter design gross weights and production
volumes. The result of this parametric study is plotted in Fig.1.11.

From Fig.1.11 it is clear that regardless of gross weight, the propulsion system and as-
sembly costs are responsible for the largest part of Crpr. When Q increases, a decrease in
assembly costs is observed, which amplifies the relative importance of the propulsion
system. However, this rise is also due to the lesser susceptibility of the propulsion system
for the learning effect (higher complexity). For the larger gross weights, the significance
of the body and rotor groups becomes more prominent, but they do not attain the same
level of importance as the propulsion system. Note the slight increase of the propulsion
system cost for the heaviest gross weight configuration, where, following Table A.2, the
impact of installing a third engine becomes visible. The cost of the additional engine
influences the recurring cost only slightly because less powerful engines are installed.

Obviously, Cry reveals that the most complex components in a conventional helicopter,
i.e. the engine and transmission systems (propulsion system), are the highest recurring
production and assembly cost drivers. The rotor and body systems are indeed less com-
plex, but still form a substantial part of the contemporary conventional helicopter, which
their noteworthy relative contribution to Cgryr proves. The other component groups are
fairly “common” and, from a weight and cost perspective, not substantial. Finally note

that since the study is based on a relative cost study, the impact of CPI is eliminated.

1.2.4 Operator Direct Operating Costs

The operator direct operating cost DOC is composed of several elements, which are re-
flected in Table 1.2. Earlier, it was stated that helicopter manufacturers use DOC to
compare various technology levels. Indeed, the technology level has a significant impact
on the standing charges, maintenance and fuel cost. Ideally, from a technical point of
view, the helicopter should be unbreakable, consume no fuel and evidently answer to
the client’s performance requirements. More maintenance and increased fuel consump-
tion means that the system uses inadequate technologies or applies it inappropriately.
However, this can also reveal that contemporary state-of-the-art technology is not ripe
for application in a system.
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FiGure 1.11. Relative Cgrps of the discussed helicopter component groups.
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Two important systems have been identified as DOC drivers : the engine and the trans-
mission system. Cale (1979) states that 50% of the DOC is linked to the engine, including
fuel cost, while Million (1978) identified the engine and transmission systems as the major
maintenance cost drivers, i.e. up to 62% in total, where vibrations appeared to play an
important role. Thus it appears that the propulsion system is not only expensive to produce
(Crm), but also costly to operate.

TasLE 1.2. Direct operating costs — Jenkinson et al. (1999).

Standing charges Insurance, interest charges, depreciation, leasing
Maintenance Airframe, engine related, spares, overhead
Flight costs Fuel, oil, crew, airport fees

1.3 Conventional helicopter accident facts

Safety has always been of utmost importance in commercial aviation. This applies also to
the helicopter, which flies under FAR Part 135 “On-demand” regulations. Unfortunately,
accidents™ still occur. In light of the conventional helicopter assessment, it is interesting
to examine which factors play a significant role in the chain of events leading to an
accident and what technical components are affected first. These initial technical failures
are also called first occurrences. For this purpose, the author studied the accident reports
of National Transportation and Safety Board (NTSB) of the last decade* and European
Aviation Safety Agency (EASA) documentation*'. The following observations were then

made :

— The average helicopter accident rate is 15.1 per million of flight hours. 18% of these

accidents are fatal.

— The region (Fig.1.12) and type of operation (Fig.1.13) have an important influence

on the average accident rate.

When studying the first occurrences, 50% of these could be associated with loss of control
and the engine(s). Assessment of the impact of the flight phase on the first occurrences

shows that 61% of the first occurrences takes place during the most intensive parts of

X An accident is defined as an occurrence taking place somewhere between boarding and disembarking of
an aircraft where any person suffers serious injury or death or where the aircraft receives substantial damage.
An accident is the result of a sequence of events, which have occurred since the first occurrence of a failure
or malfunction. This event is seen from a pure technical viewpoint and in many cases does not disclose
the cause that led to the first occurrence, such as bad piloting. However, it gives a good indication of those
elements that compromise safe helicopter operations.

*NTSB Annual Review of Aircraft Accident Data (1998-2005).

XNEASA Annual Safety Review (2005-2007).
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flight, i.e. take-off, climb, approach, landing and manoeuvring, and finally hover, where
engine(s) and controls are loaded significantly (Fig.1.14). Majumdar et al. (2009) confirms
this analysis, while stressing the susceptibility to failure of the transmission system during
the intensive flight phases. Also, it is remarkable that aeroplanes flying under the same
regulations as the helicopter have a 10% lower engine failure rate than helicopters where
the bulk of these aeroplanes use piston engines. Since piston engines are generally
perceived as less reliable than turboshaft engines, of which the latter principally drive
the helicopters falling under this certification category, and since the higher accident rate
of helicopters with respect to fixed-wing (up to 7 times), it is sensible to accept that the
increased accident rate is implicitly caused by the conventional helicopter concept (for
example by the higher work load of the pilot) and explicitly as a result of the heavier
loaded technical components of which engine, transmission and flight controls appear to
be most liable to failure. Note that the above discussion involves the first occurrences. In
most cases, these technical failures are preceded by human (piloting) errors. Again, this

may prove the existence of a conceptual issue.

1.4 Conventional helicopter performance limitations

A well performing helicopter is one capable of fulfilling the requirements for which it was
designed. However, a product can be well performing in its own niche, but score inad-
equately compared to other products designed under other requirements. For example,
an aircraft may be more productive than a helicopter thanks to its speed, but it can only
be operated from airports. Generally, conceptual and mechanical limitations introduce
performance constraints, which is especially true for the helicopter configurations we
know today.

1.4.1 Conceptual boundaries

One of the most noteworthy conceptual barriers to which helicopters are exposed, is lim-
ited speed, which is inherently associated with horizontally placed rotors. Nonetheless,
research persistently pursues new ways to enhance the speed envelope of the helicopter
and more importantly, according to Leishman (2007) and Shapiro (1958), its productivity,
even though increasing speed may result in significant operating costs. Solutions coping
with this issue generally rely on technical interventions, of which the following were
already undertaken :

— abetter understanding of rotor blade aerodynamics, for example BERP*! - Leishman
(2002)

— the introduction of conceptual modifications such as compounding (Lockheed AH-
56 Cheyenne) — Prouty (2007)

XiBritish Experimental Rotor Programme
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Ficure 1.12. Impact of geographic location of operations on accident rate per million of
flight hours (based on NTSB and EASA data).
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Ficure 1.13. Impact of operation type on accident rate per million of flight hours (based
on NTSB and EASA data).
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— the implementation of other propulsion techniques such as tip-jet and outboard-
engine driven rotorcraft (Fairey Rotodyne) — Gibbings (2009)

— the installation of coaxial rigid rotor variants (Sikorsky S-69 and X-2) — Prouty (2007)
— use of variable speed rotors (Boeing A160T) — DARPA (2008)

To this day, none of the above — the improved rotor blade aerodynamics excepted — has
shown to be a successful solution for the conventional helicopter problems or is used on

a large scale.

1.4.2 Mechanical performance boundaries

Other performance boundaries are due to mechanical (and thermal) limitations. Most
important here are the powerplant and drive subsystems forming the most important
part of the propulsion system, which already passed the cost and safety review, and
where they showed concern. These subsystems are typically flat rated*!!! while designed
for maximum power densities, which is not unusual as the propulsion group represents
about 20% of the total gross weight!V, making it the heaviest system in the helicopter
(see Beltramo & Morris (1980)). According to Krantz (1994), the transmission system perfor-
mance strongly impacts the helicopter performance, while needing continuous improvements in
the domain of safety, reliability, efficiency, vibrations and acoustic noise. Krantz & Handschuh
(1990) report that this is especially true for the main gearbox. Hereby, maximum efficiency
must be strived for as the temperature regulating devices in the gearbox, such as heat
exchangers, have a non-negligible impact on the rotorcraft empty weight. As a conse-
quence, several gearbox technologies emerge(d) in an attempt to cope with the previously
mentioned issues, such as the multi-stage planetary or epicyclic gears as discussed by
Krantz & Handschuh (1990)), self-aligning bearingless planetary gears presented in the
works of Folenta & Lebo (1988) and Folenta (1983), high contact ratio gears as reported by
Henry (1995) and split-torque transmissions splitting the power load-path over multiple
gears without the use of any epicyclic gear stages resulting in an improved reliability,
weight and gearbox efficiency, as presented in the works of Rashidi & Krantz (1992) and
White (1985). Nevertheless, they are neither exempted from flat rating, nor from the cost

and safety records discussed previously.

1.5 Conclusions

In the previously conducted discussions, the configuration of a conventional helicopter
was determined, while the physical components in the latter that drive cost, compromise
reliability/safety and limit the performance were exposed. The evaluation showed that the

propulsion system, mainly composed of the engine and the transmission (sub)systems, is

Xiij e, limited in power output.
XWeight is an important parameter affecting performance.
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of concern. In fact, it is not a surprise that these (sub)systems appear as crucial. Indeed,
since the propulsion system was already reported to be the heaviest part in the conven-
tional helicopter, the engine and transmission have to be designed for a maximum power
density, i.e. a high power transmission per unit of mass, in a vibrating environment.
Inevitably, with the inherent mechanical complexity of these systems, this causes a sub-
stantial impact on the component cost, as indicated in the manufacturer recurring cost
survey and regardless of fuel cost, with only a minimal allowance to handle the system
improperly, which is reflected in the accident rates and the performance flat rating. The
selection of the conventional helicopter configuration can be clearly associated with the
aforementioned issues. Note that these conclusions may be extrapolated to most other
helicopter configurations, such as the coaxial-rotor and the tandem helicopter, as they
rely on similar components in comparable operating conditions. In the next chapter,
alternative technologies will be examined and assessed for their aptness to be integrated
in the conventional helicopter, in an attempt to cope with the stated issues.
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1.6 Nomenclature

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Abbreviations and substance formulae

C Cost [US $]
CPI(-U) Consumer price index (-user) [-]
DARPA Defence advanced research project agency

DOC Direct operating cost [US $]
DT&E Design, testing and evaluation

EASA European aviation safety agency

FAR Federal aviation regulations

10C Indirect operating cost [US $]
kcpr CPI-based cost correction term [-]
LCC Life cycle cost [US $]
NOTAR No tail rotor

NTSB National transportation safety board

Q Production volume [-]

WE Helicopter empty weight/mass [ke]
W, Helicopter (design) gross weight/mass [kg]

Subscripts and superscripts

RM Recurring manufacturer/ing
RP Recurring production

RA Recurring assembly

TE Trailing edge
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Chapter 2

The conventional helicopter:
implementation of alternative

technologies

“If there is no struggle, there is no progress”

Frederick Douglass — Cabrera et al. (2013)

2.1 Introduction

In the previous chapter, the engine and transmission systems appeared to compromise
the conventional helicopter cost, reliability/safety and performance most. This chapter
proposes and investigates alternatives for these systems and examines whether they are
mature for implementation in the conventional helicopter or if the conventional heli-
copter is a suitable platform to introduce these technologies. First, alternatives will be
proposed for the main gearbox, without interfering in the selection of the powerplant.
Subsequently, other propulsion systems will be assessed, combining various powerplant
systems and energy carriers. Lastly, the most competitive combinations emerging from
that assessment will be implemented in a conventional helicopter environment and their
“fitness” examined on a conceptual level.

The assessed alternatives will mostly include electric technologies. According to Rekik
et al. (2008), electrical locomotion is continuously gaining importance in the transporta-
tion sector, where one strives for the best results with regard to cost, performance and
reliability. These characteristics are critical in the conventional helicopter and the pursuit
of their optimisation is in line with the stated objectives. Hence, several (new) “electric”
technologies and their integrability in a conventional helicopter platform will be studied
such as magnetic gears, switched reluctance (SR) and permanent magnet (PM) motors,
high-temperature-superconductive (HTS) devices, battery and PEM fuel cell systems, and
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compared with non-electric configurations.

2.2 Transmission alternatives

2.2.1 Hydrostatic worm gear transmission

A remarkable alternative to the conventional main gearbox configurations discussed in
Section 1.4.2 is the hydrostatic worm-gearing, as explained by Chaiko (1990) and Sun
& Yuan (1995). Here, each engine is connected to a worm gear, which in turn drives
a common centre gear connected to the main rotor. Thanks to an oil film squeezed
between worm and centre gear, the impact of the high relative velocity between the
intermeshing planes can be largely reduced. Chaiko (1990) states that the configuration
allows reduction ratios over 100 with an efficiency beyond 99% while saving 59% in
weight over a conventional architecture. In addition, he mentions lower maintenance
costs, longer service life and a reduced noise production. Table 2.1 gives a general survey
of the system developed for a helicopter with a gross weight of 31 metric tons with 3
engines producing 4000 kW each. The reason why this technology has not found its way

TasLE 2.1. Hydrostatic worm gearbox characteristics — Chaiko (1990).

Mass' 1151 kg
Mass-weighed power density" 10.4 kW/kg
Volume-weighed power densityt 0.22 kW/cm?
Efficiency 99.14%
Pump oil pressure 350 bar
Oil flow 39 L/min

1 Complete gearbox including sumps and pumps.

1 Volume of 3 worms with bearings and worm gear only.

to the helicopter industry is not known. Since at the moment the literature does not
oppose against the use of the worm gear technology in a helicopter, it will be adopted in
the assessment study, which is conducted later in this chapter.

2.2.2 Magnetic gears

Unlike the conventional gearboxes using intermeshing gears, magnetic gearboxes use
magnetic forces to transmit mechanical power in addition to achieving a speed reduction,
without any physical contact between input and output shafts. An industrial solution
became feasible thanks to the use of powerful rare-earth magnets such as SmCos' and
NdFeB!. With respect to the mechanical gearboxes, Atallah (2004) and Nagrial et al. (2007)
mention the magnetic gearboxes to have the following advantages :

iSamarium-Cobalt
iiNeodymium-Iron-Boron
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— lower acoustic noise
— less vibrations

— improved reliability
— lower maintenance

— ease of manufacturing

— inherent protection against overload (protecting the expensive powerplant against

over-torquing or overheating)
— robustness
— no physical contact between input and output shafts

From the perspective of a helicopter, these characteristics appear most attractive. Early
magnetic gearbox architectures resemble the mechanical counterparts significantly, with,
for example, spur, spiral, bevel and worm configurations. Their specific torque-densities
p: however remained poor (Table 2.2), where the specific torque-density is defined as the
amount of (output) torque the gearbox can transfer per unit of volume V.65 :

T

A

Pr (2.1)

Vmag.GB

Newer designs were noticeably improved, with the concentric magnetic gear, magnetic
planetary gear, cycloid permanent magnet gear (Fig.2.1) and magnetic harmonic gear (Ta-
ble 2.2). The downside of these technologies is weight and the current level of acquired
reduction ratios, possibly requiring multiple stages.

FiGure 2.1. An example of a cycloid permanent magnet gear — Jorgensen et al. (2008).
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A benchmark for the magnetic torque transfer capabilities is, according to Rasmussen
et al. (2005), the torque coupler, which performs no reduction. Current cycloid perma-
nent magnet gearbox prototypes exhibit the largest torque-potential, but it is still half as
much as the torque coupler. Also, the efficiency of this type of gearbox turns out to be
lower than those observed with a mechanical transmission (up to 7%, Table 2.2). Nev-
ertheless, in case of a single-stage configuration, the reported reduction ratios are well
within reach of the required reduction ratio of the helicopter main gearbox for the lower
gross weights, which is confirmed by comparing the values indicated in Table 2.2 and
Fig.2.2. Note that the required reduction ratio i is :

Nt

= N 2.2)

i
Nur is the rotational speed of the main rotor, while Ng the rotational speed of the output
shaft of the engine. If the rotor blade tip speed is known as well as the rotor tip radius
Riip, then Eq.2.2 can be written as :

i ZnRtip

1 NE (23)

Otip

TasLE 2.2. Characteristics of magnetic gearing devices.

Type pr [KNm/m®]*  Reduction Efficiency' [%]

Magnetic worm (MWM) 0.1 33:1 -
Huang et al. (2008)

Spiral magnetic gear (SMG) 1.7 3:1 -
Huang et al. (2008)

Concentric magnetic gear (CMG) 92 5.5:1 96
Rasmussen et al. (2005)

Magnetic planetary gear (MPG) 97.3 3:1 -
Huang et al. (2008)

Cycloid permanent magnet gear (CYMG) 183 21:1 92-94
Joergensen et al. (2006)

Magnetic harmonic gear (MHG) 110 20+:1% -
Rens et al. (2007)

Torque coupler (MTC) 400 1:1 -
Rasmussen et al. (2005)

Conventional mechanical gearbox 600-3000* Fig.2.2 >97
Folenta (1983)

* Observed torque density ruling on output shaft. T Best efficiency (near

T Possibility of two stages resulting in a reduction of 860:1 and more. maximum torque)

* Based on magnetic gearbox material density p,,=8000 kg/m3 — Rasmussen et al. (2005)
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It will be shown in Section 8.3.2 that Ry, is a function of helicopter gross weight (Eq.8.30).
For the work at hand and based on the survey data reflected in Fig.2.3, vy, is considered
independent of helicopter gross weight and equal to 215 m/s. Even though the selection of
vtip will rely on the (design) speed and altitude requirements of a helicopter (Mach number
and drag related), the assumption of a constant value for vy, is found reasonable. Finally,
an examination of N of the contemporary turboshaft engines showed that mainly two
rotational speeds are commonly found (Fig.2.4). For turboshafts with maximum take-
off power (MTOP) at sea level standard day conditions below 1 MW, the average Ng
was found to be 6139 RPM. Otherwise above 1 MW, NE is 21686 RPM on average. The
installed MTOP is also a function of helicopter gross weight (see Appendix A). With this

information, the required reduction i is determinable.
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FiGure 2.2. Total reduction i between (turboshaft) engine output and main rotor shaft.
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Ficure 2.4. Turboshaft output shaft rotational speed as a function of engine maximum
take-off power regime, ISA SLS — Appendix H.

Since the magnetic gearboxes have the potential to cover the range of required helicopter
main gearbox reduction ratios, it is sensible to monitor the feasibility of a magnetic
gearbox on a helicopter and more specifically with the objective to replace the conventional
main gearbox. For conceptual purposes, a good verification parameter is the relative
importance of the magnetic gearbox weight with respect to the conventional helicopter
gross weight W,, as it impacts the required engine power installed in the helicopter and
thus fuel consumption. The maximum transmitted torque is here estimated by :

_ Hpe Rtip

T (24)

Utip
where Hy, the installed engine power in the helicopter. For its calculation, the reader
is referred to Appendix A. The volume of the required magnetic gearbox can then be

calculated via the torque density (Eq.2.1) :

T
Vmag,GB = (2.5)
Pt
Applying the average density of the contemporary magnetic gearboxes as discussed by
Rasmussen et al. (2005),i.e. p,; =8000kg/m?, the weight fractions of the above-mentioned
magnetic gearbox types with respect to helicopter gross weight are retrieved :

Wmag.GB Hpe Rtip P_m

= 2.6
Wy vtip Wy pa (26)

Whereas the mechanical gearboxes represent only about 10% of the gross weight (Ap-
pendix A), the magnetic gearboxes turn out to be heavy (Fig.2.5). For the lower segment of

gross weights, the lower power requirements and the smaller blade radius result in lower
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FiGure 2.5. MGB mass survey for several magnetic gearbox technologies.

torque on the shaft, which eventually leads to lower magnetic gearbox weights. The mass
of the lightest and thus best configuration, i.e. the cycloid permanent magnet gear, ranges
from twice to tenfold the mass of the mechanical gearboxes installed, which is already
considered as too heavy. Thus, it appears currently unwise to analyse these magnetic
gearboxes in a helicopter-integrated environment as most of these systems have a mass in
the same order of magnitude of the unmodified helicopter. It must be noted however that
the stated performance characteristics were adopted from small-scale magnetic gearbox
prototypes. Hence, torque density improvements are still achievable. Research should
also further optimise gearbox efficiency and examine the maximum reduction ratios per
stage. Finally note that magnets should be kept at operating temperatures below 300°C
at all times to avoid demagnetisation - MMPA (2009).

2.3 Propulsion system alternatives

This section will examine relevant mechanical power sources and energy carriers that
could offer an alternative for the current propulsion system standard, which is based on
the turboshaft with kerosene derivatives as the energy carrier. Hereby, more sustainable
(greener) solutions will also be introduced. The discussion starts with a survey of several
energy carriers (fuels) after which the conversion elements (motors) are studied. Then,
a sensible combination of energy carrier and conversion element will be proposed and
evaluated. Subsequently, the high temperature superconductive (HTS) devices used in
a few of these combinations will be explored. Finally, a more detailed examination of
the installation of the most promising combinations of the aforementioned systems in a

conventional helicopter will complete this section.
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2.3.1 Available energy carriers

An energy carrier delivers the energy to drive an engine or motor. The energy carrier
must be stored aboard the aircraft, where volume and weight need to be minimised.
Compared to the electro-chemical energy carriers, the fossil fuels (kerosene, Avgas, (bio-
)diesel) perform well when observing the mass-weighed energy density pg, and the
volume-weighed energy density pg v (Table 2.3). However, liquid hydrogen (LH;) -
which is categorised under the more sustainable fuels — has a pg,; which is about three
times larger but exhibits a noticeable fourfold lower pg,y compared to kerosene.

Electrical power carriers, such as Lithium-Sulphur (LiS) batteries, still lack performance
compared to chemical fuels, while being constrained by the limited mass-weighed power
density pp,, (Table 2.3). Indeed, for the lower range of required endurance, more batteries
will need to be installed just to deliver the required power level, causing an excess of
endurance. This is explained as follows. If Py, and T are the required power and
required endurance respectively, and, E,; and E,; respectively denoting the required

energy and minimum installed energy, then :

Ereq =P req Treq (2.7)
P
My = —— (2.8)
PPm
Epi = my,; PE,m (29)
Ereq PPm Treq
epr—=>" 2.10
* " Eu PEm (210

with m,,; the minimum installed mass to deliver the required power and €¢ the energy
carrier efficiency. eg larger than unity (E,.; > E;;) is not realistic since then, the required
mass of batteries to yield the demanded power is no longer critical and an excess mass
of batteries no longer mandatory. At that point, for a given power, the amount of
required energy carrier depends solely on its mass-weighed energy density and the
required endurance. The required endurance for which eg becomes unity is defined
as the compensated endurance T¢. Fig.2.6 shows the ratio of excess mass to energy-
weighed required mass 1, /m;e; becoming zero at the compensated endurance. Note
that :

Ereq = Myeq PEm (2.11)
1

Mex _ 2 4 (2.12)

Myeqg  €E

The AEROPAK™, a fuel cell with an energy cartridge, clearly shows a less efficient
tendency with respect to the LiS batteries (T sAErROPAK > Tee1is). Chemical energy carriers

do not have this issue, hence always having er of unity.
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TasLE 2.3. Energy carrier performance.

Type PE,m PE,V PPm p
[MJ/kg] [MJ/L] [kW/kgl  [kg/m®]
Chemical
Kerosene (LHV™) 43.2 34.7 - 804
— AIR BP (2000)
Avgas 100 LL (LHV") 43.7 31.3 - 715
— AIR BP (2000)
Bio-diesel (LHV) 38.8 27.3 - 880"
— Knothe (2008)
Hydrogen (LHV*) 120 8.51% - 71%
— EERE&NIST
Electro-chemical
Lithium Sulphur battery 1.26 1.26 0.2 1.064
— Akridge & Mikhaylik (2005)
Vanadium Boride air cell# - 18 - -
— Licht (2008)
AEROPAK™H# 1.62 0.89 0.1 548

— Horizon Energy Systems (2009)

* Lower Heating Value : 288.15K, 1 atm. t Average density according to DIN EN 14214.

1 Saturated liquid state : 20 K, 1 bar. 1t Irreversible process, requires partial replacement.

2.3.2 Sustainable energy carriers

The fossil fuel depletion and the greenhouse issues set many researchers en route to find
an alternative or sustainable well-performing energy carrier. At the present time, there is
no consensus of what is the better solution. While some reject hydrogen as the future en-
ergy carrier such as Bossel (2005), or believe that the helicopter market will continue using
carbon-based bio-fuels in a sustainable environment as, for example, stated in Leishman
(2007), others examine(d) the feasibility of implementing hydrogen in aircraft such as
Brewer et al. (1978) and Verstraete (2009). Hydrogen can be produced in many ways :
from oil via steam-reforming (Bastien & Handler (2006)) or via electrolysis. Although
Bossel (2006) proves that delivering hydrogen alone to the end user consumes about
three times the power it is meant to generate eventually, the cryogenic storage of hydro-
gen could provide opportunities using more electric high temperature superconductive
devices (HTS), which will be discussed later on.

For safety reasons, only liquid hydrogen (LH>) allows the installation of a significant
amount of energy in a fuel tank for airborne applications. Gaseous hydrogen would

require high pressure storage, eventually leading to a heavy tank and explosion risks.
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FIGURE 2.6. Excess mass requirements as a function of endurance.

Other storage methodologies, such as hybrid (chemical) storage and use of solid or slush
hydrogen, were reported by Verstraete et al. (2010) to be unattractive from either a tank
weight/volume or energy conversion efficiency perspective. To estimate the mass of a lig-
uid hydrogen fuel tank, the gravimetric efficiency €, is defined as — Verstraete et al. (2010) :

MLH,

_ LHy (2.13)
MiH, + Mgy

€g
where myp, and my; represent respectively the initial mass of liquid hydrogen in the tank
and the mass of the fuel tank. For typical helicopter applications, a gravimetric efficiency
of 25% can be expected, as shown by extrapolation of the data for regional jets given
in Verstraete & Hendrick (2008) and Verstraete et al. (2010). Therefrom the optimum
maximum or critical operating pressure in a multilayer insulated tank was derived to
be approximately 8 bar, keeping 3% ullage to avoid the pressure relief valve to become
inoperative, i.e. the valve does not come into contact with the liquid hydrogen fraction.
Since the liquid hydrogen will expand and increase in both pressure and temperature
due to heat entering the tank during flight, the tank cannot be filled completely during
refuelling. When filled at approximately 1 bar'l, which yields the largest tank thermal
capacity, and respecting the maximum tank pressure of 8 bar, only 75% of the volume is
available if 3% ullage is required at the maximum operating pressure (Fig.2.7, Verstraete
& Hendrick (2008) & Verstraete et al. (2010)). For all calculations, para-hydrogen was
selected, as suggested by Barron (1985).

i A slight overpressure should be preferred in order to avoid air to enter the tank, of which most chemical
components would congeal at the temperatures of liquid hydrogen, which compromises safety.
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TasLE 2.4. Energy conversion elements.

Type ppm [kKW/kgl 1y, [%]
Chemical to Mechanical
Turboshaft (TS)* 4.2 25
Diesel piston engine (DPE) 1.31 41t
— Michael Zoche Antriebstechnik (2007)
Piston engine (Avgas) 1.0 27

— Optimal Aircraft Design Software (2008)
Electrical to Mechanical

Switched reluctance motor (SR)* 2.2* 80...95°

Permanent magnet motor (PM)™ 2.6 ** 88.4°°

HTS motor >104 94...98"
Chemical to Electrical

PEM fuel cell 1.044 5700
t 225g/kWh with LHV bio-diesel - Michael Zoche Antriebstechnik (2007) O Kwon et al. (2007)
1 Rotational speed of 15000 RPM, Krishnan et al. (2003) ; 0O Serenus (2009)

10000 RPM Jack et al. (1996) and Uematsu & Wallace (1995). ¢ Kachapornkul et al. (2007)
* Krishnan et al. (2003), Jack et al. (1996) and Uematsu & Wallace (1995) A Masson & Luongo (2007)
* Average value taken from survey ** Jack et al. (1996)
** Rotational speed of 10000 RPM ¢o Chan & Chau (1996)

AA Berton et al. (2003)

Finally, it is interesting to report the contemporary vision on the use of bio-diesel by
means of an example. While a Federal Aviation Administration (FAA) sponsored study
advises against the use of bio-diesel and its blends because of its chemical instability
over time and congealing problems at the lower temperatures — Hileman et al. (2009), the
Boeing Company invests in bio-diesel research (green diesel) in collaboration with the
FAA - Boeing (2014). Clearly, the discussion on what the better bio-fuel is and whether
bio-diesel is a worthy aviation fuel, has not come to a conclusion yet. For the time being,
bio-diesel is adopted in the subsequent energy carrier study, but it should remembered
that its safe use has, for now, not been confirmed.

2.3.3 Energy conversion elements

Table 2.4 summarises important energy conversion elements that have a priori a rea-
sonable potential to be installed in a helicopter platform. Here, for the conventional
helicopter, the rotors are considered to be driven mechanically. This means that at least a
mechanical power source must be installed and that the necessary energy conversion has
to be provided (for example, hydrogen to fuel cell to electric motor). In this study, three

types of energy conversion elements are distinguished. Firstly, the internal combustion
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Figure 2.7. Tank filling fraction using saturated liquid hydrogen. Recreated from Ver-
straete & Hendrick (2008).

engines, i.e. turboshaft, spark ignition (Avgas) and Diesel engines. Secondly, the electric
motors of which the most important are the switched reluctance motor (SR) and perma-
nent magnet motor (PM). Thirdly, the electrochemical energy converters such as the fuel
cell. Only the proton exchange membrane fuel cell will be examined! since it works with

hydrogen, which is one of the fuel carriers examined in this work.

The best choice between a SR- or PM-synchronous motor for aeronautical applications
remains rather unclear. While Krishnan et al. (2003) concluded that the SR-motor is
the best choice for implementation in aircraft due to its robustness and fault tolerance
with respect to other electrical motors amongst which the PM-motor, Bennett & Jack
(2004) argued against the mediocre volume-weighed power density of the SR-motor and
advocated the use of a PM-motor, since it stresses less the bearings in case of a fault
leading to radial imbalance forces. According to Mecrow et al. (1999), the bearings are
the weakest components in electric motors, causing 51% of malfunctions in industrial
machines and up to 95% in military applications. But Choi & Siebert (2006) solved these
problems by suspending the rotor of the SR-motor magnetically, making bearings obsolete
and thus improving Mean Time Between Failure (MTBF). Mecrow et al. (1999) suggests
introducing multiple redundant phases in a PM-motor in order to increase MTBF. Indeed,
according to Klung & Griggs (2004), better redundancy levels can be achieved for a system
when redundant sub-systems are installed instead of doubling the system. Based on this
discussion and for the alternative system integration and assessment study, which will
be performed at the end of this chapter (Section 2.3.6), the heavier but more robust and
simpler SR-motor was elected. Though, this does not mean that the PM-motor should be

excluded from any future consideration.

¥Here, the AEROPAK™ is considered as a hybrid battery.
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Note the existence of another high power density electric motor, i.e. the high temperature
superconductive (HTS) motor. It will be explained more thoroughly during the discussion
of the HTS devices.

2.3.4 Energy carrier and conversion element combinations

Several configurations with energy carrier and conversion elements can be made. Table
2.5 presents the examined configurations, which will now be investigated qualitatively.
Discarding the effects of helicopter mass reduction with time on the required power due
to fuel burning, the total mass of energy carrier and conversion elements m, ¢ is calculated
by :

My fs = My + Mec (2.14)

where m, and m,. are respectively the mass of the energy conversion element and energy
carrier. Defining 7y, as the efficiency of the conversion element and Py, e; the required
mechanical power, 1, then is, using Eqs.2.7-2.12:

1 Treq 1
M, = P ( + [l +(— —l) ]) 2.15
pfs el PP Tth PE,me € ep<1 ( )

The last term between brackets in Eq.2.15 only appears when €g is less than unity. A
parametric study on 1, is subsequently conducted, with the required endurance and
mechanical power as independent variables. The performance of a configuration is re-
garded to improve when for a given mechanical power and m, ¢, an increase in endurance
is established.

Fig.2.8 (configurations 1-5) shows that a turboshaft operating with kerosene is a logical
choice for the propulsion of a helicopter offering the lightest and simplest configura-
tion, while a bio-diesel-piston-engine-combination emerges as a good alternative for the
Avgas-piston-engine configuration, but it is also likely to satisfy the low-power turboshaft
niche which has a 25% lower pp,, than the one indicated in Table 2.4. The use of bio-diesel
in a turboshaft shows no advantage over the kerosene fuelled turboshaft as it suffers
from a decreased energy density. Interestingly, a combination of liquid hydrogen and a
turboshaft, appears to offer the lowest m, r,. However, the increased fuel tank weight and
volume has not been taken into account. This problem will be studied in a subsequent
section and will be shown to result in a noticeable rise of the helicopter gross weight.

Considering the more-electric configurations 6-9 (Fig.2.9), m, s turns out to be much
larger and thus less attractive for helicopter propulsion. However, for the longer en-
durances, a PEM fuel cell might become interesting, but once more, one must be careful
with the interpretation of the results as liquid hydrogen has a significant impact on tank
weight and volume, and thus also on helicopter gross weight. The effects of T, are again
clearly visible for LiS and AEROPAK™ energy carriers via the slope discontinuity, while

39



TaBLE 2.5. Examined carrier-conversion-element configurations.

1 Kerosene + Turboshaft (TS)
2 Avgas 100LL + Piston engine (PE)
3 Bio-diesel + Diesel piston engine (DPE)
4 Bio-diesel + Turboshaft (TS)
5 LH; + Turboshaft (TS)
6 LiS + Switched reluctance motor (SR)
7 AEROPAK™ 4 Switched reluctance motor (SR)
8 LiS + Permanent magnet motor (PM)
9 LH; + PEM fuel cell + Switched reluctance motor (SR)

&> Bio-Diesel+DPE (G Avgas+PE_ QD Kerosene+TS <CBt> Bio-Diesel+TS <Gt LH2+TS |
Energy conversion and energy carrier mass mp,s [metric ton]

Required endurance [h]
N
[

500 1000 1500 2000 2500 3000 3500 4000 4500 5000
Required power [kW]

FiGURE 2.8. Mass of energy carrier and conversion elements using internal combustion
engines. For abbreviations, see Table 2.5.

the difference in 1, ¢ using a SR- or a PM-synchronous motor remains minimum.

2.3.5 High Temperature Superconductive (HTS) devices

The introduction of high temperature superconductive” materials such as BSCCO (Bismuth-
Strontium-Calcium-Copper-Oxide) and YBCO (Yttrium-Barium-Copper-Oxide), having
a critical temperature T."' near 100 K, opened doors to achieve high mass- and volume-
weighed power densities for electric motors and generators (Table 2.4 & Figs.2.11-2.14).
The impact of HTS materials on the power generating market is regarded as substantial :
Sheahen et al. (2002) predicts that the technology will be implemented in 75% of the motor

VNot to be confused with cryogenic, which represents those machines operating at low temperatures but
still above the critical temperature, below which the superconductive characteristics of a material appears.
Cryogenic machines benefit from the lower Ohmic losses due to the lower operating temperatures and still
use common electric materials such as aluminium and copper — Brown et al. (2005).

viAbove this temperature, the HTS material loses its superconductive characteristics.
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FIGURE 2.9. Mass of energy carrier and conversion elements using more-electric solutions.
For abbreviations, see Table 2.5.

and 80% of the transformer market, while Lewis & Miiller (2007) report that the cost of
HTS materials will become about five times lower than copper*ii. The importance of the
HTS materials can again be emphasised knowing that Siemens (Nerowski et al. (2004))
and General Electric (Sivasubramaniam et al. (2009)) investigate the integration of HTS
technologies in their motors and generators, while it is already installed in some ship
propulsion systems as described by Woodruff et al. (2005). Masson et al. (2005) examined
the implementation of HTS technology in a Cessna 172 giving encouraging results, while
the United States Air Force (USAF) developed and tested a multimegawatt electric power
system using HTS technologies — Sivasubramaniam et al. (2009). Therefore, it would be

interesting to examine to what extent the helicopter could profit from this technology too.

\ ; . Stator iron yoke

Stator windings

EM shield

HTS pancakes
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Ficure 2.10. HTS motor using flux-trapping. Courtesy of Masson et al.

ViiBased on Linz wire.
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HTS devices achieve their high performance thanks to the high magnetic field produced
in the superconductive field windings. Various architectures exist, some use the homopo-
lar configuration such as Kwon et al. (2007), others are more exotic using flux trapping as
shown in the work of Masson et al. (2007) (Fig.2.10), a technique that specifically uses the
diamagnetic characteristic of superconductive materials'ii,

In this study, two ways are proposed to cool the HTS materials : via a cryocooler or
via liquid hydrogen stored in the helicopter fuel tank. For both configurations, the HTS
motor mass- and volume-weighed power densities, respectively pp,, and ppy, follow in
Figs.2.11-2.14, using data of Masson et al. (2005), Masson & Luongo (2007) and Radebaugh
(2009). The derivation of these characteristics is adopted in Appendix B.

For the higher range of rotational speeds, the HTS motor performs better than state-
of-the-art turboshafts, except for low power outputs. Though, it is not worthwhile to
drive the main rotor with a HTS motor directly, since the main rotor turns at rotational
velocities of one order of magnitude lower than 3000 RPM. This would lower the HTS
motor mass-weighed power density by one order of magnitude too (Appendix B), i.e.
around 1 kW/kg (Fig.2.11 & Fig.2.13) while still needing to be fed electrically with, for
example, a high-speed HTS generator™™ driven by a turboshaft. Also, the mass-weighed
power density advantage of a mechanical gearbox makes this configuration unattractive,
which is in the order of 4-5 kW/kg — Folenta (1983). However, the HTS devices may
be interesting to drive the tail rotor directly, removing a major part of the mechanical
transmission system. This is studied in the next section. Note that the selection of 6000
RPM and 20000 RPM in Figs.2.11-2.14 correspond to the typical output shaft speeds of
turboshaft engines (Fig.2.4).

ViiGee for example Frankel (1979)
XA HTS generator has already been developed and tested successfully for the United States Air Force —
Sivasubramaniam et al. (2009).
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43



‘ —— 3000 RPM —— 6000 RPM —— 20000 RPM

Turboshaft

- - N N [~
o (3] o o o
T T T T

with cryocooler [kW/kg]

Mass—weighed power density
i

0 1000 2000 3000 4000 5000
Engine shaft power [kW]

FiGure 2.13. HTS motor with cryocooler pp,, (20 K).

—— 3000 RPM —— 6000 RPM —— 20000 RPM

Turboshaft

10

-
o
©

Volume-weighed power density
with cryocooler [kW/mS]

10° ‘

10 ° 10

10
Engine shaft power [kW]

FiGure 2.14. HTS motor with cryocooler ppy (20 K).

44



2.3.6 Alternative system integration and assessment

The results of the previous studies are not very optimistic when it comes to replacing the
engine and transmission system with better alternatives. Indeed, if one wants to retain
the level of performance, weight must not differ largely and even if a better efficiency
could be achieved, there is currently no factual guarantee/evidence that reliability or
operating costs will/would improve. Nevertheless, the configuration using an electric
motor fed by a HTS generator to drive the tail rotor, which in fact removes a part of the
transmission system, deserves further attention. Indeed, the power demanded from the
powerplant to drive the tail rotor is significantly lower than the one required for the main
rotor and since the transmission system weight is substantial, the possibility of a gross
weight reduction by replacing a part of the transmission by an electrical alternative should
therefore be examined. Additionally, the use of liquid hydrogen appeared attractive, but
the impact of the tank mass on the empty weight of the platform has not yet been assessed.

Seven configurations of which four using more electric devices will now be examined in
a conventional helicopter environment (Table 2.6 and Fig.2.15). Three configurations use
liquid hydrogen as the energy carrier. The electric devices aim specifically at removing
the tail rotor part of the transmission system, viz. the tail boom shaft with dampers and
bearings, and the tail gearbox(es). Then, the tail rotor is driven directly via an electric

motor and fed by a HTS generator mounted close to the engine(s).

The modelling of the implementation of new technologies in the conventional helicopter
is governed by the methodology described in Fig.2.16. The objective is to examine the
induced gross weight variation for a given endurance and number of occupants. The
lightest configuration should then be preferred as it offers the best fuel economy (cost) or
has the potential to increase the borne payload. The followed philosophy in Fig.2.16 is

now discussed.

First, a crew and passenger number N, is selected. This is the first independent variable
in the assessment study. Besides determining the weight of the additional payload W, it
yields a first estimation of the gross weight W, ;;; of the studied helicopter configuration.
Indeed, its gross weight can differ from the conventional helicopter gross weight by the
introduction/removal of system components and the selection of a fuel type and quantity.
Because gross weight affects all components in the helicopter, it has to be calculated
iteratively (outermost loop in Fig.2.16). A survey performed by the author shows that

N, correlates well with the conventional helicopter gross weight :
We(ini) = 6.0461 N2, +300.18 N (2.16)

The foregoing equation is shown in Fig.2.17 and is used to establish the initial gross
weight of the studied helicopter configuration. The gross weight of the helicopter can be
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FiGure 2.15. The examined configurations.

TaBLE 2.6. Configuration overview.

Nr. Fuel Worm gearing TR driver HTS generator Abbrev. Fig. 2.22
(a) Kerosene no Turboshaft no K

(b) Kerosene yes Turboshaft no K/W

(c) Kerosene no SR yes+CrC K/HgSR

(d) Kerosene no HTS motor + CrC yes+CrC K/HgHm

(e) LH, no HTS motor + CrC yes LH,/HgHm
(f) LH, no SR yes LH>/HgSR

(8) LH» no Turboshaft no LH»

CrC = Cryocooler installed
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Nep | | FE, Fuel type

Wg'ini (Eq.2.16)
Wep (Eq.2.19)
Vusc,ini (Eq~2~22)

l

WE,ini — Appendix A
Vst ini

|

Weay
W tuel ini

AV
‘ qud, Vﬂ and UL }—~ (*;‘

Iterate on W

18
Wi = Y2 WEi(Wg) + Li=0,10,14 WEi(Wgini)+. - -
i#4,9,10,14,15

WE4(Vuse) + WE,15(Np) — Appendix A

Tterate on Vi (Wg4)

ﬂ%

Gearbox selection :
Conventional / Worm gear
= AWE, AVien, pr N
(Table 2.1 and Appendix A)
|
Iterate on tail rotor power Prg
PrR,ini = 0.15 Hye — Watkinson (2004)
I
Introduction of TR power source
SR-motor / HTS motor / HTS generator
Cryocooler / Conventional
(Tables 2.3 & 2.4, Appendix B)

|

AWE, AV, Phy

converged

[ Vie = Vise + AV] + AV

converged

‘wg:wE+AwE+UL}

converged

End (&)

Ficure 2.16. New technology integration procedure.

subdivided into an empty weight Wg and a useful load UL fraction. Following the typical
convention as suggested by Landers et al. (2001) and AIAA (2003) :

W, = Wg + UL (2.17)
UL = ch + quel + Wpuy (2.18)
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FiGure 2.17. Conventional helicopter gross weight as a function of crew and passenger
count N, — Appendix H.

The useful load represents the summed weight of crew and passengers W, payload W,
and fuel Wy, Note that :

Wep = Nep W, (2.19)

W, represents the weight of one person and equals 77 kg as indicated by EASA CS-27/29.

Hence, the impact of the new technologies on the helicopter can be written as :
AW, = AWE + AUL (2.20)

The model has not only to consider the crew and passenger count, but must also reflect
the influence of flight endurance on gross weight. In the model, the endurance is adopted
most conveniently by varying the amount of fuel carried in the helicopter. To study this
effect, a second independent variable is introduced, viz. the stored energy fraction ¥,
which is :

E fuel

Fr 2 (2.21)

E fuel,ini
where E,, iy; is the carried reference energy of the conventional helicopter at W, ;,;, and
Efue the selected internally stored energy in the examined helicopter. Ny, ¥r and the
selected fuel type now allow the useful load to be found along with the required fuel tank

volume V; of the examined helicopter configuration.

The gross weight and empty weight of a helicopter are implicitly related, i.e. changing the
empty weight of one component will affect the gross weight and in turn the empty weight

of most other components in the helicopter. A weight variation also impacts the required
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engine power Hy,, and consequently the (specific) fuel consumption, which becomes clear
studying the weight estimation relationships of the model of Beltramo & Morris (1980).
These are adopted in Appendix A. Obviously, this mathematical problem cannot be
solved analytically, which explains the outermost loop in Fig.2.16. For the conventional
components inside the helicopter, the model of Beltramo & Morris (1980) is used to
estimate their contribution to empty weight (Table 1.1). Most of them can be considered a
function of the ruling gross weight W, with the exception of component groups 4, 9, 10,
14 and 15. The instruments and avionics weight groups (10 & 14) will be more dependent
on range, while cabin amenities (15) depend principally on N,. The auxiliary power
system weight group (9) is assumed to depend on W ,; only. Also, the body-weight
group (4) should be treated differently. According to Beltramo & Morris (1980), the mass
of the helicopter structure depends on its wetted surface. The wetted surface encapsulates
a certain volume, which might change substantially with the implementation of new
technologies, for example by the placement of the much larger liquid hydrogen tank. It
is therefore sensible to relate the body mass to a useful volume Vs :

Vuse,ini = Vmcs + VEng + Vft + Veay + Vlug (2.22)
Vuse = Vuse,ini T Z AVl‘ech,i + AVft (223)
i

where Vies, Veng, Vi, Ve and Vg are respectively the volume of the main gear-
box, the engines, the fuel tank, the cabin and the luggage compartment. For these
volumes, correlations were established and implemented in the model, based on survey
data (Figs.2.18-2.21 and Appendix A) :

Vmcp = 901.16 - 1077 W20 [m3][kg] (2.24)
0.4712
Vewg = 00184 N, (Y20 MKW (225)
e
Vs = 0.000244 W, — 0.024737 [m3][kg] (2.26)
Ve = 51.85-1077 W7 +0.0011075 W, [m®][kg] (2.27)
Viug = 0.0002568 W, [m3][kg] (2.28)

MTOP and N, are respectively the engine maximum take-off power at ISA SLS and num-
ber of engines installed. Correlations for these parameters are given in Appendix A. Since
all volume correlations are functions of gross weight, it is possible to approximate the
body empty weight WE 4 by retrieving the gross weight for the required useful volume (in-
verse function) and introducing it into the body empty weight correlation of Beltramo &
Morris (1980) (Appendix A). This requires an iterative approach (middle loop in Fig.2.16).
With respect to Eq.2.23, it is sensible that gross weight impacts the installed power re-
quirement Hy,, the number of engines N, and consequently the required engine volume.
Similarly, the volume of the main gearbox changes with the power requirement and with
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the selected type of gearbox (conventional or worm). The integration of other technolo-
gies also affect Vs and thus Wg 4 by adding a certain system volume inside the fuselage.
All this is accounted for by AV, of which the calculation is based on the component
volume-weighed power densities. Once determined, a new value for Wg4 can be re-
trieved and a new estimation of the gross weight made, including the additional empty
weight corrections, which incorporate the weight influence of the installation of new
technologies (AWFE).

Driving the tail rotor electrically can increase the tail rotor power required from the engine
(PtRr), since an electrical efficiency needs to be accounted for. The efficiency is a function
of the type of installed electric device. The change in required tail rotor power is captured
by the innermost loop indicated in Fig.2.16. An iterative approach is required to allow
for a power dependent electrical efficiency.

The endurance &; can now be calculated, while assuming a constant SFC and power

demand over time :

& = Efuel,ini TE 1
T LHV  SFC Hp

(2.29)
where SFC the engine specific fuel consumption.

Finally note that, with regard to the use of liquid hydrogen, the model uses the design
recommendations stated in Section 2.3.2. The working temperature of the HTS devices
was the temperature of saturated liquid hydrogen at 1.2 bar (21 K — Stewart & Roder
(1964)), or, in case a cryocooler is used, 20 K. The effects of a varying operating pressure
during flight were not accounted for.

The results of the parametric study conducted on the configurations (a)-(g) in Table 2.6
are shown in Fig.2.22 for an arbitrarily chosen endurance of 2 hours. The conclusions
drawn however, are generally applicable to other values of &;, and these are consequently

not adopted in this work.

Note that near the N,-transition zone, multiple solutions are possible for a given N, and
configuration. This result originates from the fact that an increase in fuel weight (¥¢),
and thus gross weight, requires more power to airlift the helicopter. In case a certain
power requirement is exceeded, an additional engine is installed by the model (Appendix
A). Near the transition zone, the specific fuel consumption of the configuration with the
highest engine number will be more important (lower power category engine). It leads
to a higher fuel demand for an imposed endurance, which explains the possibility of a

non-unique solution.
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FIGURE 2.19. Storage (luggage) volume V,, as a function of gross weight — Appendix H.

At this point, the weight influence factor m, is introduced, which depends on the con-
sidered configuration (i) and is defined as the relative weight increase with respect to the
conventional configuration, viz. (a) :

W

)— W
mac = —0 O] o] (2.30)

We g

Configuration (a) serves as the benchmark. The worm-gear configuration reduces the he-
licopter gross weight with approximately 13%, which applies to all N, which is mainly
due to the decreased gearbox weight. Unfortunately, the more-electric solutions all in-
volve a gross weight penalty. Configuration (c) uses a turboshaft-driven HTS generator
to power the tail rotor via a SR-motor. Since the energy carrier is kerosene, a cryocooler

must cool down the generator to its nominal temperature, which is 20 K in the consid-
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Ficure 2.21. Transmission volume Vg as a function of gross weight — Appendix H.

ered case. For an increasing gross weight, m. lays between 15 - 5%. Interestingly, the
helicopter configuration (d) using a HTS motor to drive the tail rotor and fed by a HTS
generator, while both refrigerated with cryocoolers at 20 K, claims the third place with
m. between 30. .. 6%. The tendency of m . to decrease with gross weight in both cases (c)
and (d) can be explained by the fact that a heavier helicopter needs more tail rotor power,
delivered electrically by a HTS generator. The more powerful the generator, the higher
the mass- and volume-weighed power density (as is the case with the HTS motor, see
Figs. 2.13-2.14), leading to a lower impact on gross weight. This phenomenon affects the
lower power class mostly. Note that configuration (d) is about twice as sensitive to this
characteristic as configuration (c) since it uses also a HTS device to drive the tail rotor. Itis

important to note that the effect of the installation of an electric motor (c) and a cryocooler
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FiGure 2.22. Configuration evaluation, 2h endurance (See Table 2.6).

(d) in the tail will have a negative influence on the position of the helicopter centre of
gravity. This issue should merit significant attention and could be coped with by moving
the main rotor aft, or in the worst case requires the introduction of “dead weight” in the
nose of the helicopter, not to mention the requirement of a stronger tail structure. The

weight increase could therefore still be too optimistic.

Liquid hydrogen as a fuel carrier (g), in contrast with what one expected earlier in Figure
2.8, raises gross weight up to 50% for the smaller helicopters and up to 25% when it
concerns the larger ones (&; of 2h). This is explained by the significant weight impact of
the fuel tank and the increase of structural weight required to store the low-density liquid
hydrogen. For larger &, the negative impact of the tank weight and volume require-
ments persists also in the heavier gross weight class, raising its effect to approximately
50%. As seen with configurations (c) and (d), comparing (e) and (f) shows the slightly
better characteristics of the SR-motor driven tail rotor. Even though liquid hydrogen now
cools the HTS generator, the absence of the cryocooler has no significant impact on the

gross weight results.

Before concluding the discussion, three important issues need to be emphasised.

First, the SR-motor mass-weighed power density expounded in Table 2.4 counts for a
rotational speed around 10000 RPM. The tail rotor does not normally turn at this speed.
It is therefore possible that the SR-motor power-density should be reviewed, making the

HTS motor configurations more attractive.

A second important notice is the need for a HTS generator when driving an electric motor,

for the current calculations assumed to be operating at 10000 RPM. Indeed, conventional
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generators are bulky and heavy and would increase the helicopter gross weight signifi-
cantly. However, a major drawback of the HTS devices is the cooling time, as discussed
by Wen et al. (2009) (about 2 K/h). A fast and safe cooling method should need to be
sought for in order to enhance the helicopters operability. Lastly, the HTS motors were all
considered to turn at 3000 RPM, meaning that for the larger helicopters, the gross weight

is estimated on the optimistic side (lower tail rotor speed).

Thirdly, in the above discussion, endurance was always used as the performance bench-
mark. However, it should be noted that in the present context, endurance is related to an
amount of energy installed in the helicopter and an engine specific fuel consumption at a
given power demand. The latter depend on the selected engine regime, the atmospheric
conditions and the time-dependent gross weight, which are functions of (the position in)
the flight/mission profile. These are, in the conducted assessment, unknown. Hence, it
is important that the reader observes the endurance stated in this work in abstraction
from the definitions found in aircraft design textbooks. For the same reason, it is not
sensible to develop a range performance yardstick in the actual context, as flight speed is

not considered here explicitly.

2.4 Conclusions

The proposed technological alternatives to replace or upgrade the conventional helicopter
gearbox or propulsion system in an attempt to cope with the latter’s cost, reliability and
performance concerns, appear not to be sufficiently adequate to fulfil this role. Mainly
because of an important weight penalty, or technology that has not matured sufficiently
for implementation in a helicopter platform. A summary of the most important facts

follows next.

The magnetic gearbox offers several advantages over the mechanical gearbox, but at this
time, it appears too heavy for implementation in helicopters. Nevertheless, the potential
of this technology should not be discarded and its evolution followed.

Several combinations of energy carriers and converters were proposed to replace (part
of) the conventional helicopter propulsion system, including batteries, a fuel cell, PM-
and SR-motors. Unfortunately, the implementation of these technologies drive the heli-
copter gross weight to unacceptable levels. The conventional combination of kerosene
and a turboshaft engine proved to be the most weight efficient solution. For the lower
power class helicopter, a Diesel engine using bio-diesel is attractive when compared to
the Avgas engine configuration because it appears to be lighter, but the use of bio-diesel
(green Diesel) is not recommended yet, since it is reported to be chemically unstable while

subjected to congealing problems at the lower temperatures.
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The use of liquid hydrogen increases the helicopter gross weight substantially by the
increased weight and volume of the fuel tank for a given energy level. As a result, liquid
hydrogen as an energy carrier in a helicopter configuration is found uneconomical, while
its employability relies on the available infrastructure, and it does not offer a solution to
the cost/safety/performance concerns stated for the conventional helicopters. However,
it is a free coolant when used in combination with HTS devices.

Driving the tail rotor by means of electric devices, including the use of a HTS generator
and motor, involves a helicopter gross weight penalty and the HTS device cooling time
might be problematic. Even though electric devices are reported to be reliable, the previ-
ously stated aspects make their use in a helicopter platform currently unattractive.

Worm gearing was stated to be promising, but the lack of interest by the helicopter in-
dustry in this concept will have its reasons. Since the system generating the oil film is
quite complex, it might be problematic from a reliability point of view, but it has not been
possible to substantiate this hypothesis.

The main conclusion is that currently no alternatives exist to replace the helicopter trans-
mission or propulsion system, without adding substantial weight, which impacts fuel
cost and consequently operating costs negatively. In addition, the examined solutions do
not circumvent the conceptual difficulties the conventional helicopter encounters : less
(fuel) efficient than aircraft, limited in forward speed and a source of vibrations, the latter
causing an important rise in DOC due to the increased maintenance costs. Note also that
the same conclusions may be extrapolated to tandem and coaxial rotor variants, where the
same powerplant types and mechanical transmission technologies are used. Therefore, it
would be most interesting to examine what other helicopter concepts could offer, bearing
the conclusions of the previous study in mind.
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2.5 Nomenclature

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Abbreviations and substance formulae

BSCCO Bismuth-Strontium-Calcium-Copper-Oxide

CMG Concentric Magnetic Gear

CrC With cryocooler

CYMG Cycloid Permanent Magnetic Gear

DPE Diesel piston engine

E Energy 71
&y Simplified endurance [h]
EERE Energy Efficiency and Renewable Energy

FE Stored energy fraction [-]
FAA Federal Aviation Administration

FC Fuel cell

H, Hydrogen

Hg HTS generator installed

Hm HTS motor installed

Hye Total installed power [W]
HTS High Temperature Superconductive

i Main gearbox reduction ratio [-]
ICE Internal combustion engine

ISA International Standard Atmosphere

K Kerosene

LH, Liquid Hydrogen

LHV Lower heating value [M]/kg]
LiS Lithium Sulphur

m Mass [ke]
MAc Weight influence factor [-]
MECH MECHanical drive system

MGB Main GearBox

MHG Magnetic Harmonic Gear

MPG Magnetic Planetary Gear

MTC Magnetic Torque Coupler

MTOP Maximum Take-Off Power [W]
MWM Magnetic WorM

N Number of [-]
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NE Engine output shaft rotational speed [1/s]

NMr Main rotor rotational speed [1/s]
NdFeB Neodymium-Iron-Boron

NIST National Institute of Standards and Technology

p Pressure [Pa]

P Power [W]
PEM Proton exchange membrane

PM Permanent magnet motor

R Range [NM]
Riip Rotor tip radius [m]
RPM Revolutions Per Minute [1/min]
S Surface [m?]

SD Survey data

SFC Cycle specific fuel consumption [g/kWh]
SMG Spiral Magnetic Gear

SLS Sea Level Static

SmCos Samarium-Cobalt

SR Switched Reluctance Motor

T Temperature or time [K] or [s]
Tee Compensated endurance [s]

TS Turboshaft

UL Useful load [keg]
USAF United States Air Force

Utip Rotor blade tip speed [m/s]t
1% Volume [m?]

4% Mass or weight [kg or N]
WEe Helicopter empty weight/mass [kg]

W, Helicopter (design) gross weight/mass kel
WW World War

YBCO Yttrium-Barium-Copper-Oxide

Eq Gravimetric efficiency [-]

P Material density [kg/m?]
Pm Magnetic gearbox material density [kg/m?]
PPm Mass-weighed power density [kW/kg]
PPV Volume-weighed power density [kW/m?]
PPe,m Mass-weighed electric power density [kW/kg]
PPe,V Volume-weighed electric power density [kW/m?]
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D A

Torque density
Torque
Rotational velocity

Subscripts and superscripts

c
cab
cp
Cryo
cv

e

ec
ep
ex

ext
ft

HTS
ini
kero
liq
lug

mag.GB

MGB
MR
pay
pfs
sat
req
TR
tech
use

Critical

Cabin

Crew and passengers
Cryocooler

Conversion elements

Engine

Energy carrier, engine or empty weight related
Energy carrier

Engine to powerplant

Excess, exhaust gasses

External

Fuel

Fuel tank

Generator or combustion gasses
High Temperature Superconductive
Initial

Kerosene

Liquid

Luggage

Motor or mass-weighed
Mechanical, transmission
Magnetic gearbox related
Minimum installed

Main GearBox

Main rotor

Payload

Energy carrier and conversion elements
Saturated

Required

Tail rotor

New technologies related
Usable
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vap

Volume-weighed
Vapour
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Chapter 3

The event horizon : alternative
concepts

“A pessimist sees the difficulty in every opportunity. An optimist
sees the opportunity in every difficulty.”

Sir Winston Churchill

3.1 Introduction

Finding solutions that cope with the conceptual issues of conventional helicopters is
nowadays an important research topic for most helicopter manufacturers. Especially
the limited performance envelope appears to get much attention, where the confined
maximum forward speed pushes the designers to important conceptual changes. Today,
the conceptual alternatives to the conventional helicopter can be mainly categorised into :

— Compound (hybrid) helicopters

— Tilt-rotor helicopters

— Reaction-force-driven-rotor helicopters
— Exotic VIOL aircraft

The strengths and weaknesses of some of the previously mentioned concepts will be
discussed, and evaluated from the transmission and powerplant (propulsion) system
viewpoint established during the previous chapters. This chapter concludes with the
introduction of the turbine driven rotor (TDR) helicopter concept, which will constitute

the basis of the subsequent studies performed in light of this thesis.
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3.2 Compound helicopters

In the work at hand, compound helicopters include all helicopters that rely on additional
thrust and or lift producing devices, which improve the flight envelope. Contemporary
examples of such helicopters are the Sikorsky X-2 and Airbus Helicopters X® technology
demonstrators (Fig.3.1). Even though they represent distinctive configurations, both ad-

dress the imposed speed boundaries caused by (a) horizontally placed rotor(s).

Indeed, in forward flight and increasing flight speed, the (average) air velocity over the
advancing and retreating rotor blades evolves towards respectively a higher and a lower
value. In order to continue flight, the aerodynamic loads between the advancing and
retreating side must be balanced, which requires a lower angle of attack setting for the
advancing blade and a higher angle of attack setting for the retreating blade. Mainly two
phenomena hinder a high forward speed : retreating blade stall and blade compressibility
issues. With increasing flight speed, the retreating blade will have to be positioned at
higher angles of attack due to the decreased flow speed and the emergence of a reverse
flow region, until at a certain point, the blade or a part of it stalls. The advancing blade
on the other hand will experience performance losses due to compressibility effects even
with a decreasing angle of attack setting : one notes an increase in vibration, a tendency
for a nose down moment of the blade putting more stress on the control rods and a
significant rise in drag (drag divergence). Additionally, the increased flight speed causes
a parasite drag growth, requiring an even higher rotor loading, which is detrimental to
the aerodynamic performance. As a result, conventional helicopters encounter a forward

speed boundary — Leishman (2007).

The solution Sikorsky proposes to cope with the forward speed limit, and forming an
integral part of the X-2 demonstrator, is based on the experience gained from the Advanc-
ing Blade Concept (ABC), which was studied in the past. The concept uses two closely
stacked rigid contra-rotating rotors. Thanks to this, the rotor disk loading can be reduced
allowing a lower angle of attack setting, which is beneficial at the higher speeds. The fact
that the rotors are contra-rotating enables the asymmetric load of the rotors caused by for-
ward flight to cancel each other mostly. Note that the increased (parasite) drag due to the
higher forward speed must also be compensated, but thanks to the coaxial rotor layout, a
larger thrust potential is available with respect to the single rotor concept. Additionally,
the installation of externally mounted propulsion devices such as a pusher propeller seen
on the X-2, further alleviates the rotor by vouching for the increased parasite drag of the
platform.

The X3 is confronted with the same issues, but approaches them differently — Nelms
(2012). Here the single main rotor load is decreased with forward flight speed and the
helicopter lift production is taken over by the small horizontal wings, of which the lift

production is also positively influenced by the propeller wash. The propulsive force is
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(a) Sikorsky X-2 technology demonstrator, Ashish (b) Eurocopter X® technology demonstrator, An-
Bagai. thony Pecchi.

Ficure 3.1. Compound helicopters.

accounted for by the turboprop engines with propellers.

It must be noted however that the mechanical transmission system, and the control
system, in both demonstrators is complex, larger and thus heavier. Hence, it is question-
able whether this concept will tackle the reliability and cost issues that were expounded
earlier in this work, and these aspects should be weighed against the gain in performance.

3.3 Tilt-rotor helicopters

The major advantage of the tilt-rotors is the increased maximum flight speed, while no
longer subjected to the physical limitations of a horizontally placed rotor. The Boeing
V-22 Osprey and AgustaWestland AW609 are good examples of the contemporary mili-
tary and commercially available tilt-rotors (Fig.3.2). Even though their capabilities have
been proven useful, Leishman (2007) correctly questions their cost effectiveness and au-
torotative capabilities in case of an engine failure. Also, the inclination of the engines
and the high propeller/rotor disk loading pose important technical challenges from both
a structural and a propulsive system viewpoint. From the previous chapters, it was seen
that the most highly loaded and complex components are particularly targeted by cost,
safety and performance (weight) concerns. From this global perspective, the tilt-rotor
cannot be seen as the better solution for the conventional helicopter.

3.4 Reaction-force-driven-rotor helicopters

This concept mainly aims at avoiding the use of the complex transmission system found
in a conventional helicopter. Here, the rotor is generally driven by ducting a flow of cold
or hot pressurised air toward the blade tips (pressure jet system), or by feeding small en-
gines installed in the blade tips with fuel (tip engine system). In the former case, nozzles
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(a) Boeing V-22 Osprey, The Boeing Company. (b) AW609, AgustaWestland (2015).

F1Gure 3.2. Tilt-rotor helicopters.

with or without reheat expand the air or combustion gases in order to produce thrust. In
the latter case, only the tip-mounted ramjets generate thrust'. The developed force then
provides the necessary torque making the rotor turn. This misleadingly “simple” tech-
nology was already known by Heron of Alexandria, where he described a contraption of
dancing figures in his book Pneumatica. A priori, this principle is indeed quite elementary
and therefore many tip-jet-driven rotor helicopters were developed in the past, such as
the Fairey Rotodyne or the Sud-Ouest Djinn, but even today, new exotic concepts emerge
such as the Boeing X-50A Dragonfly, which uses a tip-jet driven rotor. This unmanned
aerial vehicle converts to an aeroplane at the higher speeds while stopping its rotor and

using it as a wing.

The advantage of tip-jet-driven rotors is the absence of a (heavy) transmission system,
allowing a higher useful load fraction. But generally, this advantage is outweighed by the
usually excessive noise production and the higher fuel consumption, which can amount
to ten times as much as the one found in a conventional helicopter — Watkinson (2004) and
Prouty (2007). Prouty (2007) mentions that when tip engines are used, the rotor drag may
be increased significantly. Consequently, the autorotative performance is deteriorated
substantially. In addition, he reports that of all tip-jet-driven systems, the pressure jet
system is the quietest in operation, but this advantage is overshadowed by the frictional
and concurring pressure losses in the airflow pumped through the ducts inside the rotor
blades. These losses are accountable for the destruction of most of the power gained by
the omission of the complex transmission system.

The reaction-force-driven-rotor helicopter can be used in a compound configuration, as
was the case with the Fairey Rotodyne (Gibbings (2009)), but the main objection against the
exploitation of this concept is, even if the increased propulsion losses would be discarded,

{Note that the Hiller Aircraft Company Inc. proposed the installation of a turbojet on each rotor blade tip
— Nichols (1964). However, this kind of solution gives rise to gyroscopic problems, requiring, for example,
twin balanced spools.
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noise. Noise regulations are increasingly stringent. As a consequence, the noise issue
could constrain the operating area of such an aircraft. This cannot be accepted.

3.5 Exotic VTOL aircraft

The “exotic” category contains all other helicopter configurations, which are neither con-
ventional helicopters, nor fall under the above discussed configurations. Examples are the
cyclogyro (Boirum (2009)) and the NASA pulffin electric tailsitter (Moore (2010)). Mostly,
exotic VTOL aircraft are crossbreeds between conventional helicopters and aeroplanes.
Another interesting concept is proposed by Schroijen (2009), who proposes to use the
Coanda effect over wings, which produces lift during hover (Fig.3.3).

Nevertheless, the fact that concepts are tagged by the word exotic, means that their "fit-
ness” has not been proven (yet), while the other discussed concepts have earned their
spurs (deserved or not) by claiming their own niche in the helicopter world.

Even though resembling the external configuration of a conventional helicopter, the TDR
helicopter concept discussed in the subsequent section could currently be classified as
an exotic helicopter type, but it will be addressed separately as it is part of the study

v

FiGure 3.3. Coanda-type MAV concept - Adopted from Schroijen (2009).

conducted in this thesis.

{7/§

3.6 The TDR helicopter concept

The previously studied non-exotic conceptual alternatives to the conventional helicopter
have type-specific performance advantages over the conventional helicopter, but there
are concessions to make, such as the increased complexity and cost, which the designer
and the operator must be willing to accept. Also, an ineffectual attempt was made in
the previous chapter to upgrade the most performance restrictive components of the con-
ventional helicopter, while Leishman (2007) shows that for the conventional helicopter
concept, no further dramatic improvements in performance is currently to be expected,
since as good as all technological advances are, they only contribute to the optimisation
of the platform. It thus appears designers are confronted with a stalemate, as there is
no general improvement available, i.e. increase the performance envelope and at a lower

cost and an increased reliability.
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There is however, a possible alternative, which has been proposed recently by the Belgian
company Sagita S.A., named the Turbine Driven Rotor concept (TDR). It is a helicopter
combining the benefits of coaxially contra-rotating rigid rotors (ABC-concept) with the
absence of a transmission system and tail rotor (reaction-force-driven rotor), without rev-
olutionising the conventional helicopter layout (Fig.3.4). Sagita suggests driving rigid
contra-rotating coaxial rotors by means of an air-driven low pressure Ljungstrom turbine
integrated in the helicopter rotor head. Driving coaxial rotors directly by a turbine or
radial engine was already patented/undertaken by respectively Ramme in 1968 (Ramme
(1968)) and Wagner in 1960 (Rotocar III, Polte (2006)). The concept of Ramme was highly
complex, using nozzles installed in the rotor head to achieve yaw control, and probably
never left the drawing board. The concept of Wagner integrated a 51 kW-strong radial
engine in the rotor head, which is not ideal, neither from an operating perspective (vibra-
tions, dirt, drag), nor from a performance/weight perspective in case larger helicopters
are envisaged, and was abandoned due to lack of funding. Note that the low pressure
Ljungstrom turbine does not have the noise problems of the reaction-force-driven rotor

concepts as the technique relies on a much lower gas expansion ratio.

=4

FiGure 3.4. The TDR concept, Hubert Antoine.

The rotor embedded Ljungstrom turbine (RELT) in the TDR configuration has no sta-
tor vanes and consists of two turbine halves (Fig.3.5 & Fig.3.6) on which multiple blade
rows are installed. Each turbine half is suspended by bearings on a static rotor mast
and drives a rotor. The turbine halves, and thus the rotors, turn in opposed senses. The
only mechanical forces transmitted from the turbine to the fuselage are the friction forces
in the bearings. Yaw control is achieved via circulation control over the helicopter tail
boom at low flight speeds and by a vertical empennage at the higher flight speeds, as
discussed by Runge et al. (2013)i. The air expanding through the RELT is delivered by a

ii2D/3D URANS simulations were undertaken using NUMECA'’s FINE/Open software suite, but it ap-
peared not possible to capture the flow separation points on the tail boom adequately, nor derive acceptable
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thermodynamic (conditioning) cycle. In the example given in Fig.3.4, the cycle is based on
a piston engine, which sucks in air via a compressor, and of which the exhaust gases are
mixed with bypass air prior to entering the turbine.

DRIVING THE UPPER ROTOR

UPPER CUPOLA

M r RING AND BEARINGS

ROTOR BLADE 'I'
UPPER TURBINE HALF

|

|

|

1

AR OUT

LOWER TURBINE HALF ¢

AR IN l AR IN LOWER CUPOLA

DRIVING THE LOWER ROTOR

F1GURE 3.5. The rotor embedded Ljungstrom turbine (RELT) - Vertical plane.

FLOW FROM
PLENUM

F1GuRre 3.6. The rotor embedded Ljungstrom turbine (RELT) - Horizontal plane.

Historically, it is interesting to discuss this cycle more in detail via a sketch made by the
inventor of the concept, Hubert Antoine, adopted in Fig.3.7. First, air is admitted in a
plenum (5), i.e. a pressurised and airtight vessel in the helicopter, after being pressurised
by a compressor (4) driven by an internal combustion engine (1). Behind the compressor,
the airflow pathis split. A partof the airis sucked into the piston engine, while the remain-
der of the air bypasses the engine to be subsequently mixed with the exhaust gases of the
engine. Then the air leaves the plenum via ducting (6) and enters the Ljungstrom turbine,
with halves (23) and (24), which are directly connected to the their respective rotor (14)
and (15). The turbine consequently discharges the air into the atmosphere. The turbine
halves are suspended around a fixed shaft (7), which is connected to the body structure
(3). Note that (23) and (24) represent the turbine halves with fairing, i.e. the cupolae.

In February 2010, proof of concept was successfully delivered by Sagita by means of a

force coefficients, as was proven by means of wind tunnel tests. The simulations were consequently adopted
in a new research framework and excluded from consideration in this disseration.
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FiGure 3.7. The TDR concept explained, Antoine et al. (2009).

Ficure 3.8. TDR scale model demonstrator, Hubert Antoine.

TDR scale model, after being tested extensively in the wind tunnel facilities of the Uni-
versity of Liege (Fig.3.8). The scale model uses an electrically driven fan to generate the
air flux necessary for the turbine. However, a profound theoretical study underpinning
the major design parameters was not yet conducted, and several conditioning cycles re-
mained to be explored. Since the TDR concept has the potential to contribute positively
to the helicopter conceptual and propulsion system limitations discussed previously, and
since the capabilities of the concept still need to be assessed thoroughly, the following
objectives are stated for the remainder this thesis!! :

— Evaluate the existing piston engine powered TDR cycle proposed by Sagita (Chapter

4).

— Propose and evaluate other conditioning cycles (Chapter 4).

— Examine the Ljungstrom turbine performance characteristics and develop its geom-
etry with the objective to be implemented in a helicopter rotor head (Chapters 5 -
7).

— Match the turbine and cycle characteristics for nominal operating conditions and

liThese concur with the second and third objectives stated at the beginning of this document.
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compare the TDR performance characteristics with those of the conventional heli-

copter (Chapter 8).

From the study performed in Chapter 2 for conventional helicopters, only internal com-
bustion engines emerged as weight and energy efficient mechanical power sources. Based

on these results, it is decided to focus initially on three conditioning cycles :
— Reciprocating engine powered, using Avgas and Diesel piston engines.

— Turboshaft engine powered, evaluating the potential of implementing the most

commonly used helicopter engine in the TDR concept.

— Turbofan engine powered, offering the potential of compounding and enhancing

the helicopter speed envelope if required.

Some components in the conditioning cycles will not be examined, because their char-
acteristics are well known in the literature, or not required to be known in detail as
off-design calculations are not adopted in this thesis. Such is the case for the compressor,

the plenum, ducting and the internal combustion engines.

Basic design methodologies for the Ljungstrom turbine were only found in the works of
Stodola (1922) and Houberechts (1972), but these authors focus on using steam as working
fluid" of which the characteristics differ substantially from air. Also, the proposed per-
formance models were found inadequately elaborated and/or detailed to develop design
recommendations to implement a Ljungstrom turbine in the rotor head of a helicopter
and to establish its off-design characteristics. This work therefore examines loss models
eligible for the RELT based on contemporary loss models available in the turbine domain,
and develops a methodology enabling the designer to establish a turbine geometry for
integration in the TDR helicopter.

Finally note that the omission of the transmission system offers the TDR helicopter con-
cept, according to Chapter 1, an important cost, safety and performance advantage. For
example, the gearbox flat rating boundary is removed and the risk of engine overtorquing
is reduced. However, the required engine power and potential weight gain still needs

consideration, which will be examined lastly.

¥The development and use of the Ljungstrdm turbine goes back to the beginning of the 20th century as
an answer to the steam-leakage plagued and bulky steam turbine plants — Van Loenen Martinet (1915), Van
Zoest (1935), STAL (1927) and STAL (1939). The result was a dramatic reduction in plant size and steam
losses, and thus and improved cycle efficiency. After the Second World War, the Ljungstrom turbine fell
in disuse. Probably by the increased efforts of the industry to develop efficient axial turbines for the aero-
propulsion market. According to Peng (2008), the advantages of the Ljungstrom turbine became outweighed
by its manufacturing cost.
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Chapter 4

TDR Cycle study

“There cannot be a greater mistake than that of looking superciliously
upon practical applications of science. The life and soul of science is
its practical application.”

Lord Kelvin

This chapter describes practical configurations to drive the Ljungstrom turbine embedded
in the centre of the coaxial rotors. A general cycle will be studied from which simplified
cycles will be derived and evaluated for three types of internal combustion engines,
viz. the piston engine, the turboshaft and the turbofan. The chapter concludes with a
comparison between the simplified cycles. The impact of bleed air to assure directional
control at low speeds is neglected in the subsequent study, since its magnitude is currently

unknown.

4.1 Driving the Rotor Embedded Ljungstrom turbine

The rotor embedded Ljungstrom turbine (RELT) delivers power to the coaxial rotors
while expanding air/combustion gases at a mass flow rate of 1 over the turbine stages.
Usually, the heat losses in this process can be neglected, which allows the expansion to
be characterised as adiabatic. The power delivered by the turbine to the rotors, denoted

as P, is quantified by general thermodynamics for an open system in steady state :
P} = 11y (ht,in - ht,out) (41)

h; is the specific total enthalpy. When considering perfect gases, the above equation can

be transformed into :

* . ]. I/J;’l.np”r
P, = mtc,,Tt,m[1 - (R—T) ] (4.2)

where,
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— C, = Specific heat at constant pressure of the expanding gases [J/kgK]
— mnr = Total expansion ratio over the RELT [-]

— T}, = Total temperature of the gases entering the RELT, or LTIT [K]
— v = Ratio of specific heats [-]

— 1,7 = Turbine polytropic efficiency [-]

Note the use of total components for the enthalpy and temperature, while the polytropic
efficiency is preferred over the isentropic efficiency when evaluating the “goodness” of
a turbine or compressor, since it is a better yardstick to reflect the efficiency of the used
technology — Walsh & Fletcher (2004).

Two important issues need to be highlighted when studying Eq.4.2. Firstly, as with every
turbine, there exists a maximum gas inlet temperature. For turbines in conventional gas
turbines used for civil aviation applications, the latest technology allows turbine inlet
temperatures up to 1850 K. This temperature range is not achievable with the RELT. Its
maximum inlet temperature is essentially limited by the maximum operating temperature
of the bearings inside the rotor head, not by the mechanical stresses working on it. For
bearings lubricated with grease, the turbine inlet temperature of the RELT is limited to the
order of magnitude of 400 K (see for example the bearing product information provided
by Timken). If an oil circuit with temperature monitoring were to be installed, higher inlet
temperatures could be achieved, though penalising simplicity and reliability. Secondly,
an increase in mass flow through and expansion ratio over the RELT results in a rise of
delivered power. This requires the careful selection of (a) compressor(s) to feed the RELT,
since the compressor mass flow, pressure ratio and efficiency are interrelated, as depicted

by for example Lewis (1996).

4.2 The general cycle

Eq.4.2 shows that expanding hot and pressurised air over a turbine adiabatically, gener-
ates mechanical power. Delivering hot pressurised air efficiently is an important design
criterion. Several ways exist to achieve the required objective. Presenting the complete
cycle by a black-box, which is now referred to as the general cycle, allows determining

some cycle design guidelines, which favour high cycle thermal efficiencies.

Observe the general cycle represented on Fig.4.1. The cycle comprises an open thermo-
dynamic system working under steady state conditions, where energy enters and leaves
the control volume per unit time under various forms, notably via enthalpy flows H,
heat flows Q and mechanical power P%.. From the conceptual setup, it is known that the
RELT is the only component in the cycle that delivers mechanical power to the load, i.e.

rotors, which are placed outside the boundaries of the general cycle. It has no mechanical
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connection with any component in the cycle. Thus, the sole purpose of all the other
components in the general cycle is the conditioning and delivery of a certain enthalpy
flow to the RELT.

Since a mass flow needs to flow through the RELT, it is necessary to install a compressor
in the system. Where and how is at this point not important. However, it requires a
mechanical power source. For this purpose, the choice will be restricted to internal com-
bustion engines (ICE), of which the superior suitability to provide mechanical power on
an airborne platform such as the conventional helicopter was proven earlier. This work
will consider the following three types of internal combustion engines :

— Piston engine (Avgas, Diesel)
— Turboshaft (kerosene)
— Turbofan! (kerosene)

Hence, three cycles may be established, each using one type of the above discussed internal
combustion engines. The detailed discussion about the integration of one or more of one
type of engines in the cycle, is addressed in the subsequent sections. However, in spite of
its simplicity, the general cycle already enables establishing important indications about
how the engines should be integrated in the cycle in order to improve efficiency. For this
purpose, assume that (Fig.4.1) :

— H;;, = Enthalpic flow of the gases entering the system
— Hiout = Enthalpic flow of the gases expanding through the RELT to the atmosphere

— Hj ., = Enthalpic flow of gases leaving the system, but not via the RELT (for example
bleed air, ICE exhaust gases, etc.)

— Qr = Heat flow “entering” the system by the combustion of fuel in the ICE

— Qpc = Heat added to the system by an additional heat source (for example post-

combustion)
— Qc = Heat extracted from the system (losses, heat-exchangers, etc.)

Applying the first law of thermodynamics, one finds for P} :
P} = (Ht,in + QF + QPC) - (Ht,out + Ht,ex + QC) (4-3)

If a given heat flux Qr enters the system, maximum power availability will be observed
when the negative right term is minimised. Since the RELT must deliver power, Ht,out

cannot be zero'. However, all energetic losses, represented in the cycle by H; .y and Qc

Note that the fan of the turbofan is a low pressure ratio compressor which is an integral part of the
engine.
iThat would imply zero mass flow passing through the turbine.
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FiGure 4.1. The general cycle.

should be removed. This means that the exhaust gases of the internal combustion engine
should preferably be kept inside the system and “recycled” by the RELT. This is a very
important conclusion, which will be pursued when developing the RELT-driving cycles.
Additionally, the system should be well insulated in order to reduce the heat losses to
the environment. Insulation is however, not an absolute necessity, since the gases flow
through the system quickly and as a result, the heat losses are considered to be of negli-

gible importance.

If one seeks a maximum efficiency for the cycle, one should optimise the thermal effec-

tiveness of the system ey, :
Pr

_— 4.4
QF + Qpc “d

€m =

Eq.4.4 explains that the heat input by combustion of fuel to obtain a given P’-level should

be kept as low as possible. Now substituting Eq.4.3 in the above equation gives :

(Ht,in + QF + QPC) - (Ht,out + Ht,ex + QC)
Qr + Qpc

€th = (4.5)

Again, it is clear that the system should minimise its losses (avoid H; ., and Qc). Next,

three cycles will be formulated and studied in detail, i.e. one cycle per type of engine.
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4.3 Piston engine powered TDR cycle

4.3.1 Introduction to the piston engine

The piston engine (PE) is a low cost, low specific fuel consumption and low weight so-
lution to deliver mechanical power in the lower power class range, i.e. around 300 kW
and below (Torenbeek & Wittenberg (2009)). Several types of piston engines exist. The
bulk of the piston engines used for aircraft propulsion are the Avgas-fed spark ignition
engines (SPI). These are mainly — if not all — four-stroke engines, however, low-power
EURO-95 (E95) fuelled two-stroke engines recently found their way to the VLR!!!-market
and became a promising cost-efficient solution for small aircraft. The Diesel engine is
another technology that is gradually gaining importance in the piston engine market
under the impetus of the greener technology requirements. Similar to the spark ignition
engine, four- and two-stroke Diesel configurations are currently offered. Table 4.1 sum-
marises some important performance characteristics concerning the above mentioned

engine types.

TasLE 4.1. General piston engine characteristics : Maximum (continuous) power setting
ISA SLS (Bosch (2007) and survey by author — Appendix H).

Type intake” strokes fuel admin. SPV [kW/L] SPP[kW/kgl SFCpr [g/kWh]

SPI Avgas  atm. 4 carburetor 20...26 08...1.2 250 ...400
injection

SPI Avgas  turbo 4 injection 21...27 08...13 250 ...400

SPI E95 atm. 2 injection 70...80 13...17 350 ...600

Diesel turbo 4 injection 50...65 07...1.0 220...320

Diesel turbo 2 injection 39...42 0.95...1.34 220...320

RPM range : 2400-2800 min~! except for SPI E95 : 5200-6000 min™!

tconditioning of air near intake manifold : atm. = atmospherically aspirated — turbo = turbocharger.

An important engine variable is the fuel-to-air ratio FAR, which is a function of engine
regime, fuel and type, and represents the amount of fuel injected per unit of air admitted
in the engine :

11 fuel

My

FAR =

(4.6)

For a combustion process, a stoichiometric fuel-to-air ratio, i.e. FARs;, can be determined.
Usually, the fuel-to-air ratio differs from the stoichiometric one and the difference is

livVery Light Rotorcraft ; Maximum gross weight is lower than 600 kg.
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TaBLe 4.2. FAR selected for cycle calculations. Maximum (continuous) regime

(Bosch (2007)).
Engine type ¢ [-1 FARg[-] FARI-]
Spark ignition engine (avgas) 1.5 1:14.7 1:9.8
Diesel engine (diesel) 0.7 1:14.5 1:20.7

reflected by the equivalence ratio ¢ (Table 4.2) :

FAR

?=Tar, (*7)

For spark ignition engines, best efficiency is obtained for ¢ close to unity. Best perfor-
mance on the other hand is achieved at values for ¢ up to 1.8 — Taylor (1985a). This concurs
with an incomplete combustion, but increases the power output due to the higher mass
contained in the cylinders. The current cycle calculations will use a conservative value
for the equivalence ratio ¢ at maximum performance, viz. ¢=1.5. For Diesel engines
however, ¢ at maximum performance is close to 0.7 — Taylor (1985b). Even though lower
than the stoichiometric limit, higher ¢ will lead to incomplete combustion and an un-
acceptable amount of smoke production. Note that for the cycle study one selects the
piston engine on its maximum power output'’. This assures the smallest engine for the
application, while bearing in mind that with an increase in helicopter horizontal speed,
the power requirement of the rotors will initially drop by the decrease in induced power
(power bucket), as described by for example Prouty (2002). This will lead to a lower ¢,
more specifically closer to unity in case of spark ignition engines, and results in better
efficiency in forward flight.

The combustion process in the engine releases heat, which is quantified by the fuel mass
flow 7i1¢ and the fuel lower heating value (LHV) - assuming the water produced during
the combustion remains under gaseous form. Table 4.3 reflects the lower heating value for
the most important aviation fuels. Note that the combustion process is not perfect. Since
there is an important excess of air for the Diesel engine, the combustion efficiency ncc
will be assumed to be close to unity. For the spark ignition engines however, maximum
performance is achieved while injecting more fuel than stoichiometrically possible. This
means that a part of the fuel will not release heat, since it cannot react with oxygen and
it needs to be accounted for in the energy balance. If the heat released by combustion is
Or, then :

Qr = 1itg nec LHV (4.8)

¥This is typically also the maximum continuous regime.
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or in case of an ideal stoichiometric combustion process :
QrF =titfs LHV (4.9)

An estimation of the combustion efficiency then follows from the substitution of Eq.4.9
in Eq.4.8, while neglecting the impact of the incomplete combustion on the lower heating
value :
e = + (@.10)
cc== .
¢

The foregoing equation will be used in the simplified cycle calculations using spark
ignition engines. With regard to the Diesel engine, the large excess air suggests a high
combustion efficiency. For the subsequent considerations with the Diesel engine, it is
assumed that — Jacques (2004b)

Nce = 0.99 (4.11)

TasLE 4.3. Fuel lower heating values (288.15 K).

Fuel type LHV [M]/kgl ref.
Kerosene 43.2 AIR BP (2000)
Diesel 42.5 Bosch (2007)
Avgas 43.7 AIR BP (2000)

4.3.2 Piston engine powered TDR cycle set-up

The thermodynamic cycle wherein one piston engine drives the RELT is shown in Figs.
42 and 4.4. Air enters the system, which is an air-tight compartment in the fuselage
(plenum), in which the pressure is increased by the compressor (C). A part of the air
leaving the compressor, i.e. the primary flow 71, provides the piston engine with the
correct amount of fresh air. In the piston engine, fuel is injected at a rate riz;. The piston
engine produces mechanical power necessary to drive the compressor and compensates
any losses or power requirements of auxiliaries. Between the compressor and the piston
engine, a reduction might be necessary. For this purpose, a gearbox (GBX) is placed
between both components. The exhaust gases leave the piston engine and enter the mixer
(MIX), where they are mixed with the remaining flow of the compressor, i.e. the sec-
ondary flow ri1;. Note that the engine is placed in the pressurised plenum. This operating
condition is acceptable for a piston engine thanks to its robustness. It is assumed not to
be the case for gas turbines. The shut-off-valve (SOV) disconnects the engine exhaust gas
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path from the RELT, in case of an engine failure.

Atmosphere

Fuselage
RELT <—<— PE —» C

|

Plenum

FiGure 4.2. PE powered TDR cycle basics.

The piston engine powered TDR cycle will now be analysed using simplified laws of
thermodynamics enabling a better understanding of its performance characteristics. Im-
portant performance and design parameters will be the specific fuel consumption SFC,
the coefficient of performance COP, the bypass-ratio BPR and the limiting conditions to
which the cycle is susceptible. These parameters are discussed next.

SINGLE PISTON ENGINE CONFIGURATION

FiGure 4.3. PE powered TDR helicopter (Illustrative purposes only).
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4.3.3 Cycle study : Simplified theory
Cycle mass flows and power output

The power P7. delivered by the RELT can be found applying the first law of thermody-
namics over the control volume CV1 (Fig.4.4) :

Pr = riy(has — hys) (4.12)
or also,
P = 1iiCpg(Tras — Tis) (4.13)
where,
— 1y = Mass flow of combustion gases passing through the RELT [kg/s]
— hys = Specific total enthalpy of the gases entering the RELT [J/kg]
— hs = Specific total enthalpy of the gases leaving the RELT [J/kg]
— (¢ = Specific heat at constant pressure of the combustion gases [J/kgK]

— Tus = Total temperature at RELT inlet (LTIT) [K]

— Ty5 = Total temperature at RELT outlet [K]

Tty
Atmosphere

Fuselage =~ = feceemcmmcmcmcec ey

! 2 _ :

************ ) | r-- f{ffffﬂ my '

; Pr ; ! tp M | ;
[ jl 45 ap P '
. RELT ~—— PE C 0 it

””””” cvi 3 -y 3

: P V2 :

3s Y 2s
5
Vs e

n

Ficure 4.4. PE powered TDR cycle setup.

The temperature drop over the RELT depends on the realised expansion ratio and the
efficiency at which this process takes place. For an adiabatic evolution (Eq.4.2) :

rg—1

% . 1 rg .UP/T
p; = mtcpth45[1 - (H—T) ] (4.14)

where,
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— nir = Total expansion ratio over the RELT [-]
— v = Ratio of specific heats for combustion gases [-]
— 1p,r = RELT polytropic efficiency [-]

A correct determination of 77 is only possible when having a detailed thermodynamic
model of the RELT. For the current preliminary performance study, this level of detail is
not required and it is assumed tacitly that the total compression ratio 7c of the compressor
C equals the expansion ratio rir over the RELT. Then, the mass flow r1; can be found for
a given nic, LTIT and P}, by rewriting Eq.4.14 :

Py

iy = — (4.15)

vg T
Custis| 1= () * ]

where 7ic can now be denoted as the cycle pressure ratio. The fuel mass flow 71y on the
other hand is calculable using control volume CV3 (Fig.4.4). Applying the first law and

rearranging terms :

B (m + Ti”lf)cpth45 - Ti’leTtl
B ﬂchHV

titf (4.16)
where,

— C, the specific heat at constant pressure for air [J/kgK]

— 11 = the mass flow of air entering the compressor [kg/s]

— 1cc = the combustion efficiency [-]
Recall that the heat produced by burning fuel Qr can be quantified using Eq.4.8 :

QF =ncctit fLHV

Usually 7i1f is a negligible quantity with respect to 7, yielding :

tity & 1it (4.17)
. m(cpgTﬂLS - Cthl)
mf =

nchHV

(4.18)
The primary mass flow ri1, follows from the definition of fuel-to-air ratio (Eq.4.6), which
is assumed to be a constant for a given operating regime (see Table 4.2) :

Tty

L 41
"y = FAR (4.19)
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Introducing Eq.4.19 in Eq.4.18, one obtains for 71, :

_ m(cpth45 - Cthl)

i1, = 4.2
M = T ccLHV FAR (420)
Conservation of mass delivers the secondary mass flow 7 :
mP
g (1 - —,) (4.21)
11
Substituting Eq.4.20 in Eq.4.21 :
Cpth45 - Cthl
j1s = 11 |1 — ———r 4.22
e = ( nccLHV FAR ) 422
An important cycle design parameter is the bypass-ratio BPR, which is :
BPR = (4.23)

ny

This factor influences the dimensions of the plenum, the mixer and tubing. Replacing 1,
and rii; with their values found in respectively Eqgs. 4.20 and 4.22 :

T]C(jLH V FAR

BPR= ——~———— —
Cpth45 - Cthl

(4.24)
The above equation shows that for a fixed engine regime (FAR), BPR depends only on
LTIT (Tys) and the atmospheric temperature T,, which is assumed equal to Ty. This
assumption is acceptable when the velocity of the aircraft remains below Mach 0.3, thus
where the ram effects remain minor, which is true for the bulk of the contemporary he-
licopters. The tendency of a decrease in BPR with an increase of LTIT can be explained
by the fact that a higher LTIT needs more fuel to heat up the gases per unit 7 (Eq.4.16).
Consequently, since under the current evaluation criteria the fuel-to-air ratio is a con-
stant, the piston engine is forced to ingest more 7, per unit 7z (Eq.4.20). The impact of
the lower heating value on BPR, i.e. using Avgas or Diesel, remains minor because of the
small difference between both values. However, the fuel-to-air ratio of a Diesel engine
at maximum performance is significantly lower while its combustion efficiency higher
than the one of spark ignition engines using Avgas because of the important difference
in equivalence ratio ¢ (Table 4.2). Consequently, the Diesel engine will consume more
primary air causing a lower BPR than observed with spark ignition engines, as shown in
Fig.4.5.

At this point, it is interesting to introduce the non-dimensional RELT inlet temperature

?—:‘]5, which is an important parameter when determining the performance of the cycle.
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Introducing this variable in Eq.4.24 :

LHV FAR
BPR = —I<€ 1 (4.25)

Cpg Tus
Cp Ttl (C_p T_ﬂ -1

Here, the effect of a variable atmosphere (T}1) on the bypass ratio becomes clear, but it will
be examined separately and discussed later in Section 4.3.5. Note that selecting a bypass
ratio alone is not sufficient to fix a value for P7, since it has no authority on 7i¢c. In reality,
for a given bypass ratio, an operating range will be offered, depending on the specific
fuel consumption of the piston engine (see also Table 4.1). A more detailed examination
of the operating domain of the cycle follows at the end of this section.

5 T T T T T T T T
15 1.5 [ (@& BPRgp [-] - T,,=288.15K
(@ BPR -] — T,,=288.15K
4.51 1
a4t 1
—2.5 2.5 2.5
—1.5 1.5 1.5
T 35 5+
=3
tﬁ —2.5 2.5 2.5
= 25
2t 4o 10 10
—10 10 10
1.5—20 20 20
= i 8
1 L

FiGgure 4.5. Bypass ratio as a function of TTt—f, ISA SLS, no losses (except combustion
related). Note that 77¢ has no influence on BPR.

Cycle specific fuel consumption

The specific fuel consumption SFC of the cycle is defined as :

nif

SFC &
PT

(4.26)

Multiplying numerator and denominator by 7z and using Eq.4.18 and Eq.4.15, where in
the latter it is assumed that #i1; = 71 :

Cpg Tiys

Cy T
SFC =

(4.27)

rg-1

v T
rectivi=(ze) *
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In the above equation, the non-dimensional RELT inlet temperature ?45 and cycle pressure
ratio 7c appear. To attain the best possible specific fuel consumption, the cycle pressure
ratio should be selected high, as it increases the turbine power density P7./71. The turbine
power density increases also for an increase in = f45 ,but this beneficial impact is outweighed

Tt45 should therefore

by the higher fuel flow fraction, which causes a more influential SFC.
be selected as low as possible. Fig.4.6 reflects the cycle SFC for respectlvely Avgas and
Diesel. The difference in cycle specific fuel consumption between both engine types is
due to the substantially lower combustion efficiency of the spark ignition engine when

operated at maximum power regime.

17 7 4 ==
< SFC [g/kWh] (Diesel)
4.5
4,
o
3.5
3 .
W

i
=
Lo}
X
= 25 :
450
100~
2 59/ i
A
1.5 100’—’—/100_

FiGURE 4.6. Specific fuel consumption as a function of TTt—fS and mc, ISA SLS, no losses
(except combustion related).

Cycle coefficient of performance

The power necessary to compress the air flow i1 can be found according to the first law

of thermodynamics, assuming once more an adiabatic evolution :

Pc =1t (hpp — hy) (4.28)
Pc =11 Cy(Trp — Th1) (4.29)
For a given compressor polytropic efficiency, the above equation can be rewritten as :

y=1_1

Pe =it C Tﬂ( 7 e 1) (4.30)

The piston engine must deliver this power Pc, increased with the mechanical losses in the
interconnecting drive train (for example gearbox(es), bearings, etc.) and the power con-
sumed by auxiliaries (pumps, generators, etc.). The mechanical efficiency 1y represents
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these losses :

_ Pc

P*
M M

(4.31)
Since there is no mechanical link between the piston engine and the RELT, it is incorrect
to consider P}, equal to P}. A performance yardstick to quantify the difference between
both is the coefficient of performance COP, which is defined as :

%

COP =

(4.32)

%

M

A high coefficient of performance should be strived for as it reflects the capability of the
cycle to transfer the mechanical power delivered by the internal combustion engine to
the helicopter rotors. Substituting Eq.4.14 and Eq.4.30 into Eq.4.32 :

Cpe T
COP = ny—=2 285 feop(rc) (4.33)
C, T

where the function fcop(rc) is :

rg-1

()"
TiC

fcop(mic) = T Ere— (4.34)

For fixed polytropic efficiencies, this is a decreasing function with 7c. Again, note that

COP relies on the non-dimensional variables 7%—25 and mc. Fig.4.7 shows the evolution of

COP as a function of these two parameters’. Clearly COP improves with an increase in

Tus
Th

P /ri1, the latter due to the required compressor power, which becomes less important

and with decreasing mc. The former because of the higher turbine power density

than the power delivered by the turbine. The optimum operating point will thus be a
compromise between COP and SFC.

Note the potential to have a COP larger than unity exists. The recovery of the piston
engine exhaust gases in the cycle allows this effect to take place. Comparing this with
the conventional helicopter, one would retrieve paradoxically a “mechanical efficiency”

higher than unity.

VThe difference between the coefficient of performances of the Avgas en the Diesel engine powered TDR
cycles is due to simplified calculation of C,¢, which is slightly higher for the Diesel engine.
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& COP [-] (Avgas)
&= COP [-] (Diesel)

FiGure 4.7. Coefficient of performance as a function of TTf—f and 7tc, ISA SLS, no losses

(except combustion losses).

Relation between SFC and COP

Relying on the definitions of cycle specific fuel consumption (Eq.4.26) and coefficient of

performance (Eq.4.32), it is possible to write :

%

g iy

Py Pr Py

COP-SFC = (4.35)
The right term in the foregoing equation is the specific fuel consumption of the internal

combustion engine, or :

SFCpg

COP = SEC

(4.36)

This equation is very useful. It reveals that the cycle will be at least as fuel efficient as the
installed internal combustion engine when COP > 1. As a consequence, COP presents

also how good the engine specific fuel consumption is transferred to the cycle.

Compressor and turbine polytropic efficiencies

A high turbine polytropic efficiency results in a better cycle specific fuel consumption

(Eq.4.27) and coefficient of performance (Eq.4.33 and Eq.4.34). This is normal as it in-

fluences the RELT power output directly and only. For a given P7,, it will influence the

required mass flow. In case the efficiency decreases, the cycle will have to process a
t45

higher mass flow for a given TTT and 7ic. Besides the increased size of the system, a more

powerful and thus more fuel consuming engine will need to be installed.

The compressor polytropic efficiency is not always explicitly present in the above stated

85



equations, making the detection of its influence on the cycle parameters less straightfor-
ward. While an increase in compressor polytropic efficiency yields a better coefficient of
performance, it appears to have no influence at all on the cycle specific fuel consumption,
bypass ratio or mass flow. However, this is quite misleading as it does impact the required
characteristics of the installed piston engine. Indeed, in case the compressor efficiency
drops for a given Tf—f and 7ic, the engine will have to deliver more power per unit mass
flow (Eq.4.30) to produce the same pressure ratio. At the same time, the turbine inlet
temperature is not allowed to change (TTt—t“f = C'). As a consequence, the specific fuel
consumption of the piston engine SFCpg has to decrease because the fuel flow fraction
does not change (Eq.4.18), o, in other words, a more efficient piston engine will need to be
installed. The relationship between SFC and COP was already discussed via Eq.4.36. The
benefits of this increase in piston engine efficiency by the lower SFCpr is in fact completely
destroyed by the reduced compressor polytropic efficiency (lower COP). Clearly, an as
high as possible compressor efficiency should therefore be strived for.

Mechanical efficiency
A similar discussion can be conducted to explain the effect of the mechanical efficiency
num on the cycle parameters.

Effect of pre-compression

According to Taylor (1985b), the available power P}, of a piston engine is mainly a function
of and commensurate with air density. In the examined cycle, the compressor feeds the

piston engine and works as a turbocharger. Consequently :
p, = 22p: 4.37)
Pa

or, neglecting the compressibility effects (ps = p;) :

p, = P2Pp. (4.38)

Pl Pta
where,
— P}, = PE available power under atmospheric conditions [W]
— pi = (Atmospheric) air density [kg/m?]
— pp = Total density of air entering the compressor [kg/m?]
— pp = Total density of air leaving the compressor [kg/m?]

Defining the ram recovery RR as a measure for the inlet losses and ram effects :

RR2™ <1 (4.39)



After substitution of Eq.4.39 in Eq.4.38 :

P2

Py = RREPZ*VM (4.40)

The density ratio 22 can be quantified as :
Pa
r1 g

% =m) (4.41)
Introducing Eq.4.41 in Eq.4.40 yields :

Py = PCF Py, (4.42)
defining PCF as the pre-compression factor :

. % np_C+1
PCF=RRm. " (4.43)

Fig.4.8 clearly shows that for an adiabatic compression and a given P}, , P}, will in-
crease almost linearly with ric. The fact that the piston engine inlet temperature Ty,
increases simultaneously with 7ic does not necessarily compromise the engine’s opera-
tional domain. The cylinder head temperature may remain well within specifications as
the combustion process is intermittent, thus less susceptible to the higher combustion
temperatures. Nevertheless, a good temperature monitoring will be indispensable and
will undoubtedly impose boundaries on the maximum value of mc. In Chapter 8, the
cycle pressure ratio will be shown to be low. Consequently, it is reasonable to expect
that the integration of an unmodified piston engine is then feasible. Also note that the
crankshaft must withstand the higher torque delivered by the engine.

Because of pre-compression, selecting a piston engine based on P}, is a priori not ad-
visable, because in general PCF > 1 and consequently P, > P}, . Indeed, P}, should
be the selection criterion for a piston engine, which is readily provided by the engine
manufacturer for standard day sea level conditions. Hence, thanks to pre-compression, a
lighter engine can be installed.

If P} is known to the designer, an equivalent coefficient of performance (ECOP) should
be used to select the required piston engine, i.e. :

%

P
ECOP £ L = pCF.COP (4.44)
PM,a
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FIGURE 4.8. Influence of 7ic and 7, c on PE power output.

4.3.4 Cycle operating boundaries

The cycle of which the major performance parameters were examined in the previous
section, has not yet been evaluated on its pertinence. Indeed, some boundaries will be
imposed by thermodynamical constraints or by operational limitations from components

placed in the cycle, such as the piston engine. This is examined next.

Cycle Carnot effectiveness

From a thermodynamic point of view, the cycle effectiveness can never be larger than the
cycle effectiveness of Carnot. The cycle effectiveness of Carnot applies to reversible closed
cycles only. However, even though investigating an open system, one could imagine the
recovery of the gases escaping the RELT and reintroducing them in the system after
being brought to the initial state. Since the fuel mass flow is low with respect to the
mass flow passing through the studied system, the impact of the combustion process
on the gas composition may be seen as minor. Hence, the open system can be closed
by simply connecting the outlet of the RELT with the inlet of the compressor via a heat
exchanger. Indeed, this is necessary. The Kelvin-Planck law states that no net work can
be delivered by a cycle using heat from a single heat reservoir. In the open system, heat is
only extracted from the fictitious heat reservoir representing the combustion process at a
temperature TH. As a consequence, the excess thermal power that needs to be evacuated
from the system, leaves via the enthalpic flux. In the fictitious heat exchanger, this thermal
power is yielded to the surroundings, which is the atmosphere at temperature T;. As a

consequence, the cycle effectiveness must obey the following relation :

T
€m <1- T_L = €Carnot (44'5)
H
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and,
€ = — (4.46)

where,
— €y, = Cycle thermal effectiveness [-]
— T = Temperature of the cold heat source [K]
— Ty = Temperature of the hot heat source [K]

For the subsequent boundary calculations, Eq.4.46 will be substituted in Eq.4.45, but this
implies a simplification that needs to be exposed prior to continuing the discussions.
The Carnot effectiveness applies to all closed reversible cycles. Heat is hereby exchanged
isothermally between the boundaries of the cycle and the heat sources. When closing
an open system and the Carnot effectiveness is strived for, it must also be completely
reversible. Since the exhaust gases are usually not at the same temperature of the en-
vironment even though at the same pressure, they can only be restored reversibly to
the initial state temperature by a sequence of two thermodynamic evolutions. First, an
isentropic expansion or compression is required to convert the outlet temperature to the
initial state temperature. Second, an isothermal heat exchange brings the gases to the
initial pressure, as could be shown on a T-s diagram, commonly used in thermodynamic
textbooks. With these two processes, work is involved. Denoting this work as Pg, then it
is only possible to achieve the Carnot effectiveness in the reversible closed system, if the
open cycle and the system closing the open cycle are reversible. In other words :

P; + Pgr

M = eCamot (4.47)

Qr
In the real process however, the work potential of the exhaust gases is not recovered and
results in pure entropy production, or Pr = 0. As a consequence, €y, < €camot- Hence,
calculating the cycle boundaries by imposing €y, = €camor is not very accurate since it
implicitly uses an irreversible method to restore the exhaust gases, i.e. a heat exhanger,
wherein no work is generated or absorbed. This issue can be coped with by establishing
the exergy balance over the open system — Cengel & Boles (2006). However, when
applied to the discussed thermodynamic cycles, the solution can become too involved for
the purpose it serves and analytical solutions not always possible. Since the operating
boundaries of the components used in the cycle will be shown to be most critical, the cycle
Carnot boundary criteria can be relaxed. As a consequence, to find the cycle boundaries,
it will be assumed that :

€th = €Carnot (4.48)
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With respect to the lower bound temperature T;, itis equal to the atmospheric temperature
T,. The choice of the temperature of the hot heat source on the other hand, is not evident.
Considering the maximum temperature to be the adiabatic flame temperature, i.e. around
2500 K (Torenbeek & Wittenberg (2009)), the maximum cycle efficiency should be lower
than 0.885 at sea level ISA conditions. This is still a high value, but it allows removing

the thermodynamically impossible solutions from the evaluated performance domain.

Piston engine cycle limitations

Besides the interaction of the cycle with the atmosphere, the heat balance between the
piston engine and the plenum in which it is installed, needs examination. Since a simpli-
fied thermodynamical representation of the piston engine cycle is adopted in the system,
its operating domain must be traced too.

From the control volume CV2 in Fig.4.4, it is possible to understand the power balance in
effect over the piston engine. Heat enters the piston engine cycle from the combustion of
fuel (Qr via ri1¢) and delivers mechanical power to the surroundings P}, i.e. the plenum,
while a part of the thermal energy is lost via the piston engine cooling system (Qc) and
another part via the enthalpy leaving the engine by the exhaust gases. The thermal effi-
ciency of the cycle can again be calculated by closing the open system in CV2 by means of
a fictitious heat exchanger, which brings the gases back to the initial state via a fictitious
heat flux Q, (not indicated on CV2). Since the piston engine works in the plenum, the
initial state is represented by the outlet conditions of the compressor. In case the pressure
losses are neglected and the speed of the flow considered low, it is then possible to write
for the cycle effectiveness :

G QoQentr, (QemGlesT)

€th,PE = =~
QrF QrF QrF

The cooling heat flux Qc can be presented as a fraction of the heat introduced in the
system. Defining the cooling fraction x, :

x = &€ (4:50)

Qr

Substitution of the previous equation in Eq.4.49 and imposing again the piston engine
cycle Carnot effectiveness, which implies the simplification discussed in the previous
section, yields :

tity Cp(Trap — th)] <1 Tp (451)
Qr -

€ =1-|x+
th,PE [ c TH
Ty is once more considered to be the adiabatic flame temperature, for which the value

of 2500 K is adopted. Elaborating the foregoing equation results in a minimum piston
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engine exhaust gas temperature Ty, required for the cycle to be physically possible :

. :
R xc) Qr

— + T, 4.52
T, i, C, 2 (4.52)

Trap = Trapg, = (

The piston engine exhaust gas temperature Ty, can be estimated by applying the first law
on control volume CV2, while neglecting the fuel mass flow :

and,

y-1

r— 1
Ty =Tan, "° (4.54)

then after substitution of Eq.4.8 and Eq.4.54 in Eq.4.53 and rearranging terms, its is found
that :

C oL 1+BPR\ 1+BPR] (1-x LHV - FAR
pTﬂ[nC’ ”"C(1— * )+ * ]+( c)iicc (4.55)

Top = —-
w Cpg M M Cpg

At the same time, Ty, can be expressed as a cycle pressure ratio limitation. Starting
from Eq.4.49 and the definition of the cycle Carnot effectiveness, it is possible to write :

Py T
1- Q— > T—Z (4.56)
F

Substitution of Eq.4.8, Eq.4.30 and Eq.4.54 in this equation and rearranging terms gives :

[ 14 (+BPR) Gy ]V'TI"P'C
M 1cc FAR LHV
Tic < TlCyp = T (4.57)
[ (1+BPR) C,Ty Ty ]Fl””/c
num Ncc FAR LHV

t45

Ticyp 1S Only a function of and Ty (Eq.4.25). The other values are considered to be

constant for the selected operatlng regime.

Taylor (1985b) estimates the cooling fraction and is usually found in the order of mag-
nitude of 35%. The heat released by the radiator Qc is absorbed by the secondary flow
before entering the mixer. Note that there exists a maximum heat transfer Q¢ allowable
between the piston engine and the secondary flow. The walls of the piston engine (radia-
tor) and the secondary flow work as a heat exchanger. The magnitude of the exchanged
heat depends on the maximum temperature gradient in effect over the heat exchanger
and the flow/material conditions on both sides. However, since the used value for the
cooling fraction is realistic, this limiting condition is not further studied.
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Available power boundary

The available power P;, = at sea level (standard day) for a piston engine ranges between
50 kW to 300 kW. For hig,her power requirements in aviation, the piston engine is replaced
with a turboshaft, since it has a better power density — Torenbeek & Wittenberg (2009).
Note however that pre-compression now extends the operating domain of the piston
engine. Nevertheless, the market offers a limited range of piston engine solutions, which
in turn restricts the usability of the examined cycle.

Piston engine SFC boundaries

Neglecting the effects of pressure on the fuel distribution and combustion processes,
Taylor (1985b) explains that for a given engine regime SFCpg remains fairly insensitive to
pressure and temperature variations, so that it may be considered as constant. Recall that
(Eq.4.35) :

iy
SFCpe =
M

(4.58)
For Diesel engines, Taylor (1985b) notes that the operational domain may be reduced at
lower pressures due to a compromised combustion process, more specifically imposed
by the smoke limit. Fortunately, this issue is postponed thanks to the pre-compression
process.

Seen that SFCpg is pressure and temperature independent, it is reasonable to expect
the pre-compression process to have a negligible impact on this parameter too. As a
consequence SFCpg in the cycle will be set equal to the value given for the selected engine
regime at standard day conditions, sea level.

However, SFCpg in the cycle still depends on the selected piston engine, as highlighted in
Table 4.1. The cycle is indeed delimited by the variety of SFCpg found within the available
piston engine population for the required power P},. Once a piston engine is selected,
SFCpg is fixed in the cycle and the cycle pressure becomes dependent on the selected
non-dimensional turbine inlet temperature, or vice versa. Proof is given by substituting
Eq.4.58 and Eq.4.18 in Eq.4.30. Rearranging terms yields :

%% _ VipC

p Tﬂ ) y-1
S Py L E— 4.59
= (”M SFCpenccLHV (4.59)

For a given SFCpg, mc becomes indeed completely dependent on TTf—f’

LTIT boundary

The maximum allowable LTIT depends on the maximum operating temperature of the
bearings. Especially when using grease lubrication, LTIT should not exceed 400 K.
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4.3.5 Effect of the atmospheric pressure and temperature

The nominal cycle operating conditions depend on the imposed design flight conditions.
The previous theoretic developments showed the importance of the non-dimensional
turbine inlet temperature TTt—f The cycle characteristics will thus depend on the selected
turbine inlet temperature (Ts) at nominal operation and the selected altitude (T¢1). The
evolution of atmospheric pressure p, and temperature T, with altitude is standardised
in aviation and is adopted in the International Standard Atmosphere (ISA). At sea level
static (SLS), the standard pressure is 1 atm and the standard temperature 288.15 K. These

values are often used to reduce p, and T, to non-dimensional values :

T,
Oa T 288.15 K ] (4.60)
__ Pa :
Oa = 101325 Pa -] (4.61)

Additionally, a non-dimensional density is defined :

__Pa
"~ 1.225

Og (4.62)

Without major loss in accuracy one may prove that for the considered inlet conditions —
ATAA (2003) and Cumpsty (2000) :

A Tn

9 %= 0n = 55515 (463)
N _ Ppn

RR 6, % 6n = 1572 (4.64)
1

RR 6, = oy = 1225 (4.65)

These parameters are useful to study the influence of a variable atmosphere on the
performance characteristics of the cycle. Note also that :

o

on = (4.66)

On
In the subsequent analysis, the impact of a changing atmosphere on the most important
cycle parameters is examined, using sea level conditions as datum and imposing a fixed
value for the cycle independent non-dimensional parameters TTf—;‘f and mc. Finally, it will
be proven that the cycle operating condition at sea level cannot be extrapolated to other

atmospherical conditions, without changing one of the independent cycle parameters.
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Piston engine power output

As explained earlier when discussing the pre-compression, the power output of the piston
engine is a function of air density near the intake manifold :
P*
" M
Phtaon = 75~ (4.67)
ta

where the suffix “corr” stands for the corrected value of the examined parameter, i.e. the
value found at ISA SLS, when operated under invariable non-dimensional (engine) cycle
conditions, amongst which the cycle pressure ratio and the non-dimensional RELT inlet

"
M,a,corr

the effect of air density on the engine power output is observed easily. A decrease in air

temperatur. P is usually given by the piston engine manufacturer. From Eq.4.67,

density will result in a proportional deterioration of engine power. The same reasoning
applies with pre-compression (Eq.4.37 and 7i¢ is constant) :

P*

P, =M 4.68
M,corr on ( )

Piston engine specific fuel consumption

As explained during the discussion of the piston engine SFC boundaries in Section 4.3.4,
SFCpr remains fairly insensitive to temperature and pressure variations. Consequently,
this yields an immediate result for the corrected SFCpr :

SFCpE,corr = SFCpg = SFCpE4 (4.69)

Bypass ratio
Recalling Eq.4.25 :

LHV - FAR
BPR = —I€C _1

Cpg Tus
Cp Tt] (C_p T_tl -1

Substitution of the non-dimensional temperature 0y into the above equation and after

some manipulation :

BPR +1 1

—_— = 4.70
BPRcorr +1 th ( )

or,
BPReorr = (BPR + 1)0p — 1 (4.71)

Tus

Eq.4.71 has been plotted in Fig.4.9. From this graph itis clear that for a given - and being
given a certain BPR.,, BPR is inversely proportional to the atmospheric temperature.
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Atmospheric temperature dependence of BPR
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F1Gure 4.9. Impact of atmospheric temperature on BPR for fixed TT'—f, no losses.

Cycle specific fuel consumption and coefficient of performance

Examination of Eq.4.27 and Eq.4.33 shows SFC and COP to be independent of atmo-

. .y . . T,
spheric temperature and pressure variations in case a fixed 7c and 2 are selected. As a

consequence :

COPeyry = COP (4.72)
SFCeory = SEC (4.73)

Primary mass flow and fuel flow

The fuel mass flow 71 is commensurate with air density since :

ty = SFCpg P;\/I (4.74)
or,
Mf = 041 SFCPE corr P;\/I,corr (4.75)

Hence, the corrected fuel mass flow becomes :
: "y (4.76)
m = — .
f,corr o
Since the equivalence ratio ¢ remains invariable for a selected engine regime, FAR is
constant also, which yields for the primary mass flow 7, :
. Titp
iy corr = — (4.77)
o1
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Cycle total mass flow

The total mass flow 71 passing through the turbine, and compressor when neglecting the
impact of the fuel mass flow, is according to Eq.4.18 and after rearranging terms :

X SFCPELHVT]CC P;\/I
m=——""—"+—/

(4.78)
CP(%‘?TTt_f B 1) n

Introducing the non-dimensional atmospheric variables gives :

= 5_;1 SFCPE,corrLHVT]CC 5;\/18,6(;; (479)
O Cp( (é_rfTTt_:xls _ 1) .
The corrected total mass flow then becomes :
maz 0

n_Ton (4.80)

Meorr = —(——
on O

Clearly, 11 is much more sensitive to atmospheric temperature variations than 7, and rity.
The latter mass flows depend directly and only on the power delivered by the engine,
which is density dependent (o41). 7i1 on the other hand relies on the required temperature
increase established in the cycle, i.e. Tys — Ty, and the fuel mass flow, as explained by
Eq.4.18. An increase in atmospheric temperature will decrease the power output of the
engine and thus 7y via 0y (Eq.4.68 and Eq.4.76), which in turn reduces the heat input
by the combustion process. As a consequence, this effect must be compensated by a
reduction in 71 (041 term in Eq.4.80).

At the same time, for a constant non-dimensional inlet temperature TTt—f, the interval
Ti5 — T must increase. Then, the only manner to attain the required turbine inlet tem-
perature is by decreasing 71 even more via 04 (Eq.4.80). Note that this effect was already
uncovered by the bypass ratio 0;1 dependency discussed earlier. Both effects combined,
explains the higher sensitivity of 7 to atmospheric temperature fluctuations, which re-

sults in the quadratic behaviour of 11 with 0.

Until now, only the influence of 6;; and 04 on the more important cycle parameters was
studied, while assuming constant TTf—f and 7ic, which are seen as independent variables.
However, when submitting the complete cycle to a new atmospheric condition, it is no
longer possible to operate the cycle under the same operating conditions. The reason
originates from the difference between the corrected total mass flow 7., (Eq.4.80) and
the corrected mass flow found for a compressor or fan, which is used to determine its
pressure and efficiency characteristics, and defined as ric ¢orr, — Cumpsty (2000) :

. 0
MCcorr = on L (4.81)
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Both corrected flows are based on rir and must remain identical, regardless the atmospheric
conditions, if a constant cycle/compressor pressure ratio and compressor efficiency is

required. Since :

p
PC,corr = € _ (4.82)
1 VOn
P} 0n
. M
PM,corr = 01 (483)
and,

Pc = Pymum (4.84)

it is found for all but one operating point :
PC,Cor;/ i P;VI,CO]’TUM (4-85)

In other words, a simple extrapolation of the cycle performance characteristics observed
under ISA SLS using 6y and 0y to estimate the performance parameters at other atmo-
spheric conditions is not allowed, unless variable compressor characteristics are taken

into account.

4.3.6 Parametric cycle study

The cycle performance is now evaluated parametrically using the non-dimensional input
variables mc and TT‘—;*E The impact of the other cycle parameters such as the efficiencies and
atmospheric conditions on the cycle performance was already discussed qualitatively in
the previous sections, and will not be repeated here. The study assesses two cycle con-
figurations, viz. one with a 4-stroke Avgas engine and one with a 2-stroke Diesel engine.
These engines will be used in Chapter 8, where the Ljungstrom turbine characteristics are
integrated in the cycle study. In the current discussion, the turbine efficiency is considered

invariable. The other cycle parameters are reflected in Table 4.4.

The results are shown in Fig.4.10 and Fig.4.11, representing the non-dimensional cycle
performance characteristics of respectively the Avgas and the Diesel powered cycles at
ISA SLS.

The cycle boundaries are indicated on the graphs, where the grey lines represent the
range of SFCpg wherein a solution is possible and the red (full) line the maximum cycle
pressure ratio 1ic,, for a given inlet temperature (Eq.4.57). For reasons of readability, the
cycle Carnot limitation is not plotted. In all considered cases, it is less stringent than the
piston engine cycle limitation represented via 7tc,,.

Since the cycle is examined at ISA SLS conditions, it is possible to indicate the LTIT limit
of 400 K on the graph (dashed red line). Note that the position of this boundary on the
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graph depends on the atmospheric temperature.

TasBLE 4.4. Cycle variable value summary.

Variable note

My, T 0.87 [-] Chapter 8

Mp,C 0.90 [-] Van den Braembussche (2013)

Nncc,spI 0.67 [-] Eq.4.10

TICC,Diesel 0.99 ['] Eq411

nm 0.98 [] assumed

)4 1.40 [-] air

Ve 1.33...14[-] interpolation between air and combustion gases
R 287.05 [J/kgK] specific gas constant air and combustion gases
Xc 0.35[-] Taylor (1985b)

RR 0.99 [-] assumed

For both the Avgas and Diesel engine powered TDR cycles, Fig.4.10 and Fig.4.11 confirm
the behaviour of the assessed cycle parameters, which were defined and discussed while
developing the simplified theory. It is recalled and substantiated by the figures that COP
improves when a lower ¢ and higher TT’—;‘f is selected, while the opposite is true for SFC.
However, the figures clearly show that the ability to choose 7ic and TTf—f freely is deceptive.
Indeed, once a piston engine is selected, SFCpk is fixed. The selection of the engine and
its SFCpg may depend entirely on the availability of an engine to provide the cycle with
the required mechanical power Py,. Then, TTt—f becomes of function of ¢, as was already
demonstrated by Eq.4.59. When this restriction is introduced, the figures reveal that COP
and SFC improve with an increase in cycle pressure ratio. As a consequence, an as high
as possible turbine inlet temperature should be strived for.

Unfortunately, the turbine inlet temperature is confined to the maximum operating tem-
perature of the rotor bearings. Fig.4.10 and Fig.4.11 then clearly show that the cycle
pressure ratio is well below 2 for both engine types. From a practical point of view,
this is encouraging as it limits the pre-compression, which decreases the weight of the
pressurised plenum on the one hand, and makes the use of a unmodified off-the-shelf
piston engine more plausible. From a performance point of view, COP is lower than
unity but still higher than 90%. This means that the cycle will produce less power in
the turbine than what is generated mechanically by the piston engine and consume more
fuel. Nevertheless, the power dissipation in the tail rotor and transmission system in
the conventional helicopter is not longer present in the TDR helicopter. A lower COP is
therefore not necessarily an indication that the cycle is outperformed by the conventional
helicopter. This is a discussion performed in Chapter 8, where it will be shown not to be
the case.
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Comparing the Avgas and the Diesel engine powered configurations, it is possible to
observe that the Diesel engine powered TDR cycle works in a narrower SFCpg operating
domain for a given 7%’—?5 than the Avgas engine powered TDR cycle, which guarantees
neither the same 7ic nor COP in the cycle. The following questions may then be formulated
in case the turbine generates in each cycle an identical amount of power at a fixed non-

. . . . T
dimensional turbine inlet temperature 7= :

1. Which cycle is the most fuel efficient ?
2. Which cycle requires the highest P, - and thus has the heaviest engine ?
The difference in fuel consumption between the Diesel and the spark ignition engine for

a given P7. can be expressed in relative terms, i.e. :

mf,D SFCPE/DP;\/I,D

5 = " 4.86
THf,A SFCPE,APM,A ( )

where the suffixes D and A represent respectively the Diesel and Avgas (spark ignition)
piston engine. Introducing the definition of COP (Eq.4.36) and keeping P7. constant :

1 SFCpg,pCOP
: fb _ PE,D A (4.87)
mf,A SFCPE’ACOPD
Substituting Eq.4.33 and imposing a constant TTt—f for both engine types :
1 SFC
fp _ SFCpep fcopa (4.88)

1if A "~ fecorp SFCppa

Although S];Cglf ~ Is a function of 7ic, it was proven earlier that 7ic becomes a pure function

of %‘f when a fixed value for SFCpg is imposed (Eq.4.59). Consequently, the same con-

clusion applies on Sjgg;. Fig.4.12 shows S];Cg; and fcop as a function of ?—t“f and SFCpg
for both engine types, while assuming unity for the values of the polytropic efficiencies
1p,c and nprV1. Clearly, when SFCpgp < SFCppa, SfFCngfD > SJIIFCC(I);;A‘ If LTIT and P} are
imposed, the more efficient engine, in this case the Diesel engine, always consumes less fuel.

This answers the first question.

Since fcop is a declining function with 7¢, Fig.4.12 then shows that for a given SFCpg, the
Diesel engine powered TDR cycle will operate at a lower ncVil. Earlier, it was discussed
that the coefficient of performance of the cycle improves with reduced 7ic. Consequently
the Diesel powered cycle produces more turbine power per unit of mechanical power
vii

delivered by the engine However, this mechanical power Pj, is a function of pre-

ViEven if other values are taken for the polytropic efficiencies, the conclusions will remain identical.

Vil Another approach to prove this might be via Eq.4.59, which shows that a decrease in 7cc results in a
higher mc for a given SFCpe. Indeed, since 7y increases, the engine will generate more power, which is
entirely compensated by the higher required cycle pressure ratio.

VilNote that since P} is constant, P, , > P;, , since COPp > COP,.
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compression and the installed power Py1,. The difference in installed power now is :

Pyap _ PCF4 COP4 _ PCFy4 fcora
P;\/La,A PCFp COPp PCFp fCOP,D

(4.89)

or (Eq.4.44),

Pyap  ECOP,4
Pioa ECOPp

(4.90)

Eq.4.90 is shown in Fig.4.13. If both engines have similar SFCpg, the Diesel engine
powered TDR cycle will have a lower nc (see fcop) and therefore a higher coefficient
of performance but a smaller pre-compression factor than the Avgas engine powered
TDR cycle. The combined result causes the Diesel engine to have a lower ECOP for the
same turbine power output. Consequently, a more powerful and heavier Diesel engine is
demanded, which answers the second question. Though, it was proven earlier via Eq.4.88
that this does not necessarily occurs with a higher fuel consumption. At this point, the
piston engine specific power density (SPP) — thus engine mass — as indicated in Table 4.1
becomes important. For a given P, the designer will have to find the best combination
between a low SFCpg, where the diesel piston engine has the advantage, and the specific
power density, where the Avgas piston engine has the potential to perform better.
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Ficure 4.10. Avgas engine powered TDR cycle characteristics, conditions Table 4.4, ISA
SLS.

Ficure 4.11. Diesel engine powered TDR cycle characteristics, conditions Table 4.4, ISA
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FiGure 4.13. PCF and ECOP as a function of Ef—f and SFCpg (np,c = np,r = 1).
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4.4 Turboshaft engine powered TDR cycle

4.4.1 Introduction to the turboshaft engine

The turboshaft engine (TS) is a gas turbine designed to deliver mechanical power at a
superior power-to-weight ratio than the piston engine for the larger power demands (typ-
ically larger than 300 kW — Torenbeek & Wittenberg (2009)). It allowed the development
of high performing and/or large helicopters. Besides a higher power-to-weight ratio,
the turboshaft vibrates less and is more reliable than a piston engine in the considered
power category. In aviation, most turboshafts turn on kerosene. This type of fuel is less
flammable than Avgas and also cheaper. Table 4.5 reflects some typical characteristics of
the turboshaft engine. The discussion of the turboshaft powered TDR cycle follows next.

TasBLE 4.5. General turboshaft characteristics : Maximum continuous power setting.

fuel type kerosene based derivatives
LHV [M]/kg] kerosene 43.2 AIR BP (2000)
SPP [kW/kg] 2.2...8.0 survey by author - Appendix H
SFCrs [g/kWh] 270...450 survey by author — Appendix H

44.2 Turboshaft engine powered TDR cycle set-up

Figure 4.14 shows the cycle wherein a turboshaft (TS) drives a compressor (C), which
provides the RELT with pressurised air. In between the RELT and the compressor, a heat
exchanger (HEX) and a shut-off valve (SOV) are included, the latter protecting the RELT
in case of an engine or a compressor failure. The heat exchanger recovers a part of the
thermal energy of the exhaust gases leaving the turboshaft. If desirable, gearboxes may
allow the turboshaft to be located away from the compressor air inlet for practical reasons
and/or enable a rotational velocity reduction between the output shaft of the turboshaft
and the drive shaft of the compressor. From the general cycle it was learned that it is
advantageous to recover as much heat as possible in the system in order to improve its
performance. In the piston engine powered TDR cycle, thermal energy was recovered
by mixing the exhaust gases with the secondary flow leaving the compressor. However,
this requires the engine to work in a pressurised environment (i.e. in the plenum), which
is prohibited in case of a turboshaft. This is the reason for the installation of the heat
exchanger. The turboshaft is indeed less robust than the piston engine and is designed to
work under atmospheric conditions, i.e. moderate pressures and temperatures which are
not much higher than those observed on a standard day at sea level, not to say below. This

means that if a significant temperature rise exists due to the pre-compression process, the
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FiGure 4.14. TS powered TDR cycle - one engine, basics.

air should need to be conditioned before entering the turboshaft by means of, for example,
an additional heat exchangerix in front of the turboshaft inlet, at least, if a maximum power
output is pursued — Buysschaert & Hendrick (2004). Also, a pressure rise increases the
mechanical power on the shafts connecting the engine compressors with their respective
turbines. In order to maintain the required safety margins while pursuing the maximum
potential of the engine, design interventions seem unavoidable of which the costs are
assumed unacceptable. Unless the TDR helicopter concept breaches the monopoly of the
conventional helicopter, it seems currently more reasonable to let the turboshaft operate
in an environment for which it was designed. An additional advantage of this layout is
that a second (or third) engine may be added in the cycle, without compromising safety
when one engine fails. Indeed, the engines are physically disconnected from the RELT.
The SOV now serves to disengage the inoperative part in case of an engine or compressor

failure, guaranteeing the overpressure in the plenum.

44.3 Cycle study : Simplified theory
Cycle power output

The power delivered by RELT to the rotors P7. is quantified by an adiabatic expansion
of which the total pressure expansion over the turbine 7t is assumed to be equal to the
compressor total pressure ratio mc. This combined with the first law of thermodynamics
and applied on control volume CV1, the following relation is established (Fig.4.16) :

1\
P = mcth45[1 - (—) ] (4.91)
Tic

Note that y and C, of air are used since no combustion gases pass through the RELT.

Likewise, #i1; = m.

XThis corresponds with the introduction of Qc in the general cycle, which results in a reduction of the
cycle’s performance potential.
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TWIN TURBOSHAFT ENGINE CONFIGURATION

F1GURE 4.15. Twin-TS powered TDR helicopter (Illustrative purposes only).
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Ficure 4.16. TS powered TDR cycle setup.

Cycle specific fuel consumption

The cycle specific fuel consumption is defined as

m
SFC 2 I (4.92)
PT

105



TasLE 4.6. Turboshaft specific fuel consumption SFC7..
SFCrs = a P}, " [g/kWh][kW] a b

Maximum take-off rating ISA SLS 970.5 0.161 (Eq.8.27)
Maximum continuous rating ISA SLS  1093.1 0.179 (Fig.4.17)

* Values for a single turboshaft.

; ISA SLS, M;x. Continuous
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FIGURE 4.17. SFCrs as a function of turboshaft engine power P}, at maximum continuous
regime, ISA SLS (Author survey).

The specific fuel consumption of the engine SFCrs is :

, My
SFCrg = > (4.93)
M

A survey performed by the author (Appendix H) shows that SFCrs is a decreasing function
of P}, approximated by :

SFCrs =a P " (4.94)
Values for a and b are summarised in Table 4.6X.  Substituting Eq.4.91 and Eq.4.93 in
Eq.4.92:

SFCrsP,

Pl

5T
mcth45[1 - (%) ]

SFC =

(4.95)

XIn Chapter 8 it will be shown that establishing a similar correlation for piston engines is discouraged
due to the low correlation of the data. However, here, and similar to the piston engine, the correlation helps
determining the turboshaft SFCrs operating range.
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If the mechanical transmission efficiency is 1y, the delivered power is also :

r=l 1
mCypTu(rn, " =1)

Py o (4.96)
Finally, introducing Eq.4.96 in Eq.4.95 :
SFC = SFCrs - fSFC—(T”;) (4.97)
MT,
where,
11
fsrc(me) e "ot L (4.98)
TiC) = = .
SrEC : i feor(mic)
1= (%)

which is an increasing function with ¢ (Fig.4.18). Again two non-dimensional perfor-
mance parameters appear : ij—ff and 7ic. From Eq.4.98, one may deduce that the cycle SFC
improves when a low 7¢, a high LTIT and/or low Ty is selected. SFC increases by se-
lecting higher 7ic because the specific power requirement of the compressor grows faster
than the specific power output of the RELT at the same inlet temperature (i.e. fsrc(mc)). If
TTf—f in Eq.4.97 increases solely, SFC will improve by the increased turbine power density

(Eq.4.91).

10 : : ‘ 10
9r 9
8r 8
7 7t
T 6 6F
8
g 5~ 1 5¢
R
[=)
4r P 4+
P ox
3, [s) | 3,
G
&
27 // | |
i i 1 i
1 2_|_ /'IQ 4 5 1 ¢ 1.5 2
s/ 111 [7] src 7]

F1GURE 4.18. Relative cycle SFC and fsrc-function — no losses (except TS).
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Effects of multiple engines

The effect of multiple engines on the performance of the cycle can be introduced in the

above considerations by imposing the following modifications :

— for the mechanical power delivered by the engines in the cycle P}, :

Py =Ne-Pyyy_rs (4.99)

— for the function calculating the specific fuel consumption as a function of P;\/I :

*

PM
SFCrs(P,,) = SFCl_TS(V) (4.100)
e

. . . . s Py .
— for the specific power density function of the engine, SPP = 2, with mrs the mass

of the engine :

PM
SPPys(P,,) = sppl_Ts(F) (4.101)
e

Cycle coefficient of performance

The definition of COP is identical to the one used for the piston engine powered TDR

cycle. For convenience, Eq.4.32 is retaken :

%

COP =

T
PM

Substituting Eq.4.91 and Eq.4.96 into Eq.4.32, one finds :
_ Tus
COP = UMT—ﬂfcop(ﬂc) (4.102)

where the function fcop(mc) is equal to Eq.4.34 (except that y is replaced with y) :

fcop(mic) =

Again, fcop is a decreasing function with c. Note the reappearance of the non-
dimensional variables TTt—f and ric. COP improves when selecting a low ¢ and high
LTIT or low Ty for the same reasons explained during the cycle SFC discussion. Fig.4.19

confirms the discussed behaviour. Finally, note that a similar simple relation between
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F1GURE 4.19. Cycle COP as a function of n¢ and ?—f —no losses (except TS).

COP and SFC exists as found in Eq.4.36 :

SFCrs

COP = SEC

(4.103)

A COP larger than unity means a cycle which is more fuel efficient than the installed

turboshaft, while producing more turbine power than generated by the turboshaft.

Cycle mass flows

Three mass flows are defined in the system :
— mass flow of air passing through the pressurised system, or secondary flow : rir=ri1;
— mass flow of air entering the turboshaft, or primary flow : 7,
— fuel mass flow feeding the turboshaft : 7

They are all related to each other via the turboshaft characteristics. Firstly, for a given P} ,
SFCrs is found (Eq.4.94) and consequently r7i1;. Then, the fuel-to-air ratio of the turboshaft

allows retrieving 11, via 1 IE

iy = = 4104
my = ﬁ ( . )
Even though FAR is a function of the selected engine regime, it is practical to use a
fixed value for FAR for the simplified cycle calculations. For the calculations at hand,

as suggested by Jacques (2004b), FAR is set to 1:60. As a result, the secondary flow is
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(Eq.4.96) :

P*
it = M7 (4.105)

¥l 1

CpTa(ne " =1)

Although trivial, Eq.4.105 allows the calculation of 7 for a given P}, mc and temperature
Ty . 1y and i, depend also on P, (Eq.4.93 and Eq.4.104), which proves the interrelation-
ship between the mass flows. Next, one defines the bypass ratio BPR as :

BPR = - (4.106)
M
Substituting Eq.4.93 in Eq.4.104 gives :
) SFCrsPy,

Introducing this result with Eq.4.105 in Eq.4.106, one finds for BPR :

nuFAR

r-1

1
Y Mpc
C

BPR =

(4.108)

SFCTscthl(T( - 1)

BPR decreases by an increase in m¢ and Ty, and becomes higher when installing more
Py Indeed, for a given P, and thus 3 and 71y, increasing 7ic or Ty will require more
work per unit mass in the compressor. Since P, is fixed, 7z must be smaller and thus
BPR too. An increase in P}, on the other hand at constant 7i¢, results in a lower SFCrs
(Eq.4.94), which reduces the primary air fraction proportionally. BPR thus increases.
Fig.4.20 shows the foregoing discussion for two power settings. Note that the highest
power setting represents the lowest value of SFCrs (Eq.4.94).

Ram recovery

If inlet losses are present, they need to be accounted for. This can be done by introducing
them in the non-dimensional inlet variables 641 and 0y, in an identical way as done in
Section 4.3.5. If the flow is adiabatic, 0y will not be influenced. Only the pressure losses
then have an important effect on the total pressure of the flow. Defining the ram recovery
RR as :

RR = P2 (4.109)

ptu

where py, typifies the total pressure of the atmosphere, then 64 is determined as follows :

51 = RR - 6t (4.110)
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FiGure 4.20. Cycle BPR as a function of 1ic, SFCrs and dimensionless inlet temperature
0 = 282% —no losses.

Heat exchanger

The heat exchanger permits the recovery of a part of the thermal energy leaving the tur-
boshaft. The recoverable amount of heat depends on the temperature difference between
the primary and secondary flow, but also on the heat exchanger’s effectiveness e€y. ey is
function of the geometry of the heat exchanger, the materials used and the ratio of heat
capacities between the interacting flows. Moran & Shapiro (2004) defines ey as :

en = Qex

- — (4.111)
QAT pas

where,

— Q¢ = exchanged thermal energy between primary and secondary flow, positive

when heat enters the secondary flow.

— QarT,,, = maximum exchangeable thermal energy between primary and secondary

flow, always positive.

Qex and Qar,,, are represented respectively by the Egs. 4.112 and 4.113 :

Qex =tit Cp(Tuas — Tp2)

QATW,X :min{mpcpg(Tt4p =Tp); m Cp(Tt4p - TtZ)}

(4.112)

(4.113)
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4.4.4 Cycle operating boundaries
HEX inlet temperature constraints

The purpose of the heat exchanger is to transfer thermal energy from the primary flow
into the secondary flow, not vice versa. This process only takes place when : Tty > Ti.
Via the first law applied on control volume CV3 (Fig.4.16) and after some manipulation,
one may find the exhaust gas temperature Ty, to be :

C FAR
Tup = =T + 2 {nccLHV -

(4.114)
CPS’ Cpg

1
SFCrs )
Here, the turboshaft is considered to be an adiabatic system, i.e. no heat is exchanged with
its surroundings. Since 71 passes through the engine rapidly, it is reasonable to accept
this assumption. Imposing the above-mentioned process constraint and substitution of
Eq.4.54in Eq.4.114 :

p,CV

y—1
)] ™ sen (4.115)

Cp FAR
Tic < [

—_— + (T[chH V-
CPg Tn le’g

1
SFCrs

The heat recovery requirement in the secondary flow thus sets limits to 77, and depends
mainly on SFCrs and Ty (Fig.4.21). The more efficient the engine, the lower Ty, for
a given power output and as a consequence, the operable rc-domain gets reduced.
Unfortunately, this also sets limits to the maximum attainable LTIT-value.

HEX effectiveness constraints

The effectiveness of a HEX cannot be larger than unity. This means that (Eq.4.111) :

Qex < QAT (4.116)

The minimum in Eq.4.113 can be related to a specific operating condition. This is easily
observed when dividing both terms with 7, Cp¢ and rearranging :

C .
BPR < % 2 BPR;» = QATyey = 11 Cp(Tray — Tro) ~ Secondary flow restricted

P
(4.117)
Cpg A 2 . . .
BPR > o BPR;; = QATyee = 1y Cpg(Trap — Tr2)  Primary flow restricted
P
(4.118)

For BPR < BPR|;, substituting Eq.4.117 in Eq.4.116 gives the following trivial boundary:

Tiap = Tus (4.119)
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or,

Gy FAR 1
Tus < —Ty + —(nchHV - ) (4.120)
In its non-dimensional form :
Tus _ Cp  FAR ( 1 ) N [Tt45]
— < —+ LHV — 2 |— 4121
Tn — Gy CpeTn flcc SFCrs Th li2; ( )

This sets an upper boundary to the maximum temperature one can establish for LTIT
(Fig.4.21).

If BPR > BPRy, the affected mc-domain is found after substitution of Eq.4.108 in Eq.4.118 :

y'lp,C

y-1
+ 1) S TC,12 (4.122)

nMPAR

e
€ “\SFCrsT1Cpq

T, T . .
For mic lower than 7tc o, #415 can never reach the value of ﬁ because the caloric capacity

of the secondary mass flow is more important than the one of the primary mass flow.
Imposing unity for ey, a boundary for LTIT may be established. In its non-dimensional

. T, .
form, i.e. ﬁ, the boundary is :

C, BPR

(nchH V-

C e
Tus <(1 pg 1 ) e, 1 |1 . f4R (4.123)

Tus N [Tt45
Th CPTﬂ

e BPR SFCrs )] Ty ]LZ,Z

This boundary results from the substitution of Eq.4.112, Eq.4.118 and Eq.4.114in Eq.4.111.
It is indicated in Fig.4.21.

HEX secondary flow limitations

Since heat has to enter the secondary flow, the following condition must apply :
Tus 2 Tp (4.124)

Substitution of Eq.4.54 gives again a boundary for ric (Fig.4.21) :

p,C

T v—1
e < (ﬂ) "2 e, (4.125)
Th

Cycle and turboshaft operating boundaries

First, the turboshaft operating boundaries are discussed. From CV?3 in Fig 4.4 it is clear
that the open system the turboshaft represents, can be converted to a closed system by
returning the exhaust gases to the inlet of the turboshaft via a heat exchanger, which has

to remove heat from the cycle (Kelvin-Planck law). This fictitious heat removal Q¢ can be
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shown to be :
QC = mp (ht4p = hp) (4.126)

Adopting again the simplifications related to the use of the Carnot effectiveness to estab-
lish the cycle boundaries (Section 4.3.4), and based on its definition, one may retrieve the
following requirement for the turboshaft exhaust gas temperature :

FAR LHV C
fARMNec BV ﬂ) (4.127)

To > T (
tdp t1 CpgTH Cp

Ty corresponds to the maximum temperature in the combustion chamber of the tur-
boshaft. For contemporary civil gas turbines, this temperature limit is according to
Jacques (2004b) near 1850 K. As a consequence, Tty > Tr1. A more practical approach to
the problem is to examine with which SFCrr this boundary concurs. Applying once more
the definition of the Carnot effectiveness :
b li SFC ! SFC (4.128)
- = oo S €Carnot = TS 2 = TScarnot :
QF ity ncc LHV (1 - 5_) Nec LHV

H

=

With the values indicated in Table 4.7, SFCrs_,,,., & 100 g/kWh. This is well below the

examined range.

Second, the complete cycle must be evaluated. Writing the thermal effectiveness of the
cycle and comparing it to the one of Carnot :
P cor Th

T <1--4 412
Or SFCrg Ncc LHV — Ty ( %)

The foregoing equation yields a maximum for the cycle coefficient of performance, viz. :

T

COP < ncc LHV SPCTS(l - T—“) — COParmor (4.130)
H

Using the data in Table 4.7, the most restrictive value for COPcyor may be found to

be approximately 2.8. This condition will be never attained because the boundaries set

by the heat exchanger are more stringent. This will become clear when discussing the

parametric cycle study.
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FiGure 4.22. Cycle operating boundaries, ISA SLS. Maximum continuous regime —

1p,c = 0.8, otherwise no losses (except TS).

The discussed cycle boundaries uncover clearly that the cycle will be mainly restricted
by the heat exchange conditions (Fig.4.21). Firstly, mc may not be larger than mcr; (red
line), which keeps Ty» below Tigy. So any solution must be sought on the left-hand side
of the red line on the figure. Also, ic must be lower than ¢ 13 (blue line). Otherwise,
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T, would be larger than LTIT, which is prohibited (the goal is to extract heat from the

exhaust gases). All relevant solutions are found above this line. Additionally, there are

Tr45 Tus

boundaries imposed on For all 7t¢c higher than ¢ ;> (vertical green line), #* must

remain lower than [%‘15] (Tius < Ttp). The full black line represents this boundary.
12,1

Tus

Useable solutions will be found below this line. Though, if 7c is lower than nc o, S

must be kept beneath the [ 75415] constraint (eg = 1), which appears on the figure as the
2,2

dashed black line. Eventually, a quasi—triangular operating domain (a-b-c) remains at the
designer’s disposal. Also, the more efficient the turboshaft (low SFCrg), the smaller the
available operating domain (a-b-c) becomes. Indeed, it is reasonable to expect a lower Thrap
if a more efficient engine delivers a given P}, thus causing the operating domain to be
smaller. Note that in case the cycle operating domain would turn out to be insufficiently
large, one could consider installing a multi-engine configuration, since this increases
SFCrs for a given P} ,- COPcgnor has not been plotted on the figures as it is situated well
above the a-b-c operating domain.

4.4.5 Note on efficiencies
Mechanical efficiency

Consider a turboshaft producing a constant power P}, at SFCrs. Similar to the piston
engine, a decrease in 1y causes a drop in secondary mass flow for a given 7¢ and affects
BPR proportionally (Eq.4.108). If in addition one assumes a constant TT‘—:*f, COP too will
vary commensurate with 7). Since the turboshaft is completely decoupled from the
secondary mass flow, SFC must consequently have an inverse proportional dependency
on 1p, which is clearly shown in Eq.4.97. Note that if BPR > BPR;; (Eq.4.118 and
Eq.4.122), the required ey becomes also a function of ny (ny o« 1nm). The reduction in
secondary mass flow resulting from a drop in 1y would cause an increase in TT’—;‘f for a
given heat exchanger heat flux dominated by the primary flow. In case a constant TTt—f’ is
required, less heat must be exchanged, which can only be achieved with a lower €ep.

Turbine and compressor efficiencies

The turbine polytropic efficiency only impacts COP and SFC. It should be as high as
possible. The compressor polytropic efficiency on the other hand has a substantial impact
on the position of the cycle boundaries, as indicated in Fig.4.22. Compared to Fig.4.21,
the operating domain is squeezed to the left and significantly reduced. Decreasing 7,,c

with 20 per cent cuts the mc-domain by a factor of two.

4.4.6 Effect of the atmospheric pressure and temperature

During the previous discussions, Ty was seen as a completely independent but constant

variable. The next paragraphs study the influence of a variable atmosphere and thus inlet
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conditions, i.e. Ty and p;*, on the complete cycle with as independent variables the
non-dimensional RELT inlet temperature TT’—f and compression ratio 7c. The influence
of the temperatures and pressures on the cycle characteristics will again be expressed by
means of their deviation with respect to the standard day conditions, i.e. 288.15 K and
1atm—AIAA (2003). This is established using the corrected non-dimensional atmospheric

temperature and pressure. Their definitions follow from the same reference :

_Tn

On = oo s (4.131)
_ pn

o1 = 101325 (4.132)

The reference standard day conditions are then indicated by the “corr” suffix, as was done

earlier during the piston engine powered TDR cycle study.

Turboshaft corrected performance

From AIAA (2003), for a constant non-dimensional turboshaft turbine inlet temperature
TTLﬂT, overall compression ratio 7,,, inlet Mach number M, and geometry, the influence
of the atmospheric temperature and pressure on the following turboshaft performance

characteristics is found :

P*

p, =—M (4.133)
M,corr 6t1 ,_Qtl
SECrscom = SFCrs (4.134)
) 1it, VO
My, corr = pétl (4.135)
1
o = —— (4.136)
6n Von
11 FAR
FARcorr = = for == (4.137)
My, corr On
(4.138)

Cycle coefficient of performance and RELT power output

Observing Eq.4.102, COP turns out to be independent of the atmospheric conditions for a
fixed TTf—f and nic. Using the definition of COP (Eq.4.32) in Eq.4.133 leads to the conclusion
that P7. is corrected in an identical way as P}, :

Pr

(4.139)

P T,corr =
1 VOon

This means that a high atmospheric temperature and high pressure influence the RELT
power output positively. Note that there is still an upper limit imposed on the turbine

Xinote that py = RR pi.
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inlet temperature of both the RELT and the turboshaft, so that the premise of a constant

T . :
25 or I is not always achievable.
1 1

Cycle specific fuel consumption

Under the stated conditions, SFC is commensurate with SFCrs, what follows clearly when
observing Eq.4.97. Hence, using Eq.4.134, one obtains for the corrected value of SFC :

SFCeory = SFC (4.140)

Cycle bypass ratio

Eq.4.108 shows that the susceptibility of BPR to a variable atmosphere depends on the

following combination of inlet-temperature-dependent parameters :

FAR
BPR o — 2% 4141
* SFCrsTh (4.141)

Substitution of Eq.4.134, Eq.4.137 and Eq.4.131 in the foregoing equation yields :

F ARcorr 61‘1
BPR 4.142
% SFCrscorr 288.150,1 (4.142)
which then leads to :
BPR.,;r = BPR (4.143)

In contradiction to what was found initially in Section 4.4.3, where an increase in Ty
showed to decrease BPR (Eq.4.108), it appears that — the total impact of Ty on all cycle
characteristics considered — BPR remains unaffected by a variation of atmospheric condi-
tions. In the former case, Ty; does not impact the other cycle parameters, more specifically
FAR, which explains the stated observation.

Cycle boundaries

Examining the operational boundaries described during the study of the heat exchanger,
it can be concluded that all but SFCrs,,,,,, and COPcgy; are already written in a standard-
ised form. The effect of an increase in atmospheric temperature will somewhat deteriorate
SFCrs¢,,.; and COPcypor, but the importance of these boundaries with respect to those
imposed by the heat exchanger was already highlighted to be of no concern.

Hence, the operating domain of the turboshaft powered TDR cycle can be completely
established for standardised atmospheric conditions, while the corrected variables allow
extrapolation of the results to any (reasonable) given atmosphere wherein one chooses
to operate. Unlike the piston engine powered TDR cycle, the mechanical power of each
working element in the turboshaft powered TDR cycle is reduced by 6;; V0. Hence, the
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theory of corrected values can also be used to extrapolate the cycle performance charac-
teristics to other atmospherical conditions for fixed non-dimensional cycle parameters.

4.4.7 Parametric cycle study

The cycle operating domain is now evaluated as a function of the non-dimensional pa-
rameters TTf—f and 7tc. Table 4.7 summarises the values of all relevant variables, which are
considered fixed, with the exception of those studied parametrically. These parameters
are reflected in Table 4.8. Note that the study applies to either a single or a multi-engine
configuration as not the power P}, but SFCrs is examined parametrically (see Eq.4.100).
The assessed SFCrs range is determined by the 100-2000 kW P; -range typical of contem-

porary turboshaft engines (maximum continuous regime, ISA SLS - Table 4.6).

TasLE 4.7. Cycle fixed variable summary.

Variable value note

jlee 0.99 Jacques (2004b)

M 0.98 assumed

Mp,cl—] 0.9 Van den Braembussche (2013)
1,71 0.87 Chapter 8

y 1.40 air, Jacques (2004b)

Ve 1.33 combustion gases, Jacques (2004b)
R, 287.05 J/kgK  specific gas constant, Jacques (2004b)
LHV 432M]/kg  Table 4.5

FAR 1:60 Jacques (2004b)

Tta 288.15K ISA SLS

Pta 1 atm ISA SLS

RR 0.99 assumed

TasLE 4.8. Cycle parametric variable summary.
Variable range

Piy i1 [kW]: 100. ..2000
Py o [KW] 200. .. 4000
SFCrs [g/kWh]*  280...479

T
ras 1...5
e [-] 1...40

* Max. Continuous regime

The bypass ratio (Fig.4.23), coefficient of performance (Fig.4.24) and specific fuel con-
sumption (Fig.4.25) of the cycle show the already known tendencies, discussed in the
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previous sections. Here however, it is important to highlight the effect of the heat ex-
changer efficiency and the maximum LTIT (400 K).

Obeying the maximum LTIT limit, it is observed that the ric-range is always lower than
3 and BPR larger than unity at ISA SLS. The low pressure ratio range decreases the struc-
tural weight of the plenum, which is beneficial. Unfortunately, this beneficial effect is
compromised by the higher BPR concurring with a lower 7c, which increases the weight
of the heat exchanger. A weight trade-off study in the available pressure range appears
unavoidable, but is not conducted here.

For a given 7c, TTf—f increases when ey improves. The consequence is a higher COP and
lower SFC. Again, the system weight issue may be problematic as a higher ey will re-
quire a larger and heavier heat exchanger (Fig.4.26). The helicopter platform weight may
hereby be affected negatively.

Note that if ey is fixed, COP peaks at BPRr>, and offers also the best SFC. This phe-
nomenon explains itself due to the fact that it concurs with the heat exchanger operating
point of maximum heat transfer and maximum temperature rise. More thermal energy is
thus transferred to the RELT and the power output peaks. Note also that the cycle with
the highest (worst) SFCrs offers the opportunity to achieve higher COP levels. This is
due to the fact that the turboshaft exhaust gas temperature rises with increasing SFCrs,

enabling higher achievable LTIT and thus higher RELT specific power outputs.

With regard to COP in the usable operating domain, it ranges between 0.8 — 1. The
highest available COP near unity is found for the low power range turboshaft (100 kW)
at the maximum heat exchanger efficiency, of which the specific fuel consumption is
significantly higher than the one of a piston engine generating a similar power output.
From a fuel flow perspective yielding an identical power output P~ it can be shown that
the piston engine powered TDR cycle outperforms the turboshaft driven cycle :

mf,PE _ COPTS SFCPE - 1-400 <
tirgrs  COPpg SFCrs 0.9 -479

1 (4.144)

This added to the increased weight penalty by having to select a high heat exchanger
efficiency, renders the turboshaft driven cycle less attractive for the low power output

range.

Heat exchanger effectiveness considerations

At this point, the selection of ey remained quite arbitrary and the full range was used
in the discussion of the cycle operating domain. Although the use of the higher range
of ey may appear natural since it leads to better COP and SFC, it has an adverse impact
on the system weight. Clearly, when 7, c and 7,1 are high, one might be content with
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the selection of a relatively low ey, which leads to a lower system mass and lower COP.
Indeed, according to Privoznik (1968), who performed a study on the installation of a heat
exchanger to recover a part of the thermal energy of the exhaust gases leaving the Allison
T63 turboshaft engine, the mass of the propulsion system including the heat exchanger
increases all but linearly with an increase in ey. From data given by Semple (1976), an
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exponential growth with ey may be observed (Fig. 4.26). As a consequence, the empty
weight and thus fuel weight that need to be supported will increase accordingly, resulting
in a much less efficient system than what would be achieved with no heat exchanger at all.

The previously mentioned studies prove in fact that there exist an optimum ey, which is
in the range of 0.65 - 0.7 for turboshaft overall pressure ratios 7., around 6 —8. The reason
why these relatively low pressure ratios give best performance is due to the existence of
the combined effect of better heat recovery at the higher exhaust gas temperatures, which
concurs with the lower n,, range, and better turboshaft efficiency at the higher range of
Tlop. Note also the additional positive effect of a decreased engine compressor weight
when a lower 7, is selected.

In case of the turboshaft powered TDR cycle, the overall pressure ratio of the turboshaft is
of lesser importance since it does not influence the cycle pressure ratio directly. However,
BPR does affect the mass of the heat exchanger (myex), a factor which was invariable in
the studies of Privoznik (1968) and Semple (1976), where BPR = 1. If BPR increases, it is
reasonable to expect that for a given turboshaft, myex will rise substantially. As a matter
of fact, for a constant gas velocity, the cross-sectional area and thus volume will need to
increase not only due to a higher secondary mass flow, but also due to a decreased density
stemming from the inverse relationship between BPR and 7.

Finally, it is important to note that the above discussed heat exchangers were all shell-
and-tube recuperators. The other important heat exchanger type is the regenerator, which
contains one or more rotating porous disks P (Fig.4.27) through which heat is transferred
from the hot gases flowing through a duct Ay to the cold gases passing through a duct
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Ac. The hot and cold gases each flow in a separate duct at different pressures. The
seals s (Fig.4.27) must in theory prevent any leakage between both flows. In reality, this
appears a tedious task and leakages may become prohibitively large. Indeed, according to
Beck & Wilson (1996), regenerators currently appear to be unattractive for application in
helicopters because of the important leakage losses between disk and seals, even though
their theoretical potential outperforms the one of recuperators (lower weight and cost).
However, this leakage originates from the high pressure difference inside the turboshaft
between the cold flow at 7., and the hot flow near atmospheric pressure. If the pressure
ratio m¢ remains fairly low, i.e. well below m,, which is around 8, there is a priori no

reason to currently exclude the regenerator, except for its complexity.

30

- N N
[} o (3
T T T

Specific mass [kg/kg/s]
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(=)
T

84 045 05 055 06 065 07 075 08
Recuperator efficiency [-]

FiGURE 4.26. Recuperator specific mass myex/11, BPR = 1 — Semple (1976).
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Ficure 4.27. Simplified scheme of a regenerator.
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4.5 Turbofan engine powered TDR cycle

4.5.1 Introduction to the turbofan engine

The early gas turbines installed on aeroplanes were turbojets, which produced thrust at
a low propulsive efficiency. Indeed, the kinetic energy of the gases leaving this kind of
engine remains high with respect to the propulsive power requirement. Unless high-
speed propulsion is envisaged, it is advisable to use a more efficient propulsion system
(see for example Walsh & Fletcher (2004)). The turbofan (TF - Fig.G.1) is one possible
solution, which proves successful in aviation. This engine uses a low pressure compressor
or fan driven by and placed in front of a core, effectively reducing the total kinetic energy
of the expelled gases and consequently increasing the propulsive efficiency (Fig.4.28).
Note that a bypass ratio for a turbofan BPRrr is defined as the ratio of air passing through
the fan alone to the air passing through the core, i.e. :

BPRyp = 1% (4.145)

M

Besides the imposed net thrust Ty, BPRtr plays a major role in the design process of
the engine. Indeed, the flight speed of the aircraft, for which the turbofan needs to be
designed, impacts the selection of BPRrr considerably. As explained by Cumpsty (2000),
the dimensioning of the engine frontal area gains much importance when flight speed
increases, because the frontal area impacts drag significantly. Hence, under these cir-
cumstances, BPRtr must be lowered (lower fan diameter). Some characteristics of the
turbofan engine are summarised in Table 4.9.

During the RELT-cycle examination with the turbofan, it will appear necessary to acquire
good estimates of the engine specific thrust SPT and thrust specific fuel consumption
TSFC. Correlations are now developed for both variables, and more specifically for take-
off (T/O) conditions at ISA SLS, for which engine data is readily available (Appendix
H).

TaBLe 4.9. General turbofan characteristics for subsonic use — survey author

(Appendix H).
Tn (ISA SLS) [kN] 2.5...>500
BPRtr (ISA SLS) 45...12
TSFC [g/daNh] 300...> 450
fuel type kerosene based derivatives
LHV [MJ/kg] 43.2
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Specific thrust at maximum engine rating, ISA SLS

The specific thrust of a turbofan SPT is defined as, where 11 the mass flow entering the
engine :
TN

SPT = (4.146)
m

It is reasonable to expect that for a given net thrust, SPT decreases by increasing the
bypass ratio thanks to the reduced exhaust gas speed. Jacques (2004a) and data from a
survey performed by the author (Fig.4.29) confirms this tendency. Assuming that SPT
depends only on BPRrr is incorrect, but in some extent acceptable for conceptual calcu-
lations, since it will reduce the total amount of independent variables. To assure a well
founded correlation, a theoretical model was established based on momentum theory

and is explained next.

Consider a control volume encapsulating the turbofan (Fig.4.28). Using the unidimen-
sional momentum equation, while neglecting the static pressure rise in the nozzles of core
and bypass in case of choking, as well as the fuel mass flow, one finds for SPT :

(vg — Ua) + BPRTF(v18 — 74)

SPT = T BPRys (4.147)
and (Fig.4.28),
— v, = the speed of the aircraft
— vg = the speed of the exhaust gases leaving the core section
— v18 = the speed of the gases leaving the bypass section
Assuming v, to be negligible with respect to the speed of the exhaust gases :
gpr = U8 ¥ BPR1r - vis (4.148)

1+ BPR7r

The total power that needs to be delivered by the turbines in the turbofan Pry is the
power absorbed by the compressors*! (fan,intermediate and high pressure stages) and is
approximated by :

Prsot = 1t CppATE + 1ityCpc ATC = 1ityCyr(TIT — EGT) (4.149)

with :
— Cyr = average specific heat constant at constant pressure over fan

— Cyc = average specific heat constant at constant pressure over all compressor stages

except fan

*iThe mechanical losses and the power absorbed by auxiliaries are neglected.
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— C,r = average specific heat constant at constant pressure over all turbines

— AT, = total temperature variation over the component i (F=fan, C=compressors w/o

fan)
— TIT = high pressure turbine inlet temperature

— EGT = exhaust gas temperature

oy e
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Uq : U1 P Mg
N Lo
1
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FiGure 4.28. Control volume around turbofan engine.

vg is related to EGT via the Mach number at the outlet of the core nozzle Mg. Assuming
the core jet velocity to be close to the speed of sound :

vg & \/ng(E—GT) (4.150)

Y=lam
1+2M8

Eq.4.150 can now be substituted in Eq.4.148. Eq.4.149 on the other hand may be used
to replace EGT. In general, for state of the art engines designed to serve the same goal
(for example maximum efficiency for commercial applications), TIT, AT, and AT¢ are of
the same order of magnitude, while My is usually not larger than unity since it is highly
unlikely to find convergent-divergent nozzles on commercial turbofans. Under these
conditions, the difference between the total and static temperature is assumed to remain
relatively small (< 20%). Then, it is found that :

T \/)/Rg{TIT - [(1 + BPRTF)ATF + ATc]} + BPRrtr - U1

P
5 1+ BPR7g

(4.151)

Or in simplified form :

ye1 — (1 + BPRyr) + ¢3 - BPR7E

PT =
S (1 + BPRTF)

(4.152)

The constants c1-c3 in Eq.4.152 are found via a best fit algorithm in MatLab, while using
the data in Fig.4.29. Orders of magnitude for c;-c3 can be found via Eq.4.151. The results
found via MatLab are summarised in Table 4.10. The orders of magnitude of the constants

are within the acceptable range. Substitution of the values for ¢1-c3 in 4.152 gives :
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TaBLE 4.10. SPT best fit coefficients, T/O — ISA SLS.
Coefficient Estimated order of magnitude = MatLab

a1 0(10) 5.489 - 10°

& O(10%) 1.996 - 10*

e 0(10?) 252.5
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FiGure 4.29. Turbofan specific thrust as a function of bypass-ratio. Take-off regime ISA
SLS, Appendix H.

[5.489 - 10° — 1.996 - 104(1 + BPRr)]? + 252.5 BPRr

SPT = 1+ BPRr

[m/s] (4.153)

This equation is presented in Fig.4.29. Note that the established correlation is based on
important simplifications and that discrepancies are inevitable. Though, it explains the
tendency of SPT with BPRtr reasonably well at the maximum thrust setting (T/O ISA
SLS) and suffices for the conceptual design purposes of the TDR cycle.

Thrust specific fuel consumption at maximum engine rating, ISA SLS

Cumpsty (2000) shows the thrust specific fuel consumption (TSFC) to be a decreasing
function of BPRrr. Here, it is substantiated by relating TSFC to SPT. Starting from the
definition of TSFC :

i
TSFC = L (4.154)
TN
or:
TSEC = L. 27 .11 __ FAR (4.155)

i, 7t Ty  (1+BPR)SPT



Substitution of Eq.4.153 in Eq.4.155 yields :

TSFC = FAR (4.156)

[5.489 - 105 — 1.996 - 104(1 + BPR7¢)]? + 252.5 BPR1¢

Evaluation of the above formula confirms that TSFC varies inversely with BPRtr for ISA
SLS, take-off regime (Fig.4.30). Cumpsty (2000) mentions another important variable
that influences TSFC, but which does not explicitly appear in the above equations : the
turbofan engine overall pressure ratio OPR. For minimum TSFC, OPR should be as
high as reasonably possibleiii. For peak SPT, which is for example required for fighter
aeroplanes, best OPR turns around 20. In fact, Cumpsty (2000) mentions the mutual
dependency of OPR, BPRtr and the fan pressure ratio ir. He notes that optimising these
parameters for the intended application is tedious. Now, note that for a given compressor
inlet temperature and fixed TIT, increasing OPR will result in a lower fuel-to-air ratio.
Though, in light of the conceptual study; it is sufficient to gain insight in the performance
tendencies of an engine and its impact on the cycle wherein it operates®¥. Assuming that
FAR remains a constant for the given maximum thrust regime, such as stated by Jacques
(2004b) for simplified calculations, it appears that TSFC becomes simply a function of
BPRtr. For high-bypass-ratio (HBPR) turbofans (high efficiency), Walsh & Fletcher (2004)
indicates that 7ir remains normally within the [> 1...1.9] interval. Since this corresponds
to a moderate temperature rise of the gases before they enter the high pressure compressor
stages, assuming a constant FAR is a priori reasonable. From survey data (Appendix H),
an average FAR was established for maximum thrust conditions, viz. FAR = 0.022.

According to Cumpsty (2000), this is an acceptable value. Hence :

TSEC = 0.022 [ke/Ns] (4.157)

[5.489 - 105 — 1.996 - 104(1 + BPR7f)]? + 252.5BPR7r

Fig.4.30 visualises Eq.4.157. TSFC will likely be underestimated for the higher range of
BPR7E.

4.5.2 Turbofan engine powered TDR cycle set-up

Previously, two cycles were discussed that drive the RELT by means of an integrated
mechanical power source : a piston engine and a turboshaft. In that case, pursuing the
best Ljungstrom turbine power output per unit of delivered mechanical power (COP)
forced the designer to select an as low as possible pressure ratio, while managing high
LTIT. However, there are limits to the usability of these cycles. Indeed, both aero-engine
types have limited power-outputs. Also, when it comes to high power delivery, the
turboshaft powered cycle would require large heat exchangers, since a low compression

ratio increases the mass flow demand while still imposing low pressure losses.

xiThere are weight and dimensional constraints imposed on the engine. Increasing OPR requires the
installation of more compressor stages, which leads to higher engine weight and larger dimensions.
v A more detailed turbofan model will be used in Chapter 8.
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FiGurE 4.30. Turbofan TSFC estimation for maximum thrust regime (Take-off, ISA SLS).
Appendix H.

A good compromise could then be the use of another type of gas turbine engine that
essentially provides a high mass flow under low overpressure : the turbofan. Indeed,
when the primary and secondary flow are mixed, the exhaust gas temperature remains
acceptably low, while the fan provides the pressure rise to feed the RELT. The fact that the
turbofan is designed to produce thrust appears particularly interesting in a compound
configuration (Chapter 3). Then, at the higher flight speeds, the rotors and thus RELT can
be alleviated by providing propulsive thrust via the turbofan.

The turbofan powered TDR cycle is shown in Fig.4.31. The presented cycle embeds
two turbofans allowing symmetric thrust production. Again, a mixer merges the gases
originating from both engines, while the shut-off-valve disconnects the gas path of a
failing engine. The thrust valve (TV) opens gradually with the increasing demand of

propulsive force. When no thrust is required, the valve remains closed.

TURBO v
FAN

oM
- ED—» RELT

TURBO
FAN v >

Ficure 4.31. Turbofan powered TDR cycle.
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TWIN TURBOFAN ENGINE CONFIGURATION

FiGure 4.32. Twin-turbofan powered TDR helicopter (Illustrative purposes only).

4.5.3 Cycle study : Simplified theory

The nomenclature used for the thermodynamic study is shown in Fig.4.33. For terms
of ease, only one turbofan is adopted in the scheme. Nevertheless, the theory provides
all means to examine the cycle performance with multiple engines. The independent
variables in the cycle differ from those used in the piston engine and turboshaft powered
TDR cycles. Here, mainly nr and BPRrr are selected as independent parameters. The
required net thrust then depends on the demanded RELT power. Results will be discussed
at the end of this section.

mrr

RELT

Ty

FiGure 4.33. Turbofan powered TDR cycle setup.
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RELT power output and mass flows

It is assumed again that the total expansion ratio over the RELT nt equals the fan total
pressure ratio rtr. This implicates equal total pressures of the gases leaving bypass and
core. The effects of mixing will be shortly discussed in Chapter 8. For an adiabatic

expansion over a turbine with polytropic efficiency 1,1, the delivered power P is :

(yg-1)

. 1\ g T
P, = mtcpth45[1 - (H—F) ] (4.158)

where,
— 11y = mass flow passing through the RELT
— Tys = RELT total inlet temperature (LTIT)

Note that the nozzle of the turbofan is now replaced by the adiabatic RELT and that the
turbofan cycle is assumed not to be affected by this intervention. Even though the thrust
of the unmodified engine will be used in subsequent examinations, it should however
be regarded as the fictitious thrust the turbofan would generate when the flow in front
of the RELT is expanded to the atmosphere via a fictitious nozzle. Even though in the
TDR helicopter the turbofan produces a propulsive force, the latter is expected to be sup-
pressed entirely by the upward deflection of the exhaust gases towards the RELT, unless
a fraction of this flow is expanded horizontally through the thrust valve, in which case

part of the propulsive thrust is recovered.

If a fraction rirrr of the total mass flow ri1 is diverted to propel the aircraft, ri; will decrease
(Fig.4.33). Defining the thrust factor 77 as the amount of thrust taken from the total thrust

Tnt generated by all engines to produce a propulsion force Tp :

_Tp _ mrp
o= =t (4.159)

then P is, using Eq.4.146 and Eq.4.159 in Eq.4.158 :

(rg-1)

(1 - Tf)TNt Ths 1 vg T
P = Ta|l—-{— 4.1
T SPT T, ”[ ( ) ] (4.160)
Note that :
titg = 1in(1 — Tf) (4.161)
and (Eq.4.146) :
o In Tt
1t = NeSPT = SpT (4.162)

131



where N, is the number of engines. The fuel mass flow s follows from Ty; and TSFC :
niry = Ne TSFC Ty = TSFC Tt (4.163)

Now, proof is delivered that the non-dimensional RELT inlet temperature TTf—f, which
was earlier examined as independent variable, depends entirely on BPR7r and FAR.
Examining control volume CV2 and neglecting the fuel mass flow on the mass balance,

the first law gives :
mCp Ty + 1 fLHVNce = mCpeThay (4.164)
Discarding any thermal losses, it is known that Ty, = Tys. Consequently :
CyTh + TSFC % LHVnce = CpgTus (4.165)

Finally, after substitution of Eq.4.155 :

Tus _ Cp FAR/Th

— =—+—————JHV 4.166

Ty Cpg  Cpg(1+BPRpp) 1€ (4.166)
where TTt—:‘f is only a function of BPRtr (Fig. 4.34). For the considered BPR7r domain, TT’—:‘f

remains fairly low and under ISA SLS conditions, LTIT resides mostly within the tem-
perature operating range for a RELT suspended on grease-lubricated bearings (< 400 K).
For a given fuel-to-air ratio, Tf—f drops with an increase in BPRrr as a lower air fraction
passes through the core section of the engine. Consequently, a lower temperature of the
mixture of primary and secondary gases is observed. Substitution of Eq.4.166 in Eq.4.160
then yields for the RELT power output P7. :

1 (rg-1)

LHVT]CC] : [1 - (R—F)Tw] (4.167)

. (1= Tf)TNt[ . FAR/ThH
T SPT/Tﬂ P (1 + BPRTF)

At this stage, one can evaluate the influence of the independent variables in Eq.4.167 on
P%.. In order to maximise the delivered turbine power, values for Ty, tr and 1, T must be
high. Although having a lesser effect on the power production than the aforementioned
parameters, a low BPRrr should then be preferred. Indeed, selecting a low BPRtr causes
an increase in T%—ff, which is more important than the accompanying rise in SPT (this
corresponds to a decrease in 71 — Section 4.5.1). Fig.4.35 substan::iates this, where PG is

. e . P - 1.
the power gain, which is the power produced per unit of thrust - and is discussed next.

Cycle power gain and coefficient of performance

In contrast to engines producing mechanical power, a thrust producing engine such as a

turbofan does not allow the straightforward definition of a coefficient of performance.
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FiGure 4.35. PG and COP as a function of BPRrr and 7tr, no losses (except TF), T = 0,
T/O regime, ISA SLS.

A first yardstick for the efficiency of the thrust-to-power conversion is given by the

power gain PG, which is nothing more than :

P)('
PG 2 T

2= 4.168
T (4.168)
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Fig.4.35 already showed the effects of the independent variables BPRrr and mr on the
power gain. A relation for the power gain is found easily by dividing Eq.4.160 by T :

(rg-D

(1- Tf) Tus 1 vg T
PG = C T [1 — (—) ] 4.169
SPT P81, ! nF (1.169)
or,
(rg-1)
(1-1y) FAR/Tx 1\ g T
PG = g |+ wrmpr Ve () ] @

Hence, the conclusions drawn for maximum turbine power output are also valid when
aiming at maximising the power gain, viz. a need for high mr, 1,1, and low BPRrr.
Fig.4.35 shows that the power gain is mainly depending on 7 and much less on BPRrr
and accompanying TT'—f variations. Since the turbofan net thrust ranges up to hundreds of
kiloNewtons while the power gain is of the order of magnitude of 100, it becomes clear
that important power levels can be achieved that lay well beyond the capability of any

piston engine or turboshaft.

Unfortunately, the power gain does not reflect well how good the RELT recovers the total
work performed by the turbofan on the gases per unit of time. This amount of work is

the change in kinetic energy between inlet and outlet of the engine :

: 11 :
E; = E[mp (0?8 - vg) + it (v%8 — vﬁ)] (4.171)

Introducing an average exhaust gas speed v;,, and neglecting the airspeed v,

.1
Ei = 51 v]%av (4.172)
By approximation, v;,, can be extracted from momentum theory (Fig. 4.28) :
T
Vjgp & L = SPT (4.173)
1i1

Defining now a new performance yardstick for the power-to-power conversion, denoted
as coefficient of performance COPrr :
T Pr PG

COPry 2 L = = 4174
"7 B 1TwSPT  1sPT 179

Substitution of Eq.4.167 in Eq.4.174 gives :

(rg-1)
20-1¢) . Tus [1 _( 1 ) Vg ’W]

SPT2/Ty ™® Tn nE
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or,

vg—1)
1\ e T
LHVnCC] : [1 - (—) ] (4.176)
TtF

21 -1
COPrp = (1-1y) [ FAR/Th

- +—
SPT2/Ty L 7" (1+ BPRyr)

The results are plotted in Fig.4.35. Therefrom one learns that COPrr increases by selecting
higher nr and BPRrr. The increase in COPrr with BPRTr was to be expected due to the
quadratic influence of SPT, or, said differently, the decrease of the kinetic energy with
rising BPRtF.

Cycle specific fuel consumption

The cycle specific fuel consumption is identical to those defined for the previous cycles
and is repeated here for matters of readability :

g  TSFC

SFC = = — 4177
P PG ( )
Introducing Eq.4.163, Eq.4.155 and Eq.4.167 in the foregoing equation results in :
FAR/T
SEC = /Th - (4.178)

(-1 + BPRTF)(Cp + %LanCC)(l _ [%] s nm)
SFC decreases unambiguously by an increase in BPRrr and mr. Evidently, decreasing
the polytropic turbine efficiency deteriorates SFC. When the cycle needs to provide
the system with a propulsive force, 7y drops while the injected amount of fuel remains
unaltered. SFC will thus be sacrificed®. Eq.4.178 is plotted in Fig.4.36 for maximum
thrust settings at sea level, ISA atmosphere. Note that SFC of this cycle is in the same
range of the ones found for the piston engine and turboshaft powered TDR cycles. Best

efficiency is clearly obtained with high bypass ratio turbofan engines.

454 Cycle boundaries

Since the turbofan powered TDR cycle is an open system with no heat fluxes leaving the
system, it is possible to close the open system by installing a fictitious heat exchanger,
which brings the exhaust gases back to the initial state. Similar to Eq.4.128 in Section 4.4.4,
it is possible to retrieve an approximation for the cycle Carnot specific fuel consumption
SFCcarnot

P 1
L < €camot = SFC2= = SFCcarnot (4.179)
Qr nCCLHV(l — %)

*If the flight speed v, becomes important, a better way to define COPyr and PG is then obtained by
replacing the numerator in their respective definitions by P; + Tp v,, as the propulsive power yielded by the
cycle Tp v, is also useful.
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Ficure 4.36. SFC and TSFC as a function of BPRrr and mr, no losses, 7 = 0,
Take-off regime, ISA SLS.

From Jacques (2004b) and Table 4.9 : Ty = 1850 K, ncc = 0.99 and LHV = 43.2 MJ/kg,
which yields for ISA SLS conditions :

SFCarmot = 100 g/kWh (4.180)

With colder temperatures, this limit is further reduced, but has to be borne in mind.

4.5.5 Effect of the atmospheric pressure and temperature

One relies once more on the theory of corrected variables when examining the influence
of variable atmospheric conditions on the performance parameters of the cycle. This
technique however, may only be used when imposing fixed values for turbofan =~ TIT , flight
Mach number, compressor pressure ratios and geometry (exhaust nozzle areas). The
corrected performance parameters are the performance parameters one would observe
on a standard day at sea level, thus at 288.15 K and 1 atm. For a turbofan it is found that,
using ATAA (2003) :

T
TN,corr = 6_151\1] (4.181)
TSF
TSFCiopr = s@c (4.182)
VUil
Meorr = métletl (4.183)
ritg
1ty = (4.184)

on VOu
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From these equations, the corrected terms for FAR, SPT and BPRrr are found :

FAR

FARuppy = —— (4.185)
On
SPT
SPTcorr = E (4.186)
BPR7fcor = BPR7E (4.187)

Under the stated operating conditions, the corrected variables indicate that the colder the
atmosphere, the lower the FAR and SPT will be. However, BPRyr remains unaffected

since primary and secondary mass flows undergo the same variation.

Substitution of the corrected variables in Eq.4.167, P then becomes :

P Pr (4.188)

T,corr 5t1 \/G_tl .
(4.189)

Likewise, PG and COPr are found :
PG

PGCOI’I’ = —Qtl (4190)
COPTEcorr = COPTF (4.191)
SECyor = SFC (4.192)

The RELT power output will decrease when the atmospheric temperature and pressure
drops. While PG deteriorates under colder atmospheric conditions, neither COP7r nor
SFC change under any temperature or pressure fluctuation. Nevertheless, the efficiency
parameters of the cycle still depend on the evolution of the required P as a function of
atmospheric conditions, viz. by the coaxial rotors. If more P} is required, the turbofan
thrust setting will have to be modified. Consequently, the performance characteristics
of the cycle will have to be examined for a different corrected power setting. A model
of the helicopter with coaxial rotors will allow the determination of the RELT power
requirement. This work is examined in Chapter 8.

4.5.6 Notes on the parametric cycle study

Under the stated simplifications on which the above theory was established, a turbofan
with high bypass and fan pressure ratio should be selected since it has a beneficial impact
on SFC, TSFC and COPrr. Even though an increase in bypass ratio has been proven to
affect the power gain negatively, it was observed that this effect remains minor.

The previous study assessed the performance characteristics of the cycle for the turbofan
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operating at take-off regime under ISA SLS conditions, for which the engine manufacturer
provides data. In case other operating regimes are required, a more detailed turbofan
model will have to be established.

The results rely on an estimation of SPT and TSFC, for which correlations were derived.
In Chapter 8, where a RELT will be designed for a specific application, a more involved

calculation procedure will be used to establish the aforementioned variables.

4.6 Case study : cycle comparison

The performance characteristics of the piston engine, the turboshaft and the turbofan
powered TDR cycles are now compared, using the realistic component parameters given
in Table 4.11. The choice of the compressor and Ljungstrom turbine polytropic efficien-
cies differ slightly from those used previously during the piston engine and turboshaft
powered TDR cycle studies — since based on other references — where now a more conser-
vative value for the compressor efficiency is selected and an improved efficiency for the
RELT. Note that the study where the Ljungstrom turbine efficiency is related to the cycle
characteristics is part of Chapter 8.

The discussed cycles have their respective internal combustion engines working at the
maximum operating regime. The engine parameters that will be examined parametrically
are indicated in Table 4.12. The results of the comparative study are presented in Tables
4.13-4.18. There, the selected governing parameter to calculate the cycle performance will
be indicated by the x-symbol. Besides the parametric study on the engine parameters,
variable cycle LTIT and atmospheric conditions will be assessed as well. Note that an
LTIT higher than the limit of 400 K will be examined too in order to evaluate the perfor-
mance capability of the cycles beyond the currently adopted temperature limit.

The impact of the variable atmosphere on the cycle performance is evaluated at two dif-
ferent altitudes, i.e. ISA sea level and ISA 10,000 ft. Since the new operating conditions
are established using the procedures explained previously for a varying temperature and
pressure, it is possible that some components in the cycle will need to be adapted in order
to achieve the imposed cycle conditions, notably the compressor in the piston engine
powered TDR cycle. However, this is acceptable since here, the cycles are evaluated from
a design point perspective.

First, the results of each cycle will be analysed separately, after which the operating
characteristics of the RELT cycles are compared for ISA SLS conditions.

4.6.1 Piston engines: Avgas (SPI) and Diesel

Tables 4.13-4.16 once more confirm the observations made during the previous sections.
The most important differences between the Avgas and Diesel engine powered TDR cycles
for a given LTIT and T} are (Tables 4.13-4.16) :
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TasLE 4.11. Case study cycle component characteristics.

Variable value note
RR 0.98 assumed
M 0.98 assumed
Mp,C 0.86 Walsh & Fletcher (2004)
Mp,T 0.91 Houberechts (1972)
nce (GT) 0.99 Jacques (2004b)
ncc (PE)  Eq.4.10 or Eq.4.11 Section 4.3.1
ey (TS) 0.80 Beck & Wilson (1996)

— BPR Diesel < BPR Avgas, mainly because FAR Diesel < FAR Avgas

— 1ic Diesel < ric Avgas as a result of ncc Diesel > ncc Avgas

— P7 Diesel < P} Avgas for same P} (lower pre-compression), but 1y Diesel is lower
— COP Diesel is always slightly better than COP Avgas (mic-effect)

Tables 4.13-4.16 present the results for RELT inlet temperatures of 400 K and 800 K. At
800 K, the pre-compression becomes significant, causing P}, to become excessively large
(more than threefold the installed power at ISA SLS). Unless important changes are made
to the piston engine (mechanical and thermal resistance), P}, has to be flat-rated. Though,
the potential of a piston engine in the considered platform is noticeable. COP remains
close to unity in all cases, but the gain increases by factors up to 1.5 for the higher LTIT.
The range of use of the piston engine in a helicopter platform is consequently extended.
Since COP is close to unity, SFC of the cycle has about the same magnitude of SFCpg.

The effect of increasing altitude for a fixed LTIT improves the cycle performance param-

eters thanks to the higher TT’—:‘f-fraction. However, the effect of decreasing pressure causes

TasLE 4.12. ICE operating range.

Engine governing variable range
All PE Pyt core [KW] 50 ...300
Avgas SPIPE  SFCpr [g/kWh] 250 ...400
Diesel PE SFCpe [g/kWh] 220...320
TS Py corr [KW] 100 ...2000
Tnt[kN] 2.5...500
TF e [-] 17...19
Tr [-] 0.0...05
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a reduction of Py, and therefore P7. If Tf—;‘f is kept constant, the higher altitude has almost
no effect on the major cycle performance characteristics. The lower atmospheric pressure

results again in a reduced P

4.6.2 Turboshaft engine

The disadvantage of the cycle with a turboshaft engine is the limited heat recovery, even
though ey is 80%, and the impossibility of the turboshaft to work in a pressurised environ-
ment (no pre-compression). Because of this, ?—f cannot attain the higher levels available
in the piston engine powered TDR cycle. However, note that COP remains fairly close to
unity, as indicated in Table 4.17. There, the higher range of LTIT (i.e. >400 K) corresponds
to the optimum BPR selection with the lowest SFC, which is BPR>. SFC remains relatively
close to SFCrs, which proves that the cycle remains relatively competitive with respect
to the conventional layout using a turboshaft. If a multi-engine layout is demanded, as
discussed during the theory, one only needs to modify the values indicated in the Table
appropriately (see }). For similar levels of LTIT, the fuel efficiency competitiveness be-
tween the piston engine and the turboshaft powered TDR cycles will depend entirely on
the fuel efficiency and mass impact of the installed power source, where for the lower

power class, the piston engine has the advantage.

The mainimpact of a change in altitude is the lower power output and reduced mass flows.
Following the theory expounded in Section 4.4.6, the non-dimensional cycle parameters

indicated in Table 4.17 remain invariable.

4.6.3 Turbofan engine

This cycle is most remarkable since it not only provides mechanical power to the rotors,
but it can also produce propulsive thrust. Table 4.18 shows the results for a thrust factor
interval 7, = [0 ; 0.5].

The calculations evaluated the cycle performance for a range of Tn;, BPRtr and 7tr. The
bypass ratio with value of 4.41 produces the RELT inlet temperature of 400 K, which
allows a basis for comparison with the other cycles. The highest temperature of 800 K is
not achievable with the turbofan powered TDR cycle because of the mixing of primary
and secondary flows. Instead, the bypass ratio has been increased to 8, which offers a

wider view on the cycle performance characteristics.

For the conditions where the thrust factor 7y = 0, the cycle exhibits power gains well
above 100. The higher fan pressure ratios yield the better cycle performance when it
comes to the coefficient of performance and cycle specific fuel consumption. The impact
of selecting a higher bypass ratio is especially beneficial to the specific fuel consumption,
while the power gain decreases by less than 5%. Similar observations can be made at the
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higher altitude.

The potential to deliver high RELT power is possible with the turbofan powered TDR
cycle. However, the high power setting comes at a price : the mass flow is probably
undesirably high. Since the mass flow must pass through the RELT at a low expansion
ratio, its size may become prohibitive because of a too important increase in rotor parasite

drag (see Chapter 8).

Note that an increase in 7 causes an important inversely proportional deterioration of the
cycle power gain and specific fuel consumption. However, the specific fuel consumption
remains acceptable with respect to the other cycles and it should not be forgotten that
the RELT may be unloaded because the rotors require less thrust. Indeed, the delivered
propulsive power should not be disregarded. An equivalent SFC could then be proposed,
for example :

i

SFCu = e

(4.193)
However, for as long as v, is significantly small, SFC,; = SFC. The continuation of this
study is not in the scope of the work at hand.

The impact of altitude reduces the power gain and thrust, yielding a lower RELT power

output, as calculated in Section 4.5.5.

4.6.4 Cycles compared at ISA SLS

Table 4.19 summarises the important cycle characteristics when operating at ISA SLS and
the maximum allowable RELT inlet temperature of 400 K. Firstly, the bypass ratio of any
gas turbine powered cycle is lower than those required in the piston engine powered
TDR cycles. The reason is the reduced fuel-to-air ratio for gas turbine engines causing
a higher primary airflow fraction for a given TTf—f Secondly, all RELT cycle pressure
ratios remain below 2. This is structurally interesting when it comes to minimising the
mass of the system (ducting, plenum, compressor, etc.). Thirdly, the SFC of the turbofan
powered TDR cycle appears to perform best, especially bearing in mind that a selection
of BPRtr > 4.41 would be most natural yielding lower SFC and LTIT. Though, the Diesel
piston engine powered TDR cycle deserves attention too since it is a low-cost and robust
solution. Thanks to the pre-compression, it may perform well at higher altitudes thanks
to the postponed smoke-limit. Fourthly, the turbofan cycle allows alleviating the rotors
by taking over the thrust production. It is less probable that a similar capability could be
offered by the other cycles due to the lower available mass flow rate. Finally, the power
domain of the piston engine and turbofan powered TDR cycles tend to overlap, which
makes the use of the turboshaft powered TDR cycle less attractive due to its increased
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complexity and invoked weight penalty due to the installation of (a) heat exchanger(s).

4.7 Conclusions

Three TDR cycles have been proposed and examined, of which the piston engine and
turbofan powered cycles offer the highest performance potential in respectively the low
helicopter power class and the mid to high power class. The turboshaft powered cycle
was found unattractive because of the involved weight penalty and increased complexity.
The Ljungstrom turbine, and more specifically the polytropic efficiency, was considered
to be insensitive to the cycle characteristics — the expansion ratio excepted — which impli-
cates an important simplification. As a consequence, a Ljungstrém turbine performance
model must be developed in order to match the cycle operating conditions such that the
highest power gain is attained over the conventional helicopter. The Ljungstrom turbine

characteristics are studied in the subsequent chapters.
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TasLE 4.14. SPI (Avgas) powered TDR cycle performance characteristics (Ct’d).

ISA 10,000 ft (264.34K, 0.688 atm)

LTIT [K] 373 746

Tls 1.39 2.78

BPR [-] 26.7 492

SFCpe* [g/kWh] 250 400 250 400
e [] 1.70 1.41 6.86 3.82
COP [-] 0.911 0.963 1.20 1.44
PCF [-] 1.40 1.23 3.55 2.40
ECOP [-] 1.27 1.18 4.26 3.46
SFC [g/kWh] 274 415 208 279
P, kW] 50 300 50 300 50 300

P;, [kW] 51.6 309 | 455 273 | 131 786 | 8856

P;. [kW] 470 282 | 438 263 | 157 943

riy [kg/s] 0972 583 | 137 824 | 0527 3.16 | 0571

rity [kg/s] 0.0351 0.211 | 0.0496 0.297 | 0.0891 0.535 | 0.0964 0.579
tits [kg/s] 0937 562 | 132 794 | 0438 263 | 0474
rits [g/s] 358 215 | 503 303 | 9.09 545 | 9.84
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TasLE 4.16. Diesel engine powered TDR cycle performance characteristics (Ct’d).

ISA SLS (288.15K, 1 atm)

LTIT* [K] 400
=[] 1.39
BPR [-] 16.5
SFCpe* [g/kWh] 250

e [] 1.46
COP [-] 0.953
PCF [-] 1.26
ECOP [-] 1.20

SFC [g/kWh] 262

P, kW] 50 300
P;, [kW] 63.1 379
P;. [kW] 60.1 361
riy [kg/s] 1.59 9.53
tity [kg/s] 0.0968 0.545
tits [kg/s] 1.50 8.98
rits [g/s] 4.38 263
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TasLE 4.18. TF powered TDR cycle performance characteristics - single engine configuration.

ISA SLS (288.15K, 1 atm)

ISA 10,000 ft (268.34K, 0.688 atm)

LTIT [K] 400* 341 373 317

= 1.39 1.182 1.39* 1.182

BPR [-] 441 8* 441 8*

TSFC [kg/daNh] 0.446 0.301 0.430 0.291

SPT [m/s] 329 292 317 282

o - 17 1.9 17 1.9 17 1.9 17 19

Tt corr FIKN] 25 500 | 25 500 | 25 500 | 25 25 500 | 25 500 | 25 500 | 25 500

Tne*HKN] 245 490 | 245 490 | 245 490 | 245 168 337 | 168 337 | 1.68 337 | 1.68 337

ritst [kg/s] 0.0303 6.06 | 0.303 6.06 | 0.0205 4.10 | 0.0205 4.10 | 0.0201 4.02 | 0.0201 4.02 | 0.136 2.72 | 0.0136 2.72
7¢=0.0

PG [m/s] 159 190 152 ’ 182 154 184 147 176

COPr¢ [-] 0.969 1.16 1.04 1.25 0.969 1.16 1.04 1.25

SFC [g/kWh] 280 234 198 166 280 234 198 166

Pit [MW] 0390 78.0 | 0466 932 | 0373 747 | 0.446 892 | 0259 51.8 | 0309 61.7 | 0248 495 | 0296 59.2

it [kg/s] 746 1491 | 746 1491 | 839 1678 | 839 1678 | 531 1063 | 531 1063 | 598 1196 | 598 1196

Tpt [kN] 0 0 0 0 0 0 0 0 0 0 0 0 0 0
H\Ho.m

PG [m/s] 79.6 95.1 76.2 91.0 76.8 918 735 87.8

COPry [-] 0.485 0.579 0.522 0.624 0.485 0.579 0.522 0.624

SFC [g/kWh] 560 468 396 331 560 468 396 331

Py} [MW] 0.195 39.0 | 0233 466 | 0.187 373 | 022 446 | 0129 259 | 0155 309 | 0.124 248 | 0.148 29.6

itt [kg/s] 373 746 | 373 746 | 420 839 | 420 266 531 | 266 531 | 299 598 | 299 598

Tpt [kN] 1225 245 | 1225 245 | 1.225 245 | 1.225 0.842 168 | 0.842 168 | 0.842 168 | 0.842 168

1 Multiply by N, when installing N, engines.
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4.8 Nomenclature

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Abbreviations and substance formulae

BPR Cycle bypass ratio [-]
BPR7r Turbofan bypass ratio [-]

C Compressor

G Specific heat at constant pressure [J/kgK]
cop Coefficient of performance [-]
COPrr Turbofan powered TDR cycle coefficient of performance [-]
cv Control volume

ECOP Equivalent coefficient of performance [-]
EGT Turbofan exhaust gas temperature K]
E95 Euro-95 fuel

FAR Fuel-to-air ratio [-]
GBX Gearbox

hy Specific total enthalpy [J/kgl
H; Total enthalpy flux [W]
HBPR High bypass ratio

HEX Heat exchanger

ISA International Standard Atmosphere

LHV Fuel lower heating value [J/kgl
LTIT Ljungstrom turbine inlet temperature K]
11 Mass flow rate [kg/s]
titg Fuel mass flow rate [kg/s]
1ty Primary mass flow rate [kg/s]
1l Secondary mass flow rate [kg/s]
1t Turbine mass flow rate [kg/s]
e Mass flow bled to produce propulsive thrust [kg/s]
M Mach number [-]
MIX Mixing chamber

N, Number of installed engines [-1
O(x) Order of magnitude 10* [-]
OPR Turbofan overall pressure ratio [-]

p Static pressure [Pa]
pr Total pressure [Pa]
P Power [W]
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P
P
PCF
PE
PG

Qc
Qr

RELT
RR
SFC
SFCpr
SFCrs
SLS
SOV
SPI
Spp
SPT
1927

T'nt

Delivered internal combustion engine power
Delivered turbine power
Pre-compression factor

Piston engine

Power gain

Heat flow

(Cooling) Heat loss to environment
Heat added by the combustion process
Specific gas constant

Rotor-embedded Ljungstrom turbine
Ram recovery

Cycle specific fuel consumption

Piston engine specific fuel consumption
Turboshaft engine specific fuel consumption
Sea Level Static

Shut-off valve

Spark ignition engine

Specific power density, mass weighed
Turbofan specific thrust

Specific power density, volume weighed
Turbofan maximum take-off (net) thrust
Installed maximum take-off (net) thrust
Propulsive thrust

Total temperature

Turbine driven rotor

Turbofan

Turbofan turbine inlet temperature
Take-off

Turboshaft

Thrust specific fuel consumption
Absolute flow speed

Turbofan exhaust gas average speed (full expansion)

Very light rotorcraft
Cooling fraction
Isentropic exponent
Non-dimensional pressure

Non-dimensional total pressure
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ATc

ATr
AT ax
€Carnot
€H

€th
ficc
M
Mp.C
MpT

Temperature increase over intermediate and high pressure
compressor

Temperature increase over fan

Maximum temperature drop over heat exchanger
Carnot effectiveness

Heat exchanger efficiency

Cycle thermal effectiveness (efficiency)
Combustion efficiency

Mechanical transmission efficiency
Compressor polytropic efficiency

Turbine total-to-total polytropic efficiency
Non-dimensional temperature
Non-dimensional total temperature
Cycle/Compressor pressure ratio
Turbofan fan pressure ratio

Turboshaft overall pressure ratio

Turbine total-to-total expansion ratio
Density

Non-dimensional density
Non-dimensional total density

Thrust factor

Equivalence ratio

Subscripts and superscripts

a
A

C
Carnot
corr

D

ex

f
F

8
H
in
L
L1
L2

Atmosphere

Avgas engine related

Compressor related

Related to the Carnot effectiveness boundary
Corrected

Diesel engine related

Exhaust gases

Fuel related

Fuel or fan related

Exhaust gas related

High temperature heat source
Inlet

Low temperature heat source
Heat exchanger Ty < Ty limit
Heat exchanger Q.x < Qar,,, limit
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L3 Heat exchanger Ty < Tyg5 limit

M Mechanical power, engine related

M, a Installed mechanical power, engine related

out Outlet

p Primary flow related

PC Post combustion

PE Piston engine

s Secondary flow related

st Stoichiometric

t RELT related or total component

TF Turbofan

TS Turboshaft

1 Compressor/Cycle inlet

18 Turbofan (fictitious) secondary flow outlet conditions
2 Compressor outlet

2p Engine inlet

2s Bypass inlet

3s Secondary flow, mixer inlet

4p Engine exhaust

45 RELT inlet

8 Turbofan (fictitious) primary flow outlet conditions
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Chapter 5

Ljungstrom turbine governing
parameters and equations

“There is nothing more practical than a good theory.”

Immanuel Kant — Demir et al. (2014)

The goal of this chapter is to provide the key elements required to establish a Ljungstrém
turbine performance model. First, the assumptions, definitions and conventions used
will be highlighted. Then, the governing parameters and equations will be discussed,
which allow the linking of the thermodynamic, fluid mechanic and geometric properties
related to the turbine. Finally, some pertinent efficiency definitions will be discussed, as

a prologue to the subsequent chapter dealing with the various losses in the turbine.

5.1 Conventions

5.1.1 Gases

The gases used in the model are considered to be ideal gases. This means that the perfect

gas law is applicable, i.e. — Cengel & Cimbala (2010) :
p = pR;T (5.1)

Also, it implies that the specific heats C, and C, are temperature dependent. Walsh &
Fletcher (2004) mention that a reasonably accurate prediction i.e. within 1% of the correct
result may be achieved by performing the calculations assuming a constant value for C,
and C,, which are determined for the average temperature over the examined process for

the given gas.
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5.1.2 Primary and secondary crown

With regard to the Ljungstrom turbine, the definition of a crown may be a matter of
discussion. In French, couronne means crown, but it is also used to designate a single
turbine stage. The author of this work regards crown as the assembly of a single turbine disk
with blades and rims' (Fig.5.1). The primary crown (C1) has the first stage and all other odd

numbered stages, while the secondary crown (C2) has the second stage and all the even
numbered stages (Fig.5.2).

(R
RIM v . 1“‘—!‘“;7!”!-‘-
RIM s
BLADE BLADE

CROWN

Ficure 5.1. Ljungstrom turbine : definition of crown.
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FiGuRE 5.2. Ljungstrom turbine crown and stage numbering.

5.1.3 Planar uniform flow

For the modelling of the Ljungstrém turbine, a planar flow is assumed, i.e. axial flow
components are considered negligible. The stream surfaces are consequently considered
to lie in radial planes. As a result, velocity vectors will have only radial and tangential

speed components. Three dimensional flow effects due to the presence of endwalls are

Like the Saint Edward’s crown, where the outer ring is connected to the centre.
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adopted in the endwall losses. An additional simplification is to adopt the uniform flow

condition in each section.

5.1.4 Flow angle reference system

In the literature, the angles of the flow with respect to the blade are expressed following

generally two reference systems :
1. aligned with the rotational velocity vector i/ (e.g. Aungier (2006)).
2. perpendicular to the rotational velocity vector i (e.g. Lewis (1996), Dixon (2005)).

The author of this work follows the second convention, adopting the radial direction as the
zero-angle reference. In contrast to what is found in the literature, the sign convention of
vector angles will always follow the right-handed cartesian coordinate system regardless
whether it concerns an inlet or an outlet. As a consequence, the sign of the angles are
positive in the first quadrant and negative in the fourth quadrant. The angle conventions
are indicated clearly in Fig.5.3.

Bb,‘l,

Note: positive angles o/ 3 when
corresponding tangential vector
component has same sense as u-
vector.  Angle is taken with
respect to radial direction.

FiGuUrE 5.3. Angle and -sign convention used in a Ljungstrom turbine stage.

5.2 Geometric parameters

5.2.1 Suffixation

— The suffix i will stand for the inlet of the turbine stage or turbine, unless explicitly

stated otherwise.

— The suffix o represents the outlet of the turbine stage or turbine.
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— The suffix o, b is designated to the properties as they leave the blade cascade, i.e.
prior to mixing with the leakage mass flow and addition of disk friction loss effects.

— Note that a suffix 7, b will not be defined as it is assumed reasonable to consider the

inlet conditions in front of the blade 7, b and the stage i as equal.

— The suffix j will stand for any stage or section in the turbine, unless stated otherwise.

5.2.2 Cascade related geometric parameters

The Ljungstrom turbine is a centrifugal turbine made of several stages. Each stage forms
a rotating circular cascade (Fig.5.4). The flow enters the cascade at radius R; and leaves
it at radius R,. The blade passage is the canal formed between the pressure side of one
blade and the suction side of the subsequent blade. The inlet passage length ¢; is the arc
length between the leading edge of subsequent blades. The outlet passage length £, is the
arc length between the trailing edges of subsequent blades. The pitch angle IT, is then

defined as :

I, = 2 (5.2)

where j stands for either the inlet section i or the outlet section 0. The pitch of the stage s
is the (linear) distance between the trailing edges of subsequent blades. If IT, is small, it
is found that :

S = t, (5.3)

5.2.3 Blade related geometric parameters

The chord ¢ of the blade is indicated in Fig.5.4 and is the straight line connecting the
leading edge with the trailing edge. The projection of ¢ on the radial reference is c,.
Fig.5.4 also highlights the minimum section or throat of the blade passage 0. Note that
the position and size of 0 depends on the selected blade profile. The gauging angle f, is
by definition — Aungier (2006) :

Be = asin(g) (5.4)

The height of the blade near the inlet is Hy,;. The height of the blade may change throughout
the passage. The blade height near the outlet of the stage then is Hy,. Consequently, the
height of the blade is defined as the arithmetic mean of the previously stated, viz. (Fig.5.5) :

Hy; + Hy,

H, =
b 2

(5.5)
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F1GURE 5.4. Geometric parameters defined for a Ljungstrdm turbine stage.

Hbi Hb Hbo

C

Ficure 5.5. Blade height definitions for a Ljungstrom turbine stage.
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and,

An additional important geometric parameter is the blade aspect ratio /R:

Rt
c

Some loss models require the projected aspect ratio 4, :

Hy,
Ca

(5.6)

(.7)

(5.8)

Finally it is essential to note that the outlet-to-inlet radius ratio R,/R; is a fundamental

variable when studying the performance characteristics of a Ljungstrom turbine stage

and that it impacts B significantly.

5.2.4 Interstage space related geometric parameters

The height of the space between two subsequent blade rows may also vary. If /Hy, is
the outlet blade height of stage S; and i*1H,,; the inlet blade height of stage S;;1, then the

following geometric parameter may be defined (Fig.5.6) :

j+1Hbi

H= —%
]Hho

The radial distance between two subsequent stages is Ajs.

U | interstage space

(5.9

FiGURE 5.6. Interstage space height evolution between Ljungstrom turbine stages (for

illustrative purposes only).
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5.3 Duty parameters

5.3.1 Flow coefficient

The flow coefficient represents the non-dimensional radial flow speed at a given position
in the turbine. It is defined as :
A UR; 1

¢j = W (5.10)
where vr; and u; the radial speed and the rotational speed respectively in j. It must be
noted that in the axial turbine theory, ¢ is considered to be constant. This is an important
simplification of the theory, unless adopted as a design criterion. For the Ljungstrom
turbine, the author prefers to avoid this simplification, especially since the effects of an
increase in radius are & priori unknown, while imposing important design restrictions at
this point would appear not sensible. Hence, because of the compressibility of the gases
and the possible change in inlet i and outlet o areas, the flow coefficients at the inlet and

the outlet can be smaller than, equal to or larger than each other :

¢i S Po (5.11)

5.3.2 Work coefficient

The work coefficient i) is the non-dimensional specific total enthalpy drop over the turbine
blade passage in a stage :

hi = hyo

e e (5.12)

hyi and hy, ), are respectively the specific total enthalpy at the inlet of the stage and the
specific total enthalpy at the outlet of the blade passage, i.e. before adding the enthalpy
increment due to leakage and friction losses.

5.3.3 Reaction degree

The reaction degree R will appear important in the blade geometry selection process. It
is the ratio of the reactive power and the total power delivered by the turbine blades in a

stage :

R= (5.13)



5.3.4 Non-dimensional inlet specific total enthalpy
The non-dimensional specific total enthalpy at the inlet 8 is by definition :

h—fzi (5.14)
u;

>

0

It represents not only the total temperature at the inlet of a turbine stage, but contains
also additional information about the rotational velocity of the stage. Indeed, if a stage

total inlet temperature T} is given and for a given inlet radius R; :

A Ty
0 o 1\% (5.15)
where N the angular (rotational) velocity of the particular turbine stage. Rewriting the
above equation leads to the typical expression of the reduced angular velocity of a turbine

stage :

z

(5.16)
T

ﬁ
=

5.3.5 Turbine slip factor

The angular velocity of the primary and secondary crowns may differ since they are not
mechanically connected. Designating the primary crown as the reference, one defines the
turbine slip factor as :

Qe

S &
7 Qaq

(5.17)

where Q¢1 and Q¢; are respectively the angular velocity of the primary and the secondary

crown.

5.4 Stage governing equations

5.4.1 Conservation of mass

The Ljungstrom turbine is on open system in which mass is conserved. Hence, it is

possible to write for the system and each subsystem (continuity equation) :

Zm—Zm:o (5.18)

out

5.4.2 First law

The Ljungstrom turbine is an open system, where any kind of heat exchange with the

environment is neglected (adiabatic). The inlet and outlet of the turbine are in the same

162



horizontal plane and as a consequence there is no change in potential energy. Itis assumed
that there are no leakage losses between the inlet and outlet of the system. Hence, the
mass flows entering and leaving the system are identical (ri7). From the first law of

thermodynamics, the power delivered by the surroundings on the system W then is :
W = 1o = hyy) (5.19)

Note that W is negative when power is delivered by the system to the surroundings.
Applying the above formula on the blade passage of a stage, where Py, the power
delivered by the blades and in that particular case positive by convention :

Py p = tity(hyi — hyop) (5.20)

Note that the conditions at the outlet of the stage o will differ from the conditions at the
outlet of the blades o, b by the presence of leakage and friction losses, as will be proven in
a subsequent section.

5.4.3 Euler-Rateau

If the power delivered by the blades of a turbine stage on crown Cj to the surroundings
is P, at an angular velocity (cj, then a torque is exerted on the flow, which may be
expressed by the change in angular momentum. From Cengel & Cimbala (2010) it is
proven that :

Pstb ( - -
= Rxmﬁ)—( Rxmﬁ) 5.21
Qc]] 2. ), > ")op 6-21)

where 11, the mass flow passing through the blade passages. 7'is the absolute speed of the
flow and R the radius vector originating from the centre of the turbine. Further analysis
of Eq.5.21 yields :

Py, = 1i1|Qcjl(Rivi, = RoVop,) (5.22)
or,
Pst,b = mh(“ivil, - uovo,bu) (5.23)

which is the equation of Euler-Rateau. Note that the suffix u stands for the tangential
component of the absolute speed v (Fig.5.3). Substituting Eq.5.20 in Eq.5.23 gives :

hi = hyop = U0;, — UoTygp, (5.24)
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5.4.4 Rothalpy

The definition of the specific total enthalpy is — Cengel & Cimbala (2010) :

2
hy =h+ > (5.25)

Since planar flow is adopted, the above equation may be rewritten as (Fig.5.3) :

vy 02 Wy (u+wy)?
—h+ Ry u_ R T
hy =h + > + > h+ > + > (5.26)
w?  u?
hy =h + ? + ? + uwy (527)

Defining the specific relative total enthalpy as :

2

By o+ w? (5.28)
and introducing the former in Eq.5.27 :
12
hy = hyy + E + uwy (529)

Substitution of this result in Eq.5.24 and simplifying the terms results in the following

expression :
Ly W 5
R = hyi — ? = htro,b - ? (5-30)

where R is defined as the rothalpy of the rotor. It is constant throughout the turbine blade

passage. An interesting consequence then is :
u? R.\2
oo == [1- () | (5.31)

which will be of use in Section 5.4.7.

5.4.5 Active and reactive stage power

It is instructive to analyse the specific total enthalpy drop over the blades of the turbine
stage using the rothalpy equation. Recalling Eq.5.25 and Eq.5.28 and substitution of these
formulae in Eq.5.30 results in :

Ug —02 w —w? us — u*
i — gy = ( i o,b) +( ob i Yo i ) (5.32)




The active stage power is now defined as :

2 2

A U T %
a1
while the reactive stage power is :
2 o2 2 2
Pr £ 101 (w“'b i _”0_”1')
R b > )
and,
P sth — Pa + PR

The reaction degree R can now be rewritten as (Eq.5.13) :

5.4.6 Blade inlet conditions

(5.33)

(5.34)

(5.35)

(5.36)

The absolute inlet flow angle a; is considered to be known for each stage. Indeed, the

gases enter the turbine radially («; = 0) after leaving the plenum. For any other stage, a

downstream marching turbine calculation procedure will allow the inlet conditions to be

known from the analysis of the previous stage. A similar condition is also true for the

total temperature T;; and total pressure p;; in front of each turbine stage. If the mass flow

niyy entering the blade passages of the stage is :
my, = piAivig
and the inlet section,

Al‘ = ZﬂRiHbi

(5.37)

(5.38)

while replacing p; with p; and T; in Eq.5.37 using Eq.5.1 and substituting — Cengel &

Cimbala (2010) :

-1
Ty =T; (1 + yTMf)

i
-1

-1 L\
bt = pi (1 + TMZ)
results in the following equation for mass flow :

iy = P e A; ©; cosq;

 VTu VRg
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(5.40)

(5.41)



where,

1+
2 (-1

~1
®, = M; (1 + TM?) (5.42)

Hence, ®; can be found via 71, and the total pressure and temperature, which allows
calculating M;, p;, T; and thus v; :

0; :Mi a; (543)

0; ZMZ' )/Rng‘ (5.44)
From Qc; and R;, the rotational speed is retrieved :
u; = QC]'Ri (545)

The velocity triangle of the flow near the inlet of the blades is consequently determinable
(Fig.5.7). It is found that :

Vi, = Uj COS; (5.46)

0, =0 sin a; (5.47)

Wi, =0, —Uj (5.48)

Wi = Ui (5.49)

w; = wfR + wfu (5.50)
will

Bi = atan(wf) (5.51)

The non-dimensional velocity triangle is established easily by dividing all terms with u;.
Everything can now be rewritten non-dimensionally using the flow coefficient ¢; (Fig.5.7).

The non-dimensional velocity vector components now become :

v; w;
L=—t=¢ (5.52)
1 1
0j,
o = ¢; tana; (5.53)
1
% = ¢; V1 + tan® a; = ¢;seca; (5.54)
1
wj,
= ¢; tana; — 1 (5.55)
1
% = \/(pl?(l +tan? o) — 2¢p;tana; + 1 (5.56)
1
¢; tana; — 1
Bi = atan(—qb, ) (5.57)
1
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The following intensive properties may then be derived :

w?

Tpi= T+ —o (5.58)
11 1 ZCP

which is the relative total temperature and,

(5.59)

which is the relative total pressure.

1
Ui, pitan(ay)

1171' wi,, (o7}
\ Bi \ Bi

Uiy = Wip oy

(67

Ficure 5.7. Blade inlet velocity triangle.

5.4.7 Blade outlet conditions

To establish the blade outlet velocity triangle, it would appear necessary to know the
deflection of the flow over the blade. However, the flow deflection is a priori unknown
to the designer. Fortunately, the required deflection can be determined by using some of

the previously discussed non-dimensional parameters.

For example, the blade outlet absolute velocity is determinable imposing a certain i) and
R, of which the importance will become clear when discussing the turbine stage design
procedure topic expounded in Chapter 7. Substituting Eq.5.12, Eq.5.20 and Eq.5.33 in
Eq.5.36 gives the absolute outlet velocity :

Vo = \/vf + 2R = 1)yu? (5.60)

The importance of the reaction degree R can be observed clearly:

R<1 =0, <v (5.61)
R =1 = Upp = Ui (562)
R>1 =uo,,>0 (5.63)

R = 1 will ensure that the absolute speed at the inlet and the outlet of the blades of the
turbine stage remains identical. R > 1 is interesting when the inlet speed is low, e.g. near
the inlet of the first stage. Then, the speed components in the next stage become larger
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and a higher work output and a decreased profile loss are possible. Note that the effect of
R is intensified by the work coefficient. Also, by the definition of R, the lower it becomes,
the less the flow will accelerate in the blade passage (decreased reactive power). v,; can

also be expressed non-dimensionally, dividing by the outlet rotational speed u, :

Uob 2
— ==\ 1+ tan? ;) + 2(R — 1)y (5.64)
Note that :
u, R,
— = — 5.65
"R (5.65)

The tangential component of the absolute speed v,, is found via Eq.5.12 and Eq.5.24 :

R.
Vob, = R—Z(Uiu - u;) (5.66)
0

or, in its non-dimensional form :

9 R:\2

Foby _ (R—) (¢ tana; — ) (5.67)
0

Up

The radial speed component v,, can then be found easily (Fig.5.8) :

— 02 (5.68)

— 2
vo’ br = v o,by

o,b

In non-dimensional form :

oo (2] a1+ ()

The outlet relative flow velocity w, , can be established as follows (Fig.5.8) :

2

i tana] (II:—;IP)Z (5.69)

wo,bR = UO,bR (5'70)
Wo,b, = Vob, — Uo (571)
Wop = b + wo b (5.72)
In non-dimensional form :
w v
:[bR - _ZbR = ¢, (5.73)
0 0
Wop, _(Ri Y
Z—o = (R—;) (p; tana; — 1) =1 (5.74)

S PO RTINS O e
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The absolute and relative outlet angles, respectively «, and 5, :

o, by,
ap = atan( ) (5.76)
UO,bR
w tana,p — 1
Bop = atan(ﬂ) = atan(qbo—o’b) 5.77)
0,br Qbo

The foregoing equations provide the blade outlet velocity triangle. As a result of this, the

Vo,b

Vo by, dotan(a,)

Qo b Wo,b U_jo‘,bu Qo b
\“i;(}.b \‘do.b
Vo,br = Wo,br ¢o

FiGure 5.8. Blade outlet velocity triangle.

intensive properties at the outlet of the blades can be retrieved. The outlet specific total
enthalpy is :

Riop = hii + Ui (5.78)

The total-to-total expansion ratio over the blades of a turbine stage i1, can be found if the
losses in the blade passage are quantified. At this point in the discussion, it is sufficient
to represent these losses by the total-to-total polytropic efficiency 7, ;. Consequently, the
total-to-total expansion ratio is — Cengel & Cimbala (2010) :

1

.
pi ( hy; )7—1 p, b

Ty = 5.79
T Ptob hto,b ( )
or, using the non-dimensional parameters 1) and 6 (Eq.5.12 and Eq.5.14) in Eq.5.79 :
21
I-y
Ty = (1 - %) 7 (5.80)

The blade outlet total pressure py,;, can then be calculated. The static temperature at
the outlet of the blades T, is calculable via the definition of the specific total enthalpy
(Eq.5.25):

To,b = Tto,b 53~ (581)
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noting that :

hto b
T, ;= —— .82
to,b C]ﬂ (5 8 )
The static pressure is then found using — Cengel & Cimbala (2010) :
T,p \71
Pob = pto,b(T_) (583)
to,b
The flow absolute Mach number near the outlet of the blades M, finally is :
v v
My, = 2 = 22 (5.84)

v Ao,b - WIngTo,b

and a4, , the speed of sound in the gases expelled from the blade passages. Finally, the
relative total temperature T}, and relative total pressure py,; can also be obtained by
analogy with Eq.5.58 & Eq.5.59, and introduction of Eq.5.31 :

w? u? 2
- Tob o Mgy &) ]
Ttro,h = To,b + ZCP = Thi ) Cp [1 (Ri (5.85)
Tiro\7-
Ptrop = Po,b(Ti) (5.86)
o,b
Note that the blade passage outlet flow area A, , can be calculated since :
Agp = — (5.87)
Po,b¥o,br
and consequently :
Ao,b
Hp = IR, (5.88)

5.4.8 Deviation angle

The assumption of shock-free flow! near the outlet of the turbine stage is not usually
met. Consequently, for a given geometry with angle fy,,, the outflow relative angle near
the blade g,, will need to be determined (Fig.5.3). Fortunately, the estimation of f,; in
a turbine is generally straightforward, especially when the flow deflection (8; — f8,) is
reasonably high — Schobeiri (2005). The model of Ainley & Mathieson (1955) and adapted
by Aungier (2006) will be used for this purpose because it is complete and easily adopted
in a computer model. It permits the determination of the deviation angle 6, which is the

deviation with respect to the gauging angle 8, (Fig.5.3). Recalling the definition of f,

iiShock-free flow is a flow of which the relative speed is tangential to the blade camber line — Lewis (1996).
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(Eq.5.4) :

Be = asin(g)

S

Then, by definition :
. i
Por=Pg+0-7 (5.89)

Since the deviation angle model is developed for axial turbines — the model of Ainley
& Mathieson (1955) being established for rectilinear turbine cascades — some corrections
to cope with the radial Ljungstrom turbine need to be implemented. Indeed, in an axial
turbine the stream surfaces principally move on a cylinders of constant radius and through
a blade passage of constant pitch t4x. This is no longer the case in a radial turbine, i.e.
to # tiand R, # R; (Fig.5.4). Corrections to the deviation angle 6 are now proposed, before
exploring the deviation model of Aungier (2006), in which the former will be adopted.
At this stage, it is sufficient to pose :

6 = f(6am, Adr1,, Ads) (5.90)

where 04y the deviation angle proposed by Aungier (2006) and based on Ainley and
Mathieson, for subsonic and supersonic flow conditions, A(Snp the deviation correction
required due to the divergence of the blade passages I, and Ad, the imposed deviation
correction to include the slip vortex inside the blade passages.

Pitch angle deviation correction A(Snp

Referring to Fig.5.4, where the pitch angle I, is :

===t=2 91

"7 Z R R 6:91)

and Z the number of blades. In the axial turbine, I'T, = 0 because the flow is mainly axial.
The additional diffusion in the Ljungstrom turbine due to the radially oriented flow is
consequently not adopted in Aungier’s model. Here, the author suggests the deviation
rule of Constant, discussed in the work of Horlock & Denton (2005), to take this diffusion

into account :
tg "
6:m94z) (5.92)

where 0, is the blade camber, while m and # are constants. The deviation correction Adr,

is now proposed to be approximated by taking the first derivative of Constant’s equation
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and putting [, = AO. :

to ! R, " n+1
A(SHP =m (?) Hp =m (7) HP (593)

using for n = 0.5 and m = 0.19, as reported by Dixon (2005) and Horlock & Denton (2005).
Note that the value for Adn, is positive, which is in agreement with flow diffusion and

the orientation of angle 6 as shown in Fig.5.3. The impact of Adyj, is shown graphically
in Fig.5.9.

Sz

10

50\\

1 oo\
150\
200

ZSOQ

0.08 0.1

A 611 [deg]

10

0.62 0.64 0.06
o/R, [-]

FIGURE 5.9. Ljungstrom turbine Aoy, .

Slip speed deviation correction Ad;

In contrast to the axial turbines, the flow in the radial plane of the rotor of radial tur-
bomachines is majorly affected by the rotating motion of the blade passages. Indeed,
considering irrotational flow to enter the rotor, Helmholtz and Kelvin laws explain the
inception of a vortex in each of the rotating blade passages, opposed to the rotor angular
velocity Qc, and deflecting the flow near the rotor outlet — Anderson, Jr. (2001). This
vortex affects the power delivered to or by the gases. In this study, the effect of the vortex
is introduced to the flow deviation model by adding a corrective term defined as Ady,
where :

A(Ssl = ﬁo,bs - ﬁb,o (594)

Bo,b. is the relative flow angle near the rotor outlet with slip vortex.

Stodola (1922) was the first to introduce a methodology to quantify this slip phenomenon
in centrifugal compressors, calculating a slip speed v, 4, that needs to be subtracted from
the undisturbed outlet tangential speed component v ~(Fig.5.10). Over time, other
slip models were developed. Dixon (2005) mentions, most noteworthy, the slip models
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of Busemann, Busemann-Wiesner and Stanitz. Busemann derived an exact model for
the slip velocity considering an impeller with radial logarithmic spiral blades through
which the mass flow is zero, while assuming an incompressible and frictionless flow —
Van den Braembussche (2013). Even though this analysis does not always yield accurate
results, as mentioned by Memardezfouli & Nourbakhsh (2009), it predicts the slip velocity
in compressors reasonably well, even outside the theoretical boundaries for which it
was conceived — Ferguson (1968). Wiesner successfully simplified the complex model of
Busemann providing empirical correlations. This model is therefore called the Busemann-
Wiesner slip model. Interestingly, the compressor slip models have also found their way

=00
U(),bu

1‘(1‘11,“\ )
L=
i Uo Ug

Uo,b
=00
Ugib

Ficure 5.10. Impact of slip model on outlet velocity triangle.

into radial inflow turbine design to calculate the optimum inflow angle, as discussed by
Aungier (2006) and Dixon (2005), but Moustapha et al. (2003) warned that they should
be used wisely since the flow characteristics through the turbine and compressor rotor
are completely different. However, since the Ljungstrom turbine is a centrifugal turbine,
it appears consequently reasonable to introduce a compressor slip velocity correction to
the rotor outlet flow in order to correct the flow deviation 6 with an angle Ady. For this
purpose, the Busemann-Wiesner slip velocity is selected, and adapted for the relevant
angle and sign conventions as indicated in Fig.5.3. Assuming the stream surfaces to be

perpendicular to the rotation axis :

1o /COS B0

vo,b,,s = ZO'7 (595)

where 1, = QcR, and Z the stage blade number. Note that v,,_is only a function of blade
outlet geometry and the blade number. This means that the influence of the flow angle

near the blade inlet seems to be negligible. However, Eq.5.95 is limited to :

—8.16 cos Py,

7 ) = €M (5.96)

e—&<ex(
_Ro_ P
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For € > ez Van den Braembussche (2013) and Dixon (2005) give :

” m][l ~ (e — €LIM )3]} (5.97)

v =usl—|1-
0/bus o{ [ 707 1-—e€enm

The above equation shows that in case € > €1;um, the magnitude of the slip speed v, ,,
increases significantly and tends to u,. An identical conclusion may be drawn when
Z is low. It needs to be emphasised though, that in the case of a turbine, the use of
the Busemann-Wiesner slip model has neither been substantiated experimentally nor
numerically. Therefore the author believes that for current purposes, it is more prudent
to let the slip model predict moderate values for v,;, using Eq.5.95 only. Indeed, since
Uo,p,, 18 NEgative, it will increase the stage work output of the turbine. The validity of this
model may then be investigated by checking whether the used number of turbine blades

Z is near or higher than a critical blade number Z, where :

—8.16 cos Py,

R (5.98)

Using the velocity triangle at the blade outlet one may obtain for Ad,; :

Uorbus

Aog = atan(tan Bbo — ) — Bro (5.99)

O,bR
Note that Ady is negative since it must be opposed to u,. It appears that in contrast
to compressors, the slip speed will contribute to a higher power output of the turbine.

Introducing the flow coefficient ¢, one finds (Fig.5.11) :

1 cosﬁblo)
——So07 ) ~ Pbo

Aésl = atan(tan ﬁb,o - a 707
0

(5.100)

© Py, [9ea1-Z=100 ]
B, [deg] - 2=50 [-]
B [deg] - 2=250 [-] so— |

A 6S| [deq]

F1GURE 5.11. Ljungstrom turbine Ady.
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Deviation angle for axial turbines 04,/

The deviation angle for the axial turbine serves as the basis to calculate the deviation
angle for the Ljungstrom turbine. The subsonic outlet flow deviation angle correlation
proposed by Aungier (2006) is :

oo = o0 = asin (2 )]+ (1= 2)(2E2) |} - Muy05 (101

0 to/\
Sam =00 (1= 10fy, +15fy, —6fy) and fu=2M,p—1 05<M,;,<1 (5.102)

where M,,, the relative outlet Mach number near the blade outlet. For M,,;, < 0.5, the
deviation angle g is only a function of cascade geometry. Note that if the blade trailing
edge thickness is negligible, it is found that :

i = g = sin(B,) (5.103)
Under sonic conditions, i.e. M,,, = 1, a unidimensional sonic flow in the throat section
0 is considered. Assuming the throat in the blade passage to be close to the trailing edge
of the blade, one may then indeed approximate the relative outlet flow angle reasonably
by setting 6 = 0. Aungier (2006) proposes Eq.5.102 to interpolate in case 0.5 < M,,; < 1.
The difference with the model of Ainley & Mathieson (1955) is that the latter interpolates
linearly. Aungier (2006) preferred using a smooth transition of 6 near the sonic flow con-
dition (Eq.5.102), because it provides better convergence during the iterative calculation

process.

b, [deg]

a0
60
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20

8,4y [degl]

2r 30

30

20

0 0.2 0.4,\/I 0.6 0.8 1
ro,b [-]

F1GURE 5.12. Subsonic flow 6451 — Aungier (2006).

For supersonic flows Aungier (2006) adopts the model of Ainley & Mathieson (1955)
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integrally :

Sant = asin[(ﬂ)( P20 )] B M,y > 1 (5.104)
to /\Po,sWo,p '
where p. and w. are respectively the density and the relative speed in the throat o under
saturated conditions, while p, , and w, , are respectively the density and the relative speed
at the blade outlet. The calculation of 0 for supersonic flows relies on the conservation
of mass. Even though more complex models exist using expansion waves, the above
model gives satisfactory results — Horlock (1966). Note that this model for supersonic
flows implicitly takes the effects of Adry, and Ady into account. The implementation of
the aforementioned deviations in a Ljungstrom turbine deviation angle model is treated

next.

Ljungstrom turbine blade passage deviation angle model

For subsonic flows with M,,, < 0.5, it is proposed to calculate the deviation angle 6 by

simple superposition :

do = asin{(tﬂ)[l + (1 - tﬂ)(@)z]} —Be (Eq.5.101)

0 0 TC
o= (56 =0y + A(Snp + Adg; Mm,b <05 (5.105)

For high subsonic and sonic flows, the following reasoning is adopted. The previous dis-
cussion provided the deviation flow angle 6 for supersonic flows based on conservation
of mass. Because of this, Aénp and Adg cannot be explicitly modelled in that domain, but
consequently, the statement that 6 = 0 for M,,;, = 1 should stand. As a matter of fact,
discontinuities in 6 with M,,; should not occur in order to avoid convergence problems.
However, it is reasonable to accept that Adr, and Ad, take near zero values when M,
approaches unity. This is explained next.

Observing Fig.5.12 it is seen that 64)1 becomes zero regardless the value of ;. This phe-
nomenon is likely to be explained by the favourable effect of the higher speeds on the
blade boundary layer, causing the flow to better adhere to the blade surface. Provided
that sufficient blades are installed, Adn, will remain small enough such that the above
mentioned beneficial effect will still persist. Consequently formulating that A6, — 0 for
M,,, — 1is acceptable.

The effect of the slip vortex on the deviation angle Ad,; is not cancelled in supersonic flow
conditions. However, in order to avoid convergence problems during the calculation pro-
cess, 0 should ideally tend to zero approaching the choking condition from the subsonic
side, which requires the effect of Ao to be neglected. Fortunately, observing Fig.5.11,

increasing M,,; and thus ¢,, decreases Ad;. In case Z is relatively high — which is the
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case in a Ljungstrom turbine — Ad;; becomes very small near choking and consequently

approves the use of Adg — 0 for M,,, — 1.

Based on the previous discussion, it now appears reasonable to define the subsonic

deviation model as :
6=68y(1-10f5 +15f —6f;) and fu=2M,,-1 05<M,,<1  (5.106)

Note that the interpolation function of Aungier (2006) is again used to dampen the Ay,
and Ady functions when approaching the choking limit.

Since in a rotor-embedded Ljungstrom turbine the pressure drop over each stage will be
low and supersonic expansion rather unrealistic, the deviation angle 6 for M,,; > 1is not

further developed here and is discussed in Appendix C.

An example of the evolution of 6 with f, and M, is given in Fig.5.13
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FiGure 5.13. Deviation angle 6 : example of a single Ljungstrom turbine stage — My, =
0.085 (see Appendix C).

5.4.9 Note on the application of the deviation angle

The previous considerations were based on the assumption that f,, is known. The
followed logic is then applicable for a given geometry on which, for example, off-design
performance calculations are performed. However, during the design process, 5, will
be established first, based on the required performance criteria. Evidently, f;, and thus
the blade outlet geometry then follow from the above-stated o-calculations.
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5.4.10 Deflection angle

The deflection angle € is the deflection the flow undergoes when expanding through the

blade passage. By definition :

€ 2 foy— i (5.107)

5.4.11 Inletincidence angle correction

While the outlet deviation is widely discussed in the literature, no similar studies were
found analysing the impact of the presence of the blade pressure field on the upstream
flow angle. Even though an inlet incidence correction angle is conceivable — including
the effects of slip speed in the blade passage — it is tacitly neglected in this study.

5.4.12 Impact of interstage space

The flow in the interstage spaces is subjected to diffusion. This process causes losses,
of which the importance increases with the degree of required diffusion, as indicated
by Aungier (2000). For this work, the diffusion process will be considered isentropic,
while nonetheless acknowledging the impact this simplification will have on the accuracy
of the model. As a consequence, the inlet conditions of stage S;;1 can be obtained
from the outlet conditions of stage S;. Using the conservation of angular momentum —
Van den Braembussche (2013) :

(03, R;) = /(06,Ro) (5.108)

0,, is the tangential component of the stage outlet absolute velocity. Conservation of mass
provides a correction for the radial component of the absolute speed — Van den Braembussche (2013) :

j+1 _ j(voR PoRpoo)

R 5.109
® *1(p;RiHy) ( )

The inlet conditions of stage S;;; must be established iteratively. Indeed, because a
compressible flow is considered, p; depends on the absolute speed, which is yet to be
established. The iterative procedure on stage S;;1 may be closed in the following way :

v = ,/UZ.ZR + vfu (5.110)

v?
R
T, =T, 2C,, (5.111)
g
T; \71
pi = pﬁ(T—f) (5.112)
ti
+ Pi
R 5.113



The new value of p; (Eq.5.113) is then reintroduced in Eq.5.109 until convergence is

obtained. Note that /*1T}; = T}, and, because of the isentropic evolution, f”pﬁ = jpto

5.4.13 Turbine power output

Each crown of the Ljungstrém turbine drives a shaft or in the case of the TDR-concept, a
rotor. The power delivered by each crown, while neglecting any mechanical losses in the

bearings is :

Sn/2

PCl = Z m(hti - ht0)52j—] (5-114)
j=1
Sn/2

Pey = ) rit(hui = no)s,, (5.115)
j=1

and S, the amount of stages in the Ljungstrom turbine. In Section 6.5.1, it will be shown
however, that the above formulae or not entirely correct because there is a small exchange

of power between crowns due to viscous effects.

5.5 Note on efficiency

The efficiency of the turbine influences the fuel consumption in the thermodynamic cycle.
For a given power output, the efficiency should be as high as reasonably possible in order
to keep the helicopter fuel weight fraction low. Several efficiencies may be used in case of
an adiabatic environment. Most noteworthy are the isentropic efficiencies and polytropic

efficiencies. Their definition follows next.

5.5.1 Isentropic efficiency

There are several loss mechanisms working in the turbine. A qualitative and quantitative
study of these losses will be conducted in Chapter 6. The methodology used to implement
the losses will depend on the used loss model. For now, it is sufficient to represent the
losses on a temperature-entropy (T-s) diagram (Fig.5.14). The expansion of the gases in
the turbine will cause a total pressure drop and an entropy rise. Because the turbine is
considered to be adiabatic, the entropy rise will be solely caused by entropy production

(pure losses), as may be proven by the second law of thermodynamics for an open system.

Two efficiencies are frequently found in turbine literature. In general, the turbine total-to-
total isentropic efficiency 7;; T is used to represent the losses. The efficiency compares the
actual specific total enthalpy drop over the turbine (stage) with the one obtained during
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Temperature T [K]
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F1GURE 5.14. Basic loss representation in a Ljungstrom turbine stage.

an isentropic expansion, i.e. — Dixon (2005) :

T] A htl - htO
is, T =
hti htois
where,
1B
y
e
Uss
htois
Ttois
Cp

(5.116)

(5.117)

(5.118)

The flow kinetic energy is hereby implicitly present and remains part of the usable energy.

In case of the last stage however, the outlet kinetic energy is of no use and lost. As

a consequence, it is generally recommended to subtract the outlet kinetic energy from

the denominator — Dixon (2005), which is the second efficiency, namely the total-to-static

isentropic efficiency :

A hti - htO

is,The =
7715 ts hti _ hOis

and,

2

U5,

is

hois = htois - 25

hois
CP

Tois =

5.5.2 Polytropic efficiency

P\ T
o\ 7
Pti

(5.119)

(5.120)

(5.121)

The slight divergence of the isobars in the T-s diagram (Fig.5.15) is the cause of an

important issue related to the appreciation of the isentropic efficiency. As explained by
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Dixon (2005) and Aungier (2006), if the expansion ratio mr increases by, for example,
installing two identical turbine stages with similar isentropic efficiencies 7;s r,, and 1;s 7,,
(Fig.5.16), then the isentropic efficiency n;s 1,, of the complete expansion process will rise.
This phenomenon may be perceived as misleading to the designer, especially when one
focusses on the aerodynamic quality of the flow. In light of this, the polytropic efficiency
1p,1 is defined, which copes with this problem. It is also known as the small stage efficiency.
Following Dixon (2005) :

L dhy
Np,T = i, (5.122)
y—1 )ln(pto/Pti) (V -1 ) In(pro/p1i)
- = 5.123
O G e R e i 123)
or in the more useful form,

h T p Sy

to to to vV "
_to_ o _ (P 5.124
hii T (Pti) ( )

Note for example that in Eq.5.80, the use of the polytropic turbine efficiency was already
used to find the turbine pressure ratio. The above-mentioned efficiencies are applicable
to all adiabatic evolutions in the turbine (either stage or complete turbine).
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Temperature T [K]

Entropy s [J/kgK]

FiGure 5.15. Isobar divergence in T-s diagram.

Note that :

SECOND

L MisT =Nis7 “MisT
12 23 14

= Mt 7 Mt

Temperature T [K]

Entropy s [J/kgK]

FiGgure 5.16. Impact of turbine expansion ratio on isentropic efficiency, illustrated by
means of a two-stage turbine.
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5.6

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Nomenclature

Abbreviations and substance formulae

Udlgbssib

Pst
Pst,b

Flow area

Blade aspect ratio

Blade projected aspect ratio
Blade height ratio

Blade chord

Radial blade chord

First crown

Second crown

Specific heat at constant pressure
Specific heat at constant volume
Interstage space height ratio
Specific enthalpy

Specific total enthalpy

Specific relative total enthalpy
Blade height

Constant’s rule constant

Mass flow rate

Absolute Mach number
Relative Mach number
Constant’s rule constant
Rotational/Angular speed

Blade passage throat

Static pressure

Total pressure

Relative total pressure

Power

Active power

Reactive power

Delivered stage power on crown
Delivered power by blade cascade
Radius

Rothalpy
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[m?]
[-]
[-]
[-]
[m]

[m]

[J/kgK]
[J/kgK]
[-]
[J/kg]
[J/kg]
[J/kg]
[m]

[-]
[kg/s]
[-]



>~ o

2]

Reaction degree

Turbine (stage) inlet radius

Specific gas constant

Turbine (stage) outlet radius

Stage pitch

Stage

Turbine stage number

Turbine slip factor

Passage length

Static temperature

Total temperature

Relative total temperature

Rotational velocity

Absolute speed

Slip speed correction

Relative speed

Stage blade number

Absolute flow angle

Relative flow angle

Camberline angle

Gauging angle

Relative flow angle near the rotor outlet with slip vortex
Isentropic exponent

Stage flow deviation angle

Axial turbine stage deviation angle
Deviation angle correction due to slip vortex
Deviation angle correction due to pitch angle
Interstage space radial distance

Flow deflection or R;/R,

Turbine total-to-total isentropic efficiency
Turbine total-to-static isentropic efficiency
Blade passage total-to-total isentropic efficiency
Stage isentropic total-to-total efficiency
Turbine total-to-total polytropic efficiency
Blade total-to-total passage polytropic efficiency
Stage total-to-total polytropic efficiency
Non-dimensional inlet specific total enthalpy
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Non-dimensional mass flow

Turbine total-to-total expansion ratio

Blade passage total-to-total expansion ratio
Stage total-to-total expansion ratio

Pitch angle

Density

Flow coefficient

Work coefficient

Subscripts and superscripts

AX
b
C1
c2

~.

S o —.
oy

g =~ o=

*

Axial turbine

Blade or blade passage related
First crown

Second crown

Inlet

Related to position j

Outlet

At outlet of a blade passage
Relative

Radial component

Total component
Tangential component
Tangential component
Infinite amount of blades

Saturated flow conditions
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Chapter 6

Ljungstrom turbine loss modelling

“Although to penetrate into the intimate mysteries of nature and
thence to learn the true causes of phenomena is not allowed to us,
nevertheless it can happen that a certain fictive hypothesis may
suffice for explaining many phenomena.”

Leonhard Euler

In this chapter, the most prominent losses found in the Ljungstrém turbine will be dis-
cussed. Since no Ljungstrom turbine loss models were found in the literature, a similarity
study with the axial turbine will be performed, which aims at evaluating the viability of
using axial turbine loss models in the Ljungstrom turbine. Finally, the used loss models

for turbine design and off-design calculations are proposed and discussed briefly.

6.1 Blade passage losses

Blade passage losses are those losses emerging in the flow due to the presence of blades.
Based on the losses found in the literature for turbines in general, the following are found

to be predominant :
1. Profile losses, emerging from the friction and pressure drag around the blades
2. Secondary losses, generated in the boundary layers of the stage endwalls

3. Supersonic expansion losses, due to shockwave losses near the trailing edge of the
blades

A more detailed discussion of the above-mentioned losses follows now.

6.1.1 Blade passage loss categorisation
Profile losses

Blade profile losses are produced by the friction of the flow over each blade and the

pressure losses emerging from viscous effects and a finite blade thickness. Depending
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on the loss model employed, profile losses might not incorporate the trailing edge losses,
which need then to be incorporated separately. Various parameters influence the profile
loss, such as the blade profile, compressibility effects, the flow deflection, the blade surface
condition and the flow incidence angle, as will be included in the loss models described
in the subsequent sections. Generally, the profile losses prove to be the largest share of
the observed losses.

Secondary losses

The secondary losses are caused by secondary flows which, even though finding their
origin in viscous effects by the presence of an endwall, are in general inviscid phenomena
— Denton (1993). Two important flow mechanisms may be distinguished, namely;

The first source of secondary flow is near the leading edge of the blade and close to the
endwall. Outside the boundary layer of the endwall, the total pressure on the blade lead-
ing edge is determined by the free-stream velocity. In the boundary layer of the endwall
however, the stagnation pressure is lower. Therefore a spanwise pressure gradient exists
near the leading edge of the blade resulting in a flow towards the endwall, which will
work as a flow source in a plane close to and parallel with the endwall. Consequently
a region of reverse flow is invoked, which causes a three-dimensional flow separation
of the endwall boundary layer near the blade leading edge as well as the inception of a
horseshoe vortex (Fig.6.1) — Acharya et al. (2006). One leg of the horshoe vortex follows
the suction side of the blade (H;), the other follows initially the pressure side of the blade
(Hp) — see Fig.6.2.

FiGure 6.1. Formation of the horseshoe vortex — Gaugler & Russell (1982).

The second major source of secondary flows is the cross passage pressure gradient. The
blade passage being formed by the pressure side of one blade and the suction side of
the subsequent blade, clearly shows the existence of a pressure gradient, which causes
the inception of a transverse flow along the endwall boundary (Fig.6.2). This will not
only cause the pressure leg of the horseshoe vortex to convect to the suction side of the

subsequent blade, but will also strengthen it. When reaching the suction side, it will react
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F1GURE 6.2. Secondary losses in a axial turbine blade passage — Moon & Koh (2001), used
with permission.

with the suction leg of the horseshoe vortex, which has a sense of rotation opposed to
the former, and form the passage vortex. The discussed vortices will also provoke other

vortical elements, such as the corner and wall vortices — Acharya et al. (2006).

The kinetic energy of the secondary flows is not recoverable, as reported by Kumar &
Govardhan (2011). It is diffused downstream the blade passage and is eventually dissi-
pated to heat. Currently, there are no accurate secondary loss models that are generally
applicable. According to Denton (1993), most macroscopic models are based on empirical
observations and have no sound physical background. It is important to highlight that
the secondary losses are approximately inversely proportional to the blade aspect ratio
AR.

Supersonic expansion losses

Supersonic expansion losses originate from shockwaves formed in the supersonic outlet
of the blade passage. However, they prove not to be of importance in the RELT, as Mach

numbers are subsonic and low. It will therefore be excluded from further consideration.

6.1.2 Concluding notes on the blade passage losses

The level of accuracy of the loss predictions will depend on the complexity of the selected
loss model. Before tackling the discussion of the different loss models, the aptness of
the available loss models needs examination. Because the Ljungstrom turbine is made of
large-radius circular cascades, it is sensible to analyse in what degree it differs from the
axial turbine, the losses of the latter frequently modelled by means of rectilinear cascades.

6.1.3 Axial turbine loss model aptness study : similarity study

In order for the axial turbine blade loss model to be applicable, which is essentially based
on the flow in rectilinear cascades, similarity between the flow in a rectilinear cascade
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and the flow in the Ljungstrom turbine, i.e. a circular cascade, should be proven. This
condition is obtained when the inlet and outlet properties remain identical between both
turbine types. Note that for this similarity study, no abstraction is made between the
outlet conditions at the blade o, b and at the turbine stage o, which is acceptable for the

subsequent order-of-magnitude-based analysis.

With regard to the inlet conditions of the rectangular and circular cascades, complete
similarity is possible while imposing identical inlet intensive and extensive fluid proper-
ties, blade profiles, inlet blade geometries and stagger angles, and inlet velocity triangles
(Fig.5.3 and Fig.5.4) :

tAX = tz' = 27‘(Ri HbAX = Hbi = Ct Qi = Qi AAX =A (61)

Triox =Tt Prigy =Pti Vigy = Ui Uy, = Ui = OQckR; (6.2)

where the suffix AX stands for the axial turbine, the suffix i and o respectively the inlet
and the outlet of the circular cascade, t the blade pitch, Hj, the blade height, A the stagger
angle, T} the total temperature, p; the total pressure, v the absolute speed, u the rotational
velocity, Qc the angular velocity and R the radius. Evidently, for this similarity study, the
inlet conditions of the Ljungstrom turbine are taken to be equal to the inlet conditions of
the axial turbine.

In case cis denoted as the blade chord, ¢, as the axial projection of c in the axial turbine but
also the radial projection of c in the Ljungstrom turbine, and considering the Ljungstrom
turbine to fulfill the following realistic requirements :

c 1 ¢ 3

E- B COS/\R_]- =0(2) (6.3)
ﬁ =cos A t—] = 0(0) (6.4)
c Ca '

then one may find for the pitch angle I, (Eq.5.91) :
m=2=2°%_0cy (6.5)
P R j B c R j B '
Note again that the suffix j stands for either the inlet section i or the outlet section 0. The

blade number Z should then be at least :

21
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Considering the difference in pitch, it is found that :

to—t;i I (Ro—Rj)
o ti

- 11, (i—) —0(-2) > tymt=tay 6.7)
1

while it is reasonable to expect that (Eq.6.4) :

% = 0(0) 6.8)

Consequently the following conclusion may be drawn for the passage outlet area :

A, (Ri + Ca)
Aj

X R :1+C—a&1 = A=A =Axsx (6.9)
i

R;

Since t, & t; it is reasonable to expect that 0 = 0,,, which leads to equal gauging angles

AX7
Bg = Bgay- Note that blade blockage effects are neglected since the trailing edge thickness
of the blades is significantly smaller than the blade pitch, and thus s = ¢, (Fig.5.4).

In the rotor, the centrifugal and Coriolis inertial forces work in the radial plane. In the
axial turbine, this plane is generally perpendicular to the stream surfaces. The radial
plane and the stream surfaces, however, are parallel in the Ljungstrom turbine. The
consequence of this is not captured by the axial turbine model, even though a slip speed
correction is introduced. Only a quantitative study, such as experimental testing, will
allow an examination of their importance and to what extent they cause the predicted
losses to deviate from reality. Therefore, their impact on the flow losses is currently tacitly
neglected. From an energetic perspective on the other hand, one may show that under the
previously stated conditions (Eq.6.3 and Eq.6.4), the effect of the inertial forces remains
negligible. Proof is delivered by the low change in relative total enthalpy by means of the
conservation of rothalpy R (Eq.5.30) in turbine rotors :

(QcR;)? _

5 ct (6.10)

;
R=hyyj— = =l =

Note thatin case of an axial turbine 4;, = Ct. The effect of changing radius should therefore
have a minimum impact on hy, :

ahtr 2 Ahtr Ahtr Q%Rl Q%Rl
=Q-/R= — = ——AR = .
JR c AR = htri htri htri o (6 11)

For helicopters Q¢ = O(1) because of rotor tip speed limitations, as mentioned by Prouty
(2002), and R, = O(0) is a conservative value necessary to minimise rotor hub drag.
Because R,/R; = 1, the inlet radius R; = O(0). The order of magnitude for /i, can be found

from its definition :

2
Iy = b+ w? = 0(5) (6.12)
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while assuming an ideal gas for which & = C,T = O(5). Eq.6.11 then yields :

Ay O(2) O(0)

htri = 0(5) O(—Z) = O(_S) = o Zhy = htVAX (613)
and thus :
AT
Tt t.r = O(_5) = Ttro = Tfl’l = TtI’AX (6-14)
7

Consequently, the effect of the radial forces on the total relative enthalpy and temperature

are clearly negligible. A similar conclusion applies to the relative total pressure :

Tt,)%l
~p, (= 6.15
e = pi (7 (615)
Opir _ Optr Ty v pi o (R
= = T |—|=0@ 1
&R &Ttr 8R (‘)/_1,1_'77/1 tr ) ( Cp ) O( ) (6 6)
ti
The relative change in total relative pressure then is :
A I ¢4 R;
Ptr _ OPtr 4 ()(_5) = Puro X Piri = Prray (6_17)

pi  OR R; py

With regard to the velocity triangle at the blade outlet, the following is found for the

rotational velocity :

Au—j‘:&'TtC”:u%:HO(—z)u S Uy B = iy (6.18)
It can be shown using the conservation of mass that the relative speed w, = f(ri1, Ao, ptro, Ttro, Po)
(Appendix C). All parameters have been shown to be more or less constant, except S,
which is treated next. The impact of the radial turbine configuration on the relative outlet
flow angle may be represented by : AB, = Adr, + Adg. The discussion of these quantities
was already conducted in Section 5.4.8. Observing Figs. 5.11 & 5.10, and the values they
represent for Adry, and Ady, it appears that AB, for the Ljungstrém turbine configuration
is quite low (around O(-2)) :

A, Adm, +Adq  O(-2)
ﬁOAX - ﬁOAX - O(O)

= O(_Z) = ﬁo & ‘BOAX (6‘19)
Hence, one may state that w, = w,,,. The velocities w,, u, and f3, fix the velocity triangle

at the outlet of the turbine and thus v, = v,,,. This leads to the following observation,
while assuming a perfect gas and the total-to-static conversion formulae as described by
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Cengel & Cimbala (2010) :

2

w
To=Tyo— — = T,=T, (6.20)
0 0 2Cp 0 04X
T, \7i1
Po = Ptro (F) = Po = Posx (6.21)
To
e (6.22)
po Rg To pO - pOAX .
To=Tit % o Ty=T (6.23)
to = to = 1t .
0 0 2Cp 0 0AX
Ty \7T
Pto = Po (T) = Pto = Prosy (6.24)
[

Finally, this means that other important similarity parameters over the turbine will also
be conserved, such as Reynolds number Re; and Mach numbers M;. Except for the
fact that the radial forces influence the flow differently, of which the total impact on the
flow behaviour is currently not quantitatively known, most flow parameters meet the
similarity requirements. Conclusion : it appears at this stage reasonable to apply an axial
turbine loss model on the Ljungstrom turbine to examine its performance.

6.1.4 Axial turbine blade loss model discussion and selection

Three empirical axial turbine models are currently widely adopted, starting with the early
but concise model of Soderberg adopted in the work of e.g. Horlock (1966), the model
of Ainley & Mathieson (1955) — which has been upgraded several times over time, as
mentioned by Aungier (2006) and Moustapha et al. (2003) — and the model of Craig &
Cox (1970-1971).

Gradually, the flow phenomena in turbines were better documented and analysed and
there is nowadays a tendency to implement losses as entropy production in the thermo-
dynamic models instead of using a loss model that provides a (non-dimensional) pressure
loss. The entropy production approach is advocated by e.g. Denton (1993) and Wilson
(1987). Although powerful, it requires a detailed analysis of the flow in the turbine,
which is not in the scope of the currently used macroscopic interpretation. Hence, only
the models of Ainley & Mathieson (1955) and Craig & Cox (1970-1971) answer to this
criterion. Horlock (1966) indicates that the model of Soderberg (1949) is less accurate to
determine the losses over a wide range of operating regimes (deviations up to 3%). How-

ever, it demands much less information and is consequently much quicker to obtain a
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tirst estimate of the losses, which is convenient when performing a design point analysis,
when examining a wide range of geometries. For the off-design performance calculations
used to establish the turbine performance map, the models of Ainley & Mathieson (1955)
and Craig & Cox (1970-1971) should be considered solely.

The models of Ainley & Mathieson (1955) and Craig & Cox (1970-1971) were compared
by Lozza (1982). He indicated that these are applicable for optimisation of turbines based
on a good design standard, but that the difference in loss prediction between both models
is sometimes significant. Also, he stressed that the discussed loss components in each
model are not interchangeable. Since the model of Ainley & Mathieson (1955) requires less
input data than Craig & Cox (1970-1971)’s model, because it enables also the calculation
of the deviation angle, and thanks to the modifications made by Aungier (2006) removing
some of the issues discussed by Lozza such as an excessive estimation of the secondary
losses at low blade aspect ratios 4,, the model of Ainley & Mathieson (1955) modified
by Aungier (2006) was adopted for the Ljungstrom turbine stage blade loss evaluation.
However, it requires detailed information of the stage configuration, which is initially
unknown. Therefore, the performance evaluation using this model will be preceded by
a design-point study using the less demanding but still reasonably accurate model of
Soderberg.

6.1.5 Model of Soderberg

Introduction

The model of Soderberg (1949) is, even though dated, still frequently mentioned as a
good tool to get reasonably accurate predictions for the profile and secondary losses in a
turbine stage — Horlock (1966) and Dixon (2005). Horlock (1966) indicates that Soderberg’s
model performs reasonably well over a substantial range of blade aspect ratios and
Reynolds numbers for the optimum blade-pitch-to-chord ratio’. He indicates however
that the model does neither involve the influence of reaction degree R, nor the impact
of blade geometry. The latter shortcoming, in combination with a relatively accurate
loss prediction, makes this model extremely attractive to perform pre-design calculations,
where the designer has initially no view on the required blade geometry atall. Soderberg’s
model describes the profile losses, the secondary losses and applies a Reynolds correction
for flow conditions with Reynolds number different from the reference, which was used

to establish the model. These effects are now explained in the subsequent sections.

iSoderberg relied on the model of Zweifel (1945) for this purpose.
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Profile and secondary losses under reference conditions : {;
The profile losses and secondary losses under reference conditions, i.e. Re = 10° and

AR, = 3 are — Dixon (2005) :

[-][rad] (6.25)

2
€
Cr =004+ m(m)

Note that the losses depend only on the flow deflection € = f; — B, .

Profile and secondary losses allowing non-reference A, : (;

Soderberg proposes to correct (; in case &, # 3 as follows :

0.075)_ ) 626)

G=(1+ cl)(o.975 0

a

Profile and secondary losses allowing non-reference Re : (3

In case Re of the flow passing over the blade differs from the reference Re = 10°, a

correction needs to be introduced. The blade losses then become :

105 0.25
== 27
G=(g) @ (627)
while Re is defined as — Shaw (1966) :
W, pD
Re £ Pob@obPn (6.28)
Hob
and the hydraulic diameter Dj, — Shaw (1966) :
2sH,
D, 2 25 Hyo cos Boy (6.29)

$¢oS Py + Hy,

The implementation of (3 in the stage governing equations is discussed next.

Implementation into the stage governing equations

The model of Soderberg provides a specific total enthalpy loss, which is in case of a rotor
— Lewis (1996) :

o,b

ha = C3 >

(6.30)
and,

It = hyop = hio (6.31)
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From this point on, all other variables are derivable, such as the stage expansion ratio s
and efficiencies (see also Fig.5.14 and Section 5.5). The more detailed discussion of the
implementation of Soderberg’s model into the governing equations follows in Chapter 7,
where the Ljungstrom turbine design procedure is developed, and in which Soderberg’s

loss model plays a vital role.

6.1.6 Model of Ainley and Mathieson
Introduction

The model of Ainley & Mathieson (1955), as presented and corrected by Aungier (2006),
will be used to quantify the losses in the off-design turbine model, where all relevant turbine
dimensions are known. In contrast to the model of Soderberg, it allows the separate determi-
nation of the impact of compressibility effects, a detailed examination of blade roughness
and Reynolds number effects, an £-based secondary loss estimation, but most impor-
tantly, it enables the quantification of non-shock-free flow losses necessary to establish
off-design performance characteristics. However, it requires well determined geometrical
characteristics which can only be known if a (pre)design analysis is conducted, wherein
the (initial) blade profile is established.

The model distinguishes the blade profile loss Y}, the secondary loss Y, the trailing edge
loss Y1 and the supersonic expansion losses Yex. Because the blades are always shrouded
(Fig.6.7), the blade clearance losses were not taken into account. The gap between shroud
and turbine disk will, however, be studied in the subsequent disk friction section. The
non-dimensional pressure loss Y is defined by Ainley & Mathieson (1955) as :

_ Ptro,le — Ptrop
Ptrob — Po,b

Y = Z Yj =Y, + Ys + Yo + Yex (6.32)
j

where p, , the static pressure, py, the relative total pressure and py, 1, the relative total
pressure obtained without losses at the outlet of the blade passage, i.e. :

i

Ttro,b )7‘1

Ptropp = ptri(T (633)
tri

The correlations used by the model of Ainley & Mathieson (1955) and modified by Aungier
(2006) are found in Appendix D, since they are too involved to be summarised in the
present context. The following sections will discuss the above-mentioned losses briefly.

Profile loss coefficient Y,

The blade profile loss is based on loss data in nozzle and impulse cascades established
by experiments done by Ainley & Mathieson (1955), and modified to take blade passage

geometrical, incidence, roughness, compressibility and designer experience effects into
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account.

Secondary losses Y

The model of Ainley & Mathieson (1955) has been revised and updated by several authors
with time. With regard to the secondary losses, credit must be given to Dunham &
Came (1970) and Kacker & Okapuu (1982) whose work improved the estimation of the
secondary losses, which was specifically developed to be implemented in the model of
Ainley & Mathieson (1955). The resulting model, and modified by Aungier (2006), is
used by this author for the off-design calculations. The correlations for these losses are
covered in Appendix D. Again, it is important to highlight that the secondary losses are
approximately inversely proportional to the blade aspect ratio AR :

In case of the RELT, /4 should be chosen high enough in order to avoid the secondary
losses to become predominant.

Trailing edge losses Y7r

The trailing edge loss coefficient proposed by Aungier (2006) is based on the abrupt
expansion of the flow in the outlet due to finite blade trailing edge. They are not included
in the profile losses.

Supersonic expansion losses Ygx

When the flow leaves the blade at supersonic speeds, the effect of shock losses must be
accounted for. However, since the flow through the blade passages will remain subsonic

in case of the RELT, Ygx will remain zero.

Implementation into the stage governing equations
Recalling Eq.6.32,

_ Ptro,b;p — Ptrob
Ptrop — Po,b

Y :Z‘Yj:Yp"‘Ys'i‘YTE"'YEX
j

and Eq.6.33,

i
Ty
ptro,bll) pt?l Tm‘

Y is related to the relative total pressure loss in a blade passage, considering a constant
value for T,p. Fig.6.3 reveals how to implement the Y-loss mechanism in the stage
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governing equations'’. Y causes a horizontal shift on the T-s diagram (tro, bip — tro, b),
which concurs with an entropy increase at constant total relative temperature. From
this shift, py,, can be calculated, which allows the outlet velocity triangle and intensive
properties to be established. However p,;, and py,, are unknown for as long as Y is
not determined, while Y in turn depends on the former. As a consequence, an iterative
calculation procedure is required, of which a simplified representation is given in Fig.6.4.
The iterative procedure to calculate f8,;, which is part of the Y calculations, is adopted in
Fig.6.5. The iterative calculations start by posing pi,p = Prrop,, and finding a first value
for Y. This value is then used to calculate p;o,b’ which is then applied to retrieve a new
value for Y. The iteration ends when the error drops below a certain threshold.

Note that ri7; represents the choking mass flow rate, as discussed in Appendix C. In case
1y, > tity, there exists no physical solution for the value of ri,.

=~ "trob
Tli
X |
(-
O L
p—
=}
=
©
o L
(0]
Q
€|
(0]
[
ptro,b
D
a
4 5
’
|7 pti ,'ptro,b pto,b ,’ i
4 4 I La

Entropy s [J/kgK]

FIGURE 6.3. Representation of Y-loss coefficient on a T-s diagram.

iiNote that the inlet and outlet variables used in Fig.6.3 are already explained in Section 5.4.6 and Section
5.4.7 and will not be repeated here.
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Ai/ pti/ Tfi/ a;, Rg/ ‘)/

|
NaN [— Tt (App. O

yes
Blade passage inlet
—yeloc:l’fy triangle N, R, Ry/R;
-intensive parameters
(Section 5.4.6)

Tirop (Eq.5.85)
Propp (Eq.6.33)

INITIALISATION

Ptrop = Ptrobip
Bop = Bg — /2

W

Iterate on py, 1

Ao/ Ttro,b/ Rg/ Y

NaN [ ty < it it (App- C)
yes
Boy-loop
Y’ p :ro,b
converged
Blade passage outlet

-velocity triangle
-intensive parameters
(Section 5.4.7)

To stage friction and leakage loss calculations

F1GURE 6.4. Iteration procedure to find blade passage outlet conditions for a given geom-
etry.
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INITIALISATION
o = Bg — /2

NalN

no

"
Iterate on 5,

Mm,b/ ,Bg/ Ttro,b/ Ptrobs

|6 (Section 5.4.8) | o) Bror Z, Ro, 7, R
0r o0r Ly Doy )y RNg

v =By —m/2+0
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. . 11,
o = 1o (App. O)
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converged
Proceed

FIGURE 6.5. Iteration procedure to find g, .
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6.1.7 Endwall fences

In case the turbine stage design study imposes a low /R-blade, high secondary losses may
be expected. A possible technical solution to overcome this issue partially, is by using
endwall fences (Fig.6.6). Endwall fences are reported to drastically reduce the secondary
losses. Indeed, Moon & Koh (2001) mention an extensive list of experimental work,
amongst which Kawai et al. (1989), Chung et al. (1991) and Lee (1997), and highlight
that an endwall fence positioned halfway along the blade passage with a height of 1/3
of the inlet boundary thickness, has the potential to reduce the secondary losses by 20%.
Indeed, the endwall fence hinders the crossflow and the migration of the pressure leg of
the horseshoe vortex to the suction side of the subsequent blade. This reduces the vortex
strength and hence, the secondary losses.

In case the installation of endwall fences appears advisable by the presence of an important
amount of secondary losses, then it is proposed to reduce Y; by 20%, i.e. :

Y,

Snew

= KewrYs Ainley and Mathieson (6.35)

where Kgwr is defined as the secondary loss attenuation factor Kgwr. The following
values for Kgwr may then be applied :

Kewr = 0.8  (with endwall fences) (6.36)
Otherwise,
Kewr =1 (without endwall fences) (6.37)

Note that this correction should only be applied to the model of Ainley and Mathieson.
Indeed, Soderberg’s model does not differentiate primary and secondary losses in his
model, making the introduction of Kgwr impossible. As a consequence, the impact on the
turbine efficiency by installing endwall fences will only become clear when examining
the off-design performance characteristics of the geometry established with Soderberg’s
model. In that case however, even though a decrease in losses will influence the velocity
triangles and cause the flow to become non-shock-free at nominal operation, it is rea-

sonable to expect an increase of the total turbine efficiency by installing endwall fences.

6.2 Stage disk friction loss

Besides the blade passage losses obtained from the modified axial turbine loss model of
Ainley and Mathieson, and which specifically deals with the flow through the rotating
circular cascade, disk friction losses still need to be accounted for. In this work, the disk

friction loss is the general term used for friction losses between the annular rim joining
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FIGURE 6.6. Secondary loss abatement by installing endwall fences — Moon & Koh (2001).

the blade tips of a stage and the surface of the disk of the opposing turbine half in which
it revolves (Fig.6.7). Following the strategy of Aungier (2006), the disk friction loss will
be reintroduced in the flow as a total enthalpy increment. Note however that the disk
friction loss model proposed by Aungier (2006) for an axial turbine was found not suitable
for the Ljungstrom turbine because losses of two interacting rotors have to be examined.
As a consequence, an alternative to this model is developed next.

FiGure 6.7. Cross-sectional view on a four-stage Ljungstrom turbine layout with radial
respectively axial play A, and A, .

Observing Fig.6.7, two distinct friction loss types may be noted. Firstly, one has a Taylor-
Couette viscous flow between sections a — b and e — f. This flow is mainly characterized
by the viscous shear forces in the gap between two coaxially placed rotating cylinders. In
section ¢ —d, a torsional Couette flow is found, which is typically represented as the viscous
flow between a revolving disk and a shroud placed at close distance. The subsequent
paragraphs discuss these losses more in detail from which a disk friction loss model will
be derived.
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F1Gure 6.8. Four torsional Couette flow regimes adopted from Haddadi & Poncet (2008),
and I-1II transition model.

6.2.1 Torsional Couette flow loss

Haddadi & Poncet (2008) mention the work of Daily & Nece (1960) as having been
groundbreaking in the domain of torsional Couette flow. They indicate that it is still
widely adopted in the literature when modelling this kind of flow. Daily and Nece exam-
ined this flow type theoretically and via experiments for a revolving flat disk suspended
between two static sidewalls. The distance between the sidewalls and the disk could be
varied, which was necessary to study the impact of the gap width on the boundary layer
development. Daily & Nece (1960) reveal four flow regimes :

— Regime 1: laminar flow between disk and sidewalls, the boundary layers of shroud

and disk are merged

— Regime 2 : laminar flow between disk and sidewalls, the boundary layers of shroud

and disk remain separated

— Regime 3 : turbulent flow between disk and sidewalls, the boundary layers of

shroud and disk are merged

— Regime 4 : turbulent flow between disk and sidewalls, the boundary layers of

shroud and disk remain separated

Fig.6.8 reflects the four flow regimes as a function of Reynolds number Rer, and non-

dimensional axial gap width Ay, /R,, where :

(6.38)

while R, the outer radius of the rotating disk, @ the disk angular velocity and A, the gap
width, as indicated on Fig.6.7. What the Ljungstrém turbine concerns, Reg, = O(6 1 7)
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since :

_ poRS _ paRo/? 5 _ O(0) OLa2) OW)

Re c
A u 0(=5)

O(-4) = 0(6 4 7) (6.39)

where c the blade chord. The selection of the non-dimensional gap width Asj,/R, is a
design parameter and should be chosen wisely. It should be taken large enough to allow
for deflections under mechanical and, in a lesser extent, thermal loads, such that good
functioning is guaranteed, i.e. collision between opposing components is avoided. Since,
from a material point of view, the temperature at nominal regime in a rotor-embedded
Ljungstrom turbine configuration is low, the required space for thermal expansion can
remain low. Similarly, important deformations of the disk because of bending forces are
not expected. A small axial gap is also significant from a weight perspective. A large
value of As, /R, will cause the opposing disk to become thicker and thus heavier. Indeed,
transferring the delivered stage torque to the rotors requires a minimum disk thickness
in order to satisfy material strength constraints. To this thickness the axial gap width A,
needs to be added. Nevertheless, the choice of an as-small-as-possible A, /R, turns out
not to be a correct choice either. To explain this, the model of Daily & Nece (1960) needs
further examination. Here, itis sufficient to accept that, for the time being, A,, /R, = O(-3).
This condition will be relaxed a small amount afterwards, but that will form part of the
subsequent discussion.

Observing Fig.6.8, and adopting the assumption that Ay, /R, = O(=3), while Reg, = O(627)
(Eq.6.39), the torsional Couette flow will generally be of type III. In case A, /R, is extremely
small, or during startup i.e. at low rotational velocities, type I flow is also possible. In
the latter situation, transition from type I to type III flow at some point is apparent.
The torsional Couette wall friction torque 71oc exerted by the fluid on the rim or the
opposing disk depends on the flow type, and is usually expressed by the general formula
— Goulburn & Wilson (1975):

1
TTOC = k-[ E‘Oa)2 R(S) (640)

with p the density of the fluid and k; the torque coefficient given by the functions of Daily
and Nece, as cited by Goulburn & Wilson (1975) :

27
k = Regime 1 41
T,IDN (Ash /Ro) ReRD eglme (6 )
0.0622
kepy = Regime 111 (6.42)

1
(As,/Ro)iRe},

Here, it is important to note that the torque coefficients were derived for a revolving disk
with two exposed sides. The turbine rim has only one wetted side. The torque coefficients
therefore need to be halved. As a consequence, the torque coefficients for either the rim
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or the disk in the Ljungstrom turbine become :

Tt

kij=—-—— Regime I 6.43
= (A,,/R,) Rex, & (6.43)
.0311
ke = Lll Regime 111 (6.44)
(Ash /RO)zReég

In case transition occurs from type I to III or vice versa, the author proposes to model the
process by assuming k. ; = ki at the critical point, yielding :

A 3
Sh TC

So_ (V'R 6.45
R, (0.0311) R, (645)

This will avoid a discontinuous evolution of k; = f(As, /R,, Regr,), which improves con-
vergence of the calculations. The considered I-III transition model is indicated in Fig.6.8
and proves satisfactory.

It needs to be highlighted again that the Ljungstrom turbine setup is not identical to the
experiment of Daily and Nece, which must be accounted for in the determination of w.
By considering a relative frame of motion fixed either to the rim or opposing disk, this
issue is dealt with. @ in Eq.6.40 then is :

w = RQc| + IPQc]| (6.46)

where ®Q¢ and PQc are the angular velocities of respectively the blade rim and the
turbine disk.

Another important adjustment to Eq.6.40 must yield a correction term to account for the
important inlet radius size in the Ljungstrdom turbine. In contrast to the setup of Daily
and Nece, not a full disk with negligible hub dimensions is subjected to friction, but
only a part of a disk, viz. zone ¢ — d between radii R; and R,. To cope with this, it is
proposed to subtract the friction torque of the non-existing part of the disk by considering
a fictitious revolving disk with radius R; operating under the same conditions, including
Reg,. Eq.6.40 then becomes :

Troc = kT% pw* (R) - RY) (6.47)

At this point, it is interesting to discuss the selection of the axial gap width A,,. In
case an optimum turbine performance is sought, the data provided by Daily and Nece
appears useful. Plotting k; as a function of A, /R, and Reg,, shows the existence of a
friction minimum (Fig.6.9). This torque friction bucket is situated around A, /R, = 0.025.
Then, based on Fig.6.8, one observes that flow type Il and IV are also possible. For these
flow types, Goulburn & Wilson (1975) mention that only graphical data exists to estimate
the friction torque. However, plotting Eq.6.43 and Eq.6.44 for respectively flow type
I and III on Fig.6.9 (blue lines), which is repeated in Fig.6.10, clearly shows that these
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Ficure 6.9. Torsional Couette flow with liquids and air as compressible substance —
adopted from Goulburn & Wilson (1975).
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Ficure 6.10. Torsional Couette flow with air as compressible substance, I-III transition
model and suggested design range — adopted from Goulburn & Wilson (1975).

expressions remain reasonably valid (deviation less than 10%), until say A, /R, = 0.03.
This explains the initial choice of A, /R, = O(=3), which allowed the I-III transition model
to be developed without the need to consider types I and IV flows. The existence of a
friction minimum also highlights that, besides the weight penalty, large axial gaps do not
necessarily contribute to a lower loss. The designer should therefore opt for an axial gap
width near the friction torque bucket. It is important to note that Daily and Nece used
liquids to develop the torque models. Goulburn & Wilson (1975) examined a torsional
Couette flow with air and found that the model of Daily and Nece is only sufficiently
accurate for non-dimensional gap widths A, /R, < 0.0124. This because the friction torque
bucket for air was found by Goulburn & Wilson (1975) to be near A, /R, = 0.0124. For
higher values of Ay, /R,, k; breaks away from the model of Daily and Nece. Fig.6.9 reveals
this clearly. Since Goulburn & Wilson (1975) proved this for Rer, = 10° only, the author of
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this work prefers to retain the model of Daily and Nece, noting a good design rule for Ag, /R, to be
situated between 0.0124 and 0.02 (Fig.6.10). This is close to both minima stated by Goulburn
& Wilson (1975) and Daily & Nece (1960), while not too high on the steep side of the
torque friction bucket, which causes a significant increase in friction torque when further
reducing the axial gap width. From this discussion it is now clear that As,/R, = O(-3)
may be relaxed a little, viz. Ay, /R, = O(=2 a - 3), even though type I and III flow are used
to model the torsional Couette losses.

6.2.2 Taylor-Couette flow loss

Taylor-Couette flow is found between two closely coaxially placed cylinders turning at
different angular speeds. This is the case for sections 2 — b and e — f (Fig.6.7). The flow
characteristics are complex because of the possibility of instabilities in the flow. In case
these instabilities occur in the flow, the friction torque no longer increases linearly with
rotational speed —Dou et al. (2008). The work of Dou et al. (2008) also highlights that when
As; << R;, which is the case for the Ljungstrom turbine, the onset of these instabilities
becomes difficult to predict using the currently available and reasonably simple models.
Then they propose to estimate the wall friction by planar Couette flow. Following Cengel
& Cimbala (2010), the cylindrical surface may locally be seen as a flat plate for which the

wall shear stress is :

9
Ty = ya—; (6.48)

and u the velocity of the flow parallel to the plate and y the vertical distance from the
flat plate. Denoting & the component to which the smallest radius R¢ applies (either rim
or disk), and 7 the component to which the largest radius R;, applies (either disk or rim),
Eq.6.48 becomes :

I"QcRe| + "QcRyl  1FQcRe| + ["QcR|

6.49
Ry - Re H As (6.49)

Tw:

The shear stress is identical for both components. The friction moment exerted on each

component is then reflected by the following relations :

I€QcR:| + ["QcR, |
Trace = Re fA Tw dA:ZRy( e n cn )Rg ts (6.50)
SR
I“QcRe| + "QcRy|
TTAC,] = Rn L T dA = 27'([-1 ( A L ) ,27 ts (6.51)
SR

i 2R2A3
! C Rl‘ AsR
VZR7

liJsually the Taylor number Ta
Dou et al. (2008).

is used for this purpose, with the critical value Ta. = 1708 —
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where t; the rim height (Fig.6.7). Since R¢ ~ R, the above equations may be replaced by :

Trac = 21y (3)1{3 f (6.52)
ASR

where R is the stage inlet radius R; in case of section a — b, or the stage outlet radius R,

in case of section e — f. Consequently, since each Ljungstrom turbine stage has two zones

with Taylor-Couette flow (a2 — b and e — f). Their contribution to the friction torque now

yields :

()

Trac = 2mi (3
SR

)(R? LR (6.53)
The simplified theory using planar Couette flow shows that the friction torque by Taylor-
Couette flows are inversely proportional to the gap width As,. A larger gap would
appear to reduce the friction losses. Although this is sensible, a larger gap also increases
the leakage flow. This loss has a detrimental impact on the stage efficiency since not all
mass flow is expanded through the blade stages. The leakage loss should therefore be
minimised, while the gap width “optimised”. An optimisation study of this kind is not
considered in the work at hand.

6.2.3 Stage disk friction loss

Egs. 6.47 and 6.53 show that the frictional torque on the annular rim and the opposing
disk are identical. The disk friction torque on rim or disk then is :

1 @
Tor = Troc + Trac = kezpa? (RS - KY) + 2y (A—)(R§ +RY) 8, (6.54)
SR

6.3 Leakage mass flow

Over the gap formed between points a and f the stage pressure drop is in effect. As a
consequence, a leakage mass flow i will arise. This loss needs to be quantified. The
model that will be developed for that purpose is based on see-through labyrinth seals.
Even though this implies various simplifications, under which neglecting the complex
behaviour of the Couette flows, it is the opinion of the author that it is currently the best
time-efficient and accessible approach available.

6.3.1 See-through labyrinth seal leakage mass flow modelling

An example of a see-through labyrinth seal is shown in Fig.6.11. The goal of a labyrinth
seal is to minimise ri1i;; by restriction of the flow via the vena contracta in the gap As
near each seal strip, and by partially dissipating the kinetic energy in the cavity directly
behind it. In addition, the higher the number of seal strips N, the more the leakage mass
flow is reduced. Several models exist in the literature to model rii;; — Woo (2011), but the
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empirical model of Neumann (1964) will be adopted here, as given by e.g. Malvano et al.
(2001) and Eser & Kazakia (1995), since frequently used.

high-pressure

low-pressure
side

side

RN A YRR

R R SN
TR

F1GURE 6.11. See-through labyrinth seal with seal strips fixed on the stator.

Neumann considers an isothermal flow passing through the labyrinth seal, which behaves
like a perfect gas, while assuming the pressure drop over each seal strip to remain minor'V

Additionally, he assumes the pressure of the expanding jet to rule also in the cavity trapped
between two strip seals with length L; (Fig.6.11). It is important to note that the model of
Neumann calculates the mass flow per seal strip, requiring an iterative approach to find

the leakage loss over the labyrinth seal. Neumann’s loss equation given for a seal strip j
in the labyrinth is :

i = Hoc; Hieo; ALL; (6.55)

where Hoc; the contraction coefficient, Hikco; the kinetic carry-over coefficient and ALL], the
area between seal strip tip j and the opposing surface. Ay, is for As; << R; (Fig.6.11) :

Apr, = 2mRjA (6.56)

pj is the pressure behind seal strip j and R, the specific gas constant. p;_; represents
the pressure in front of the seal strip j, thus of the preceding cavity. T concurs with
the temperature at the inlet of the labyrinth seal and remains, following Neumann’s
model, constant throughout the seal. A sensible value for T, even though it involves an

approximation, is the turbine stage total inlet temperature Ty;. Similarly, a reasonable

¥This condition is due to the simplifications introduced to the first law of thermodynamics, which served
as the basis for Neumann'’s loss formula — Hodkinson (1939).
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value for the seal inlet pressure is the turbine stage total inlet pressure p;;. Hence :

Ti=T=Tj=...=Tn, (6.57)
pt; = Po (6.58)
where N is the number of seal strips. The expansion over the labyrinth seal is such that
the outlet pressure of the last seal py,, equals the turbine outlet pressure py,, again relying

on the assumption that the total pressure may be used. Because the mass flow through
each seal strip is identical in steady state conditions :

ML =ML, .. = MiLy, (6.59)

Malvano et al. (2001) and Eser & Dereli (2007) use for the contraction coefficient piy
Chaplygin’s empirical model :

Tt
- <1 6.60
e mv2-55,+ 297 (660
sj:(ﬂ) R (6.61)
pi1

while for the kinetic carry-over coefficient py,, they propose the approximation of Neu-
mann (1964) :

Ukeo =1 for j=1 (6.62)

= —Ns g i1 (6.63)
e = N T=TNG+T; ] |

Ji=1-(1+16.6A;;/Lj)™ (6.64)

The contraction coefficient i, is necessary to account for the presence of the vena con-
tracta between the seal strip and the opposing surface (Fig.6.11). The kinetic carry-over
coefficient iy, corrects for the kinetic energy which was not dissipated in the preceding
cavity before entering the subsequent seal strip. Ideally, the kinetic energy increase due
to the expansion over the seal strip is fully dissipated in the cavity, concurring with a i,
of unity. This is generally not the case and py, > 1. Essentially, a higher inlet speed near
the seal strip will reduce the accompanying achievable pressure drop for a given ;.
Note that py, = 1 is always valid for the first seal strip (j = 1) because the flow speed
near the entry is considered to be negligible". Observing Eqs.6.62-6.64, the impact of the
ratio of seal gap width As and cavity length L; becomes clear. Large cavity lengths L;
allow better dissipation of the kinetic energy in the cavity, leading to values of i, closer

YMalvano et al. (2001) and Eser & Kazakia (1995) do not mention this condition, while Scharrer (1987) and
Hodkinson (1939) do. It is not clear what the reason for this is, but it could be due to the presence of an inlet
cavity prior to the first seal strip, which indeed causes kinetic carry-over to occur.
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to unity. But this condition is unfortunately not always feasible, nor desirable because
it would require a more complicated seal geometry or make the labyrinth seal too large.
Finally, it is important to note that Neumann’s model for py., gives the asymptotic value
Lo — VNgs for large A/ L;j, which is in line with the findings of Hodkinson (1939).
Before developing the calculation procedure for ri;;, Malvano et al. (2001) and Eser &
Dereli (2007) indicate the possibility of the choking of the last seal strip. The choking
process limits the mass flow passing through the gap. The mass flow per unit area during
saturation can be derived easily and is described by the following formula*! — Cengel &
Cimbala (2010) :

- _O+D

1, y (y + 1) 20-1)
— = —— | — 6.65
A, TVRT\ 2 (6:65)

Eser & Kazakia (1995) propose to use this equation, multiplied by p,. and piy, to find the
mass flow through the choked seal strip*i :

+D)

my, [y (y +1 )‘m
= 6.66
ALLNSS Hoclkeo Pt Rth 7 ( )

The calculation technique of Scharrer (1987) is followed to calculate 7. First, an esti-

mation of the pressure drop over each seal strip is made, for example A, = (p1; — Pto)/Nss.
This delivers the pressure in the cavity in front of the last seal strip :

pNss_l = pto + Ap (6.67)

Thanks to this estimation of the pressure drop, it is possible to examine whether the flow

is choked or not and make a first estimation of 71y, viz. :

% <n, — adapted: Eq.655 (6.68)
to
% >mn, — choked: Eq.6.66 (6.69)
to
where,
. + 1\
- (_V - ) (6.70)

Then a backward marching calculation procedure is performed calculating consecutively
the pressure of the preceding stages up to the pressure in front of the first seal strip py
(Fig.6.12). In case po < pti, Ap over the last stage, and thus i1, ;, must be increased. If

ViIn literature, the mass flow saturation formula is sometimes called Fliegner’s model, after the name of
the person who first derived it.

ViiThe exponent indicated in Eser & Kazakia (1995) was —)/(y — 1) instead of —(y + 1)/[2(y — 1)], which is
not in line with the theory of Fliegner. This is believed to be erroneous.
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FIGURE 6.12. Iteration procedure to find iy .

po > pii, Ap over the last stage and rz.; will have to be reduced. The iteration procedure
lasts until pg = pyi.

It is important to note that a discrepancy was detected when calculating the mass flow
with Eq.6.55 and Eq.6.66. Indeed, when :

et o (6.71)
pto

both equations do not overlap. Proof is given when equating Eq.6.55 and Eq.6.66 for this
condition, which yields :

(6.72)

M1 Eq.655 _(7/+1)2(y7'_+—]1) 1[1 ( 1 )2]
== _

M1 Eqg6.66
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or,

ML Eq655

" 2 Ueor 2124 withy =14 (6.73)

LL Eq.6.66
This issue needs to be coped with because the predicted sudden drop in mass flow is
not physical. A conservative choice for the efficiency is then to multiply Eq.6.66 with
Ueor, €ven though expecting a reduction in accuracy. As a consequence, the following
expression must replace Eq.6.66 :

. (+1)
m

. y
IL [y (y+1 )‘zof—l)
= —_— 6.74
ALLNSS Heor Hoe UkcoPt Rng ( 5 ( )

Using MATLAB, leakage mass flow characteristics were obtained using the above theory

for, for example, As/L = 0.0584. The results are shown in Fig.6.13. Note that an increase
in Ny reduces rirr, but that the benefits of selecting a higher number of seal strips are
limited, since the leakage mass flow does not drop off proportionally. Also, for the lower
N, the change in slope of riir; due to choking can be observed clearly. The onset of
choking is indicated by the pn_-1/pt = 7} -line in red. Fig.6.14 highlights the effects of
choking in the last seal strip and (., = 1 in the first seal strip for labyrinth seal with 15
seal strips and a turbine stage pressure ratio of 7.

Nss [_]
14001 @ (/A)* [kg/(m®s)]

_pNss—l/pf,o = ﬂ—:b [‘

pti/pto H

FIGURE 6.13. See-through labyrinth seal characteristics, impact Ngs — As;/L = 0.0584 and
Pro = 1 bar.

6.3.2 Leakage mass flow in the Ljungstrom turbine — plane rim

Based on the theory expounded in the previous section for the see-through labyrinth seal,
a approximate model can be derived for 171, in the Ljungstrom turbine. For this purpose,
the geometry of the cavity between the rim and opposing disk (Fig.6.7) is described, as
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FiGure 6.14. See-through labyrinth seal characteristics, pressure drop evolution for
pii/Pto =7, pro = 1 bar and Ag/L = 0.0584.

shown in Fig.6.15. This unfolded view resembles a see-through labyrinth seal with two
wide seal strips (Ngs = 2). According to Denton (1993), and for the considered configura-
tion, the width of the seal strip is not too important since the pressure reduction process
in the seal strip is mainly an inviscid process, while the viscous pressure losses remain
minor. Recall that as stated before, the gap width Ag; near the inlet and outlet will be

assumed identical.

Disk crown C2 or C1

.

% 5 i
e rrr s 7 o e s
o o P P P AP P T

Rim crown CI or C2

F1GURE 6.15. Stage gap, unfolded view.

A major difference between the current configuration and the usual labyrinth seal con-
figuration is that the inlet and the outlet lie in the radial plane instead of on a cylinder of
fixed radius. This causes the flow to diverge between inlet and outlet areas, respectively

A; and A,. Nonetheless, the effect may be found negligible since :

Ai = 2R, (6.75)
Ao = 27R, Ay (6.76)
Ao Ro Ri + Cg Cs

A R _Rite 4,6 77
AR R R (6.77)
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and the study of orders of magnitude shows :

;—i - 0(-2) = %‘; 1 or A2 A (6.78)
The see-through labyrinth seal approximation is therefore reasonable. Although the real
flow conditions will force the flow to bend twice over right angles, the bending-effect on
the mass flow will be assumed negligible. Note that ¢; = ¢, (Fig.6.7). The author would
also like to draw the reader’s attention on the fact that only an estimation of the leakage
mass flow is attempted, and it is considered that the Couette flows have no effect on the

leakage mass flow calculation.

Referring to the geometric design conditions imposed by the torsional Couette flow to
minimise friction losses (Section 6.2.1), it was shown that : A, /R, = O(=2). Relying on
the fact that for the rotor-embedded Ljungstrom turbine R, = O(0), A, will then have
to be in the order of centimeters, i.e. O(-2). The axial gap A, will consequently not
function adequately as a seal to limit r;;, but will behave more like a cavity between
two gaps a — b and e — f. As a consequence, the latter will have to provide sufficient
sealing functionality. The order of magnitude for As in see-through labyrinth seals is
typically around O(—4), as found in the works of Hodkinson (1939) and Jia & Liu (2013).
Consequently, a reasonable design value is : As; = O(—4). The kinetic carry-over effect
may now be quantified knowing that :

Leaw = Ry — Rj = ¢s = O(-2) (6.79)

ASR _ O(_4) _ _

L =003 " O(-2) (6.80)
Ji=1-(1+1660(-2)7? =0 (Eq.6.64) (6.81)

Hence, after substitution of J; = 0in Eq.6.63, one may find the kinetic carry-over coefficient
for the second seal strip"i :
tieo =1 (6.82)

Finally, it is possible to rewrite Eq.6.55 and Eq.6.74 for the Ljungstrém turbine with the
configuration proposed in Fig.6.15 (Ns = 2) :

2 2
mrr Pia = F;
Ar PN TRT (6.83)
1t} v (y+1 _2(2 11)>
LL v
L 6.84
A, Heortoc Pt Rth( 2 ) (6:84)

viiiRecall that for the first seal strip g, = 1.
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After multiplying with A; :

Rl

R T

ritp, = 2mR;Agy Hoc; (6.85)

(r+1)
+ 1\720D
rityy, = 2MRilgg feorbloc Pt 4 | ngTt(yT) (6.86)

Note that for as long as the condition Ag;/Lew << 1 is met, there is only a proportional

effect of Ay, on ri1r;. This leakage loss model can now be adopted in a higher order loss
model of the Ljungstrom turbine.

Fig.6.16 shows an example of the leakage losses through a Ljungstrom turbine stage for
several expansion ratios with p;, = 1 bar. At this stage, it is important to note that the
indicated values for rirr, are only meaningful when compared to the mass flow passing
through the blade cascade ri1,. Fig.6.16 reveals that it is also interesting to examine the
installation of more seal strips in the Ljungstrom turbine (Ngs > 2). A minor increase in N
appears to reduce 71y significantly, and thus deserves further attention. Consequently,
the Taylor-Couette friction losses will have to be revisited.

1Mool —n,, [ ‘ 7 ‘ e
@ [g/s]

——PNss—1/Pto =T} [-
900H ——Ngs>2 [—] 4

1000

800~
7001

600 v

m [g/s]

500 1
400+ 1
300+ 1
200 : : 1

100 i i i | i i | ]

pti/pto H

FiGURE 6.16. Leakage losses for a Ljungstrom turbine stage expanding to p; = 1 bar.
R; =0.497 m and A;; = 0.3 mm.

6.3.3 Leakage mass flow in the Ljungstrom turbine — notched rim

From Fig.6.16 it was noted that even a minor increase in seal strips has a beneficial impact
on the leakage losses. However, the seal strips have to be introduced in a confined space
with limited flexibility on their dimensions. Moreover, because of the turbine layout,
additional seal strips should only be put on faces a — b and e — f (Fig.6.7). Putting seal
strips on face ¢ — d would require more material to be removed, which is less economic,
while making them more prone to wear since more susceptible to disk vibrations. Taking

the previous considerations into account and the requirement of a minimum seal strip
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thickness, limits the usable amount of seal strips.

Fig.6.17 shows a notched rim configuration for Ns; = 4 and Ngs = 6. Note that a symmetric
layout will be used, i.e. N is always an even number. The fact that the rim thickness ¢, is
limited (Fig.6.7), deteriorates the positive influence of increasing N;. Indeed, considering
Fig.6.17 :

Nes

Lj= ts%—f“ Vij# [0, %] (6.87)
where wss the seal strip width, Lo the entry cavity which is not considered here, and
L, /2 the cavity near c — d and treated in a similar way as discussed with the plain rim
configuration (L¢p). Hence, an increase in Ny will clearly result in higher values for
As /L (Fig.6.17). Eq.6.64 consequently shows that for a fixed t;, the kinetic carry-over
Hikeo; Will increase and thus destroys the advantages of a high number of seal strips. From
the preceding considerations, it appears sensible to expect an optimum Ngs. This will be
proven with an example of which the relevant turbine stage geometry parameters are
given in Table 6.1. The results of the leakage model calculations are reflected in Fig.6.18.
Indeed, an optimum Nj; is found. Ny = 6 yields the lowest leakage mass flow, while the
loss increases again when Ns; > 8. Also, compared to Fig.6.16 where i, = 1 everywhere,
the plot reveals that the benefits of more seal strips is reduced significantly because of the
rim width limitation.
From an engineering perspective, Nys = 4 deserves attention. Indeed, the leakage mass
flow is found to be about the same as the one obtained for Ns; = 6, but the former con-
figuration is less demanding to manufacture and will also allow more freedom to the
manufacturer to find an appropriate seal strip width wss, while not impeding A, / Lj too
much. Therefore, Ns; = 4 should appear as the most sensible choice to the designer, offer-
ing a leakage mass flow improvement of roughly 20% over the plain rim configuration.
Note that the optimum N, is still a function of rim width t; and seal strip width wss, but
neither of both are expected to differ much from their respective values indicated in Table
6.1.

TasLE 6.1. Example of a Ljungstrom turbine seal strip configuration.

Stage inlet radius R; 497 mm
Rim thickness £, 20 mm
Seal strip width wqs 2 mm
Seal strip gap width A, 0.3 mm
Pto 1 bar
Ty 288 K
fluid air
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FiGure 6.17. Notched rim — Ni; = 4 and N = 6.
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FiGURE 6.18. Leakage losses for the Ljungstrém turbine stage configuration in Table 6.1.

6.4 Disk friction losses with labyrinth seal

The previous section indicated that the use of a see-through labyrinth seal on the rim
faces a — b and e — f results in a significant drop in leakage mass flow. As a consequence,
it is also necessary to review the formula for friction torque, viz. Eq.6.52 and thus Eq.6.54,
because the flow in the cavities cannot be modelled by the simplified Taylor-Couette flow.
Indeed, Scharrer (1987) and Eser & Dereli (2007) explain that the flow in the cavities is
turbulent and that its shear forces on the walls should approximated by considering each
cavity as a duct in which the flow circulates. Scharrer (1987) calculates the shear forces
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in see-through labyrinth seals using a two-control-volume model, where the cavity is
subdivided into a jet domain and a recirculation domain. Even though this approach was
mentioned to give accurate results, the single control volume method described by Eser
& Dereli (2007) will serve as the basis to estimate the friction torque because it is more
practical to implement and more time efficient, while still being reported to give good
results.

Following Eser & Dereli (2007), the shear stresses 7, cv on the cavity walls are determined
by seeking the value for the friction loss coefficient f,,, and more specifically, by using the
implicit equation of Colebrook-White given in the work of the former :

1

€¢/Dy 2.51
—— =20 logy( S+ ) (6.89)
Vfo 37 Rep, o
and the shear stress on the walls of the cavity, as reported by Eser & Dereli (2007) :
L >
Tw,cav = Eptvcapfw (6.89)

where €7/D), the relative roughness of the duct material, Dy, the hydraulic diameter of
the duct, Rep, the Reynolds number based on the hydraulic diameter, p; the stagnation
density near the turbine stage inlet and v, the velocity of the fluid in the cavity. Since only
the circumferential component of the shear stress is of interest, which results in friction
torque, it is reasonable to use only the circumferential component vg ¢4, 0f Vs in Eq.6.89.
Vg cav 1S then estimated using the same strategy as discussed with the Tayler-Couette flows,
but now averaged between rim and opposing disk :

*Qcl + °PQc|

1
. )R = SR (6.90)

09,cav = (
where R = R; for section a — b and R = R, for section e — f.
A more pragmatic approach to calculate f, is achieved using the explicit equation of
Haaland, as reported by Cengel & Cimbala (2010), which avoids the required iterative
procedure to find f,, using the Colebrook-White equation, while resulting in only a minor

loss in accuracy :

1 6.9  (€f/Dp\t1
—=-181o [— +( ) ] 6.91
7 810| Rep, "\ 737 (691)
Following Fig.6.17, the hydraulic diameter D, is :
hss + Asy

The friction torque due to the seal strip cavity may then be quantified. On the rim, near
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the stage inlet sidea — b :
R 2 Ns
TCAVi X 27’[Ri (—2 - 1)(2]’155 + L]) Tw,cav; (6.93)

and on the rim, near the stage outlet sidee — f :

N,
RTCAV(, & 271R3(% - 1)(2hss + Lj) Tw,cav, (6.94)

With respect to the disk, one finds in a similar way for the stage inlet sidea — b :

N
DT cay, = 27'(R12Lj(% - 1) Tanca (6.95)

and on the disk, near the stage outlet sidee — f :

N
DTCAVU = 27—(R§Lj(% - 1) Tw,cav, (696)

The total contribution of the seal cavities to the disk friction torque is :

Rycav = XTcav, + RTcav, (6.97)

PTcav =PTcav, + PTcav, (6.98)

Taylor-Couette flow is assumed to remain in effect between the faces that constitute the
seal strips. Therefore Eq.6.53 must be rewritten as :

Trac = 2my (i)(R? + R3) (%) (6.99)
Asy 2
The disk friction losses on the rim then are :
RToF = TToC + T1ac + X cav (6.100)
and on the opposing disk :
PTor = Troc + Trac + PTcav (6.101)

Note that the friction torque on the disk and on the rim are no longer identical. The
mechanical power dissipated because of disk friction losses on the rim side are:

Rppr = RQRTpr (6.102)
while on the opposing disk side :

PPpr =PQcPTor (6.103)
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Finally, it is important to highlight that the use of see-through labyrinth seals will intro-
duce a rim torsion moment and likely an axial force because the pressure drop over each
seal is not identical. However, the study of this effect is not in the scope of this work and
will be part of future research.

6.5 Introduction of disk friction and leakage losses into the stage

governing equations

6.5.1 Impact on outlet specific total enthalpy and turbine power balance

Consider the control volume shown in Fig.6.19 (dashed lines), which is made of the
volume through which flow passes in the turbine stage and tangent to the turbine blades,
rim and opposing disk. Py j is the mechanical power delivered to the blades by the gases
passing through the blade passage, Dppr and RPpr the mechanical power introduced in
the control volume by, respectively, the opposing disk and the blade rim but completely
dissipated in the control volume by viscous effects. h;; and hy, are respectively the specific
total enthalpy of the gases entering and exiting the stage. For a given mass flow 11 passing

through the control volume, the first law then yields :
Pyt = tir(hyi — hyo) + PPpr + R Ppr (6.104)

For the performance calculations, it is important to identify /;,. A first step to the solution

Lov

F1GURE 6.19. Single stage power balance.
is introducing another expression for P, :
Py py = vty (hti — Ry p) (6.105)

where hy, , the specific total enthalpy of the gases leaving the blade passage and which is
obtained from the blade velocity triangles and passage loss models. 7, is the mass flow
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passing through the blade passages only, i.e. :
11 = tiy, + 11, (6.106)
and consequently after substitution of Eq.6.106 in Eq.6.105 :
Py p = 1it(hy; — hyop) — titpr (hyi — hyop) (6.107)
Equating Eq.6.107 and Eq.6.104 gives :
tiv(hy — hyo) = tit(hy — hyop) — tites (hyi = hyop) — P Ppr — *Ppr (6.108)

or,

PPpr _ RPpr

1
i = o = (15 = hiog) = —= (s = hioy) = (6.109)

1
and leads to the corrected value for the total specific enthalpy at the outlet of the turbine

stage :
hto = hto,b + Aht,LL + DAht,DF + RAht,DF (6.110)

where the previously mentioned corrective terms are expressed as :

it
Al = —= (I = hioy) (6.111)
D
p
D ARy pp = —2F (6.112)
m
R
RAhypr = I;fF (6.113)

The stage mechanical power output Py can be calculated applying the power balance
over the blade (Fig.6.19) :

Py = Py — RPpr (6.114)
Introducing Eq.6.104 and Eq.6.112 in Eq.6.114 results in :
Pyt = tit(hy; — hyo + P Ahy pr) (6.115)
Another form of Py can be found by substituting Eq.6.110 in Eq.6.115 :
Py = tit(hyi — hiop — Ay 1, — R Ahy pr) (6.116)
Note that Py is the mechanical power contribution of the stage to the crown of which it is

an integral part. However, the part of the crown working as opposing disk destroys part
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of the delivered useful power Py by viscous losses, and this needs to be accounted for. If
Sy is the number of stages, then :

Su/2 Su/2

Per =) Pog = Y, PPory, (6.117)
j=1 j=1
5,/2 5,/2

Pcy = Z Pyt — DPDFQH) (6.118)
j=1 j=1

Note that the crowns influence each other’s power output via the opposing disk viscous
losses, an effect which was not accounted for in Eqs.5.114 and 5.115.

6.5.2 Impact on stage total outlet pressure

It is important to investigate what the impact is of the mixing process of ri, and 7, on
the total pressure. This can be done thanks to the second law of thermodynamics which

states that for an open system in steady state :

Z 1it(s — o) — Z Tit(s — Syef) = Z T% + X (6.119)

out in

where s the specific entropy, s,.s the reference entropy™, Q the heat passing through the
boundaries of the open system at temperature Tp and X; the entropy production inside
the system. It is reasonable to assume that the mixing process is adiabatic and isobaric,

ie.:

Pob = PLL = Po (6.120)
Q _
Z =0 (6.121)

where py;, the static pressure of the leakage flow behind the last seal strip, p,; the static
pressure of the gases expelled by the blade cascade and p, the static pressure of the gases
leaving the stage after mixing. For a perfect gas, the entropy can be calculated for a given
pressure and temperature after developing Gibbs” equation — Cengel & Boles (2006) :

T p T; Pt
$—8,r=C ln(—) - R ln( ) =C ln( ) - R ln( ) 6.122
ref P Tre f 8 Pre f P Tre f 8 Pre f ( )

Note that Eq.6.122 is applicable to both static and total components of a perfect gas. Using
Eq.6.119 for the mixing process and imposing the value of s,y = 0:

Y. = 1S, — HiSy — MrLSLL (6.123)

*Since the mixing process does not change the chemical composition of the gases, s.s can be given a
constant value such as zero and will drop out of the equations.
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Substituting the definition of entropy for a perfect gas (Eq.6.122) and developing the static

terms for an isobaric process (Eq.6.120) yields :

5 =1t C, [m( To )_ ity ln( Tob ) _ M ln( Tit )] (6.124)

The f 1 Tre f m Tre f

The total components on the other hand give for X; (Eq.6.122) :

T j T i T
Yi=mC, [ln(%) - @ ln( Tto’b) - m'LL ln( Tt’LL )] —...
ref ref m ref

m

" " (6.125)
1 Ry [ln( Pro ) 3 _b ln(pto,b) _ 'LL ln(Pt,LL )]
pref m pref m Pre f
Note that :
1= L, T (6.126)
m m
Equating Eq.6.124 and Eq.6.125 results in :
j T 7 T
1 Cp [ln(&) - @ ln( to’b) - m,LL ln( . )] -
T, i1 T,yp it Ty
" ’ i (6.127)
1 Rg [ln( Pro ) - —,b ln(pto'b) - .LL ln(pt’LL )] =0
pref m p ref m p ref
For perfect gases, Cengel & Boles (2006) :
Lioqs (y—_l)M2 (6.128)
T 2

As an approximation, it is reasonable to assume that the Mach number M of the gases

entering and leaving the system (mixing process) are approximately the same or :
It _tob o ZLLL (6.129)

Then, Eq.6.127 may be further reduced to :

tn( 22 ) = 2 (el ), T g PULL) (6.130)
pl‘é’f m prgf m pref

If one further states that the total pressure of the leakage mass flow is in the same order
of magnitude of the total pressure of the gases leaving the blade cascade :

PtLL = Ptob (6.131)
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then Eq.6.130 and Eq.6.126 reveal that :

Pto = Proj (6.132)

and thus, what the total-to-total expansion ratios concern of the stage mrs and blade

cascade 77y :

TiTs & Ty (6.133)

6.5.3 Impact of disk friction and leakage losses on cascade outlet velocity
triangle

The absolute speed of the gases leaving the cascade v, is influenced by the disc friction
losses and leakage mass flow. Examining 7, in the radial plane yields the following

components :
Gy = Vog 1k + 0o, 1o (6.134)

The impact on the tangential component v,, is found by applying the angular momentum
equation, which is for a steady stage regime given by — Cengel & Cimbala (2010) :

ZM]» = (Zﬁ xmﬁ) - (Zﬁxmﬁ)‘ (6.135)
- o :

where the left term is the sum of the moments acting on the control volume and positive
when in the same sense as the unit vectors of the right-handed orthogonal coordinate
system, such as indicated in Fig.6.20. The right terms in Eq.6.135 represent the flux
of angular momenta respectively exiting and entering the control volume. Applying
Eq.6.135 on the turbine stage, more specifically on the previously defined control volume

retaken in Fig.6.20, results in :
~Ttp + XTpF = PTDE = i(Rovo, — Rivy,) (6.136)

Note that the flow is considered to be purely two dimensional (no speed component in
the axial plane). 7 is the torque delivered by the blade cascade to the concurring stage
disk. Because in Eq.6.135 the moments on the system are required, a minus sign needs to
be added to 7, in Eq.6.136. Similarly, the sense of the Rgpr and PTpr torque vectors can
be found by examining the shear forces on the affected control volume faces. Another
way to express —7 4 is by applying Eq.6.135 over the blade cascade only, yielding :

—Jsth = mb(Rovou,b - Rivi“) (6.137)
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F1GURE 6.20. Single stage torque balance.

Substituting Eq.6.137 and Eq.6.106 in Eq.6.136 and rearranging terms gives :

RTDF = PTDF — 1111 (Ro0,, » — Riv;,)

i R,

Vo, = Vo, b+ (6.138)
where v, |, represents the tangential component of the absolute speed of the gases leaving
the blade cascade. When there are no disk friction or leakage losses, v,, = v,, 5. Examining
Eq.6.138 clearly shows that, since it was previously shown that Rgor = PTpp, the leakage
losses decrease the magnitude of v,, (v,, < v;, for a turbine).

The consequences of disk friction and leakage losses on the absolute speed 7, can now
be developed fully. For this purpose, the continuity equation, the perfect gas law and
total-to-static conversion equations are used in an iterative procedure. This procedure is
explained next.

Using an estimation of the static temperature in the outlet T, (taking T, for this purpose
is most appropriate), a new value for the static outlet pressure may be found considering

the total-to-static conversion law for a perfect gas :

v

T, \7
Po = pto(f) (6139)

Note that the total components follow from the previous theoretical discussions and are
invariant in the iterative process. From p, and T, it is possible to find the density p, using

the perfect gas law :

_ _Po
Po= R.T,

(6.140)
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The continuity equation then allows to find a value for the radial component of the
absolute speed v,,, viz. :
1
= 6.141
UDR po AO ( )

Calculating the norm of the absolute speed vector 7, :

U = |V + V3 (6.142)

allows to establish a new estimation for T, via the total-to-static conversion equation for

perfect gases :

2

v
Ty =T — == 14
0 to ZCP (6 3)
When converged, the new stage absolute speed outlet angle may be obtained :
Vo
ay = atan(—”) (6.144)
(2

The logic and integration of the friction and leakage losses is highlighted in Fig.6.21.

6.5.4 T-s diagram

The impact of the leakage and friction losses on the intensive properties is shown in
Fig.6.22. If the blade passage losses are represented according to the model of Ainley &
Mathieson (1955), as indicated in Section 6.1.6, it is possible to continue the discussion
based on the analysis which was already established for Fig.6.3. The major difference
here is that the expansion process over the complete stage is examined (ti — to) and not
over the blade passage only (ti —to, b). The entropy rise caused by the leakage and friction
losses discussed earlier is now introduced considering an isobaric process on the outlet
total pressure, as proven in Section 6.5.2. The consequence of these losses is indicated in
Fig.6.22 by the red line extending between to, b and to. As expected, the total temperature

increases, resulting in a reduced stage turbine power output.

6.6 Turbine stage interstage space losses

As already indicated in Section 5.4.12, the flow in the interstage space is considered to
be isentropic. As a consequence, the friction losses will be neglected. Since the flow is
subsonic, the diverging interstage space will cause the static pressure to increase slightly,

while total temperature and total pressure are conserved.
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From blade passage loss calculations
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Ficure 6.21. Iteration procedure to find the stage leakage and friction losses, and impact

FIGURE 6.22. Introduction of friction and leakage losses.
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6.7 Performance calculation

The performance calculation of a stage is performed by integrating the blade passage
losses, the friction losses and the leakage losses. The flowchart in Fig.6.23 represents this
logic. A sequence of these loops, i.e. one for each stage, yields the turbine performance.
Note that in case the leakage mass flow 711 appears to be small, the loop on 77, may be
neglected, offering a significant gain in calculation time. The isentropic and polytropic
efficiencies are now calculable (Section 5.5).

6.8 Conclusion

This chapter justified the use of axial turbine loss models to estimate the losses in the
Ljungstrom

turbine. These models use geometric and flow intensive properties. The latter can be
established by the governing equations described in Chapter 5. With this information, the
performance of a Ljungstrom turbine is calculable. However, it is the designer’s task to
develop a turbine geometry, which complies with the imposed performance requirements.

This discussion is conducted in the next chapter.

Output previous stage or plenum

m
LL <_>
Tty

’ Blade passage loss calculation ‘

4{ Friction and leakage loss calculation ‘

converged

’ Interstage space correction ‘

Input next stage

F1GURE 6.23. Iteration procedure to calculate the stage losses.
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6.9 Nomenclature

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Abbreviations and substance formulae

A
R
AR,
c

Ca
Gy
Dy,
h
hy

Flow area

Blade aspect ratio

Blade projected aspect ratio
Blade chord

Radial blade chord

Specific heat at constant pressure
Hydraulic diameter

Specific enthalpy

Specific total enthalpy
Friction loss coefficient
Specific total enthalpy loss
Specific relative total enthalpy
Seal strip height

Blade height

Torque coefficient

Correction factor

Labyrinth seal cavity length
Mass flow rate

Moment

Rotational/Angular speed
Number of seal strips

Blade passage throat

Static pressure

Total pressure

Relative total pressure

Power

Delivered stage power on crown
Delivered power by blade cascade
Heat flow

Radius

Rothalpy

Specific gas constant

Turbine (stage) inlet radius
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Heor
Hico
Hoc

Turbine (stage) outlet radius

Reynolds number

Stage pitch or specific entropy

Turbine stage number

Turbine slip factor

Passage length

Rim thickness

Static temperature

Total temperature

Relative total temperature

Torque

Taylor number

Rotational velocity

Absolute speed

Seal strip width

Non-dimensional relative total pressure loss
Relative speed

Stage blade number

Absolute flow angle

Relative flow angle

Camberline angle

Gauging angle

Isentropic exponent

Deviation angle correction due to slip vortex
Deviation angle correction due to pitch angle
See-through labyrinth seal, strip clearance
Axial gap clearance

Radial gap clearance

Flow deflection or R;/R,

Soderberg loss coefficient, standard conditions
Soderberg loss coefficient, non-reference A,
Soderberg loss coefficient, non-reference Re
Blade stagger angle

Dynamic viscosity

Flow correction coefficient

Kinetic carry-over coefficient

Flow contraction coefficient
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Critical pressure ratio

Blade passage total-to-total expansion ratio
Stage total-to-total expansion ratio

Pitch angle

Density

Entropy production

Wall shear stress

Angular velocity

Crown angular velocity

Subscripts and superscripts

AX

b

B

C

C1
2
cav
CAV

DF
DN
EWF

TAC
TE

Axial turbine

Blade or blade passage related
Control volume boundary
Crown related

First crown

Second crown

Labyrinth cavity

Labyrinth seal cavity related
Opposing disk

Disk friction

Daily and Nece model
Endwall fence

Supersonic expansion

Inlet

Related to position j
Leakage loss

Outlet

At outlet of a blade passage
Profile related

Radial component

Rim

Reference

Secondary flow

Seal strip

Total component
Taylor-Couette

Trailing edge
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[-]

[-]

[rad]
[kg/m°]
[W]
[Pa]
[rad/s]
[rad/s]



TOC

Torsional Couette

Tangential component
Tangential component
Saturated flow conditions
New result after one iteration
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Chapter 7

Preliminary Ljungstrom turbine
design

“Everything should be made as simple as possible, but not simpler.”

Albert Einstein — Einstein et al. (2010)

Designing the Ljungstrom turbine relying on the governing parameters and formulae
stated in Chapter 5 and the loss models discussed in Chapter 6 is the goal of this chapter.
In order to limit the freedom of design, criteria will be imposed. As a direct consequence of
this, important relationships between duty and geometric parameters will emerge, which
will eventually lead to the geometry of a Ljungstrom turbine seeking as high as possible
efficiency for the demanded power output. The chapter concludes with the discussion of

some off-design characteristics.

7.1 Nominal operating point design

The nominal operating point is the working point at which the turbine delivers the
required power at the required pressure ratio imposed by TDR-cycle considerations, with

high as reasonably possible efficiency.

7.1.1 Design criteria

The variation of performance of a Ljungstrom turbine may be represented by a physical

function f for which one may write :
f(D,.6,Y)=0 (7.1)

where, as discussed in Chapters 5 and 6 :
— O the duty parameters : ¢;/,, 1, é, R, My, T, ®,;, Sq, ...

— @ the geometric parameters : R,/R;, B, H, Iy, Ais/Ca, Griader €, A, AR, ...
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— Y the thermo-fluid-mechanical parameters : y, Re, M/, ...

The governing equations relate some of the stated parameters, but other closing equations
still need to be chosen by the designer. Besides the design recommendations stemming
from studies performed in the subsequent sections, design criteria will already be imposed
for determining the nominal operating point in order to prevent a design being achieved
by chance. They are reviewed next.

Velocity triangles

For each stage, the flow inlet and outlet velocity triangles need to be established. Fig.7.1
shows that the inlet velocity triangle of one stage is determined by the outlet velocity
triangle of the previous stage.

—>  Absolute speed vector

——>  Rotational speed vector odd stage
——>  Relative speed vector odd stage
=== Rotational speed vector even stage
-=-=>  Relative speed vector even stage

A

s

\
N
N
A\
S
e

Nk

Ficure 7.1. Velocity triangle dependence for a multi-stage Ljungstrom turbine.

The inflow of the gases near the first stage is purely radial 'a; = 0 because the flow
emerges from the centre of the turbine, which is connected to the pressurised plenum
inside the helicopter fuselage. This is a design parameter. Note that the superscript 1 in
la; stands for the first stage.

In order to maximise the total-to-static efficiency of the turbine, it is advisable to remove
any tangential speed component at the outlet of the last stage. As a consequence, La, = 0
will be imposed. Note that the superscript L in L, stands for the last stage.

The model of Soderberg showed the importance of flow deflection on the blade losses.
The higher the value of € the more blade losses arise. Hence, it is sensible to distribute e

evenly over all middle stages, i.e. all stages between the first and the last stage, or :

Me = ¢t (7.2)
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where the superscript M stands for the middle stages. Building further upon this rea-
soning, it is practical to keep the inlet angles identical in front of each middle stage,

ie.:
2011' = Ml)éi =...= L_lal- (7.3)

As a direct consequence — the effect of the interstage space will be discussed later — the
outlet angle of one stage must equal the inlet angle of the subsequent stage :

Yoy = Ma; = Mg, (7.4)

Note that the minus sign appears because the positive angle reference must be respected,
which depends on the sense of the local rotational velocity. Another direct consequence

is:
Laj = -Ma, (7.5)

If for all middle stages a general conservation of the velocity triangle respectively at the
inlet and at the outlet is imposed, which is a sensible choice given the constant Me and
since (-Ma;) = Ma,, then, evidently, it is found that (Fig.5.7 and Fig.5.8) :

Mpi=C' =M, +Me (7.6)
Mg,p =C' (7.7)

If finally the velocity triangle at the outlet of the first stage is set equal to the outlet velocity
triangle of the middle stages, and if the inlet velocity triangle of the last stage is put equal
to the inlet velocity triangle of the middle stages, it is possible to conclude observing
Fig.5.7 and Fig.5.8 :

Mp; = C' =L¢; (7.8)
Mg, = Ct = 1o, (7.9)

Rewriting Eq.5.57 and Eq.5.77 leads to the following important equations :

_ 1
" tana; — tan g;
1

= 7.11
Po tana,, —tanf, ( )

lof (7.10)
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When applied to the first stage they become :

-1

i = — 7 (7.12)
1
L, = S — Mo, (7.13)
When applied to the middle stages :
M 1
Pi = tanMa; — tan MB; (7.14)
Y = tanMa, i tanMB, , ~ tan My, + ta_i (MB; — Me) 715
And to the last stage :
L 1 M
i = tanla; — tanLB; =" (7.16)
Lo -1 -1 (7.17)

" tan LBop " tan (LBi — Le)

These equations will prove useful when establishing the (conceptual) performance model.

Turbine slip factor

For nominal operation, it is reasonable to impose equal magnitudes to the rotational
velocity of each crown (Qc; = Q¢;). Hence, the design turbine slip factor Sg = 1.

Interstage space coefficient

The interstage spacing A;; is the distance between the outlet and the inlet of two sub-
sequent stages. Moustapha et al. (2003) discuss that this length should not be too high
in order to reduce the friction losses, but not too low either to avoid high cycle fatigue
resulting from the impingement of the wake of the previous stage on the blades of the
subsequent stage. They propose the following design rule for A :

Ajs

— =0.2...0.35
Ca

>

¢ (7.18)

(Fig.5.5). ¢ is the interstage space coefficient. For this work, the design criterion that ¢

remains identical for all stages is imposed.

Interstage space free vortex

Even though friction effects in the interstage space are reported to have an important
impact on the selection of ¢, as discussed above, this work will adopt isentropic flow in

the interstage space (Section 6.6). The hypothesis consequently allows a free vortex to be
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imposed, which applies to flows on which no moments are exerted. From Eq.6.135 :
leovoul = j+1|Riviu| (7.19)

The absolute values must be taken since in the interstage space, there is no change of the
angle reference system.

Interstage space density change

Since no work is performed in the interstage space and since the interstage space will
remain relatively small, density changes in the interstage space will be neglected, i.e. :

o = H1p; (7.20)

Diffusor

Behind the last stage of the turbine, a diffuser is installed to expel the gases to the
atmosphere. The effect of the diffuser will be neglected, considering the size of the
diffuser to be minimal such that 'p, = p,, where p, the atmospheric pressure.

Impact of leakage mass flow and disk friction losses

As discussed in Chapter 6, leakage losses arise in the Ljungstrom turbine. However, they
will appear reasonably small (less than 1%). The impact of this loss on the blade geometry
will consequently be neglected.

Impact of disk friction losses on stage outlet density change

An additional simplification performed is assuming that the impact of the disk friction
losses on the outlet density is low enough such that :

Toop = *Lp; (7.21)

This is a reasonable assumption, for as long as the impact of the disk friction losses on the
stage efficiency remains relatively low (T}, = Tt).

Since it is reasonable to expect that R7or = PTpr under the conditions that hys << L jand
nitr 1, << 11, the impact of the disk friction losses and leakage losses on a, appear negligible
(Eq.6.138). Therefore, the design procedure will adopt :

Ty Ty (7.22)

The impact of these losses on the outlet specific total enthalpy will, however, not be
neglected.
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7.1.2 Inlet conditions
Determined by the TDR-cycle optimum

The inlet conditions in front of the RELT are imposed by the TDR cycle and internal
combustion engine operating point. The turbine design point should match the design
point conditions of the compressor or fan, where the compressor delivers a certain mass
flow ri1 at a total pressure py,. Neglecting the pressure losses in the ducts and plenum, the

following formula can be applied :
'pii = pr2 = RR pyg mc (7.23)

where 7i¢ the total-to-total cycle pressure ratio, RR the inlet losses and py, the total pressure

near the inlet of the compressor or fan. The turbine expansion ratio is :

1

rp = (7.24)
pto
If the turbine flow outlet Mach number is low, it is reasonable to state :
Yoo = Lpy = pa (7.25)
As helicopter flight speeds are small (ps; = p,), it is consequently found that :
RR
rp & —PTC R e (7.26)

Lpa

Note that 77 is a total-to-total expansion ratio. Each turbine stage contributes to the total

expansion of the gases, i.e. :
nr = I/ nrs (7.27)

where /775 represents the total expansion ratio realised in stage j. The inlet temperature
IT}; will depend on the cycle operating conditions, as discussed in Chapter 4. A method to
find the optimum conditions will be developed in Chapter 8. At this point, it is sufficient
to consider ' T}; as input variable and thus known by the designer. The non-dimensional
turbine inlet specific total enthalpy '8 can be found when a value for 'u; is imposed. This
value will be determined later, during the aerodynamic and disk friction loss trade-off

study.

Determined by the required turbine power

The RELT is designed to deliver a power P7, = Pc; + P to the rotors. From the first law
of thermodynamics (Eq.5.19), it is possible to retrieve the required mass flow 7, to which
the blade height Hj, is related, if a certain specific total enthalpy drop between inlet and
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outlet 11 — Lhy, is imposed :

P; P; P,

. T T A
jit = - N (7.28)
Vg = Lhyo ey Yriu?
wji-(E) ]

and Y7 the effective work coefficient over the complete turbine. The selected enthalpy
drop depends on the majorly TDR-cycle dependent conditions '/; and 77, but also on the
turbine polytropic efficiency 7, r. Here, it is also instructive to equate the denominator of
the third term with the denominator of the fourth term, which yields an equation similar

to Eq.5.80, but now for the complete turbine :
A ﬂq T
Wr = 19(1 —n ] ) (7.29)

Now, the independent duty parameters may be retrieved, as will be discussed next.

7.1.3 Design parameter selection

With regard to the power output, non-dimensionalising the governing equation of Euler-
Rateau (Eq.5.24) and substitution of Eq.5.53, Eq.5.73 and Eq.5.76 in the former yields for
the stage work coefficient 1 :

2
_ Qi _ (Ho) Tobu
P = ” (ui) o (7.30)
R,\?
Y = ¢itana; — (E) $otana, (7.31)
1

Consequently, one observes that j Y=f (fql)i,f q[)o,j a;/ aop, Ro/R;). Note again that ) does
not take the disk friction and leakage mass flow losses into consideration. To account
for these losses, Y5 is defined as the effective work coefficient over a stage, in which the
previously mentioned losses are adopted, viz. :
I’lt' - ”lt hto - ht b
¢s:1—20:¢_—2" (7.32)

us us
1 1

Note that Y5 < ¢ and ¢s = f(¢, (1), denoting Crr the impact of the disk friction and
leakage losses in the stage. In addition, it is possible to reflect the work coefficient of each
stage s in the turbine work coefficient it as the mass flow through each stage remains

identical :

Ui =hio = Y i = heo) = Y T(wps) (7.33)
j i
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Dividing by 'u? yields :

gr=Y (%) s (7.34)
]' 1
or,
yr = Z (%)sz(t,b, CrL) (7.35)
]' 1

From Chapter 6 and using the model of Soderberg, it becomes clear that the aerodynamic
losses here defined as C4 depend on (3 = f(e, &y, Re) and w, /1o = f(Po, Poy)- If the inlet
velocity triangle is known as well as f3,, it is possible to calculate € (Sections 5.4.6 and
5.4.7). As a consequence (for each stage) :

CA = f(ﬂbi/ (PO/ (Xi, ao,b/ /Rll/ Re) (736)

The efficiency of the turbine may then be expressed as 1,7 = f(/Ca, /Crr, /ip). The design
of the turbine greatly depends on finding an optimum nominal efficiency in order to
provide good TDR-cycle performance characteristics.

The impact of the above equations is significant as it shows that the following duty,

geometric and thermo-fluid-mechanical parameters need examination for each stage :
1. /¢; : the inlet flow coefficient
2. Ig, : the outlet flow coefficient
3. Ja; : the flow inlet absolute angle
4.7 a,p : the flow outlet absolute angle
5. IR, : the blade projected aspect ratio
6. IRe : the flow Reynolds number
7. ICpy : the disk friction and leakage losses
8. i 1;—‘; : the outlet-to-inlet radius ratio

Clearly, it is not practical to select each variable independently. Fortunately, the earlier
stated design criteria already reduce the amount of freedom, as will the introduction of
the governing equations. These are discussed next, prior to tackling the detailed turbine
design procedure.
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7.1.4 Stage matching

Stage matching is the action where subsequent stages are configured in such a way that

continuous flow characteristics are insured while obeying the imposed design rules. Of

specific interest is the relationship between the flow coefficient at the outlet of one stage

and the flow coefficient at the inlet of a subsequent stage. From conservation of mass :

I(povogAo) = 11 (pi0ig As)

or in non-dimensional form using Eq.5.9, Eq.7.20, and since Sq = 1:

j+1Ri

2
Iy = jﬁ( ) ]+1¢Z.
Observing Fig.5.6, it is found that :
ins = j+1Ri - jRo

Substitution of Eq.7.39 in Eq.7.38 yields :

, — TAN? .
J¢0:JH(1+ﬁ) J+1¢i

IR,

Defining i as :

2 Ais)2
=(1+25
: ( "R

results in the following stage matching equation :

e

1H
The interstage damping My is defined as:
My2iH
and as a result :
, j
i) = o
Pi

(7.37)

(7.38)

(7.39)

(7.40)

(7.41)

(7.42)

(7.43)

(7.44)

Some important conclusions can be made using Eq.7.44. For this purpose, observe Fig.7.2.

The design criteria impose M¢; = C' (Eq.7.8) and M¢, = C' (Eq.7.9). As a result :

M) = (M)
j+ (M(Po) = j(M(Po)
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Consequently :

IMyy =My (7.47)
Mepy =My Moy, (7.48)

Hence : the interstage space parameters not only determine the flow transition in the interstage
space, but also impose the evolution of the flow coefficient in the middle stage blade cascades,
the outlet flow coefficient of the first stage and the inlet flow coefficient of the last stage. My is

therefore an important design parameter.
/ ) \_} My /LK
M i Moo Lo oo

i |o I i Po T T

FiGure 7.2. Ljungstrom turbine stage matching.

O Mx —
M

Note that My does not relate '¢; to ¢, = M, and L, to 'dp; = M¢p;. This dependency
remains the designer’s choice. By definition 'K and LK are design parameters obeying

the following relations :

i = 1K 1y = KMy Mo, (7.49)
Lo, 2 LK Ly = FR Mo, (7.50)

The interstage space height evolution /H follows from the existence of the free vortex
between all stages. The design criteria impose that :

Tt = 7+ el (7.51)
IIRyvo,| = Y Riv; | (Eq.7.19)

Note again that in the interstage space the angle reference system remains conserved
causing the need for absolute values. Developing the tangent of both terms in Eq.7.51
and introduction of the conservation of mass equation gives :

] Rt Pl‘Ai' (7.52)
1 1
or,
1199, RolpoHpo) = 71 (0;, Ril piHpi) (7.53)
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According to Eq.7.19, the terms in absolute value vanish, which finally gives for H:

o
H=- ~q (7.54)
j+1 pi

Since in the interstage /p, = /*1p; (Eq.7.20), a H of unity must consequently to be imposed
on any interstage space geometry. Note that H is a geometric design parameter.

Finally, the interstage space geometry will be proven to fix the turbine stage outlet-to-inlet
radius ratio R,/R;. For this purpose, Eq.7.41 is examined more in detail. Substitution of
Eq.7.18 and Eq.7.39 in Eq.7.41 yields :

i= [1 + (1 - 1%,) @]2 (7.55)

In this equation, R,/R; clearly emerges. Since My was selected as a design parameter, it is

interesting to include Eq.7.43 in to the above relation. Rearranging terms then leads to :

i(Re) - J(—(jw ) (7.56)
' -2 +1
H
Since H = 1as imposed by the free vortex flow, since the design criteria impose /¢ = ¢ = C,
since My is in effect over all stages, it is found that R,/R; = C! for all stages :
Ropo ¢
Ri - \My+1

This is a remarkable result, where My allows the designer to modify R,/R; such to achieve

(7.57)

best performance characteristics.

7.1.5 Flow deflection

The flow deflection € can be written as a function of the selected design parameters ¢;, a;
and 'K, My or LK. The study establishing the e-functions is treated next.

First stage
Recalling Eq.7.49 :

1¢)i A 1K 1¢)o
Substitution of Eq.7.12 and Eq.7.13 in the above yields :

K tan 151» = —tan'a, + tan(l,Bi ) (7.58)
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Using the mathematical identity (applicable to any stage) - Abramowitz & Stegun (1972) :

tan( _ tanf; —tane 759
an(pi e)_1+tanﬁitane (7.59)

and substitution of Eq.5.57 (applicable to any stage), which is :

¢; tana; — 1

i

tan ﬁi =

leads to the following deflection angle law for the first stage, where 'a, = -Mq; :

tan(le) = < S ¢ ) ¢ (7.60)
1(f)1’ + tanMai 1¢i + 1K

or (Eq.7.49) :

(tanMa; TK My Mp; + 1K — 1) LK My Mgy,

tan(le) =
( ) (1KM)(M¢i)2+tanMai 1KMXM(P1'+1K

(7.61)

With the exception of 'K, the deflection of the first stage depends completely on the
characteristics of the middle stages, i.e. : le = f(M¢;, Ma;, 1K, My).

Middle stages

The deflection of the middle stages Me may be retrieved in a similar way as the one
discussed for the first stage. Introducing Eq.7.14 and Eq.7.15 in Eq.7.48 :

MX -1

tanMa; — tanMpB;  tanMa; + tan(MB; — Me)

(7.62)

Using the tangent identity (Eq.7.59), substitution of Eq.5.57 and solving for Me yields :

{[2 tanMayMep; — 11 My + 1) Mo,

M\ _
RO = g T tan(a) — (e ] My — tan (i + 1

(7.63)

From the above equation it is concluded that : Mg = f (qul-, My, M X).

Last stage

The deflection of the last stage is found by substituting Eq.7.16 and Eq.7.17 in Eq.7.50 and
solving for Le using the same procedure as discussed with the other stages :
Lk 1

= 7.64
tanla; —tan(; - Le) (7.64)
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from which the following equation results :

[LK tan(Mozi)L¢i -LKk + 1] L¢i

tan(le) = 5
- tan(Mozi)Lgbi + LKLQZ)I‘ +1

(7.65)

and since L¢; = M,

[LK tan(Moq)Mgbi Lk + 1] M(Pi

— tan(Ma;M¢p; + LKM¢* + 1

tan(le) = (7.66)

As a conclusion : Le = fM¢;, Ma;, LK).

7.1.6 Blade passage work coefficient

Eq.7.31 allows finding the work coefficient for each stage type. They are derived next.

First stage

In the first stage, la; = 0 and 'a, = “Ma;. The work coefficient of the first stage conse-
quently is :
R,\?
= () 19 tantay 7.67)
1
or,
R,\?
= (E) MxMep; tan(Ma;) (7.68)
1

Since R,/R; = f(My, ¢) (Eq.7.57) it is found that ') = fMo;, Ma;, My, 2).
q

Middle stages

Relying again on Eq.7.31 and My, = My,

2

My = Mg tan(May) - (2] Moo tan(a) 7.69)
)
My = Mo, tan(Mai)[l - Mx(f) ] (7.70)

and thus My = fMo;, Ma;, My, ¢).

Last stage

In a same manner, Ll}z is obtained where La, = 0:

Ly =L tan(tay) = Mo; tan(May) 7.71)
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Asaresult Ly = fMg;, Ma;, My, o).

7.1.7 Blade passage static density variation

In contrast to the density change in the interstage space, the density change p,,/p; in the
blade cascade must be accounted for. Here, the density ratio is modelled by means of non-
dimensional parameters. The result will allow deriving an important closing equation
between 1) and ¢; (Section 7.1.9). Considering an ideal gas, it is possible to write — Cengel
& Boles (2006) :

y-1 1
Pop _ Pto,b( 1+ 5M; ))'-1

- (7.72)
P P\ L2,
-1
Pob _ (pto,thi )( 1+ 5-M7 )Ll 7.73)
pi \PiTiop/\1 + L2 '
2 0,b
Substitution of Eq.5.124 and development of terms yields :
hii = hiop\T¢
% = m[1- (22| (7.74)
i ti
with the following definitions for m and k :
1+ L M2\
=) 779
1+ TMo,b
(= (I =1p0)y + N1 7.76)
(y - 1)T]p,Th '

1,16 is the blade passage total-to-total polytropic efficiency considering only the blade
passage losses and thus k = f(Cq) ork = f (M(pi, Ma;, My, ¢, R, Re) (Eq.7.36). Note that
the Mach numbers can be written as a function of the design parameters. With respect to
the inlet Mach number M,;, it is possible to write, starting from Eq.5.44 :

2

M= U _ Ui/t Ui (7.77)
L /ngTi Cos & 2 '
VRg(Tti - fp)
From Cengel & Boles (2006) :
Y
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Applying this formula to the former and introduction of the non-dimensional parameters,
provides the required equation for M; :

M; = P (7.79)
\/(y —1)(0 cos? a; — 2 /2)
In a similar way, M, , may be found :
Moy = Po (7.80)
2
\/(y - 1)[(}§—) (0 = 1) cos? ap — qbg/z]
using the relation :
h 0,b R 2 A
o= (2] 0-v) (7.81)

0

As a consequence, m = f(qui, Ma;, My, ¢, 710, ['K or LK]) can be calculated. Note that

one may prove that :

1 ;(@) (7.82)

A

and consequently /10 = fM¢p;, Ma;, My, ¢, 10, iCf). Finally, introducing Eq.5.12 and
Eq.5.14in Eq.7.74 :

Pop _ (1 _ E) (7.83)

7.1.8 Blade height evolution

While the free vortex condition in the interstage space allowed H to be unity, the impo-
sition of the stage matching conditions will not necessarily lead to the same condition
with regard to B. Indeed, the increasing turbine radius and the decreasing density of the
gases when progressing through the turbine, may in fact require the blade height to be
modified in order to ensure the design criteria are met. Applying conservation of mass
on the blade passage, the following relation can be retrieved for the blade height ratio B
(Eq.5.6) :

F= RiPi Uik to Ui _ (&)Zﬂﬂ (7.84)
R, Pob Ui Ugpr Uo R, Po,b (Po
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Substitution of Eq.7.83 in the above formula :

B= (7.85)

The evolution of B is now examined in the following sections for each stage type.

First stage
The evolution of 'B is readily found by introduction of Eq.7.49 in Eq.7.85 :
— 1k

13 _
B= N 2
o= ()

A more pragmatic approach would be the selection of 'B from which 'K can be ob-

(7.86)

tained. In the design procedure, this will be preferred approach. From a construc-
tional viewpoint, it is indeed easier to keep the blade height constant and 'B = 1
may consequently be adopted. Hence 1B = f(M¢i, Ma;, My, ¢, 'K, 16, ' R,, 1Re) or
1K = fMep;, May, My, ¢, 'B, 10, ' R,, 'Re).

Middle stages

Substitution of Eq.7.48 in Eq.7.85 :

JB = LI (7.87)

. M Tk 2
w15 1)

Consequently it is found that B = f(qui, My, My, ¢, 10, I.R,, iRe)

Last stage

Substitution of Eq.7.50 in Eq.7.85 :

LB:

— (7.88)

L 2
wex(i=3] e

As with the first stage, it is practical to impose LB = 1 for construction purposes. The above
equation then allows retrieving a value for LK. HencelB = f (qui, My, My, ¢, LK, Lé, Lr, LRe)
orlK = f(M(j)i, My, My, ¢, LB, Lo, L&, LRe).
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Note from the preceding discussion it is clear that B = 1 is not guaranteed, except for the
first and last stage, where the designer has an additional degree of freedom to match the
design criteria. The impact of the geometry is also expounded via /&, and Re. Since the

geometry is a priori unknown, an iterative design approach will be inevitable.

719 ¢; —p-function

Another way to relate the stage work coefficient to the stage inlet flow coefficient is by
considering conservation of mass and a given blade height evolution. This function
will appear particularly interesting during the iterative calculations used to establish the
turbine geometry in Section 7.1.15. Recalling Eq.7.85 and solving for R,/R; yields :

(7.89)

Eq.7.31 also allows writing :

R, |¥—¢itana; (7.90)
R; —¢po tana,

The design criteria impose a, ) = «,. Hence :

R, _ |9 = ¢itana; (7.91)
R; -, tan a,

Substitution of Eq.7.89 in Eq.7.91 gives the following relation between 1) and ¢;, which is
applicable to any blade passage :

k
Bm (1 — E)
itan o lé]
Pi 5 L= - % (7.92)
Y Y tan a,
Bm(1-3%) - e
or,
itan ¢ —
i . i f(%,m,k, B) (7.93)

7.1.10 Reaction degree

Horlock (1966) mentions the importance of the reaction degree in the selection of the

blade profile. The reaction degree therefore deserves further examination. From Eq.5.60,
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the following generally applicable formula is found :

vt e -

2 1\cos a; cosa, R;

Since — Abramowitz & Stegun (1972) :

=1+tan’a; = sec® a; (7.95)

cos? q;

Eq.7.94 may also be rewritten in the following more practical form :

14 tan? 2 (@0 Ro)’
R=1-—L|1+t —(1+t (——0)] 7.9
R=1 21lbl+ana¢l (+anao)¢iRi (7.96)
First stage
Applying Eq.7.96 and Eq.7.68 on the first stage yields after simplification :
M, M 2
1% _ X" oi {(1 Ri) 2 M }
R=1-——+—{'K&+) - [1+t ; 7.97
tanta) \ ¥R, [1+tan®(Ma;)] (7.97)
with IR = f(M(pi, May;, 1K, M)(, C).
Middle stages
Combining Eq.7.96 and Eq.7.70 and elaborating results in :
o\
(k)
My, 2(M,,. R;
tan(Ma;) 1+ M)((R—)
with MR = fMep;, Ma;, My, o).
Last stages
The same procedure but now on the last stage with Eq.7.96 and Eq.7.70 yielding :
M 2
et it
R=1+—F"7—{"K&] - [1+t 7.99
* e\ Kg) — 0+ an?a] 799)

Wlth LR = f(M¢i/ Mai/ LK/ MX/ é\)
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7.1.11 Conceptual performance model
Introduction

From the previous analysis, the non-dimensional turbine performance parameters Ilr

appear to be governed by :

A

1. Turbine related design parameters : M(j)i, My, M x, ¢ 10, S,
2. Stage specific design parameters : AR, Re, Crr, 1§, LB

At this point, it is interesting to reflect on the optimum turbine efficiency design criterion.
The calculation of the losses in a turbine stage were addressed in Chapter 6 and involved
two steps. First, the blade passage losses were determined (C4). Second, only when the
flow conditions behind the blade passage were obtained, was it possible to superimpose
the stage friction losses (Crr). As a result, it is reasonable to expect that some stage flow
characteristics can be related to a high stage aerodynamic efficiency without having to
consider stage friction. This study is the subject of the conceptual performance model. The
friction losses will be discussed and introduced later in a more detailed model, which will
rely on the findings of this conceptual performance model. In addition, the conceptual
performance model will allow the selection of appropriate blade profiles by studying the
reaction degree.

Hypotheses

The conceptual performance model follows the design criteria of Section 7.1.1, but imposes
in addition, following Eq.6.3 :

R
ﬁ ~1 (large radius with respect to blade chord) (7.100)
1

This hypothesis leads to Eq.7.57 and Eq.7.55 :

12

My 2 1= Mg =Mpo = 1o = ¢ (7.101)
iz1 (7.102)

2

Since in the Ljungstrom turbine it will appear that i) << , it is reasonable to state :

SRS
2
(@)

(7.103)

Because the flow absolute Mach numbers will show to be in the low subsonic range
(M < 0.3) or of the same order of magnitude : m = 1. Eq.7.87 then leads to the following

observation :

MB ~ 1 (7.104)
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If in addition one imposes 1B = LB = 1, which is in line with the foregoing equation and

less costly from a construction viewpoint, it is found that (Eq.7.86 and Eq.7.88) :

IKx1= 1 =My, (7.105)
Lk =1 = Ly, =My, (7.106)

Relying on the above simplifications, and considering 42, and Re to be more or less iden-
tical for all stages, it is found that the turbine non-dimensional performance parameters

all become function of :
My = fM¢i, May, 16, Ry, Re, Sp) (7.107)

The above parameters allow examining Cx for each stage and of the complete turbine.
M@; and Ma; will act as independent variables, while a sensitivity study will be performed
on A, Re and S,. Note that in the present context i = f (M(pi, Ma;, 10, 7). However,
since the turbine inlet temperature is rather low (TDR-cycle observations) as well as the
temperature drop and inlet rotational speed over each stage, /0 will not change much for

each stage and will at this point be discarded from consideration, i.e. :

A

i6~16 (7.108)

12

Design Mq;

The performance parameter of interest is the turbine aerodynamic loss C4r, which should
be minimised. By definition (Eq.6.30), and using Eq.5.77 :

2
i htL) 1 wob 1 2( 2 2 )
i) =c—= == 7.109
G2 (15) = g0y = 3G0i(1 + e’ (7.109)
1
Ca= E@[qsg(l + tan? ap) — 2¢, tan a, + 1] (7.110)

The turbine aerodynamic loss then is :

c2
] )
Car=) 1”“21<:A (7.111)

it
and can be further simplified to (Eq.7.100) :

Car =) JCa="Ca +(Su = 2MCa +1Ca (7.112)
j

Note that M, is identical for all middle stages, which is a direct consequence of the
simplifications. As stated before, (3 = f(e, &, Re). Applying the hypotheses, the flow
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deflection for each stage type is (Eq.7.61, Eq.7.63 and Eq.7.66) :

2
tan(Mal-) M(pi

le) = 7.113
tan("€) M2 1 tan MMy + 1 ( )
M o, \M + 2
tan(Me) = —2ranC7a) ¢12 (7.114)
[1 - tan?(Ma,) M + 1
M o, \M 4 2
tan(be) = — AT (7.115)

M¢i2 - tan(Mai)Mgbi +1

The above set of equations allow a parametric study of Cat to be established. Note how-
ever that a more pragmatic approach is to represent C4(1y by means of an efficiency. Since
Car represents the enthalpic losses, it can be easily adopted in the isentropic efficiency
relation, which was already defined in Eq.5.116 :

n A hti - hto
is, T — 7. 1.
hti - hto,'s

Since Cry, is neglected (hy, 5 = hyo), it is possible to write for a single stage :

1
Nis,Ts = Nis,Tb = Tror—Ton, (7.116)
hti=hyop
1
Nis,Ts = Mis, Th = C (7.117)
1+ =
Iz
or for the complete turbine,
g 7.118
Nis,T = 1+ Tt ( A )
yr

Note again that the conceptual model imposes s = ¢. Now, the values of i) and {7 can
be found easily. Using Eq.7.68, Eq.7.70 and Eq.7.71 :

L = Mo tan(Ma;) (7.119)
My =2 Mg, tanMayy) (7.120)
by =M tanMay) (7.121)

An interesting observation is made comparing the above equations. Indeed, it is found
that :

=Ly = - (7.122)
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Substitution of Eq.7.122 in Eq.7.34 then yields :

Yr = (S, - )My (7.123)
and as a consequence (Eq.7.118) :
1

+ CaT
2(Sy —1)M¢)i tan(Mai)

MisT = (7.124)

The result of the parametric study is reflected in Figs. 7.3-7.4. The sensitivity study
range on A;, Re and S, is highlighted in Table 7.1. Note that the figures represent the
middle-stage work coefficient My. This allows a better analysis of the turbine efficiency
as a function of stage loading. Indeed, {r depends on S, (Eq.7.34), which renders the
evaluation of the impact of S, on stage level less obvious. Assessing Figs. 7.3-7.4, it is

TaBLE 7.1. (4 sensitivity study range.

ARy 0.25,5
Re/Reyef 0.25,2
Sn 4,10

Uldr VA A7 7 VA v4
D S | (e "
8 AR =025 [-]Re/Re, =025 -]+ 8 AR_=5.00 [-] Re/Re, =025 [+

10 VA 7 \lvl V4 10 VA 7 M Z Ty
’nis’T -] o [deg] ‘ ’nis,T -l o, [deg] ‘
8 AR_=0.25 [-] Re/Re, _=2.00 [}*°] 8 AR_=5.00 [-] Re/Re, _=2.00 [-1.*°]

FiGure 7.3. Ljungstrom turbine parametric design and sensitivity study : S, = 4.
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FIGURE 7.4. Ljungstrom turbine stage parametric design and sensitivity study : S, = 10.

found that:

— Anincrease in &, and Re/Re;.s improves the turbine efficiency n;s 7.

— For a same stage loading, an increase in S, impacts 7;; 7 minimally, moving the

optimum to slightly higher M¢;. This is because the optimum (4 of the middle
stages is found at higher M, than those for the first and last stage. More stages
means that 7;; T becomes biased towards the value observed for the middle stages,
as more of them are installed. Fig.7.5 reveals this tendency, which is also found
similar for other 4&,, Re and S,. This figure also explains the small decrease in
efficiency with increasing turbine stage number, because the middle stages operate

at higher flow deflections than the first and last stage and thus induce higher losses.

If nis > 0.85 is sought in order to impose a reasonable value for the cycle efficiency,
it is clear that My < 10 (see iso-efficiency lines). From Eq.5.80 and since 15 <
Y (Eq.7.32), it is then found that the stage expansion ratio mrs < 1.3\, Under
these circumstances it becomes apparent that each Ljungstrom turbine stage will
work under adapted operation conditions with a significant margin with respect
to the choking pressure ratio (Eq.6.70). Hence, it is safe to neglect any supersonic

expansion losses in the turbine.

IA reasonable value for § = 155, as proven later in Chapter 8.
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— A design range for Ma; can be established. Observing the figures and biasing the
optimum towards a slightly higher work coefficient in order to minimise the stage

count, it is acceptable to select for the high 4, :

My, ~ 40° 4 50° (7.125)
while for the low 4R,

My, ~ 60° 2 65° (7.126)

These values may be used as design Ma;.

AR =0.25 [-] Re/Re, =0.25 [-]

o Il ) Il Il Il
0 1 2 3 4 5

M [-]

FiGUre 7.5. Ljungstrom turbine stage C4 behaviour, expounded using S,, = 10.

The foregoing rules of thumb for Ma; allow to fix the required number of turbine stages
for a given cycle pressure ratio 7ic, here approximated by the turbine expansion ratio 7.
Indeed, recalling Eq.7.29 :

1-y
1A 5 Mlp,T
QDT = 9(1 - RT; )

yields the required ¢7. Conceptual design plots such as Figs. 7.3-7.4 then lead to the
determination of the maximum value for My, while imposing a target turbine efficiency.
The turbine stage count S, is consequently found using Eq.7.123. Finally, Eq.7.120 yields
Mg, for the selected design Ma;.
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Mg, is necessary to calculate the blade height of the turbine blades (and reiterate on 42,).
The answer to this problem still needs examination since (Eq.7.28) :

= m=_
_ m
 21Ripipiu;

Hy; (7.127)
where the important dimensional design parameters u; and R; still need to be selected
such that the turbine total efficiency remains high. Clearly, the impact of the disk friction
and leakage losses Cry, therefore requires further analysis. This research is conducted after
the important discussion on the stage reaction degree and some geometric considerations,

which are treated next.

Reaction degree

The reaction degree was already studied in Section 7.1.10. Applying the conceptual model
simplifications to the formulae established for R yields valuable design characteristics.
From Eq.7.97, Eq.7.98 and Eq.7.99, it is found that :

Mq,‘)l- tan(Ma;)

IR=1+ — >1 (7.128)

MR =1 (7.129)
R M 4. t M .

IR=1- w <1 (7.130)

Referring to Eq.5.60, the above equations clearly state that the absolute speed of the flow
over the blade passage is increased in the first stage, conserved in the middle stages
and decelerated in the last stage. This behaviour is particularly beneficial since the first
stage will increase Re over the middle stages where the deflection is higher (see model
of Soderberg), while kinetic energy is recuperated in the last stage before the gases are
expelled to the atmosphere. In addition, all but the last stage have R > 1. From this
observation, it is possible to select the blade profile (family).

7112 Geometry assessment
Blade profile selection and turbine geometry development

For turbines where the reaction degree is important (i.e. > 0.5), which is the case for
most/all of the stages in the Ljungstrém turbine, Horlock (1966) recommends the use the
A3Ky7 reaction blade profile, shown in Fig.7.6. In general, the thickness-to-camberline-
length ratio ¢/ is 20% for this profile, but Dunavant & Erwin (1956) explains that ¢/l may

iThis will depend on “R. The current study however, will consider a high-reaction-degree profile for all
stages.
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be changed, using the following modification :

t/1
= vimus .5 7.131)
t1\
Riep = RLEo.z(é) (7.132)

where y;, the y-coordinate and Rk the leading edge radius of the base profile. The suffix
0.2 stands for the values applicable to the standard base profile (/I = 0.2). For the trailing
edge radius Rrg, no modifications were given in the literature, but the author of this work
proposes the following correction :

t/l

Rrg = RTEo.z(E) (7.133)

Note that most of the Ljungstrom turbine stages will have a high reaction degree. As a
result, for this study a blade thickness-to-camberline-length ratio of 20% will be selected,
as indicated by Horlock (1966).

The A3K7 base profile is now constructed by creating splines going through the non-
dimensional profile data points given by Dunavant & Erwin (1956), while inspecting the
blade surface for smoothness and assuring a smooth evolution between the splines and
leading edge as well as trailing edge radii (Fig.7.7).

The design camber of the A3K7 blade is provided by NACA and is given for a design
load coefficient Crg producing a camberline deflection €, of approximately 41° (Fig.7.8).
For other blade loadings, requiring a higher or a lower deflection €, the camberline
y-coordinate y, may be corrected proportionally :

C
Ye = Yeo,, C_LLO (7.134)

The Cj, values do not have to be known. What is important is that the y. coordinate has
to be increased or decreased such that the required deflection is met. Once the new cam-
berline is established, the base profile is consequently wrapped around the camberline.

Clearly, the camberline deflection €, depends on the flow deflection € = ; — fp,,, which
can only be determined when the stage relative flow angles ; and 3, are known. These
may be obtained from the performance analysis, including the flow deviation 6. Then,
the camberline deflection €, may be calculated :

€ = PBu,i = Poo = Pi — Pop — 0 (7.135)

Note that an induced flow correction to the inlet flow angle is not introduced in this
work. This is because not much information was given about this phenomenon in the

literature. It is also believed not to have an as important impact on the flow conditions
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A3K?7 turbine blade —— base profile
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F1GURE 7.6. A3Ky7 turbine blade, base profile, standardised coordinates.

A3K?7 turbine blade —— base profile
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FiGure 7.7. A3K7 turbine blade, base profile, standardised coordinates. Made using data
of Dunavant & Erwin (1956).

as the deviation angle has on the outlet, even though impacting the flow losses to some
extent. The evaluation of this will need to be undertaken in future research. The blade
stagger angle A can consequently be calculated. From Fig.5.3, where A is indicated as

positive, it is found that :

A = BerE = Pui (7.136)

where B, e the angle of the camberline near the leading edge with radially positioned
chord, while using the slope sign convention from a normal Cartesian coordinate system
(e.g. positive on Fig.7.8). From a manufacturing viewpoint, putting the chord of the blade
at an angle A with respect to a radial line, will automatically assure that the design flow

conditions are met. Note that A is measured at the blade leading edge.
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A3K7 turbine blade — camberline

T T T
¢ Reference blade loading (NACA RM53G15 data)
0.4 _ _ _Vc=1.028 [-] - ¢,=70.0 [deg]

0.3 B

T 01 IR o
g /joj%,@—e/&—v%«%e~e,s;g:
0
-0.1- 1
-0.21 1
-0.3; ‘ ‘ ‘ ‘ ]
0 0.2 0.4 0.6 0.8 1
x/c [-]

FiGure 7.8. A3Ky turbine blade, €, = 70°, standardised coordinates. Made using data of
Dunavant & Erwin (1956).

A3K?7 turbine blade
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FiGURE 7.9. A3Ky7 turbine blade, 8;; = 0°, €, = 70°, standardised coordinates.
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The new coordinates xg and yg may be calculated via a simple transformation :

XR cos A sin A} [x
= : (7.137)

YR —-sin A cos A) \y
Since the flow deviation 6 already takes the impact of the centrifugal turbine configuration
into account, it is assumed that no other interventions to the geometry are required. In

the case of the inlet radius R; and chord ¢ being known to the designer, it is possible to
calculate the stage outlet radius R, :

R, = V(R + cos A ¢)? + (sin A ¢)2 (7.138)

from which the radial component of the chord c, may be retrieved :

ca=Ro—Ri = V(R +cos A c)? + (sinA c)? — R; (7.139)

c/R; can be calculated via Eq.7.138. Since R,/R; is known by the selection of My and ¢, it
is possible to write :

o _cosA+ 4cos? A — [1 - (&)2] (7.140)
R R; .

While R, — R;, it is clear that for any A, ¢/R; — 0, which is in line with the findings of
Eq.6.3. Note that R; will follow from the design procedure explained in Section 7.1.14,
allowing the determination of c.

Continuing the development of the circular cascade, the new coordinates now become

{xc) _ ( cqs IT sin H) ‘ (xR + Ri] (7.141)
yc —sin IT cos II YR

where IT = [0, Iy, ... 27[. An example of a Ljungstrém turbine stage is shown in Fig.7.10.

after transformation :

Gauging angle §,

In the model of Ainley & Mathieson (1955), the gauging angle 8, appears of significant
importance. In order to calculate f,, the throat section o0 needs to be determined. The
throat is the minimum section between two adjacent blades. In the theory presented
by Aungier (2006) and applied by the author of this work, the throat is modelled by
expecting it to extend between the trailing edge of one blade and the nearest point on the
suction side of the subsequent blade, as indicated in Fig.5.3. Unfortunately, this condition
is not always guaranteed when using an existing profile. Fig.7.11 clearly reveals this

issue, where the throat is found upstream of the trailing edge. Nevertheless, in this work
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A3KY7 turbine stage
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Ficure 7.10. A3K;7 turbine blade, c = 50 mm, R; = 497 mm (For illustrative purposes
only).

the modelled gauging angle will be used as proposed by Aungier (2006), even though it
implies an error. This approximation however, is expected to remain reasonably valid
when the real and modelled throat bear the same order of magnitude, while the flow in
the blade passage stays subsonic. The discussed issue also invites the designer to utilise
more involved geometry codes to assure a better correlation between theory and used
geometry, using e.g. Bezier curves, but it is the authors opinion that for preliminary
design purposes, it is not mandatory. The developed geometry can always be optimised
in conjunction with CFD simulations. This research is not in the scope of this work.

Radius of curvature R,

The radius of curvature of the suction side of a blade between throat and trailing edge
is important to calculate the Ky loss factor in the model of Ainley & Mathieson (1955)
(Appendix D). For this purpose, the radius of an arc drawn through three equally spaced
points on the suction side of the blade between throat and trailing edge is calculated. The
first point is near the throat, the second near the trailing edge and the third halfway the
aforementioned points. The parameter equations of the lines perpendicular to the circle
chords established via the three points give the center of the radius of curvature :

1 (2 = x3)(x3 = x1) + (2 = ¥3)(y3 — y1)
2 (x2 = x1)(y3 — y1) — (Y2 — y1)(x3 — x1)
1 (2 = x3)(x3 — x1) + (Y2 — y3)(¥3 — Y1)

1
Yer =3 +y2) =3 (r2 = x1)(y3 = y1) — (y2 — y1)(x3 — x1)

1
Xetr = 5 (41 +x2) + (y2 = 1) (7.142)

(x2 = x1) (7.143)
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A3K7 turbine stage
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FiGure 7.11. A3Ky7 turbine blade throat modelling — example.

The radius of curvature then is :

R = \/ (X1 = xetr)? + (Y1 = Yerr)? (7.144)

7.1.13 Impact of disk friction losses

The conceptual performance model focussed on minimising the aerodynamic loss Car
and finding indicative values for My;. Here, the disk friction enthalpic losses Cry, are

studied, based on the observations already made in Section 6.2.

Enthalpic loss Crp,
Similar to Cyh, it is possible to define Cr;, as an enthalpic loss :

Ahy,,

CrL = — (7.145)
0 (7.146)

and (Eq.6.111, Eq.6.112 and Eq.6.113),
Ahy, = Ahyrp +P Ay pr + R AR pE (7.147)

Since So = 1 and the leakage losses are neglected (/11 = 0), it is possible to obtain the
disk friction losses produced over a stage. Recalling Eq.6.100 and Eq.6.101 :

_ ®Tpr+P Tpr) Q
~ i (QR,)?

CrL (7.148)
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where Q = Qc; = Qcp. If hss << L;j and since R,/R; = 1, then it is possible to state that
(Section 6.4) :

RTor 2P Tor 2 Tor (7.149)

Consequently, for a single stage :

29pr _ 2(Troc + Trac + Tcav)
1 QR? 1 QR2

Crr = = 2(Crrroc * Crrpac + Crrcay) (7.150)

Eq.7.150 is now used to examine each component of the disk friction losses.

Torsional Couette

Recalling Eq.6.47 and Eq.6.46, and considering only type-I flow (Eq.6.43) for matters of
simplicity, it is possible to write :

5
o ()R -]
=—O0OR(=|[l5]) -1 7.151
Troc A VALY ( )
Rewriting the above equation in terms of specific enthalpy loss by reduction as indicated
in Eq.7.150 :

_hyroc (muRE\ (RiV (R,
Chiroc =~ 2 —(EE)(R—O) (=) -] (7.152)

Note that even though (rtp Riz)/ (As, ri1) is a non-dimensional term, it is decided not to use
this coefficient as independent variable. Indeed, it does not appear in the other yet-to-be-
discussed loss terms, while it is much more instructive to examine the impact of R; and
rir on the friction losses. R; and i1 are important design parameters, while found in all
friction loss terms.

For a given seal strip geometry, the torsional Couette losses lead to the following enthalpic
loss :

Ry, 1 11
CFLyoc © (Ri/ Ej’ Z) or o (Rz‘,MX, 7 E) (7.153)

Taylor-Couette

Eq.6.52 represents the formula for 774c. Writing this equation as an enthalpic loss, it is
found that :

ht TAC H Nsswss Ri 2 RD ’
_fwrac _, B RZIV T 4 (e 7.154
CFLTAC M% ﬂm ASR Z(RO) [ * (RZ) ] ( )
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Consequently :
R 11
CFLyac & (Rir R’ _) or (Ri/ Mx, Y a) (7.155)

Labyrinth seal cavity loss

Since R, = R;, it is possible to write that Eq.6.93 is approximately equal to Eq.6.94. The
same is true for Eq.6.95 and Eq.6.96. Assuming again that iss << L; the following equation
may be retrieved for either rim or disk including both the inlet and outlet face :

Teay =2 Nes 1\ 0p,02R3(Re ' 7.156
cav =2m( —= = iPfw i\R (7.156)
with (Eq.6.90 and Eq.6.89) :
1 2
Tw,cav = EP(QRO) fw (7.157)
Eq.7.150 then yields :
ht,CAV N, ss QRiZ Ro 2
CPLCAV = —ug = 27’((7 — 1)L]pfw—m (E) (7158)
From the above equation, it is observed that :
R 1 1 1
CFLCAV & (Ri/ Ej/ Q/ a) or & (Ri/ MX/ E/ Q/ E) (7159)

Discussion of results and optimum chord length

The previously obtained equations reveal that in order to minimise the friction losses, the
following observations should be borne in mind :

1. Minimise the inlet radius R;.

2. Minimise the radius ratio R,/R; i.e. minimise My and maximise ¢.
3. Minimise the turbine angular velocity Q.

4. Maximise the mass flow ri1 through the turbine.

As a consequence, u; = QR; should be as low as possible, while the radial blade chord ¢,
and thus chord ¢ (Eq.7.139) should be minimised. From a manufacturing perspective, ¢
should not be lower than c;,;, =2 cm — Antoine & Buysschaert (2014a).

Note however, that a low u; reduces the deliverable stage power density P~./71 (Eq.7.28),
while limits are imposed to 1 in order to keep the aerodynamic efficiency within an
acceptable range. For a given power requirement P-., this will increase 71 and as a result
Hpand AR, (Eq.7.127). In as much as the aerodynamic efficiency benefits from a high &, a
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higher Hj, impacts the frontal rotor hub area, which might be detrimental to the hub drag.
If in addition the number of stages and the stage inlet conditions are imposed, which
is a reasonable assumption, selecting a lower R; and € to lower the disk friction losses,
will increase the stage work coefficient and inlet flow coefficient (Section 7.1.11). The
advantages of low viscous friction Cr;, can consequently be outweighed by the increase
in aerodynamic losses C4. From this observation, one may conclude that it is sensible to
expect an optimum working point. The trade-off study between the aerodynamic losses
on the one hand (Section 7.1.11) and friction losses on the other (this section), is now
examined.

7.1.14 Aerodynamic and disk friction losses : a trade-off study

It is important to note that this trade-off study is restricted to the turbine losses. The
impact of the rotor hub drag increment due to the increase of the turbine blade height
Hy, on the helicopter performance is disregarded. Here also, as already discussed in the
previous section, it is sensible to abandon a completely non-dimensional study. Indeed,
R;, Q and 1 are required to quantify the disk friction losses and the non-dimensional
parameter group they form in the Crr-formulae, viz. Eq.7.152, Eq.7.154 and Eq.7.158, are
neither identical, nor of substantial physical significance. The goal of this trade-off study

is to establish design tendencies from which important design conclusions can be drawn.

Referring to Section 7.1.3, it was indicated that 1,7 = f(Ca, Cr, ¢, Sy). The introduction
of Cr;, adds several additional parameters that need to be accounted for if a general loss
balance is to be examined. Since the rotational velocity u; is an important parameter for
both losses, it intuitive to choose Q) as the first independent variable, being the angular
velocity of each rotor half. In the current framework, it is indeed sensible to expect
restrictions on R; while u; « Q.

Relying on the results of the conceptual performance model in Section 7.1.11, it is possible

to write for the aerodynamic losses :
Ma;=C' = Ca=fMhi, R Re) (7.160)

It is therefore reasonable to select M¢; as the second independent variable in the trade-off
study. Note that the aerodynamic loss model used in the trade-off study is identical to
the loss model explained in the conceptual performance model (Section 7.1.11), except
for the approach to determine /A, and Re. Here, they will be estimated relying on the
independent variables on the one hand, and the variables on which a sensitivity study

will be performed on the other. The variables used in the sensitivity study are :

1. R;: Finding a reasonable dimension for the inlet radius is paramount. It determines
the size of all subsequent stages and thus also the evolution of the friction losses.
Note also that R; and Q) determine u;, which is the term used to (non-)dimensionalise

the turbine flow and power characteristics.
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2. 1 : The mass flow has an important impact on the aerodynamic and friction losses.

While it is usually derived from P7, it will be treated here as independent parameter.

3. Ry/R; : The radius ratio should be selected as low as possible, as was already
indicated in Section 7.1.13. Though, the impact on the total loss balance is still to be
evaluated. Note that the interstage damping My could also be used here, while the

interstage space coefficient ¢ is a constant, but it is less intuitive.

4. My;: The conceptual performance study showed that alimited My, rangeis expected,
depending on A&, and Re. Its influence must be analysed.

5. mr : It is interesting to introduce the turbine expansion ratio in the trade-off study,
because it is approximately equal to the cycle pressure ratio, which will result from
the cycle study. For the trade-off study at hand, the stage inlet temperature has
been fixed (Table 7.2). Thanks to this intervention, either Q or M¢; will lose its
independency. The graphical solution of the “unidimensional” problem will be
shown later by the “operating line”.

6. S, : The number of stages impact the required effective stage work coefficient s
(Eq.7.123) and as a result also the aerodynamic performance. Note however, that
the increasing JR; for each stage is not adopted in this model, i.e. IR, =JR; = Ct.

The sensitivity study parameters and their respective range are summarised in Table 7.2

Model setup

A flowchart representing the calculation procedure is shown in Fig.7.12. The model calcu-

lates the losses in a similar way as the conceptual performance model, but here (Eq.7.150) :
Cr = ("Ca +'Crr) + (Sn = 2)(MCa +MCpr) + ("Ca +"Crr) (7.161)

Modifying Eq.7.118 according to the above equation gives :

1

Cr
1+%

T]is,T = (7.162)

From the input variables, while currently assuming 7ir to be a dependent variable, it is
possible to calculate i1 using the following relation :

or=Y iy Y ity = 1é(1 - n;_y) & (7.163)
j f
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TABLE 7.2. C4 — Cpr, sensitivity study range.

T 1.25*,2
R; 0.3*,0.6 m
11 1*, 5 kg/s
Sn 4*,10
R,/R; 1.03%, 1.1
M, 50°*, 65°
T}, 110 °C
Ngs (Section 6.3.3) 4
t; 0.02 m
W 0.002 m
[/ 0.003 m
AL, 0.0003 m
As, 0.0l m
e} 0.0005 m
pe (Eq.7.166) 1.2 kg/m?
te (Eq.7.171) 1.8-107° Pa.s
Ry =287 J/kgK y=14[-]

* . Basis of comparison in sensitivity study.

+ : Early estimations by Antoine & Buysschaert (2014b).

which yields a value for it and n;s v (Eq.7.162). Using Eq.7.29, here recalled for reasons
of clarity :

_1A 5 pT
gDT = 9(1 - T(T; )

the polytropic turbine efficiency 7,7 may be found as well. At this point and if the
variables falling under the sensitivity study are known, the problem is two dimensional,
i.e. a function of M¢; and Q. However, since it is instructive to take the cycle pressure
ratio into account, a value of nir is imposed. As a result, Mcjbi and Q become mutually
dependent and the problem is rendered unidimensional. The relation between M¢; and
Q) can consequently be approximated by (Eq.7.120, Eq.7.123 and Eq.7.163) :

1y , R 1y
1é(l -,/ 77’”) + X Crr 19(1 -n, UP'T)
M
PN~ x 7.164
Piops 2(S, — 1) tanMq; 2(S; — 1) tan Mg ( )

where quiops = f(Q) the solution of the problem. It should be borne in mind that
the use of the above equation implies that u; = u; and hence R,/R; = 1. Indeed, the

iiA function of Q via 0 in Eq.7.29.
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sensitivity study will only examine the effects of a varying R,/R; on the losses (r; and
allows retrieving the appropriate range for C4 via 4, and Re (see subsequent sections),
while assuming R; = iR;. As a consequence, Crr, will be on the optimistic side. Also
Crr, will be considered low enough with respect to i1, such that finding the optimum by
the above simplifications stands. When this is not the case, the solution will yield a low

turbine efficiency, which will then be discarded anyway.

AR, correction

Thanks to the selection of the variables subjected to the sensitivity study, the blade
projected aspect ratio can be determined, as well as the blade Reynolds number. The
latter will be discussed in the subsequent section. These parameters are important to
estimate the aerodynamic losses in the blade passage (Section 7.1.11).
A mass-flow-based equation for 4, may be found by applying the continuity equation
and replacing v;, by the definition of ¢;. The following simple relation then follows :

Ry = m (7.165)

aneQRf(ﬁ—j - )qbz-

Since 7t is rather low for the RELT, it is reasonable to adopt for each stage in the turbine

(ISA sea level conditions) :

pe = 1.2 kg/m® (7.166)

Re correction

Recalling Soderberg’s model (Section 6.1.5), the following Re-correction needs to be per-
formed (Eq.6.27) :

105 0.25
o= (%) @
where, Eq.6.28 and Eq.6.29 :
Re = Po,bWo,s D
Hop
D, 2H}py8 cos By

" scos Bob + Hpo

Writing the blade pitch s as :

s = (—)ca (7.167)



M(Pir Mai/ Q/ nqul Ri/
RO/Ri/ Tti/ Pe, Hes €f
11, Rg, Y, ts,
Aer Wss, Nos
As;,/ hSS/ Sy

j(Pi/ j(Por jer jﬁir jﬁo,b
(Section 7.1.11)

f(”;ff) (Eq.5.75), J(i) (Eq.7.169)

opt

AR, (Eq.7.165) and
Re (Eq.7.170)
estimation

@CA (Section 7.1.11)
W rr (Section 7.1.13)

Yr (Eq.7.163), 157 (Eq.7.162) and 1,7, .

Solving 1, T and mr-field iteratively

yr = f(6, mr, nyr) (Eq.7.29)

N1 = f(rr, nisr) (Bqs. 5.116,5.117 & 5.124) = n*

converged

My, e = (M, Q)

(Eq.7.164)

TTreq

M(Pi = MqSiOps

or nist = fMy)

TTreq

Nis,r = f(€)

TTreq

FiGure 7.12. {4 — (. trade-off model flowchart.

and substitution of above in Eq.6.29 while applying the definition of &, (Eq.5.8) yields :

_ Z(S/Ca)opt/Ra(Ro — R;) cos B,
" (S/Ca)opt cos By + Ay

(7.168)
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Since the optimum efficiency is the goal, the optimum pitch-to-chord ratio of Zweifel
(1945) can be used, as mentioned by Shaw (1966) :

(i) B 0425
Ca/opt (tan 51’ — tan ﬁo,b) cos? ,Bo,b

(7.169)

Substitution of Eq.7.169 in Eq.7.168, and subsequently in Eq.6.28 gives for the Reynolds

fraction, after simplifying terms :

R, R,
v 2y e R%(E _ 1)R_iQ (7.170)
Reper  10° e 7 (S/Ca)opt COS Boyy + A ’

Again, since the temperature change over the complete turbine is rather low, a value for
e applicable to each turbine stage will be used, i.e. — Walsh & Fletcher (2004) :

e = 1.8-107° Pas (7.171)

The calculation of A, and Re now allows estimating the aerodynamic losses for a specific

operating condition.

Sensitivity study assessment

The sensitivity study is performed graphically using the data in Table 7.2 and compared

7% 11

with the base data indicated therein with a For matters of readability, only the
graphical representation of the effect of mr and R; will be shown for the selected inde-
pendent variables M¢; and Q (Fig.7.13 - Fig.7.18). The impact of the other parameters in
the sensitivity study will be discussed, but their graphical representation is presented in

Appendix E.

Fig.7.13 & Fig.7.14 show the influence of the independent variables M¢); and Q on 7 -
The angular velocity Q is for matters of convenience represented by N in revolutions per
minute :

Q
N=—60
21

The observed behaviour of n;; r can be better understood via Fig.7.15 & Fig.7.16, wherein
the turbine aerodynamic enthalpic loss C4r and disk friction enthalpic loss Crr 7 are repre-
sented. Clearly, an increase in angular velocity N for a given M¢; and thus - following the
previously adopted simplifications — 11, always increases C4r and Crrr and will conse-
quently reduce n;s 7. Analysis of Fig.7.17 & Fig.7.18 uncovers that C47 is in fact penalised
by the decreased 4,, regardless the positive impact of a higher N on the flow Reynolds
number. Indeed, for a given M¢; and 71, selecting a higher N results in higher radial flow
velocities, which explains the previously mentioned effect (Eq.7.165 & Eq.7.170).
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A decrease in M¢; on the other hand, and thus M) (gray lines on the figures) and ¢,
reduces C4r for a given angular velocity because the increase in 4, (Eq.7.165) and de-
crease in € (Egs. 7.113, 7.114 and 7.115) have a more substantial positive impact on the
aerodynamic losses than the deteriorating effect caused by the decreasing Re (Eq.7.170,
Fig.7.17). The fact that Crir then becomes more important than C4r is considered to be
partially the reason for the flattening of the iso-efficiency lines in Fig.7.13 & Fig.7.14. The
tendency of an increasing Re for the very low M¢)i further amplifies the previously men-
tioned phenomenon (significant drop in C47), which is due to the cos 8, ; effect in Eq.7.170,
where 5, , becomes high due to the lower deflection. However, n;s r will eventually drop
for the lower M, because then Y1 goes to zero (Eq.7.162), while the losses for a non-zero

rotational velocity, will not.

The decision to impose a turbine expansion ratio, makes the rotational velocity a func-
tion of M¢);, as was already discussed earlier. For a fixed turbine configuration, it is
consequently possible to show that, following Eq.7.164 :

1
M iops © <7 (7.172)

From the above examinations, it is then reasonable to expect an optimum efficiency due to
the interaction of an initial tendency to increase the efficiency by selecting a low M¢;, which
— following Eq.7.172 — imposes a high rotational velocity, and where the latter condition
yields a tendency to decrease the efficiency instead. This efficiency optimum appears
clearly when plotting the valid operating conditions in Fig.7.13 and Fig.7.14. These
operating conditions are indicated by a green line and further referred to as operating line
(Eq.7.164). Fig.7.13 and Fig.7.14 then also reveal the existence of an optimum u; (1; ) for
which 7, 7 is maximised. If maximum efficiency is strived for, then it is possible to select
the values of Mcj)i opt and Ny at which the turbine should operate. Note however that Ny
appears to be rather high. Working at N,,; can consequently not be guaranteed since N is
also limited by the maximum rotor blade tip speed vy, and the imposed rotor radius Ry;p.
This discussion is conducted later. The impact of the other variables in the scope of the
sensitivity study is summarised next.

Inlet radius R; The impact of increasing R; causes :

— a general and significant reduction of n;s r along the operating line

— a downward shift of the operating line because (Eq.7.164) : if M¢p; = C* = 10 =
C' = u; = C" = N\, ; the decrease in n;s r amplifies this effect

— in general, no significant impact on u; g
Conclusion : R; should be minimised.

Turbine expansion ratio 7y The impact of increasing 7t causes :

274



— a general reduction of n;; r along the operating line

— anupward shift of the operating line because (Eq.7.164) : if M¢p; = C! = 10 \\=
u; /"= N /' ; the decrease in 15 7 reduces this effect

— an increase in u; ot
Conclusion : it should be minimised.
Mass flow riz The impact of increasing i causes :

— a general improvement of 7;; r along the operating line

— aslight upward shift of the operating line since (Eq.7.164) : if n, v /= 10 N\=
N/

— an increase in u;pt
Conclusion : for maximum ;s 7 it is beneficial to increase rir. However, u; oyt is high.
Stage outlet-to-inlet radius ratio R,/R; An increase in R,/R; results in :

— a general and important reduction in n;; v along the operating line

— a slight downward shift of the operating line since (Eq.7.164) : if n, 7 \=
16 7= N\,
— no significant changes of u;
Conclusion : R,/R; should be minimised.

Stage number S;; An increase in stages causes :

— a general improvement of 7;s t along the operating line

— a downward shift of the operating line (Eq.7.164) : if M, = C' = yr /=
10 /= N\,

— a decrease in u; g

Conclusion : S, should be maximised. However, this observation will appear to be only
applicable when IR; is significantly low.

Middle stage absolute inflow angle Ma; Increasing Ma; causes :

— aslight improvement of 1;; T along the operating line

— a downward shift of the operating line (Eq.7.164) : if M¢p; = C' = yr /=
10 /= N\,

— no significant impact on Uj opt
Conclusion : Ma; should be taken around 65°

From the above considerations, the following observations and design recommendations
may be established :

275



. Coupling the aerodynamic losses with the friction losses showed the existence of an
optimum rotational speed u; 4. This value should be strived for, but is constrained
by the helicopter rotor design criteria. Also, its accuracy is constrained by the model

simplifications. It is therefore an indicative value.

. The trade-off study appears to encourage a high number of stages S,. However,
the impact of increasing /R; for each stage has not been taken into account. The
negative impact of large R; has shown to be of concern (see also Section 7.1.13). A
low R; is therefore indispensable in case a large amount of stages is endeavoured in

order to keep ;s r within acceptable terms.

. The Ma;-range established with the conceptual performance model may be reduced
to a single value around 65°, while relying on the earlier rules of thumb for the

M

optimum *'a; range in Section 7.1.11.

. A good compromise for a required P would be a low 7t favouring a high i —
of course, within the limits allowed by the TDR-cycle study, while selecting R; as
high as reasonably possible to keep N reasonably low and 7;; 7 within acceptable
standards. A high 1 (high power output) will be essential to obtain acceptable
values for n;s 1, i.e. > 0.8. Though, it should not be selected too high either in order
to keep the blade height within the margins of a low rotor hub drag.

Table 7.3 reflects the range of u;, obtained during the sensitivity study. Clearly, u; g

varies with the selected design criteria and most under the effects of mr, 1 and Sj,.

It remains to answer the question as to whether u;,,; lies within the designer’s reach.

Indeed, the maximum usable u;,,,, depends on helicopter rotor design criteria. This

study is performed next.

TaBLE 7.3. u;qp-range from sensitivity study.
Sensitivity parameters ., [m/s]

base nir = 1.25 39
iy =2 55 (+)
m=5kg/s mnr=125 52
iy =2 80
Ry/R; =11 mnr =125 35 (%)
iy =2 50 (%)
S, =10 nir = 1.25 26
nr =2 38 (%)
My, = 65° nir = 1.25 36
nr =2 54 (+)
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Maximum turbine inlet speed and specific inlet radius

From the previous discussions, the importance of 14, became clear. Choosing Ly high
will allow more power to be extracted per turbine stage, but will not necessarily lead to
the optimum configuration. In the case that u; 4 is high, it is not necessarily feasible.

In the loss trade-off study, values for u; ., were found graphically by means of the ope-
rating line considering the turbine angular speed Q as a function of M¢;, which was
most intuitive. At this point, it is interesting to focus the discussion on the integration
of a Ljungstrom turbine in a helicopter rotor. Generally, the rotor angular speed is fixed,
which is consequently imposed on the turbine. Then, modifying 'u; is only possible
by changing !R;. While the trade-off study highlighted that the latter parameter should
remain as low as possible, it is also subjected to an optimum in case € is kept constant
instead. The reasoning to explain this optimum is similar to the one expounded in the
previous section with varying () (u; = Q'R)). Graphical proof of this optimum will be
shown later in Chapter 8. However, there are restrictions on the magnitude of 1R;, and
thus 1Ri,opt and u; 4y, because of helicopter rotor power concerns. This is discussed next,

while a working range for 1Ri(,opt) and uj(opy) is established.

The turbine drives the helicopter rotors directly, of which the tip speed is limited. From
the study in Section 2.2.2, the average tip speed of helicopter rotors is :

vhp = 215 m/s (7.173)
or under ISA SLS conditions :
Mtip ~ 0.63

The inlet of the Ljungstrém turbine is positioned at !R; and as a consequence :

1Ri 1”1’

— = 7.174
Rtip Otip ( )

7
where 7; is defined as the turbine specific inlet radius. The higher 7; the larger the hub
size with respect to the rotor disk area and consequently the more power is required to
lift the helicopter (hover), while a larger frontal drag is expected during forward flight.
Imposing a maximum 7; is therefore sensible. In this work 7;,,,, is obtained by comparing
the ideal power consumption of a rotor with and without hub in hover. The ideal power
is calculated considering a uniform downwash below an actuator disk, which represents
both rotors. Indeed, according to Stepniewski & Keys (1984) and Johnson (1994), coaxial
rotor power calculations may be conducted using the single rotor theory in case the
following condition is met (Fig.7.19) :

Az, < 0.1 Ry (7.175)
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The TDR rotor configuration meets this requirement. From the actuator disk theory, it is
then found that for a rotor without hub" (Ry = 0) — Johnson (1994) :

Wg
P; ., = 7.176
inh Zp AR,nh ( )
and,
AR = nRip (7.177)

where P; ,;, the induced rotor power without hub, W, the helicopter gross weight, p the
atmospheric density and Ag ,,;, the rotor disk area of the rotor with no hub. Similarly, for
the TDR helicopter with hub radius Ry, it is found that — Johnson (1994) :

W3
= 7.17
j 2pAx (7.178)
and,
AR = n(thip —R%) (7.179)

where P; and A respectively the induced power and disk area of a rotor with hub. For a
given helicopter weight and atmospheric density, the induced power difference between
rotor with and without hub can be expressed as :

. 2.-1/2 L 2.-1/2
i B <o (2]
Pi,nh Rtip Rtip

It can be proven that using Eq.7.55, while knowing that R,/R; = C' (Eq.7.57) and ¢ = C'
(Eq.7.55) for all stages :

a5t (Ro\™
LR, = 1% (E) IR (7.181)

Since i & 1, it is possible to write after substitution of Eq.7.181 in Eq.7.180 and developing
terms :

oo (T
={1-|r|= 7.182
Piun "\R; ( )

Eq.7.182 is plotted in Fig.7.20. In case an induced power increase of 5 — 10% is tolerated

VRotor blade root cutout conditions will not be considered here. A rotor without hub then implicitly uses
blades without root cutout.
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due to the presence of a hub, then the design rule becomes :
i = [0;0.25 — 0.40] (7.183)

An acceptable range for the turbine inlet radius 'Rj(qp) may then be determined by
IR, = 7iRyip. The maximum allowable inlet rotational speed of the turbine then is :

"W ax = 0.25 — 0.4 vy (7.184)

Finally note the impact of the number of turbine stages (Eq.7.182). Logically, the more
stages installed, the smaller R,/R; needs to be to attain the same hub size and thus induced

power ratio.
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Ficure 7.19. TDR rotor specifications.
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FiGure 7.20. Effect of turbine specific inlet radius 7; and R,/R; on rotor induced power
consumption.
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7.1.15 Detailed design model

The design of the Ljungstrom turbine requires that the designer knows the following

essential design specifications :

1.

2.

4.

the power required by the coaxial rotor P,

an estimation of the expansion ratio 7t required over the turbine, obtained from the
TDR-cycle analysis

the turbine inlet temperature ! T;; = LTIT, determined by the cycle study and limited

by the maximum rotor bearing temperature

the rotor tip radius Ry, and rotor tip speed vy, imposing the turbine angular velocity

P, is obtainable from an aerodynamic study of the helicopter rotor, where the helicopter

performance characteristics play an important role. This study will not be conducted here.

The procedures to be followed in order to obtain the turbine geometry are discussed in

the subsequent sections.

Turbine design procedure

Here, a methodology is proposed to develop the geometry of a RELT for a given required

rotor power and blade tip radius. The design procedure is essentially subdivided into

three steps :

1.

Predesign (Fig.7.21). This step couples the conceptual design theory with the (4 —Crr,
trade-off study to estimate the number of required stages S;, the turbine inlet rota-
tional speed u;, the middle stage flow coefficient M¢; and providing an estimation
of the turbine efficiency.

Dimension and efficiency determination (Fig.7.22). The results from the predesign
step are introduced in the D — 11 loop to obtain near-target design parameters for the
turbine. Indeed, since the predesign step provides a rough estimation of the design
parameters, the design targets will generally not be perfectly met using the detailed
calculation procedures.

Finetuning (Fig.7.22). 11, M¢p; and My are slightly changed in order to meet the
imposed power requirement P} and Lo = pa.

A discussion of each step is now conducted.

Predesign

The predesign procedure is necessary to provide the designer with :

— the optimum specific inlet radius 7;
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— the required flow coefficient M¢;
— the required amount of turbine stages
— an order of magnitude for the attainable turbine efficiency 1,1

The flowchart in Fig.7.21 highlights the calculation procedure leading to the above pre-
design requirements. First, the upper value for 7; is selected (7;,,,,), based on the design
recommendations of Eq.7.183. Since the angular speed of the turbine is identical to the
angular speed of the concurring rotor half, it is possible to state that :

Q_Uﬁp _ui

=7 = 7.185
Rey TR, (7.185)

Adopting a value for 1, T consequently allows retrieving a value for 1 1. If a conservative
value for M1 is chosen (M1, ¢), itis then possible to estimate the number of turbine stages
Syn. Examining Fig.7.3 and Fig.7 4, it appears reasonable to select My, =1 for this purpose.
Since a maximum value for 7; is used initially, the model will start with the least possible
number of stages and thus smallest turbine, which is interesting from a weight and cost
perspective. In Section 7.1.14, it was found that My; = 65° is generally acceptable, while
R,/R; = 1.03 is assumed to be a good basis to perform the trade-off study, since as a
rule R; >> ¢;. The trade-off model discussed in Section 7.1.14 is then used to find the

Ly and qui. With the optimum values for qui, 7, and 10, a new

optimum values for 7;,
estimation for My and ¢r can be executed, which allows verifying the acceptability of the
chosen initial value for S,. The trade-off study delivers 7;,,, which must be compared
with the maximum allowable value 7;,,,. In the case that it < Fiyay, Tigpt can be retained.
If Fiopt > Timax it is not possible to meet the optimum position, unless 7; is increased.
Generally, increasing r; should be discouraged because of the detrimental effects on the
rotor induced power P; (Eq.7.178). Finding a suitable predesign is essential and requires
the predesign loop to be executed until a reasonable value for 1, 1 is achieved. For high-
power turbines, the mass flow 1 will generally be high, as well as the efficiency. The
blade height H, might become an issue under these conditions, as will be discussed later.
Modifying Ma; may then appear necessary, sacrificing 7, 7 on the one hand and gaining a

lower hub drag on the other.

Dimension and efficiency determination

Once the predesign loop is completed, it is possible to introduce the obtained values to a
detailed design model, which calculates the aerodynamic and disk friction losses in detail
using the theory expounded in Chapter 6 and the non-simplified theory derived at the
beginning of Section 7.1. The flowchart in Fig.7.22 represents this calculation procedure
(D —nloop). First, a value for My is adopted, which takes the impact of the radius change
and interstage matching criteria into account. My should be chosen as low as possible

in order to obtain reasonable chord dimensions (a low My results in a small blade chord
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PT/ Ttr, Tti/ Rtip

Utip (€.g. BEq.7.173) = Q = 04 /Ryip

— Fimax =025-04 (Eq7183) = 1Ri,ini = 1141‘,1'”,' (Eq7185)

10, (Eq.5.14)

—| Iterate on 1, or estimate

pr
(Eq.7.29)

¥

Stage number initialisation :
My, = 1 (Fig.7.3 and Fig.7.4)

1

S, = M“bTT +1 (Bq.7.123)
tg

— Make even number

Ma; = 65° (Section 7.1.14)
"\ R,/R; = 1.03 (Base value Section 7.1.14)

Ca — Cpy trade-off study
Find graphically (Ops. line) :
1Mi,opt1 Fioptr M(Piopt’ T];J-,T (SeCtiOI'l 7114)

My e (EQ.7.120)
"O0pt (Eq.5.14)

Tiopt < Timax = 1i = Tigpt
Tiopt > Timax = ¥i = Tigax OT i /"

converged

7777777 Check Np,T *

acceptable ?

Proceed to D — 1 loop

FiGure 7.21. Predesign loop.

c) and thus low disk friction losses (Section 7.1.13). In case the obtained efficiency is

not satisfactory, a lower My may be selected, which decreases the impact of Cr;, while

another stage count might appear considerable from either an aerodynamic viewpoint

(lower/higher stage loading) or a disk friction viewpoint (lower/higher friction). Should

Su change, it will change M¢; substantially requiring the design process to go back to

the predesign stage. In case the efficiency is found acceptable, the design process may

continue to the finetuning procedure. If H, is found to be too high with respect to the

rotor blade radius, it is sensible to address the issue by modifying S,, Ma; or wr. This
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’ From Predesign loop (Fig.7.21) ‘

R

—{ First stage loop (Fig.7.23) ‘

| nloop (Fig7.26) |

converged

Middle stage loop
(Sn — 2)-times (Fig.7.24)

4{ n-loop (Fig.7.26) ‘

converged

—»’ Last stage loop (Fig.7.25) ‘

4{ n-loop (Fig.7.26) ‘

converged

np,r-check : losses too high =
- decrease My, but keep ¢ 2 ciin (Section 7.1.13) + -
- modify S, = go back to Predesign loop

Hj too high : N

- decrease S, ;
,,,,,,,,, ~ To Predesign loo

- decrease Mq; [ &n p]

- increase 1t ?

— Finetuning of design parameters —
- Modify M¢; to match Lp, = p, condition
- Modity 71 until P} is obtained

’ Turbine geometry

FiGure 7.22. D — 1 loop.

topic is discussed later. Prior to covering the last step in the design process (Finetuning),
the n-loop, First stage loop, Middle stage loop and Last stage loop with concurring subloops,
(Fig.7.22) will be discussed briefly.

The purpose of the first (Fig.7.23), middle (Fig.7.24) and last (Fig.7.25) stage loops is to
calculate the required flow and geometric conditions of the concurring blade passage
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type, necessary to satisfy the imposed design criteria, while considering a given blade
passage polytropic efficiency (1,,r5). The blade passage polytropic efficiency as well as
the stage polytropic efficiency, are subsequently established by the n-loop (Fig.7.26), of
which the result is reintroduced in the first/middle/last stage loop until convergence is
obtained. Note that the effect of the presence of disk friction losses is assumed to affect
the total stage outlet temperature solely, a consequence from the discussion conducted
in Section 6.5.2 and Section 7.1.1. As a result, the impact of the disk friction losses needs

only to be introduced to 8 of the subsequent stage.

In the n-loop, the flow deflection ¢ is calculated by means of the 6-loop (Fig.7.27), enabling
the definition of the geometric blade outlet angle 8, , and thus the geometry of the blade
passage. The 6-loop is similar to the p-loop (Fig.6.5), but now the geometry is calculated
from the required flow conditions.

The purpose of the flowcharts in Fig.7.22-Fig.7.27 is to serve as a comprehensive summary
of the conducted calculations, performed in MATLAB. The abbreviations used in the
flowcharts may be found in Chapter 5 and 6.

Finally, it is important to note that the author used the optimum blade pitch-to-chord
(s/c)opt correlation proposed by Ainley & Mathieson (1955), and mentioned by Aungier
(2006), to calculate the blade number Z (see Fig.7.27). It is discussed in Appendix F. The
reason why the model of Ainley & Mathieson (1955) was preferred over the model of
Zweifel (1945) for the detailed design procedure, is due to the fact that Aungier (2006)
has found the former model to be more reliable and consistent than the latter. Also, in the
n-loop, the designer acquires values for the leakage mass flow 71 and the stage outflow
angle a, influenced by the losses (Section 6.5.3). Even though the effect of both on the
outflow angles was neglected in the design procedure (Section 7.1.1), it is still important
to substantiate the applicability of the adopted simplifications.
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From 7-loop or
estimation :

Tp,Tb

M¢i/ Mai/ MX/ é\/ 1B/ H/
1Tti/ 1Pti/ 1Ri/ N/ ‘}// Rg/ !

R,/R; = f(@, MX/ E) (Eq756)

1y (Eq.7.68), ¢ /16

’ Iterate on m (Eq.7.75) }

Witanlay _ (1 - ¥ “y Eq.7.92

19 10

1¢i

Inlet velocity triangle = M; (Eq.7.79)
Outlet velocity triangle = M, ; (Eq.7.80)
m+ = f(Mi/ MO,b)

converged

Dimensional flow condi-
tions and areas (Section 5.4)
Proceed to 1 loop

FiGure 7.23. First stage loop.
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- Moy, May, Mx, ¢, H,
]Tﬁ/ ]pfi/ ]Ri/ N/ 7// Rg/ 1

Ro/Ri = f(é/ MX/ ITI) (Eq756)

My (Eq.7.70), My /Mb

Inlet velocity triangle = M; (Eq.7.79)
Outlet velocity triangle = M, ; (Eq.7.80)
m = f(M,', Mo,b) (Eq.7.75)

From n-loop or
estimation :

T]p,Tb

/B (Eq.7.87)

Dimensional flow condi-
tions and areas (Section 5.4)
Proceed to 1 loop

Ficure 7.24. Middle stage loop.
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Md)i/ Mai/ MX/ é\/ LB/ H/
LTti/ Lpti/ LRir N/ ‘)// Rg/ !

’ ta; =May, fap, = 0

Ro/R; = f(ér MX/ E) (Eq756)

Ly (Eq.7.71), Ly /t0

’ Iterate on m (Eq.7.75) }

From n-loop or e, 21
estimation : Lg = [m LB (1 — @) (%) ] (Eq.7.88)
r]p,Tb l
L(po — LK M¢i

Inlet velocity triangle = M; (Eq.7.79)
Outlet velocity triangle = M, ; (Eq.7.80)

m* = f(Mil Mo,b)

converged

Dimensional flow conditions and areas (Section 5.4)
Proceed to 1 loop

FiGure 7.25. Last stage loop.
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ml N/ ll)/ Tti/ Pti/
th'IARO/Ri/ Rir Mai/
R/ ‘)// SQ/ SVI

i

Blade passage inlet
- velocity triangle
- intensive properties

i

Blade passage outlet
- velocity triangle
- intensive properties

ity < 1t
i
Do, bg < Dob

|

no

yes i

Iterate on Re/Re;.r (Section 7.1.14)

i

Iterate on H,
(Feedback impact {4 on stage outlet geometry) ||

i

G3 = f(e, Re/Rers, Hy/c,) (Soderberg)

i

’ Calculate outlet conditions, Section 5.4 ‘

|

converged

Dy = f(sl Hy, ﬁo,b) = RE/R(?“,]’

converged

mrr and ay :

Crr and sty Impact check

Np, T, NMp,Tss p,Tb

FIGURE 7.26. n-loop.
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Input available from n-loop

i

’ Iterate on 6 (See Section 5.4.8) ‘<—

l

’ A (AsKy profile - Section 7.1.12) ‘

|

¢ (S/C)opt/ Ry/c

i

Bs =1/2 = Buo

[ 5+ |
L'Elonverged

F1GURE 7.27. 6-loop.
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Finetuning

The obtained turbine power P7-value resulting from the detailed loss calculations — the
prime symbol ~ indicating the calculated values by the model — differs usually from the
required P%.. This is mainly due to the assumption that 7y = mc (Eq.7.26). Indeed, it
is sensible that 1 < 7¢ through the increased kinetic energy of the expelled gasses, i.e.
Lpto > pa. Recalling Eq.7.28 :

)/
~ ]_ r-1 "[P,T
PL=m! 29[1—(—) ]
T (u’ ) T

The clear result of a lower n'T

calculated via i = m¢, it will also be underrated, while M(j)i overrated. As a consequence,

is a decrease in P7. Additionally, since i is initially

Lp? < p,. The Finetuning procedure accounts for this issue. First, ¢; is modified such that
Lp, = ps. Indeed, increasing/decreasing M¢; will increase/decrease the stage loading 7
(Section 7.1.6). In a second phase, 1z is modified such that P7 = P7.. Note that there exists a
cross-coupling between 1 and M¢; (via 7y and 1,1, Eq.7.28). However, the cross-coupling
effect remains usually minor since the initial values for 7/, and 77;:,T are near convergence.
As a consequence and under the given circumstances, M(pi and 1 may be approached as
independent variables. Once the design specifications are met, it is possible to establish

the complete turbine geometry.

Blade height limitation

The height of the turbine blades may become problematic in case a high-power turbine is
developed. Indeed, since the recommended TDR-cycle pressure ratio is low, a high mass

flow will be required. Rewriting Eq.7.28 :

it = Pr (7.186)

7/
R Ly T
woh-(x)

where 11; is limited by vt and 7;, and 19 by the turbine inlet temperature restrictions,

as highlighted during the cycle study. At this point it is interesting to examine what
possibilities are offered to the designer to reduce H, for a given . For this purpose, the
inlet of a stage is considered. If the new condition is represented by the prime symbol ’,

then the conservation of mass yields :
R; Hyj uj ¢; = R} Hy, u;; ¢ (7.187)

while neglecting the effects of the velocity variation on p;.
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Further development of Eq.7.187 leads to :

= (2) ()5 7159

Note that decreasing 7; for a given ¢;, increases the blade height (Hj;). The above equation
becomes very instructive to the designer when using Eq.7.29 for i1 and replacing {1 by
¢; using Eq.7.123 and e.g. Eq.7.120 from the conceptual performance model :

M (@) Sdyman o) 7189)
Hp; QNS, -1\ tanMq;

where it was considered that 7; = 7;'. Based on Eq.7.189, the following design manipula-
tions leading to a lower blade height H; are possible :

1. If Ryjp is fixed, a lower rotor speed N should be strived for. This is because a lower

rotational speed results in a higher stage loading 1) and consequently ¢;.

2. Ideally as low as possible stage number S, should be selected. Similar to N, a
reduction in S, will increase the stage loading and consequently ¢;. Note that,
strictly speaking, S, > 2 (no middle stages), but that it is expected that in general
Sy > 4 for the sake of efficiency.

3. Low values for Mq; require ¢; to be higher to achieve the same stage loading. The

M M

optimum " a; was found to be close to 65°. However, a decrease in «; is allowable

for as long as 1, T meets the designer’s objectives.

7.2 Off-design characteristics

The off-design characteristics of a Ljungstrom turbine are the performance characteristics
of the turbine ruling at operating conditions other than the nominal regime for which it
is designed. For example, when P’ changes or when a change in atmospheric conditions
occurs, the turbine geometry is no longer the optimum configuration for the new opera-

ting regime.
Presenting the off-design performance is usually done by a turbine map, where the tur-

bine efficiency and rotational velocity are plotted against turbine expansion ratio and a

corrected mass flow, as exemplified by e.g. Cumpsty (2000), i.e. :

(Up,T/ Ncorr) = f(mcorr/ nT) (7.190)
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By definition, the corrected components are expressed as :

1 164

i = 7.191
corr 16“ ( )
N
Neorr = (7.192)
V10
where,
15,2 P (7.193)
" 101325 '
1T .
1 ti
0, = 7.194
"= 288.15 ( )

While corrected mass flow and turbine expansion ratio are sufficient to represent the off-
design characteristics for a conventional turbine with a given geometry, it is not the case
for the Ljungstrom turbine, where the turbine slip factor Sq still needs to be accounted

for, viz. :

(np,T/ Neorr) = f(mCOW’/ nr, Sq) (7.195)

Buysschaert et al. (2013) show that the impact of varying the slip factor on the output
performance is mainly a power balance shift between turbine halves. This phenomenon
will not be discussed in this work because the main objective focusses on the nominal
operating performance where the cycle and turbine design characteristics are to be opti-
mised and rotor angular speeds are identical (Sq = 1).

The methodology to calculate the off-design characteristics was already revealed by the
flow chart in Fig.6.23. The major difference with respect to the design calculation model
is the use of the model of Ainley and Mathieson instead of Soderberg’s model. An
important difference between both models is that the model of Ainley and Mathieson
allows capturing incidence variations for a given turbine blade geometry. This is not
possible with Soderberg’s model. The loss calculation procedure of the model of Ainley
and Mathieson has already been expounded in Fig.6.4, while the correlations have been
put in Appendix D. In the next chapter, the off-design characteristics of the proposed

Ljungstrom turbines will be discussed briefly.

7.3 Note on mechanical stresses

In this work, the design of the turbine is limited to the aerodynamic study. The geometry
evolving from the analysis still needs to be examined for its structural resistance against
the forces exerted by the flow on the blades on the one hand, and the required thickness

of the turbine disks to support these loads and transfer the generated torque to the rotors
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at a minimum weight on the other. Since it is possible at this point to develop the blade
passage geometry with labyrinth cavities, this examination could ideally be performed
by coupling CFD calculations, which optimise the blade shape, with FEM software,
allowing the verification of blade structural resistance and the dimensioning of disks and

rims, while providing the designer a detailed global insight into the ruling physics.
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7.4

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Nomenclature

Abbreviations and substance formulae

quwl%%%>

CL
Cro

Flow area

Rotor disk area

Blade aspect ratio

Blade projected aspect ratio
Blade height ratio

Blade chord

Interstage space coefficient
Radial blade chord

Blade lift coefficient

Blade reference lift coefficient
Specific heat at constant pressure
Hydraulic diameter

Interstage space height ratio
Specific enthalpy

Specific total enthalpy

Friction loss coefficient

Specific total enthalpy loss

Seal strip height

Blade height

Exponent

Camberline length

Last stage flow acceleration factor
First stage flow attenuation factor
Flow expansion loss factor
Labyrinth seal cavity length

Ljungstrom turbine inlet temperature

Exponent

Turbine mass flow rate
Turbine corrected mass flow
Leakage mass flow rate
Absolute Mach number
Relative Mach number
Rotational/Angular speed
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[m?]

[m?]

[J/kgK]
[m]

[-]
[J/kgl
[J/kgl
[-]
[J/kgl
[m]

[m]

[kg/s]
[kg/s]
[kg/s]
[-]

[rad/s]



NS

Number of seal strips

Blade passage throat

Static pressure

Total pressure

Rotor induced power

Delivered stage power on crown
Delivered power by blade cascade
Delivered turbine power

Radius

Reaction degree

Turbine specific inlet radius
Blade suction side radius of curvature
Specific gas constant

Turbine (stage) inlet radius
Turbine (stage) outlet radius
Rotor blade tip radius

Reynolds number
Rotor-embedded Ljungstrom turbine
Ram recovery

Stage pitch

Turbine stage number

Turbine slip factor

Blade thickness

Rim thickness

Static temperature

Total temperature

Relative total temperature
Torque

Rotational velocity

Absolute speed

Seal strip width

Relative speed

Blade y-coordinate

Blade x-coordinate

Absolute flow angle

Relative flow angle

Camberline angle
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Bg
ﬁo,bs

Ais

Cat
CrL

TtTh
TtTs

Tw

Gauging angle

Relative flow angle near the rotor outlet with slip vortex

Isentropic exponent

Stage flow deviation angle

Non-dimensional turbine total inlet pressure
Interstage space

Axial gap clearance

Radial gap clearance

Stage specific enthalpic friction loss

Axial rotor spacing

Flow deflection or R;/R,

Blade camberline deflection

Blade roughness

Stage aerodynamic enthalpic loss coefficient
Turbine aerodynamic enthalpic loss coefficient
Stage friction enthalpic loss coefficient

Turbine total enthalpic loss coefficient
Soderberg loss coefficient, non-reference AR,
Soderberg loss coefficient, non-reference Re and /R,
Turbine total-to-total isentropic efficiency

Blade passage total-to-total isentropic efficiency
Stage isentropic total-to-total efficiency

Turbine total-to-total polytropic efficiency
Blade total-to-total passage polytropic efficiency
Stage total-to-total polytropic efficiency
Non-dimensional inlet specific total enthalpy
Non-dimensional mass flow

Non-dimensional turbine total inlet temperature
Blade stagger angle

Dynamic viscosity

Turbine total-to-total expansion ratio

Blade passage total-to-total expansion ratio
Stage total-to-total expansion ratio

Blade pitch

Density

Wall shear stress

Flow coefficient

303

[rad]
[kg/m®]
[Pa]
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%
Ys
Yr
My
Q

Stage work coefficient

Stage effective work coefficient
Turbine effective work coefficient
Interstage damping

Crown angular velocity

Subscripts and superscripts

cav
CAV

DF

TAC

Atmosphere

Blade or blade passage related
Base profile

Camberline

Circular cascade coordinates
First crown

Second crown

Labyrinth cavity

Labyrinth seal cavity related
Opposing disk

Disk friction

Estimated

Hub

Inlet

Isentropic evolution

Related to position j

Last stage

Leading edge

Leakage loss

Middel stage

No hub installed

Outlet

At outlet of a blade passage
Operating line

Optimum

Relative

Radial component, Rim or Rectangular cascade coordinates

Reference

Total component
Target
Taylor-Couette
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TE
tip
TOC

Trailing edge

Rotor tip related
Torsional Couette
Tangential component
First stage

New result after one iteration
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Chapter 8
Case studies

“Allez en avant, la foi vous viendra”

Jean le Rond d’Alembert — Schubring (2006)

8.1 Introduction

In Chapter 4, the relation between cycle pressures and temperatures was examined, of-
fering the possibility to find the best coefficient-of-performance-based cycle performance.
During this study, the turbine (polytropic) efficiency was considered to be invariable.
Chapters 5, 6 and 7 gave insight into the design of a Ljungstrom turbine and the de-
pendency of the turbine efficiency on flow and geometric parameters, amongst which
the turbine expansion ratio 7, which depends on the inlet pressure, and thus the cycle
pressure ratio.

This chapter combines the acquired knowledge of the above-mentioned chapters. For
this purpose, two TDR helicopters are studied and their performance compared with that

of a conventional helicopter.

The first case concerns a VLR-class helicopter with a maximum take-off weight of 500 kg
(Fig.8.1). Since this concerns a low-power category helicopter, the piston engine (PE)
powered TDR helicopter configuration is selected.

The second case is a NH90-class helicopter with a maximum take-off weight around

10 metric tons and powered by a turbofan (TF) configuration.

The turboshaft powered TDR helicopter will not be considered here because it is more
complex due to the need of a heat exchanger, while a design range overlap between the
piston engine and turbofan TDR configurations is expected, possibly ruling out the use
of the turboshaft in the contemporary known layout.

The study will be restricted to and oriented by the selection of the design point (DP) of
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Ficure 8.1. VLR-class TDR helicopter concept. Sagita S.A..

the TDR helicopter rotor embedded Ljungstrom turbine with concurring cycle settings
under International Standard Atmosphere sea level conditions (ISA SLS). Under these
atmospheric conditions, engine data is readily available. Because protecting the integrity
of the Ljungstrom turbine is paramount, it is decided that the design point should be
examined when the internal combustion engines are delivering their maximum power,
which results in the maximum possible LTIT. The author acknowledges that it would
be sensible to select the design point of the TDR helicopter such that it yields the best
performance for a given flight profile. However, this requires a thorough insight into
the off-design characteristics of the complete helicopter, which is not in the scope of the
work at hand. As a consequence, the previously selected design point appears to be a
sensible choice. Nevertheless, turbine off-design performance maps will be provided and
discussed briefly.

Before examining both TDR helicopters, it is necessary to develop a methodology to com-
pare the TDR helicopter with its conventional equivalent. This is made possible by the
definition of the break-even coefficient of performance COPpr and coefficient of perfor-
mance margin COPy.

8.2 Break-even coefficient of performance COPpr and COP),

8.2.1 Introduction

Developing a new helicopter concept is only useful when it performs at least better than
the conventional helicopter. Without merits it is doomed to failure. From the safety and
reliability viewpoint, the TDR helicopter merits credit since it has no longer a mechanical
transmission, which was proven earlier to be of concern. However, fuel cost and perfor-
mance envelope still need consideration. For this purpose, the break-even coefficient of
performance COPge is defined. COPgg is the minimum coefficient of performance a TDR
helicopter should have to consume the same amount of fuel as the conventional equiva-
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lent for a given flying time At ey, including the power and weight changes invoked by
the conceptual differences between both configurations. Consequently, denoting the fuel

weight in the conventional helicopter and the TDR helicopter by respectively W n, and

WETDR :
WETDR = WEcono (8.1)
1it£, DR A fright = 1 f,cono flight (8.2)
and by the definition of COPgg,
mf,TDR = mf,conv (8.3)

The definition of COPpg depends on the power source. A relation for COPgg will now be
developed for both the piston engine and the turbofan powered TDR cycles.

8.2.2 Piston engine powered TDR cycle

From the definition of specific fuel consumption of an internal combustion engine (e.g.
Eq.4.58) and using Eq.8.3 :

igror  SFCETDRPy rpr ) 84

mf,conv B SFCE,convpe

M, conv

where the suffix E stands for the characteristics of the installed internal combustion engine
and P}, the mechanical power it delivers, as defined in Chapter 4. The power produced
by the RELT and set on the coaxial rotors may now be introduced in the above equation
via the definition of the coefficient of performance (Eq.4.32) :

SFCE,rpr(P7/COPgE)
= " (8.5)
SFCE/CO”UPM,canU
wherein COPgE represents the break-even coefficient of performance, or :
SFC P
COPpp = =—2IDR__ T (8.6)
SFCE,conv PM,COI’!U

From the survey performed by this author, it is possible to present the maximum installed
take-off power' at ISA SLS conditions as a function of helicopter gross weight W, (Fig.8.2).
It is reasonable to expect that the power delivered at this engine setting is near to the
maximum power absorbed by the rotors in the entire flight envelope for standard day

conditions. Equating this power to P}, then yields the following power trend-line :

Pj\/[,conv = fPMCU(Wg) = 0-0680W§1693 [kW][kg] (8.7)

IAlso denoted as 5-minute power setting
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The required P’ remains to be calculated. For this purpose, the work of Coleman (1997)
is instructive. He reports that the required rotor power of a helicopter with coaxial rotors
is similar to the power absorbed by the main rotor of conventional helicopter with same
rotor tip radius Ry, and disk loading DL, i.e. :

We

DL =—=
AR

_ t * _ *
=C=Pr M,conv — P M, coax

(8.8)

where Ag the rotor disk area, already defined in Eq.7.179. However, in case of the TDR

helicopter, it is not correct to state that P}‘VLCO"U

tail rotor, the mechanical transmission losses and the induced power increase due to the

= P} since the power absorbed in the

larger hub radius Ry are not yet accounted for. Correction factors are now proposed to

cope with these effects.

Johnson (1994) and Leishman (2002) provide yardsticks for the power consumed by the
tail rotor and transmission system losses, which are summarised in Table 8.1. Starting

from Eq.8.8, it is possible to write :

Pr = Pheony - (1 = krx —krr) = frmeo(Wy,cono) - (1 = krx — krr) (8.9)

The possible empty weight changes AWE due to the removal of the tail rotor, the mecha-
nical transmission system and the installation of a Ljungstrom turbine, compressor etc.,
are function of the desired configuration. Since Wrno = WETpr (Eq.8.1), the change in
empty weight is also the change in gross weight, where the gross weight has a direct
impact on the required power (Fig.8.2). The required rotor and thus turbine power is
then proposed to be estimated via Eq.8.7 using the newly estimated gross weight W, rpr,
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TasLE 8.1. Conventional helicopter transmission and tail rotor power losses according to
Johnson (1994) and Leishman (2002).

Transmission loss power fraction krx = Prx/ Pyoons  0-04...0.09
Tail rotor power fraction krg = PTr/P}; 0010 0.05...0.10
where :
Wg,TDR = Wg,conv + AWE (810)

AWFE is negative in case of a weight reduction. Consequently :

P = femeo(Wg,tDR) - (1 — krx — kTR) (8.11)
Introducing Eq.8.11 in Eq.8.6 yields a new expression for COPgE :

SFCg R frmco(WgrDR) - (1 — k1x — KTR)

COPgt =
PE SF CE,conv f PMcv(Wg,conv)

(8.12)

Using the best-fit power-characteristic uwg of Eq.8.7 in the previous relation with Eq.8.10

results in :
SFCE, DR AWE )b
Ppe = : 1 1- - 1
co BE SFCE,conv ( " Wg,conv ( kTX kTR) (8 3)
where b = 1.1693 and, by virtue of Eq.8.6 :
P; AWE
T (1 + DNV ) (1 —krx — k1g) (8.14)

M, conv &, conv

When the hub size (Ry) becomes too important to neglect — a plausible condition in case
of the TDR helicopter — it is proposed to correct the required turbine power by assuming
that the power increase is proportional to the increase in induced power (Eqs.7.176 and
7.178) :

o (_Pi\ o
Py« " ) Phscon (8.15)
or, using Eq.7.182:
N P P - R S,424—1/2
ki & o= oo :{1_[”(ﬁ) ]} (8.16)
T.uh i,nh i

where P7. , is the power required from the turbine when the hub dimensions are negligi-
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ble. Introducing k7 into Eq.8.13 yields the general equation of COPgg, useable for piston

engine powered cycles :

SFCE, DR AWE
COPgg = . (1+ )1—k —krr) k 8.17
B = SECrom Worom (1 = krx — krr) ki (8.17)
and,
P; AWE \?
T = (14 g ) (= k= k) K (8.18)
PM,conU Wg,conv

which is generally applicable, i.e. not cycle type dependent. Note that the specific
fuel consumption of the engines SFCf is also function of the installed power. For these
variables, information can be found in the literature. Since P;VI,TDR and P;/Lmv will not
differ substantially, it is reasonable to assume that SFCg,tpr & SFCE cono, causing the SFCg

terms to cancel each other in Eq.8.17.

8.2.3 Turbofan powered TDR cycle

COPge for a turbofan powered TDR cycle is derivable in a similar way as the one dis-
cussed previously with the piston engine. Since the TDR helicopter is compared with the
conventional helicopter, the thrust factor 7 is considered to be unity (Eq.4.159) and its
impact on COPgE is henceforth not further examined. Starting with Eq.8.1, but now in-
troducing engine thrust Ty and thrust specific fuel consumption TSFC at ISA SLS take-off
conditions (Eq.4.154) yields :

mgrpr  TSFC Ty
1 f,conv SF CE,conv p

=1 (8.19)

%
M, conv

Substitution of the definition of cycle power gain PG (Eq.4.168) in the above equation
allows determining the break-even power gain PGgr :

TSFC Pt

PGgg = " (8.20)
SFCE,conv PM,Conv
Substitution of Eq.8.18 in Eq.8.20 gives the general equation of PGpf :
TSFC AWE \!
PGy = @+ )1—k ~ k) k 821
PE SF CE,conv Wg,conv ( x TR) ! ( )

The turbofan engine is designed to deliver thrust and is not intended to drive a mechanical
load. Chapter 4 addressed this issue by defining COP differently, using the delivered
kinetic energy to the gases when expanded (fictitiously) to the atmosphere as datum with
zero flight speed.
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Recalling Eq.4.174 :

COPrr = r
TF = E.
where the kinetic energy change E; and net thrust Ty are expressed as (Cumpsty (2000)) :

2

Ex = (it + 1)) ]2 (8.22)
Ty = (i + mf)vj/av (8.23)

and vj,, the (fictitious) average speed of the expelled combustion gases. Substitution of
the above equations in Eq.4.174 :

2PG

Ujav

COPr = (8.24)

Introduction of PGgg in the above equation and writing v} 4, as a function of SPT (Eq.4.146),

ie.:

iz
Vo = (m " mf) SPT (8.25)

finally results in an expression for COPgE :

COPgf = 2 (1 FAR

SPT\' "1+ BPRTF) PG (8:26)

where the fuel-to-air ratio (FAR) and the turbofan bypass ratio (BPRtr) were already
discussed in Section 4.5. TSFC will be a function of the selected turbofan engine, where the
engine overall pressure ratio (OPR) and turbine inlet temperature (TIT) play an important
role. For more information about this, the reader is referred to the related literature,
such as Walsh & Fletcher (2004) and Cumpsty (2000). Since the turbofan powered TDR
cycle targets the higher helicopter weight class, it is then realistic to assume that the
conventional helicopter equivalent will use a turboshaft as mechanical power source. A
correlation for SFCE ¢,y may consequently be established relying on the data provided by
the turboshaft engine manufacturers for the maximum take-off power regime (Fig.8.3).
Again, a power relation is proposed to estimate SFCE,cony for any given Py, . but note
that the number of engines installed in the conventional helicopter N, must ,be accounted
for :

Pr, . \-01608
SFCE como = 970.4962( » )

e

[/kWh][kW][-] (8.27)
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FIGURE 8.3. SFCmp as a function of turboshaft engine power Py, /N, at maximum

take-off regime, ISA SLS — Author survey, Appendix H.

8.2.4 COP-margin COPy

The COP-margin COP) is defined as :

, COP — COPgg

COPy & =55~ (8.28)

During the design process, COPy will be used as design metric where possible. The design
point should be selected at the maximum available margin, offering the best performance
potential over the conventional helicopter from either a fuel or an excess power capability
viewpoint. The latter can indeed be obtained by installing, for example, more power in
the TDR helicopter by the integration of a larger turbofan. This will increase the weight of
the helicopter and indirectly the required fuel mass flow. Clearly, this kind of intervention
enhances the performance envelope, but at the cost of COPys. Note that from the above

definition, COPgg should be as low as possible.

8.3 PE-TDR cycle : VLR-class helicopter

8.3.1 Engine selection

The VLR-class helicopter is a lightweight and consequently low power class helicopter.
From Fig.8.4 it is observed that the offered power range by the piston engines meets
the designer’s requirements amply. As already discussed in Section 4.3.1, several piston
engine types exist. The 4-stroke (4-s) Avgas piston engine with atmospheric aspiration
(ATM) and the 2-stroke (2-s) Diesel piston engine offer the best available SFCpg and are
consequently retained for the VLR TDR helicopter study (Fig.8.4), while they influence
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COPgE positively (Eq.8.17). Note that here :
SFCpg = SFCE,conv (8.29)

From the scattered data in Fig.8.4 it is assumed that SFCpg remains fairly constant for the
examined piston engine types. For the study, the average values for SFCpg can consequently
be adopted from Fig.8.4. They are indicated in Table 8.2.

450 T
A Avgas 4-s ATM
O Avgasd-ssh
O Avgas2-s
b3 Diesel4-s
400} 003 o O Diesel 2-s
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S ss0f o "
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7
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A pan
250 mmmmm—---- T N K- -
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(e] A o %
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Maximum power setting [kW]

FiIGURe 8.4. SFCpg as a function of maximum available engine power
Pyiony ISA SLS ; 4-s:4-stroke, 2-s:2-stroke, ATM :atmospheric induction,

s/t : supercharged/turbocharged — Author survey, Appendix H.

TasLE 8.2. VLR-class TDR helicopter SFCE cono — Author survey.

Avgas engine  SFCE cono [g/kWh] 250
Diesel engine  SFCEcono [g/kWh] 230

8.3.2 Rotor radius

Starting from the equal disk loading condition between the TDR helicopter and the
conventional helicopter, it was decided to select the same rotor radius Ry, for the TDR
helicopter as the one applicable to the conventional equivalent. Even though this decision
could be questioned at this point due to Wgrpr # Wy cono, it will be shown later in
Section 8.3.4 to be a conservative estimation. From the survey performed by this author, a

correlation was established relating Ry, to the maximum gross weight of the conventional
helicopter (Fig.8.5) :

Riip = fre = 04097 Woils  [m][ke] (8.30)
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The tip radius then becomes for the VLR-class TDR helicopter :

Ryjp = 3.2 [m] (8.31)
10-
o

9, -

8 [0)e] |
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FIGURE 8.5. Ry as a function of helicopter maximum gross weight W, — Author survey,
Appendix H.

8.3.3 Empty weight correction

Section 8.2.2 deduces the gross weight of the TDR helicopter based on the gross weight
of the conventional equivalent and to which an empty weight correction factor is added
(Eq.8.10). The empty weight correction is influenced by the removal of important systems
installed in the conventional helicopter and the presence of new components, peculiar
to the TDR helicopter. In case of the piston engine powered TDR helicopter, the most

noteworthy weight variations are caused by :

— The removal of the mechanical transmission system (WE 7).

— The removal of the tail rotor (Wg34).

— The rotor system using a coaxial rotor instead of a single rotor (WE ).
— The installation of the RELT (W 1).

— The installation of a compressor with diffuser (W c).

The empty weight correction AWE may then be expressed as :
AWE = WgT + WEc + AWE2 — WE3a — WE 7B (8.32)

The weight correlations for the tail rotor system Wg34 and mechanical transmission

system WEgzp are function of W and were already discussed in Section 1.2 (see also
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Appendix A, Eq.A.7 and Eq.A.25).
The rotor system weight variation AWE, can be established by considering that the rotors
of the conventional helicopter and the TDR helicopter operate at the same Cr/og, i.e. the

ratio of rotor thrust coefficient Ct and rotor solidity or, where :

W

Cre—5 (8.33)
p Athip

og & Mot (8.34)
nRtip

and vy, the rotor blade tip speed, Nj, the number of rotor blades and ¢; the rotor blade
chord. In other terms :

(&

C
) = (—T) (8.35)
OR /coax,1 rotor conv

OR

Johnson (1994) indicates that Cr/or represents the lift coefficient of the rotor blades. If
the lift coefficient of each rotor blade is identical, it is sensible to expect similar drag
tigures, which is in line with the findings of Coleman (1997) adopted in the beginning of
this chapter stating that for a constant effective disk loading : P, =Py, .. (Eq.8.8).
Adopting the hypothesis that each rotor of the TDR helicopter produces an equal amount
of thrust, and knowing that Ry, = Ryip,cono While assuming Sq, = 1, it possible to write :

CT CONv
CTconx,1 rotor = Ty (8.36)
and as a Consequence .
OR,conv
OR,coax,1 rotor = ) (837)

The above equation explains that the total blade area per rotor" S,; in the TDR config-
uration must be half of S;; found on the conventional helicopter. The easiest way to
achieve this practically is by splitting up the amount of blades N}, over each rotor evenly.
However, it must be noted that this is not always possible notably for those conventional
helicopter configurations with an uneven blade count or with less than four blades. Also,
considering Eq.7.175, care must be taken that coaxial rotor blades remain stiff enough to
prevent them from colliding. The aforementioned issues are not examined here.

Weight correlations for a rigid coaxial rotor head were not found and the author therefore

adapted Eq.A.5 as follows, while relying on the above findings :

Spl,conv

2

Wep,, =2 [—194.685 +12.164 ( )] [Ib][£] (8.38)

ii Also referred to as blade planform surface area (Section 1.2).
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where S, con is calculated via Eq.A.4. AWE, then becomes :
AWEo = WEp,,.. — WE2 (8.39)

At the moment, no exact RELT (Wg,r) and compressor system (Wg,c) weight correla-
tions are available. As a consequence, the author relies on weight fractions provided
by Sagita S.A, which is currently developing the prototype of the Sherpa VLR-class he-
licopter. The weight fractions are therefore believed to be crude estimates. However,
they are not evaluated against gross weight changes, which is a significant disadvantage
when having to use these weight fractions in the heavier helicopter classes, as will be
the case with the NH90-class TDR helicopter. Table 8.3 summarises the proposed weight
fractions. The result of the weight study is presented in Fig.8.6 and Table 8.4. It highlights

TasLE 8.3. TDR helicopter turbine and compressor weight fractions.

WE,T/Wg,conv ['] 0.061
WE,C/Wg,conU ['] 0.013

TasLE 8.4. Helicopter maximum gross weight comparison.
VLR TDR Conventional

W, [kg] 500 581

that the TDR helicopter benefits from a weight reduction with respect to the conventional
equivalent. This is mainly due to the positive impact of the removal of the transmission
system and the use of a coaxial rotor. The influence of the latter should be substanti-
ated in future work, but it is not unreasonable to expect a slight drop in weight since
each rotorhead only takes half of the bending moment exerted by the blades. Finally
note that the introduction of the RELT and compressor introduces a weight increase of
about 7% (as already indicated in Table 8.3), while the removal of the tail rotor system
reduces the empty weight by no more than 1%. In case of the studied VLR helicopter
with W¢ tpr = 500 kg, it was found that :

AWE
Wg,conv

~ —0.14 (8.40)

8.3.4 Determination of COPge

Recalling Eq.8.17 and implementing the assumption that SFCgrpr & SFCE, conp, Which is
a sensible assumption since for the VLR-class helicopter it is reasonable to expect that
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FiGure 8.6. VLR TDR helicopter empty weight variation AWEg /Wy cono.

similar piston engines will be used, it is found that :

%

COPBE = P L = (1 + AWe

Wg,conv

%

b

) (1 = krx — krr) ki (8.41)
M,conv

In the previous sections, values for all unknown variables in Eq.8.41 were found, except
for k;. k; represents the relative power increase caused by the reduction of Ag due to the
existence of a larger rotor hub engendered by the presence of the RELT (Eq.8.16). Values
for k; must be calculated iteratively because the optimum turbine specific inlet radius 7;
depends on the required power itself via the required mass flow.

However, calculations show that k; remains rather low, i.e. around 1.02. In addition, it is
considered reasonable to neglect k; in most conditions, i.e. k; = 1 because P7 is slightly
overestimated by imposing the condition Ry, = C'!. Indeed, Eq.8.9 uses the function

frmco(Wy,TDR) to calculate P (Eq.8.7). This function is based on conventional helicopter

E3
M, conv

but it also causes a smaller Ryjy conp (Eq.8.30), which is implicitly adopted in the power

data. When the gross weight of the conventional helicopter decreases, P is reduced,
requirement function fppe. By keeping the rotor radius constant (Section 8.3.2), the
function fpprco(We tDR) OVerestimates the required power as the TDR helicopter uses a
larger rotor.

Even though it is difficult to acquire a clear view on the overrating of the required power
by selecting a constant rotor radius, it is obvious that a small change in radius on the
tip side of the rotor has a much more significant impact on the required rotor power
than a small change in radius on the hub side. Therefore it is reasonable to expect that
the TDR helicopter disk loading will be lower than the one observed for its conventional

equivalent, even with a RELT installedl, Asa consequence, it is reasonable to state that P*T

iiThe statement that the disk loading is lower for the TDR helicopter can be shown to be correct for the
studied helicopters.
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TasLE 8.5. Cycle specific independent variables.
Avgas Diesel

RR [-] 0.99 0.99
M [-] 0.98 0.98
Mpc [-] 0.90 0.90
nee [-] 0.99 0.67
SFCpe [kg/kWh] 0250  0.230
LHV [MJ/kg] 437 42.5
Cp [J/kgK] 1005 1005
Cpg [J/kgK] 1010 1012

is slightly overestimated by setting Ry, tpr = Riipcono- Hence, it is assumed conservative
to state k; = 1, where the underrating of the required power by neglecting the size of the
RELT in the hub is compensated by keeping the rotor radius constant for a lower (TDR
helicopter) gross weight.

It is now possible to calculate the value of COPpg. For both piston engine powered TDR
helicopter cases, it is found that :

COPBE = (0.721 (842)

8.3.5 Determination of the cycle pressure ratio

The parametric study on the VLR TDR helicopter uses LTIT as independent variable.
From the cycle studies in Chapter 4, it was shown that for a given piston engine and
SFCpg, the cycle pressure ratio 7ic becomes a pure function of LTIT. Indeed, recalling
Eq.4.59 :

M (CngTIT B 1)]%1%

=[1
e [ * lcc LHV SFCpe \ C,Tr

(8.43)
The values for the cycle specific parameters in the above equation are detailed in Table
8.5, making it possible to find the cycle pressure ratioV as a function of LTIT. The
result is plotted in Fig.8.7. Note that the cycle pressure ratios are low, which causes
low turbine expansion ratios and consequently contributes to better turbine efficiencies
(Section 7.1.11). The parametrically studied inlet temperature conditions are indicated on

Fig.8.7 by bullets. The corresponding pressure ratios are also found in Table 8.6.

¥This is considered equal to the compressor pressure ratio.

320



Avgas 4-s ATM
Diesel 2-s

40 éO Bb 160 1é0 140
LTIT [C]

Ficure 8.7. Avgas and Diesel cycle pressure ratio 7ic as a function of selected LTIT.

TasLE 8.6. Turbine parametric input variables.

LTIT [°C] Avgas 1ic [[]  Diesel 7ic [-]
126.85 (max. LTIT) 1.74 1.53
110 1.61 1.44
80 1.39 1.29
69 - 1.24*
60 1.26* 1.19
40 1.14 1.11

* corresponds to DP

8.3.6 Turbine design

In this section, the number of turbine stages S,, and the turbine specific inlet radius 7; are
selected for the Avgas and the Diesel powered TDR cycles, leading to the development
of a turbine geometry and the determination of the concurring polytropic efficiency
np,r- Using COPy and relying on the parameters established previously, it is possible
to determine the VLR-class TDR helicopter cycle design point. The turbine geometry is
then shown for the selected design point and its losses expounded. Finally, the turbine
off-design characteristics are retrieved, with and without endwall fences, and represented
by means of a turbine map. Note that a detailed discussion of the calculation procedure
was already conducted in Section 7.1.15, and will not be repeated here.

Turbine model input parameters

The most important input parameters used in the turbine model are summarised in Table
8.7. For both cycles, the rotational speed of the coaxial rotors is Npp = 655 RPM, which

is the design rotational speed. P}, was calculated using Eq.8.18, where the conventional
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helicopter gross weight Wy o,y in the calculations was selected such that W, rpr = 500 kg

(as required).

TasLE 8.7. Turbine model input parameters.

LTIT [°C] Avgas/Diesel
1T, [K] LTIT parametric [313 ... 400]
Lp, [Pa] 101325 (no diffuser effect)
7ic [-] f(LTIT) parametric (Fig.8.7)
Sy [-] parametric (Section 8.3.6)
Py [kW] 83.7 (Eq.8.18)
Utip [m/s] 215F
Riip [m] 3.2 (Eq.8.30)
Ma; [°] 65 (Section 7.1.14)
Cin [Mm] 20 (target value, Section 7.1.13)
¢[-] 0.35 (Lowest high-cycle-fatigue, Eq.7.18)
ts [mm] 5t
Wwgs [mm] 1#
hss [mm] 1#
As, [mm] 0.1%
As, 0.016 R, (Section 6.2.1)
Ngs 4 (Section 6.3.3)
€f [mm] 0.5*
e [um] 1.2 (Section D.1.6)

1 Section 2.2.2 — } Antoine (2014)

* Antoine & Buysschaert (2014b) : worst case scenario using Rohacell

Number of turbine stages and OED 7;

The predesign procedure presented in Section 7.1.15 allows the determination of the
number of turbine stages and the optimum efficiency design (OED) specific inlet radius 7o,
yielding the highest possible turbine efficiency. Recall that the Ljungstrém turbine is
integrated in the rotor and the rotor tip speed and radius are already determined. This
yields a fixed value for the angular velocity of the rotor but also of the turbine crowns
(Qc), where :

21N

Yy = 1RQ¢ = 11@-? [N]=RPM (8.44)
or,
IR, _
Yy = R—Z (RtipQc) = 7i vyip (8.45)
tip

322



It should be remembered that the above equation relates u; to 7; since Q¢ o Vtip = Ct.
The predesign procedure in Section 7.1.15 is now repeated for a set of stage numbers, and

their impact on 7;,,; examined. The results of the 7;,,-study are summarised in Table 8.8.

The first observation is that 7;,, is more or less insensitive to the examined range of LTIT
for a given turbine stage count, while it depends on the selected engine (Avgas/Diesel)
and stage count. A plausible explanation for this behaviour is explained next. For this
purpose, it is instructive to substitute Eq.8.43 in Eq.7.28, which yields :

P>(-
i1 = L (8.46)

Mp,C NMp,T
oy ]
1+1<E(’—1:'—1)

Iy

where hy;, = Cp Ty and KE a coefficient, which is mainly engine-type dependent :

MIm
Kg = 8.47
E Ncc LHV SFC PE ( )
For each engine cycle it is possible to calculate :
K, Avgas = 0.4844 (8.48)
KE Dieser = 0.3646 (8.49)

Fig.8.8 represents Eq.8.46 for the cycle parameters indicated in Table 8.5, but for two
different turbine efficiencies. The figure shows that the combined effect of an increase in
LTIT and concurring increase in cycle pressure ratio (Fig.8.7) for a given delivered turbine
power P, results in a decrease in required mass flow rir. This is an interesting observation
because it engenders a reduction in AR, and Re/Re,.f (Section 7.1.14) and consequently
impacts the turbine efficiency negatively. Fig.8.8 then also reveals that 7z should increase
to compensate for the increased losses. However, in the event of a moderate drop in
turbine efficiency, it is acceptable to state that the general tendency of ri1 is to decrease
with a temperature rise of LTIT.

In a second step, it is possible to prove the existence of an optimum 1, i.e. Yrop,
qualitatively, which is inversely proportional to ri1. Fig.8.9 serves for this purpose. It
reveals that 7;,,; remains indeed more or less identical for other operating temperatures
(LTIT). Increasing LTIT causes the operating line to move upward and to the right.
If M¢i,opt of the lower LTIT solution would be retained for the higher LTIT operating
condition, there would be a significant increase in disk friction losses Crir due to the
corresponding 7; increment (Section 7.1.14), which is already more pronounced due to
the decreased mass flow (see Section 7.1.13). M¢; opt of the higher LTIT should therefore
be found at a larger value, while situated on the high-temperature operating line. A

significant raise in M¢iopt and thus decrease in 7;, is not expected either. It would cause
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FIGURE 8.8. Impact of LTIT on required mass flow 7, P}, = C! (See Table 8.7).
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F1GURE 8.9. Impact of LTIT on 7jgp.

a substantial growth of the aerodynamic losses Car, which are also already impacted
negatively by the lower mass flow leading to a reduction in &, and Re/Re,, f (Section
7.1.14). Even though Fig.8.9 shows that some allowance is left to the designer to choose
Tigpt, it yet shows that 7y, pinpoints a kind of loss bucket. Hence, it is reasonable to state

that — the above aspects considered — there exists an optimum 1, which is temperature
independent, and obeys :

1t oc = Tiopt = C! (8.50)
T,opt

since this is in line with the findings given by Eq.7.28 :
_ Py
111 iy WTopt = vz—T =C! (8.51)
tip
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With regard to the amount of turbine stages, Table 8.8 uncovers that an increase in S,
results in a lower 7jy,;. The decrease in 7jy, can be attributed to the increased optimum
turbine effective work coefficient ¢r. If the change in isentropic efficiency is minor,
Eq.8.46 then uncovers that — for a given LTIT — the mass flow is invariable, regardless of

the selected amount of stages. Eq.7.28 can consequently be further reduced to :
yrre=C or  Fo 4[— (8.52)
where, following Eq.7.164 :

Yr = 2(S, — 1) tanMaM; (8.53)

According to Figs. 7.3 and 7.4, increasing the number of stages only slightly decreases
M(pi opt ~ and thus M¢Opt — for the selected Ma; domain. As a conquence, Yt generally
varies proportionally to the number of stages, i.e. (Eq.7.120) :

Yropt = (Su = DM, (8.54)

Hence, it is reasonable to expect that (Eq.8.52) :

_ 1 1 _
Tioe OC o = S = ot /= Tiopt N\ 8.55
o V UTopt \/ (Sn = DM, s/ YTopt iopt (8.55)

The more stages installed, the more dominant the loss characteristics of the middle stages

will become, while the influence of 1/S, weakens. Consequently, the effect of an increase
in turbine stages on 7i,,; should decrease, which is substantiated by the results adopted
in Table 8.8.

Figs. 8.10-8.12 and Figs. 8.13-8.15 show the effect of the number of turbine stages on 7;y
for respectively the Avgas engine powered TDR cycle and the Diesel engine powered
TDR cycle operating at their respective design point cycle conditions (Table 8.6). Because
at the design point, the cycle pressure ratio and LTIT are almost identical for both cycles,
and as a result 7ir as well (Fig.8.8), it is not surprising that the iso-efficiency lines for a
given number of turbine stages in the above reported Figs. 8.10-8.15, will be situated on
comparable positions. 1, should then be very similar too. This is proven by use of
Eq.8.51 and introduction of the values of 7;,, (Table 8.8) and ri1 (Table 8.9) for each cycle.
Indeed :

~ iy 2
=M Vigyt
Avgas

0.150 = 0.152 = lleloptAvgus = lleroptDiesel (857)

1t Py (8.56)

Diesel
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For the design point of both cycles, selecting a six-stage turbine (S, = 6) appears as a
good compromise between high 7;; 7 and low A, (Table 8.8). This because an as low as
reasonably possible value of 7;,,; should be strived for, as it reduces the turbine flow-path
area A,. The latter coefficient will be used in this study as a yardstick for the RELT parasite

drag. A, will be defined and discussed in a subsequent section.

TasLE 8.8. Optimum turbine specific inlet radius 7;g;.
Avgas Diesel
LTIT T(C Sn r_iopt T]is,T/T];S’TSn:S Ae/Aesn:3 r_iopt T]::S/TSH:S AE/A€5”:8

all  f(LTIT) 4 0205 0.92 - 0200 094 -

all  f(LTIT) 6* 0.180* 0.97 - 0.175*  0.98 -

all  f(LTIT) 8 0.170 1.00 - 0.170  1.00 -
LTIT*  nt 4 - - 0.65 - - 0.61
LTIT* =% 6 - - 0.83 - - 0.80
LTIT*  n%f 8 - - 1.00 - - 1.00

+ From predesign procedure, averaged. Serves as indicative value. * is DP.

Turbine efficiency and COPy; : Design point selection

Once r_iopt is selected, the detailed design model discussed in Section 7.1.15 allows calcu-
lating the geometry and thus the polytropic efficiency of the Ljungstrom turbine 7,1 for
each examined condition (OED). The results of the coupled cycle and turbine model are

presented next.

Fig.8.16 shows the coefficient of performance margin COP) for both the Avgas and Diesel
powered TDR cycles. For the Diesel engine, a clear maximum exists near LTIT = 69°C,
which concurs with a cycle pressure ratio of 1.24 (Fig.8.17). Note that the RELT polytropic
efficiency drops when LTIT increases (Fig.8.18), which is entirely due to the concurring
rise in cycle pressure ratio (Fig.8.7) and decrease in i (Fig.8.8). The positive impact of an
increased LTIT on COP, as discussed in Chapter 4, is hereby nullified.

The Avgas engine powered TDR cycle does not exhibit such a maximum in the examined
temperature range. Fig.8.16 indicates that a similar optimum for COP,s might be found
near or below the minimum studied LTIT of 40°C. However, pursuing lower turbine
inlet temperatures appears unreasonable by the dramatic increase in frontal area of the
Ljungstrom turbine (Fig.8.19), which is related to the parasite drag of the helicopter.

The parasite drag of a helicopter becomes important during forward flight, increases
with the square of the flight speed (Newman (2003)) and should be minimised. Fig.8.19
uses the turbine relative frontal flow path area A,,, as parasite drag metric, where the
minimum turbine frontal area in the examined temperature range serves as parasite drag
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F1Gure 8.15. Diesel engine powered TDR cycle : 7jy, for S, = 8.
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datume, i.e. at a turbine inlet temperature of 400 K :

A, A,
= — = 8.58
erel mln(Ae,mnge) Ae,4OOK ( )
A, is the turbine frontal flow path area (Figs. 8.20 & 8.21), which is defined as :
A, 2 2H, IR, (8.59)

where 'Hy, and IR, are respectively the outlet blade height and outlet radius of the
last turbine stage. The helicopter community presents parasite drag commonly by an
equivalent flat plate area f,. It is defined as — Prouty (2002) :

. D
fo 2 7 = Cp Sres (8.60)

D, Cp and S, in Eq.8.60 are respectively the drag, the drag coefficient and the concurring
reference area of the examined object. g is the dynamic pressure of the flow passing over
the object. For the free stream flow, the RELT is felt by the presence of a streamlined hub
delimited between two cupolae (Fig.8.59). Since the shape of the hub will not change
substantially as LR, >> LHj,, it is reasonable to expect that Cp = C'. As a consequence :

fe = % & Sref o A, (861)

A, may therefore be used as a parasite drag metric. The Avgas engine cycle design point
is selected where A, . starts diverging substantially from the moderate slope it exhibits
at the higher LTIT (Fig.8.19), while limiting the negative impact on COPys. This point is
found at LTIT = 60°C and is consequently adopted as the design point. The 2% COP-
loss by selecting a higher operating temperature appears acceptable, while conserving a

performance margin of 10% over the conventional equivalent.
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FiGgure 8.17. Cycle pressure ratio mc as a function of LTIT for the Avgas and Diesel
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F1GUrE 8.20. Definition of the frontal flow path area A..
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Ficure 8.21. Turbine frontal flow path area A, as a function of LTIT for the Avgas and
Diesel engines, OED conditions.
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From the conducted study, it is clear that the Diesel engine powered TDR cycle is the
most efficient one, bearing the highest COP)s. The difference in turbine flow frontal area
between both cycles at the design point is only marginally higher for the Diesel engine
and will be largely offset by the higher COP,, (Fig.8.21).

Note that no distinction was made between the installation of either an Avgas or a Diesel
engine when calculating AWg. However, this issue can be waived, since the both cycles
work at similar pressure ratios (pre-compression effect, Section 4.3.3) on the one hand, and

the specific power outputs (SPP, Table 4.1) are of the same order of magnitude on the other.

Table 8.9 summarises the characteristics of the installed piston engines in the cycle and
presents additional cycle data declared in Chapter 4. The turbine geometry is treated

next.
TaBLE 8.9. Design point cycle characteristics.
Avgas Diesel
Py, [kW] 106.0 102.5
SFCpg [g/kWh] 250 230
mic [-] 1.26 1.24
nir [-] 1.25 1.23
LTIT [°C] 60 69
PCF [-] 1.159 1.147
mir [kg/s] 4.70 4.90
BPR [-] 63.6 35.5
FAR[-] 0.102  0.0483
COP [-] 0.793 0.817
COPwm [%] 10.0 13.4
np1 [-] 0.866 0.872
Geometry

This section reports the important turbine design parameters and develops the turbine
geometry. With the obtained geometry, the off-design performance of the turbine can
be established. Tables 8.10 and 8.11 reflect the most important turbine parameters for
respectively the Avgas and the Diesel powered TDR cycles. The value indicated by Hor-
lock (1966) for the blade maximum thickness-to-camberline-length ratio of 0.2 is imposed
(Section 7.1.12). The minimum chord target of 2 cm was approached within user imposed

satisfactory margins of a few millimeters.

332



Studying Tables 8.10 and 8.11, the following is noted for all turbine stages ;

Z > Zg allowing the use of the slip model discussed in Chapter 6. The blade aspect ratio
AR is not excessive (< 3) and the leakage mass flow 71, is negligibly small (< 0.5%). The
blade height decreases slightly with the turbine radius, which is necessary to compensate
for the density decrease caused by the flow expansion on the one hand, and the increased
flow area by the larger radius on the other. The relative Mach numbers near the inlet and
outlet of the blade passages remain low.

The Reynolds number is about a third of the reference Reynolds number used in the
model of Soderberg, except for the first stage, which benefits from a higher Reynolds
number due to the larger blade chord. The consequence of this is a decreased turbine
efficiency with respect to the reference.

The reaction degree R of the middle stages is around unity, as predicted by the conceptual
performance model expounded in Section 7.1.11. An identical conclusion stands for
the first and the last turbine stages, for which the reaction degree was predicted to be
respectively higher and lower than unity.

A well balanced power production is established ('), where for each cycle both turbine
halves deliver an equal amount of power P./2.

Finally it is important to highlight that the reason for needing a relatively larger blade
chord for the first stage is entirely due to the high stagger angle A (Eq.7.140), while keeping
R,/R; constant throughout the turbine, as required by the fixed ™y condition.

The geometry of the RELT for the Avgas engine powered TDR cycle is shown in Fig.8.22
and Fig.8.23, showing respectively the vertical and the horizontal cross-section of the
Ljungstrom turbine. In Fig.8.22, the first crown is indicated in green and the second one
in blue. The blades are plotted in black. Similar plots are also given for the Diesel engine
powered TDR cycle in Fig.8.24 and Fig.8.25.
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TasLE 8.10. Turbine characteristics — Avgas engine powered TDR cycle (DP, OED).

Pcy=42.1 KW — Pc,=42.0 kW — ISA SLS

Stage number — S1 S5 S3 Sy Ss Se
My -] 1.015

¢[-] 0.035

R; [m] 0.564 0.581 0.598 0.615 0.633 0.651
R, [m] 0.576 0.593 0.610 0.628 0.646 0.665
o; [-] 0.508 0.490 0.490 0.490 0.490 0.490
®o [] 0.497 0.497 0.497 0.497 0.497 0.474
¥ [-] 1.113 2.164 2.164 2.164 2.164 1.051
0[] 223 210 196 183 171 160
R[] 1.533 1.023 1.023 1.023 1.023 0.472
ap — a,p [deg] 0.4 0.5 0.5 0.5 0.5 2.6
€[] 134 82.4 82.4 82.4 82.4 70.6
A°] 74.8 56.3 56.3 56.3 56.3 49.6
Bui [°] -63.1 5.9 5.9 5.9 5.9 5.9
5 [°] 0.6 0.4 0.4 0.4 0.4 1.1
M; [] 0.05 0.13 0.13 0.14 0.14 0.15
M, [] 0.13 0.13 0.14 0.14 0.15 0.06
M, [-] 0.12 0.054 0.056 0.058 0.060 0.062
My, [-] 0.23 0.24 0.25 0.26 0.26 0.14
AR, [- 4.205 4.033 3.821 3.628 3.453 3.324
Re [10%] 0.70 0.33 0.34 0.35 0.36 0.36
¢ [m] 0.041 0.022 0.023 0.023 0.024 0.021
H,; [m] 0.051 0.051 0.050 0.049 0.047 0.047
B[] 1 0.974 0.976 0.978 0.980 1
Z -] 114 266 266 266 266 249
Zg [-] 86 88 88 88 88 158
1,7 [-] 0.86 0.87 0.87 0.87 0.86 0.87
rig /i [-] 0.002 0.003 0.003 0.003 0.003 0.002
(t/C)max [-] 0.20 0.022 0.21 0.21 0.21 0.21
tre [mm] 0.8 0.5 0.5 0.5 0.5 0.4
0 [mm] 5.0 3.6 3.7 3.8 3.9 7.1
R. [m] 0.60 0.082 0.084 0.087 0.089 0.082
e/ct[-] 293107 545107° 5.30-107° 5.1510"° 5.01-10° 5.63-107°

t Relative blade roughness. See Appendix D, Section D.1.6
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TasLE 8.11. Turbine characteristics — Diesel engine powered TDR cycle (DP, OED).
Pc1=41.9 kW — P»=41.9 kW - ISA SLS

Stage number — Sy Sy S3 Sy Ss Se
My -] 1.014

¢[-] 0.035

R; [m] 0.549 0.564 0.580 0.596 0.613 0.630
R, [m] 0.560 0.576 0.592 0.608 0.626 0.643
o [] 0.513 0.495 0.495 0.495 0.495 0.495
bo [] 0.502 0.502 0.502 0.502 0.502 0.479
¥ [-] 1.222 2.183 2.183 2.183 2.183 1.062
O[] 243 229 214 201 188 176
R[] 1.538 1.023 1.023 1.023 1.023 0.466
ap — ap [deg] 0.3 0.4 0.4 0.5 0.5 22
e [°] 13.6 83.5 83.5 83.5 83.5 71.5
A°] 74.7 55.7 55.7 55.7 55.7 49.1
Bui [°] -62.8 7.1 7.1 7.1 7.1 7.1
5 [°] 0.6 0.4 0.4 0.4 0.4 1.1
M; [] 0.05 0.12 0.13 0.13 0.13 0.14
M, [] 0.12 0.13 0.13 0.14 0.14 0.06
M,; [] 0.11 0.052 0.054 0.056 0.058 0.060
My, [-] 0.22 0.23 0.24 0.25 0.25 0.14
AR, [-] 5.106 4.901 4.644 4.411 4.198 4.042
Re [10%] 0.62 0.29 0.30 0.31 0.31 0.32
¢ [m] 0.038 0.020 0.021 0.022 0.022 0.020
H,; [m] 0.058 0.058 0.057 0.055 0.054 0.053
B[] 1 0.973 0.975 0.977 0.979 1
Z -] 118 279 279 279 279 260
Zq [] 89 91 91 91 91 165
My, [-] 0.88 0.87 0.87 0.87 0.87 0.88
mips /i [-] 0.002 0.003 0.003 0.003 0.003 0.002
(t/C)max [-] 0.20 0.21 0.21 0.21 0.21 0.21
tre [mm] 0.8 0.4 0.4 0.5 0.5 0.4
0 [mm] 4.7 3.3 3.4 35 3.6 6.6
R. [m] 0.55 0.074 0.076 0.078 0.080 0.075
e/ct [] 3.12:107° 5.89-107° 5.73-107° 5.57.107° 5.42:107° 6.09-107°

t Relative blade roughness. See Appendix D, Section D.1.6
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Off-design performance : the turbine map

The blade passage losses for the design point calculations are determined by means of the
model of Soderberg, as highlighted in Section 6.1.4. When the turbine operates at other
conditions than the design point, also called off-design operation, its performance must
be calculated using another loss model, viz. the model of Ainley & Mathieson (1955), as
mentioned in Section 7.2. The off-design performance of the Ljungstrém turbine is pre-
sented by a turbine map, which is shown in Fig.8.26 and Fig.8.27 for the Avgas and Diesel
engine cycle respectively. Here, the maps are only calculated for Sq = 1 (no slip, Section
5.3.5) and for the complete turbine system’. Note that several maps can be produced,
for each stage and for various Sq, which can be implemented in a dynamic computer
model of the TDR helicopter. Such a model would allow evaluating the performance of
each component in the TDR helicopter and their interaction throughout the entire flight

envelope. This work is not pursued here.

On the abscissa of the turbine map, the corrected mass flow 7ite, is multiplied by a
stretch coefficient \/W . This intervention is useful to present the data. Otherwise,
the corrected speed lines (N¢r) would fall almost on top of eachother, which renders the
readability difficult. Note that N,.r was set equal to the design rotational speed Npp and
that :

Ny Npp \/@ _ Nbpp,,,

= 8.62
N 19ti N Neorr ( )

The ordinate represents the RELT total-to-total expansion ratio mr (Eq.7.24). The cor-
rected design point variables used to indicate the design point on the turbine maps by a

red cross, are summarised in Table 8.12.

An interesting observation is that the calculated polytropic turbine efficiency 7, using
Soderberg’s model with simplifications described in Section 7.1.1, predicts the obtained
polytropic efficiency by the more sophisticated model of Ainley & Mathieson (1955)
remarkably well.

The turbine polytropic efficiency 7, T remains fairly high for a large range of 7t and 7,

which is encouraging when COP) is to remain positive.

VThe performance map for each turbine stage will not be discussed in this work.
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F1GURE 8.26. Avgas engine powered TDR cycle off-design turbine performance map.
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Ficure 8.27. Diesel engine powered TDR cycle off-design turbine performance map.
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TasLE 8.12. Turbine characteristics — corrected variables (DP, OED).
Avgas Diesel

e [kgfs] 405 435
New [RPM] 609 601

184 [-] 1247  1.228
10, [-] 1156  1.187

The impact of endwall fences discussed in Section 6.1.7, is represented in Fig.8.28 and
Fig.8.29 for respectively the Avgas and the Diesel engine powered TDR cycles. Comparing
the efficiency between the turbines with and without endwall fences does not reveal a
noteworthy difference. This is a sensible consequence of having relatively normal blade
aspect ratios AR = 3. Considering the added complexity to the design of the turbine
blade, it appears wise not to install endwall fences for the examined cases.
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FiGuURE 8.28. Avgas engine powered TDR cycle off-design turbine performance map with
endwall fences.
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Ficure 8.29. Diesel engine powered TDR cycle off-design turbine performance map with
endwall fences.
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8.4 TF-TDR cycle : NH90-class helicopter

In contrast to the VLR-helicopter for which W¢ rpr was imposed, the maximum gross
weight of the conventional helicopter W cono is the datum taken into consideration. The
manufacturer documentation on the NH90 helicopter indicates that its gross weight is
10600 kg and as a consequence :

Wo conv = 10600 kg (8.63)

8.4.1 Turbofan modelling

In the conventional helicopter of the considered weight category, the power is generally
delivered by two turboshafts (Appendix A). In the TDR helicopter however, it will be
sufficient to install a single mixed flow turbofan (Fig.8.31) of which the size and thus
demanded (imaginary) thrust Tn;"' will depend entirely on the required power P’ and
the power gain PG.

Under T/O conditions, it is reasonable to adopt a turbofan turbine inlet temperature TIT
of 1600 K — Cumpsty (2000). Additionally, the overall pressure ratio (OPR) of the turbofan
may be found to be around 32 on average, as indicated in Fig.8.30, which was established
using data collected by this author. Because the overall pressure ratio and TIT are im-
posed, the fan pressure ratio (1) will become a function of the turbofan bypass ratio
(BPRtF), whereas in Section 4.5, the latter was examined as an independent variable. The
assumption of a fixed overall pressure ratio at T/O conditions is a reasonable design cri-
terion. Consequently, the only cycle variable that remains to be evaluated parametrically
is BPRrr. The designer has now the liberty to select a convenient turbofan bypass ratio
BPRtr leading to the best possible COPys. The bypass ratio will be evaluated in a range
between 4 and 10, which is justifiable by observing the data in Fig.4.29.

Considering that the mixing process of the bypass and core flows is perfect, the mixed
flow Mach number Mg (Fig.8.32) to be 0.2 (Hendrick & Buysschaert (2015)) and imposing
the condition that v163 & vs3 to guarantee maximum flow uniformity in front of the RELT,
enables the calculation of the turbofan cycle intensive properties. The mass flow can be
selected in a second stage to match the required power.

The parametric cycle studies were performed using Joachim Kurzke’s GasTurb 11 software
suite. Standard turbofan component efficiencies proposed in the software were adopted,
which can be found in Appendix G.

For the above mentioned design conditions, correlations were established for the turbofan
intensive variables of interest, which are summarised in Table 8.13. The correlations are
third-order polynomials and based on five turbofan configurations, which were calcu-

lated in GasTurb 11 for a bypass ratio of 4, 6, 7.6"1 8 and 10. The used correlations will be

viNote that Ty; = Ty since only one engine will be used.
ViiThis BPRyr is the minimum allowable turbofan bypass ratio. It is explained in Section 8.4.4.
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plotted when applied for the first time in the subsequent sections. For all configurations,

the fuel-to-air ratio was observed to be reasonably constant, viz. :

FAR = 0.0228 (8.64)
42 T T T rO—
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Ficure 8.30. Survey on the turbofan OPR at T/O conditions ISA SLS, Appendix H.

TasLE 8.13. Turbofan intensive properties — TIT = 1600 K, OPR = 32, T/O ISA SLS,

v, = 0 [m/s].
a BPR3. + b BPR?, + ¢ BPRyr +d
a b c d
EGT =LTIT [K] -2.7146-107" 7.8512 —-8.4802-10!  7.1054 - 10%
7ir [-] ~-1.6812-1073  4.8437-1072 —5.1660- 107" 3.4790
mtapc [-] 6.1667 -10~3  —2.1050- 107! 3.0363 6.2080
SPT [m/s] —2.7406 - 1071 8.2244 -9.7307-10'  6.9140 - 10?
TSFC [kg/daNh] -1.4583-107* 4.8750-10~° —6.4667-1072 5.8500-107
Cpq [I/kgK] —4.1667 - 1072 1.3737 -1.5936-10'  1.0978 - 10°
Prea/Pa [-] —~1.5546-10"3 4.4940-107% —4.8134-107! 3.2848
vg [m/s] 1.7396 - 1072 1.2094 —4.2051-10'  5.4832-10%

8.4.2 Rotor radius

The same procedure is followed as the one described for the VLR-class TDR helicopter.
Ryip is calculated using Eq.8.30, based on Wy cy. Consequently :

Rsjp = 8.3 [m] (8.65)
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Ficgure 8.31. Mixed flow turbofan cross-section. Adopted from GasTurb 11, Joachim
Kurzke.
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Ficure 8.32. Mixed flow turbofan cross-section with engine stations. Adopted from
GasTurb 11, Joachim Kurzke.
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FiGure 8.33. Turbofan weight Wg rr as a function of maximum T/O thrust at ISA SLS -
Author survey, Appendix H.

8.4.3 Empty weight correction

The same methodology is followed as discussed in Section 8.3.3. Since the turbofan
powered TDR cycle is considered, the weight of the turbofan needs to be added and the
weight of the turboshaft Wg 74 subtracted. Note that the fan takes over the function of
the compressor in the piston engine powered TDR cycle. As a consequence, Wg c must
not be considered. The above examination leads to the following relation for the empty

weight correction :
AWE = W + WETr + AWE2 — WEsa — WE 74 — WE7B (8.66)

WE rr represents the weight of the turbofan and is a function of the maximum T/O thrust,
as indicated in Fig.8.33. The trend-line resulting from the set of data found by a survey
performed by this author yields :

P;/PG )0.9125

o [kgl[WIL-]

(8.67)

09125
1000 )

T
WE,TF = 29141(—N [kg][N] or WE,TP = 29141(

Eq.8.67 shows that Wgrr = f(Tn) and consequently, using the definition of the cycle
power gain in this equation, it is clear that Wg rr = f(P7., PG). Eq.8.10 and Eq.8.11 on the
other hand, prove that P;. = f(AWE). As aresult, W rr and P}, depend on each other, and
the solution has to be calculated iteratively by coupling the cycle model with the turbine
model. Convergence is met quickly in case a good initial estimation is made for the power
gain. This is possible since the power gain is mainly a function of the turbofan bypass
ratio and the turbine polytropic efficiency, where the latter will be seen to be reasonably
constant at the higher bypass ratios (Section 8.4.5 and Fig.8.42). Then, for a given bypass
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ratio, the problem can then be further reduced to finding the required mass flow to meet

the required turbine power, i.e. :
P = 1it PG(BPR1r) SPT(BPR7r) = 11 C' (8.68)
Indeed, from the definitions of the specific thrust (Eq.4.146), turbine power (Eq.4.158) and
power gain (Eq.4.168), it follows :
re—1

FAR \CpoLTIT 1\ 75 1
1+BPR) SPT [_( ) ]

PG = (1 + (8.69)

i
LTIT (Fig.8.34), SPT (Fig.8.35), Cpe (Fig.8.36) and y,, are all functions of the turbofan
bypass ratio, as shown in Table 8.13. What the turbine expansion ratio concerns, it is
reasonable to state that :

1
Prod _ Pl &y (8.70)
Pa Pa

where the correlation for pss4/ps, which may be defined as the cycle pressure ratio in case
of the turbofan powered TDR cycle, is given in Table 8.13 as a function of bypass ratio and
presented in Fig.8.37. Note that with regard to the initialisation process, it is interesting
to plot the generated power gain as a function of bypass ratio and turbine polytropic
efficiency (Fig.8.38). By considering the polytropic efficiency as an independent variable
in the plot, the cycle model is uncoupled from the turbine model, which yields valuable
information to initiate the coupled-model iteration process. Making a good initial guess
for 1, T, which is calculated by the turbine model subsequently and typically around 90%
for the larger Ljungstrom turbines, yields a power gain that will show to be reasonable
constant throughout the iteration process.

Fig.8.38 reveals that the gross weight of the TDR helicopter will be about 5-10% lower
than the gross weight of the conventional helicopter, which has a positive impact on the
required rotor/turbine power P7. This is mainly due to the removal of the transmission
system. The impact of the installation of the turbofan on the helicopter gross weight is
around 5%, which was verified to be in the same order of magnitude of Wg 74 (6%). The
figure also shows that the gross weight variations are sensitive to Wg rr. This is to be
expected. For all other components in Eq.8.66, Fig.8.6 already showed that the weight
variation tends towards a constant for the heavier weights, leaving the turbofan as the

dominant factor in the empty weight variation balance.
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FiGure 8.34. Turbofan EGT as a function of BPRtr, ISA SLS maximum T/O setting.
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FiGure 8.35. Turbofan SPT as a function of BPRrr, ISA SLS maximum T/O setting.
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FIGURE 8.36. Turbofan exhaust gas Cy, as a function of BPR7F, ISA SLS maximum T/O
setting.
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FiGure 8.37. Turbofan pyss/ps pressure ratio as a function of BPRtr, ISA SLS maximum
T/O setting.
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8.4.4 Determination of COPgg

Recalling the break-even coefficient of performance for the turbofan powered TDR cycle
(Eq.8.26) :

COPpg =

2 FAR
(1

SPT\" T 1% BPRTF) PGy

as well as the function for the break-even power gain (Eq.8.21) :

PGgg =

TSFC (1 AWE

b
+ 1—krx —ktr) k
SF CE,conU Wg,conv) ( T TR) !

TSFC is a function of the bypass ratio (Table 8.13) and is plotted in Fig.8.39. SFCEcono
is calculated using Eq.8.7 and Eq.8.27. Following a similar reasoning as conducted in

Section 8.3.4, k; is again assumed to be unity. The values of krx and krr are taken from
Table 8.1.

The break-even power gain and break-even coefficient of performance are calculated in a
similar way as the empty weight correction. Since the polytropic efficiency of the turbine
is a priori unknown, it is interesting to introduce this variable as independent parameter,
as done in the empty weight correction study (see previous section). For a given bypass

ratio and adopting again the assumption that :

1T = Prea/pPa = f(BPRTF)

allows the presentation of the power gain, the coefficient of performance and the break-
even parameters graphically, without the need of the turbine model. This is done in
Fig.8.40, which is analysed next.

Remarkably, the coefficient of performance is almost entirely dependent on the turbine
efficiency and the break-even condition is met for turbine polytropic efficiencies over
57% (green line). Providing good engineering practices are followed, 1, r will be much
higher (90%), from which one may already conclude that the turbofan powered TDR cycle
will outperform the conventional helicopter offering high COP), at least at low speeds
(parasite drag).

Note that a minimum required bypass ratio is indicated in Fig.8.40 inred, i.e. BPRy;;, = 7.6.
The limitation arises from the maximum LTIT of 400 K. The temperature constraint is
violated when BPR7r < BPRj;, because then the turbofan EGT exceeds the limit. This
cannot be accepted for reasons of RELT integrity. As a result, it is possible to state that :

PGBE = 80 (8.71)
COPgg ~ 0.57 (8.72)
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FiGure 8.40. Turbofan powered TDR cycle, estimation of PG, COPrr and break-even.

8.4.5 Turbine design

The design procedure is analogous to the one established for the VLR-class TDR helicopter.
The analysis will therefore be restricted to the examination of the results. OED conditions

are again adopted as a design basis.

Turbine model input parameters

The turbine model input variables are reflected in Table 8.14. In contrast to the VLR-class
TDR helicopter, Ma; is now also examined parametrically. The rotational speed of the
coaxial rotors is Npp=249 RPM.

Number of turbine stages, r; and My,

Observe Table 8.15. The impact of the number of turbine stages S, on the optimum
turbine efficiency (OED) for the typical Ma; of 65 ° shows again that the higher the stage
count, the higher the isentropic efficiency becomes. However, an increase in stage number
causes the turbine frontal flow path area A, to grow drastically. Section 7.1.15 presented
techniques to reduce the blade height by increasing the radial velocity of the flow passing
through the turbine.

One possibility is reducing S, as much as possible, but Table 8.15 then shows that r;
becomes rather high : the k; = 1 assumption would possibly need to be reconsidered.
The other possibility to reduce the blade height is by decreasing Ma;. Selecting Ma; = 40°
leads to satisfying results, where A, is more than halved, while only a minor drop in
turbine efficiency is induced.

Taking S, = 6 and Ma; = 40° therefore appears as the best compromise between size and
efficiency. Fig.8.41 then shows that 7, = 0.27. As a consequence, the parametric study

on BPRtr can now be conducted and the maximum COP), retrieved.
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TasLE 8.14. Turbine model input parameters.

BPR7E [-] parametric [4 ... 10]
Sy [-] parametric (Section 8.3.6)
4 [m/s] 215*
Ryjp [m] 8.3 (Eq.8.30)
Mu; [°] parametric (Section 7.1.14)
Cnin [Mm] 20 (target value, Section 7.1.13)
¢l- 0.35 (Lowest high-cycle-fatigue, Eq.7.18)
ts [mm)] 5t
Wss [mm] 1#
hss [mm] 1#
Agp [mm] 0.1%
As, 0.016 R, (Section 6.2.1)
Nis 4 (Section 6.3.3)
€ [mm] 0.5*
e [um] 1.2+ (Section D.1.6)

1 Section 2.2.2 — 1 Antoine (2014)

* Antoine & Buysschaert (2014b) : worst case scenario using Rohacell
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F1Gure 8.41. Turbofan powered TDR cycle : 7;,; for S, = 6.

Note that the values in Table 8.15 are only mentioned for the bypass ratio BPRrr = 8. This
will be proven later in this section to be the design bypass ratio. Nevertheless, the same
analysis and conclusions apply to other BPR7r, which are not summarised in Table 8.15

because they contribute no additional value to the discussion.
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TasLE 8.15. Selection of S,,, r_iopt and Ma;.
BPR nr S, Mai[°l 7 msr AJAY OED

8 1.502 4 65 032 089 198 yes
8 1.507 6 65 030 092 286 yes
8 1510 8 65 029 094 3.67 yes
8 1472 6 40 027 091 116 yes

8* 1.444* 6% 40* 0.20*  0.90 1 no

* is DP.

Turbine efficiency and COPy; : Design point selection

The coefficient of performance margin found for the NH90-class TDR helicopter is plotted
in Fig.8.42. The plot confirms the high margin, which was already predicted in Fig.8.40.
A maximum margin is observed near BPRrr = 8, which is consequently selected as the
design point. The optimum can be explained for an increasing bypass ratio by the inter-
action of a decreasing LTIT (Fig.8.34) and drop in inlet pressure ratio (Fig.8.37), which
decrease COPrr as explained in Section 4.5.3, and an increase in i1 (Fig.8.43), influencing
1p,1 positively by the increased blade aspect ratio and Reynolds number, from which
COPrr benefits.

Compared to Fig.8.42, the reader could notice an overestimation of the coefficient of per-
formance margin when relying on the data in Fig.8.40. This is due to the approximation
shown in Eq.8.70. Fig.8.44 reveals that 7 < 'p;. /p,. As a result, the power gain in Eq.8.69
is overestimated, leading to optimistic coefficient of performance (margins) in Fig.8.40.
However, the result is still within the previously estimated range.

The impact of the bypass ratio on the coefficient of performance margin remains fairly
low, which would a priori permit the designer to use an average to fairly high bypass
ratio. Nevertheless, it must be highlighted again that the LTIT-boundary needs to be
respected (red dashed line in Figs. 8.42-8.45).

While the currently obtained coefficient of performance margin is high, it is worth consid-
ering the sacrifice of some of it to achieve a lower rotor parasite drag. This may be done
by reducing 7; below 7j,,, as shown in Table 8.15. Here, the parasite drag is again repre-
sented by A, (Eq.8.59), and the relative frontal flow path area for the turbofan powered
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TDR cycle is now defined as :

Ae

erel =

min(Ae,mn ge) AE,BPRTI:=4

(8.73)

A, re1 is shown in Fig.8.45. Taking r;pp = 0.2 causes A, to decrease by about 15%, while the

coefficient of performance margin is 5% lower (= 47%). The turbine polytropic efficiency

is only reduced by approximately 1%. This is a reasonable compromise and the presented

configuration is therefore taken as the design point. The important cycle characteristics

are now summarised in Table 8.16. The RELT geometry is discussed next.

1

0.7H A COPM [-] (OED)

A 1,7 1 (0ED)

+ T [F10P)

+ COP, [-](DP)
- -LTIT lim.

6

7
BPR_ [-]

10

F1GUrE 8.42. Cycle COPy and turbine polytropic efficiency n,,r as a function of BPRrr.

mass flow [kg/s]
S &

—A— OED
+ opP
- = =LTIT lim.

A

6

7

BPR. [-]

8

10

FiGURE 8.43. Required turbine mass flow 1 as a function of BPRrr.

Geometry

Table 8.17, Fig.8.46 and Fig.8.47 report important geometric and performance charac-

teristics of the Ljungstrom turbine developed for the previously discussed design point

conditions.
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Ficure 8.44. Cycle pressure ratio 'p;;/p, and turbine expansion ratio 7y as a function of
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Ficure 8.45. Relative frontal flow path area A, . as a function of BPRrr.
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TasBLE 8.16. Design point cycle characteristics.

Tne [KN] (ISA SLS)  22.4

PG [] 120.4
it [kes] 75
BPRrr [-] 8
TSFC [kg/daNh] 0.305
TF [-] 1.59
nigpc [-] 20.2
Yii/pa [-] 1.51
T 1.44
LTIT [°] 1235
FAR [-] 0.0228
COPrr [-] 0.81
COPy [%] 47
npr [ 0.90

In general, similar conclusions may be drawn as found with the Avgas and Diesel engine
powered TDR cycles. However, the first and the last stages have Z < Z;;. Since for these
stages Z = 0.92 Zj, it is reasonable to assume that the slip model of Busemann-Wiesner
(Eq.5.95) still predicts the slip angle with sufficient accuracy as it can be proven that
€ = €/, and as a consequence, Eq.5.97 reduces to Eq.5.96.

A well balanced power production is established, where both turbine halves deliver an
equal amount of power P7./2.

The Reynolds numbers are an order higher than the ones obtained for the piston engine
powered TDR cycles. The main reason for this is the higher flow coefficient resulting
from the selection of a lower Ma;. Note that the Reynolds number drops in the last stage,
which is not that pronounced in case of the piston engine powered TDR cycles. The
reason for this effect is found in Eq.7.170. The reduced flow deflection and the lower
R,/R; conditions for the RELT in the turbofan configuration, may be considered as the
reason behind this observation.

Also, due to the increased radial velocity component by having selected a lower Mq;,
there is an increase in relative Mach numbers causing the compressibility effects to be-
come more important and require slightly diverging blade heights, whereas for the piston
engine powered TDR cycles, the opposite was observed.

Another consequence of selecting a lower M

a; is that the first stage blade size is less af-
fected by the typically higher first stage stagger angle setting. This is because the stagger
angle is still below 60°, the angle above which one may prove that c/R; increases sub-
stantially. The blade size is therefore similar to those of the subsequent stages. The flow

M

deviation too increases due to a lower *a; setting. Indeed, 8, increases due to the lower

required flow deflection €, inducing higher 0 (e.g. Fig.5.13).
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FiGure 8.46. Turbofan powered TDR cycle, vertical plane RELT cutaway (black : blades,
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Ficure 8.47. Turbofan powered TDR cycle, horizontal plane RELT cutaway.
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Off-design performance : the turbine map

The same conditions apply as discussed in Section 8.3.6. The turbine map is again
presented in Fig.8.48 and Fig.8.49, respectively with and without endwall fences. The
corrected variables are presented in Table 8.18.

The model of Ainley & Mathieson (1955) correlates very well with the model of Soderberg.
The use of endwall fences increases the turbine polytropic efficiency with approximately
1%.

The efficiencies on the turbine map remain quite high throughout the examined range
of mass flow and expansion ratios. They are substantially higher than the break-even
polytropic efficiency established in Fig.8.40, and which appear to be around 57%. This is
an encouraging perspective when pursuing a positive COP-margin throughout the TDR

helicopter flight envelope.
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FiGurE 8.48. Turbofan powered TDR cycle off-design turbine performance map.
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FiGgure 8.49. Turbofan powered TDR cycle off-design turbine performance map with
endwall fences.
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TasLE 8.17. Turbine characteristics — turbofan powered TDR cycle (DP).
Pc1=1.35 MW - P,=1.35 MW - ISA SLS

Stage number — Sy S, S3 Sy S5 Se
My -] 1.008

e[-] 0.35

R; [m] 1.656 1.682 1.708 1.734 1.761 1.789
R, [m] 1.675 1.701 1.727 1.754 1.782 1.809
o [-] 2.09 2.12 2.12 2.12 2.12 2.12
¢o [-] 2.14 2.14 2.14 2.14 2.14 2.08
¥ [] 1.835 3.614 3.614 3.614 3.614 1.779
0[-] 222 213 203 194 184 175
R[] 1.985 1.042 1.042 1.042 1.042 0.0948
ap — @, [deg] 0.1 0.1 0.1 0.1 0.1 0.1
€[] 27.0 72.8 72.8 72.8 72.8 45.8
Al°] 50.1 37.7 37.7 37.7 37.7 21.8
Bri [°] -25.6 20.2 20.2 20.2 20.2 20.2
51[°] 2.7 2.6 2.6 2.6 2.6 6.3
M; [-] 0.23 0.31 0.32 0.32 0.33 0.34
M, [-] 0.31 0.32 0.33 0.33 0.34 0.26
M, [] 0.25 0.25 0.26 0.27 0.27 0.28
My, [-] 0.39 0.40 0.41 0.42 0.43 0.29
AR, [-] 3.20 3.18 3.21 3.25 3.29 3.29
Re [10°] 2.3 1.8 1.8 1.7 1.7 15
¢ [m] 0.030 0.024 0.025 0.025 0.026 0.022
Hy; [m] 0.061 0.061 0.062 0.064 0.066 0.068
B[] 1 1.023 1.026 1.029 1.032 1

Z [] 372 497 497 497 497 555
Zg [] 406 406 406 406 406 604
Mp,1s [-] 0.88 0.90 0.90 0.90 0.90 0.93
ripr /i [-] 0.0006 0.0008 0.0007 0.0007 0.0007 0.0005
(t/C)max [] 0.20 0.21 0.21 0.21 0.21 0.20
trr [mm] 0.6 0.5 0.5 0.5 0.5 0.4
0 [mm] 15 12 13 13 13 17
R, [m] 0.22 0.093 0.095 0.096 0.098 0.67
e/ct [] 4.06107° 49110 4.8310° 4.76:10° 4.69-107°> 5.40-107°

1 Relative blade roughness. See Appendix D, Section D.1.6

TasLE 8.18. Turbine characteristics — corrected variables (DP, OED).

titcorr [kg/s]  58.0
Neorr [RPM] 213
184 [-] 1.514
16, [-] 1.373
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8.5 Conclusions

The TDR helicopter has been examined for a low (VLR) and a high (NH90) maximum
gross weight under sea level conditions (ISA), considering the installed engine maximum
power setting to be part of the cycle nominal operating regime, which prevents the RELT
from exceeding the bearing temperature limitation. To compare the performance of the
TDR helicopter with a conventional helicopter, the COP-margin was proposed and used
(COPy).

For the VLR-class TDR helicopter, an Avgas and a Diesel piston engine were considered
separately. By linking their cycle characteristics to the Ljungstrom turbine model, it was
possible to calculate COPjy.

For OED conditions, the VLR-class TDR helicopter powered by a Diesel piston engine
showed a clear optimum COP)y at LTIT = 69°C, yielding a margin of approximately 14%.
A similar optimum could not be retrieved for the Avgas engine in the studied temper-
ature range, but it was found not necessary to examine the lower temperatures due to
the concurring significant increase in RELT frontal area and thus parasite drag poten-
tial. A reasonable compromise was found between turbine size and COPy; by selecting
LTIT = 60° C, yielding a COPy of 10% and a drag characteristic similar to the Diesel

configuration.

The NH90-class TDR helicopter powered by a single turbofan engine was examined using
a turbofan model established in GasTurb 11 for a TIT = 1600 K and OPR = 32.

The optimum BPRrr was found to be around 8 for OED conditions, but in general,
COPp remained fairly constant and around 50% on average. However, selecting the
optimum BPRrr still allowed to reduce the turbine size resulting in a reduction in rotor
hub parasite drag of 15%, while sacrificing COPy; minimally. This was possible by taking
7i = 0.20 < Tigpt-

For any studied case, a 6-stage RELT appeared as the best compromise between maximum

efficiency and minimum size.

Off-design performance maps were established and the characteristics obtained by means
of the model of Ainley and Mathieson. The retrieved efficiency at the design point corre-
sponded well with the model of Soderberg, used to establish the turbine geometry.

The introduction of endwall fences results in a minor increase in turbine efficiency and
the added performance value should be weighed against the increased development cost.
However, the technique should not be left out of consideration, since no complete system
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off-design calculations were made, where any slight increase in component efficiency

may turn out to be indispensable.
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8.6 Nomenclature

PLEASE NOTE THAT THE UNITS LISTED BELOW APPLY UNLESS STATED OTHERWISE.

Abbreviations and substance formulae

BPR
BPRtr

Cp

Crmin

Cp

Cr
cor
COPgg
COPtr
COPy

ISA

Flow area

Turbine frontal flow path area
Rotor disk area

Blade aspect ratio

Blade projected aspect ratio

Blade height ratio

Cycle bypass ratio

Turbofan bypass ratio

Blade chord

Interstage space coefficient

Rotor blade chord

Minimum chord

Drag coefficient

Specific heat at constant pressure
Rotor thrust coefficient

Coefficient of performance
Break-even coefficient of performance
Turbofan cycle coefficient of performance
Coefficient of performance margin
Drag

Rotor effective disk loading

Design point

Turbofan exhaust gas kinetic energy rate
Blade peak-to-peak roughness
Relative blade roughness

Turbofan exhaust gas temperature
Fuel-to-air ratio

Equivalent flat plate area

Interstage space height ratio

Seal strip height

Blade height

Camberline length

International Standard Atmosphere
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mrr

Induced power correction coefficient
Tail rotor power fraction
Transmission loss power fraction
Labyrinth seal cavity length

Fuel lower heating value
Ljungstrom turbine inlet temperature
Turbine mass flow rate

Turbine corrected mass flow

Fuel mass flow

Leakage mass flow rate

Absolute Mach number

Relative Mach number
Rotational/Angular speed

Number of rotor blades

Number of installed engines
Number of seal strips

Blade passage throat

Optimum efficiency design
Turbofan overall pressure ratio
Static pressure

Total pressure

Power

Delivered internal combustion engine power
Rotor induced power

Delivered turbine power
Pre-compression factor

Piston engine

Power gain

Break-even power gain

Dynamic pressure

Radius

Reaction degree

Turbine specific inlet radius

Blade suction side radius of curvature
Specific gas constant

Turbine (stage) inlet radius

Turbine (stage) outlet radius
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Rtip
Re
RELT

SFC
SPT
SLS

ts

tTE

T'nt

Rotor blade tip radius

Reynolds number
Rotor-embedded Ljungstrom turbine
Ram recovery

Stage

Turbine stage number

Blade planform surface area

Body reference area

Turbine slip factor

Specific fuel consumption
Turbofan specific thrust

Sea Level Static

Blade thickness

Rim thickness

Trailing edge thickness

Static temperature

Turbofan maximum take-off thrust
Installed maximum take-off thrust
Total temperature

Turbine driven rotor

Turbofan

Turbofan turbine inlet temperature
Take-off

Thrust specific fuel consumption
Absolute speed

Turbofan exhaust gas average speed (full expansion)
Rotor blade tip speed

Very light rotorcraft

Seal strip width

Empty weight

Compressor system weight

RELT system weight

Turbofan system weight

Main rotor system weight

Tail rotor system weight
Powerplant system weight

Transmission system weight

365

[-]
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[kg/Ws]
[Ns/kg]
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[kg/Ns]
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[kgl
[kgl
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At frignt

Nicc

Nis, T

TtHPC
Uss
OR

1f
M
(Piopt

Mlpopt

l,DT,opt‘

Fuel weight

Maximum gross weight

Stage blade number

Slip model minimum blade number requirement
Two-stroke

Four-stroke

Absolute flow angle

Isentropic exponent

Stage flow deviation angle

Non-dimensional turbine total inlet pressure
Axial gap clearance

Radial gap clearance

Flying time

Empty weight correction

Coaxial rotor weight correction term

Flow deflection or R;/R,

Labyrinth peak-to-peak roughness
Combustion efficiency

Turbine total-to-total isentropic efficiency
Mechanical transmission efficiency
Compressor polytropic efficiency

Turbine total-to-total polytropic efficiency
Stage total-to-total polytropic efficiency
Non-dimensional inlet specific total enthalpy
Non-dimensional turbine total inlet temperature
Blade stagger angle

Cycle pressure ratio

Turbofan fan pressure ratio

Turbofan high pressure compressor pressure ratio
Turbine total-to-total expansion ratio

Rotor solidity

Thrust factor

Flow coefficient

Optimum middle stage flow coefficient

Stage work coefficient

Optimum middle stage blade passage work coefficient

Optimum turbine work coefficient

366



My

Q

Interstage damping

Crown angular velocity

Subscripts and superscripts

BE
C1
2
coax
conv
corr
DpP

EWF

opt
PE
ref
rel
ss

TDR
TE

tip

163
63
64

Break-even

First crown

Second crown
Coaxial rotor related
Conventional helicopter
Corrected

Design point

Engine related
Endwall fence
Exhaust gas related
Inlet

Related to position j
Last stage

Leakage loss

Middel stage

No hub installed
Outlet

At outlet of a blade passage
Operating line
Optimum

Piston engine
Reference

Relative

Seal strip

Total component
TDR helicopter
Trailing edge

Rotor tip related
First stage

Turbofan bypass pre-nozzle flow conditions
Turbofan core pre-nozzle flow conditions
Turbofan pre-nozzle mixed flow conditions
Turbofan (fictitious) nozzle flow conditions
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Chapter 9

Conclusions and perspectives

“But Nature, on the other hand, is inexorable and immutable; she
never transgresses the laws imposed upon her, or cares a whit
whether her abstruse reasons and methods of operation are
understandable to men”

Galileo Galilei — Letter to Grand Duchess Cristina of Tuscany (1615)*

9.1 Conclusions

9.1.1 First objective : identification of cost/safety/performance limitations in
a conventional helicopter

Based on the production and direct operating cost, NTSB safety records and evaluation
of component and conceptual limitations, the performance, safety/reliability and cost
driving components inside a conventional helicopter were shown to be the mechanical

transmission and the powerplant systems.

Alternative technologies were examined for implementation in a conventional helicopter,

with the objective to tackle the previously mentioned issues. The following was observed :

— The hydrostatic worm gear transmission appeared encouraging, but is believed not
to be adopted by the industry for reasons of complexity.

— Magnetic gearboxes, even though conceptually more reliable and robust, were cur-
rently found to be too heavy. The cycloid permanent magnet gear yielded the best
performance, even though weighing at least twice as much as a conventional me-
chanical gearbox. The technology is considered not yet ripe for implementation in

a helicopter environment.

* Seeger & Haar (2013)
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— Driving the main rotor by electric propulsion, the study of which also comprised
batteries and a PEM fuel cell, showed to involve a too high weight penalty and the
internal combustion engines remained the best available mechanical power source

from a weight and fuel requirement (cost) viewpoint.

— The partial removal of the transmission system and driving the tail rotor electrically
was assessed, but no weight efficient configuration could be established. The best
electric configuration is a switched reluctance motor fed by a cryocooler-refrigerated
HTS generator, while the latter is driven by a turboshaft fuelled with kerosene. This
results in a gross weight penalty of at least 5%. Hereby, the use of HTS technol-
ogy is essential. The HTS generator operating temperature was 20 K. However,
HTS devices need to be cooled. The cooling time required to attain the operating
temperature using an onboard cryocooler is currently too high to be practically

acceptable.

— Liquid hydrogen as a future energy carrier is not recommendable, unless a consid-
erable gross weight penalty of minimum 25% is accepted. It is also questionable
whether FAR Part 135 aircraft will have continuous access to liquid hydrogen, which
will depend entirely on the available infrastructure of the airport of departure and

destination.
As a consequence, the examined novel technologies were — in the current timeframe —

found impractical for implementation in a conventional helicopter.

With respect to the conceptual alternatives to the conventional helicopter, i.e. the com-
pound, tilt-rotor and reaction-force-driven-rotor helicopters, no total improvement could
be observed. It appeared that emphasising the improvement of one of the stated problem
drivers such as performance, impacted the others, i.e. safety and cost, negatively. This

behaviour is not expected for the TDR concept, which was further examined.

9.1.2 Second objective : Evaluation of the TDR concept as a viable alternative
to the conventional helicopter in nominal operation

The Ljungstrom turbine needs to be fed with hot and pressurised air. In light of this, three

conditioning cycles were examined theoretically :
— the Avgas and Diesel piston engine powered RELT cycles ;
— the turboshaft powered RELT cycle ;
— the turbofan powered RELT cycle.

Because the Ljungstrom turbine is uncoupled from the mechanical power source in the

cycle, the cycle coefficient of performance COP was defined as a performance metric,
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which indicates how effectively the power delivered by the engine is transferred to the
turbine.

The discussed cycles all have a coefficient of performance higher than 90%. For the low
power class helicopter (< 300 kW), both the piston engine and turboshaft driven TDR
cycles can be used to drive the Ljungstrom turbine. For the mid and high power class
helicopters, the turbofan powered TDR cycle appeared as the best solution, thanks to its
high coefficient of performance and simplicity. However, the use of the turboshaft pow-
ered TDR cycle was found to be not advisable because of the need of a heat exchanger,

which renders the cycle more complex, while it increases the helicopter weight.

The potential of the piston engine and turbofan powered TDR cycles was examined by
means of two case studies using respectively a VLR-class helicopter and a NH-90-class
helicopter. For this purpose, the turbine geometry and performance model — developed
under the third objective — had to be coupled with the cycle model. The performance
characteristics of the test cases at nominal operation conditions were then compared to
those of equivalent conventional helicopters and a noteworthy performance margin was
observed, around 10% for the piston engine conditioned cycles and 50% for the turbofan
conditioned cycle.

At the moment, the TDR helicopter appears to deal with the performance, cost and relia-
bility concerns in the conventional helicopters, mainly by the removal of the transmission
system and the reduction in gross weight, offering the possibility to increase the heli-
copter useful load or benefit from increased excess power. Also, compounding is feasible,
which is an inherent capability of the turbofan powered TDR cycle. Note however, that
the performance gain was observed for the stated nominal operating conditions only.
As a result, the second objective was attained, but the performance gain should still be
proven for the major part of the flight envelope (off-design conditions). This was not yet
evaluated.

9.1.3 Third objective : the Ljungstrom performance and geometry model

A design protocol was developed for the rotor embedded Ljungstrom turbine, yielding :
— the turbine blade and flow cavity dimensions/geometry ;
— the aerodynamic, disk friction and leakage losses ;
— the main performance characteristics ;

where :

— proof was delivered that axial turbine loss models can be applied to a Ljung-
strom turbine for as long as the blade chord is reasonably small with respect to
the inlet radius of the turbine stage ;
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— acorrection to the deviation angle for axial turbines was proposed due to the passage

vortex existing in the radial plane and the increased divergence of the blade passage ;

— the model of Soderberg was used to calculate the turbine passage losses at design
conditions and was proven consistent by verification with the updated model of
Ainley and Mathieson proposed by Aungier ;

— the beneficial effect of endwall fences on the secondary losses was highlighted, but
their installation a priori not found necessary ;

— a leakage loss model was developed based on see-through labyrinth seals, which
proved the leakage losses inside a rotor embedded Ljungstrém turbine to be minor
due to the low stage expansion ratios ;

— the friction losses were quantified, including their impact on the stage outlet angle

and specific enthalpy ;

— for nominal operating conditions (design —) the velocity triangles were kept constant
over the turbine middle stages, which allowed the development of the design theory

and the inlet & outlet geometry of the blades ;

— the first and last stage blade height was considered to be constant (non-tapered
blades), for constructional simplicity ;

— a three-step turbine design methodology was formulated, where in a predesign
phase, the major non-dimensional turbine characteristics are determined, such as
the flow coefficient, the stage number and the optimum specific inlet radius ; in
a subsequent dimension and efficiency determination phase a first estimation of the
turbine geometry is developed based on the output of the predesign phase ; and
in a finetuning phase, the required turbine power is matched and the total-to-total

turbine expansion ratio found ;

— for design point purposes, the typical rotor embedded Ljungstrom turbine middle
stage absolute inlet flow angle was proven to be around 65 °;

— minimising the blade chord improved the rotor embedded Ljungstrom turbine
efficiency mainly due to the decreased impact of disk friction ; a minimum blade

chord of 20 mm was imposed ;

— the NACA A3Ky profile was used for the blade geometry, which is suitable for high
reaction stages, a condition that appeared applicable over all but the last stage in
the RELT.

The nominal operating point characteristics correlated well with those found on the
turbine maps developed by the model of Ainley and Mathieson. Since experimental sub-

stantiation of the developed theory was not possible due to persistent technical problems,
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the previously mentioned observation may still be regarded as encouraging.

9.2 Perspectives

The mechanical stresses in the rotor embedded Ljungstrom turbine were not considered
in this work and should be examined in order to assess the stresses near the blade root
and determine the size of the turbine disks.

Future work will have to focus on substantiating the developed theories, as well as
the examination of off-design characteristics of the TDR helicopter. The viability of the
concept will depend strongly on the outcome of that particular study as helicopters are
not flying continuously in the nominal operating point. The mission profile and the
component efficiencies, some of which are not highlighted in this work, will have to be

assessed in more detail, notably :
— the compressor off-design characteristics ;
— the inlet, plenum and ducting pressure losses ;
— the internal combustion engine off-design characteristics ;
— the turbine and cycle operating characteristics throughout the flight envelope ;
— the deviation angle correction model via CFD or experiments ;
— the aerodynamic and disk friction losses via CFD or experiments ;
— the directional control bleed air requirements and design ;

For nominal operating conditions, a slip factor of unity was imposed. In off-design con-
ditions, it is possible that the turbine halves will no longer operate at the same rotational
velocity. The impact of a fluctuating slip factor on the performance output should be ex-
amined and evaluated against several safety aspects of the helicopter (rotor underspeed

& overspeed, autorotation).

A high turbine efficiency is important to enhance the break-even coefficient of perfor-
mance. As a consequence, it is proposed to replace the currently used NACA AzKy
profile in the last turbine stage with a turbine profile specifically designed to work at a
low reaction degree.

In the conditioning cycles, the air bled to the directional control system using the Coanda
effect was not yet accounted for. Further analysis and dimensioning of the yaw-control

system must be conducted to evaluate whether this simplification remains acceptable in
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the cycle analysis.

The turbofan cycle offers the possibility to provide the TDR helicopter with a propulsive
force. This effect should be further examined and compared with the flight envelope of
competing configurations, such as the compound helicopter. It was indeed shown that a

non-zero thrust factor decreases the coefficient of performance of the TDR cycle.

Improved weight correlations should be established for the TDR helicopter specific com-
ponents in order to acquire a better platform gross weight estimation.

A cost model of the several components used in the TDR helicopter must be developed
to assess the life cycle cost of the concept. However, it is the author’s opinion that such
a model can only be established appropriately when relying on experience-based data,
which is currently unavailable.

Similarly, a risk assessment should be conducted to highlight reliability and safety con-
cerns of the TDR concept. Even though the TDR helicopter does not have the technical
reliability problems related to the use of a mechanical transmission system, the potential
problems related to the use of a turbine in a vibrating environment (rotor head), should
not be disregarded (for example blades detaching from disk).

Even though the TDR helicopter performance envelope was not entirely covered by
this thesis, the concept holds the potential to improve the performance, cost and safety
compared to contemporary vertical flight technologies without being revolutionary. The
latter is particularly interesting from an industrial point of view, while the TDR helicopter

concept offers new and exciting opportunities for academic research.
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Appendix A

Weight and cost estimating relations

A.1 Introduction

The model of Beltramo & Morris (1980) is used to calculate the manufacturer recurring
production and assembly costs of a helicopter. The total cost is calculated by the model
by summing the individual component cost, which is generally calculated by empirical
correlations based on component empty weight Wg. The major component groups used
in the model are summarised in Table A.1. The use of WE as cost evaluator is not unusual,
even though better results are reported by Burns (1994) when using the airframe unit
weight AMPR. However, he also mentions that AMPR and WE correlate well, such that
WE is generally used.

The model of Beltramo & Morris (1980) unfortunately features rather old technology, but
with the absence of other publicly affordable and available models, it was decided to
continue the cost assessment with this model, while assuming that the impact of techno-
logical evolution on the relative cost scale has not been dramatic. If the absolute cost is
required, the calculated year-1977 (then-year) cost by the model should then be corrected
by the consumer price index CP]I, as explained in Chapter 1, to obtain the now-year cost.

A practical issue with the model is that it requires the knowledge of some physical
helicopter parameters which are not easily determined such as the helicopter body surface
area. It would therefore be more interesting to determine the recurring costs just by
helicopter gross weight W alone, a parameter extensively used in the model to derive W ;.
Thanks to the data given in Beltramo & Morris (1980) and on the information acquired
by a survey of contemporary rotorcraft performed by the author of this work, the model
was modified where necessary in an attempt to expose the cost critical groups for various
W, and production volumes Q. Beltramo & Morris (1980) uses the helicopter design gross
weight DGW in his model, while the survey of the author of this work considers maximum
gross weight MGW. Although one could question the equality between both masses, it

was necessary in order to complete the model. For the remainder of this section, DGW

377



and MGW will be set equal to W,. A discussion of the model components with any

concurring modifications follows next.

TasLE A.1. Helicopter mass and recurring cost group subdivision as used in the model
of Beltramo & Morris (1980).
Group name Group number

Production costs

Wing system 1
Main rotor system 2
Tail system 3
Body system 4
Alighting gear system (undercarriage) 5
Nacelle system 6
Propulsion system 7
Flight controls system 8
Auxiliary power system 9
Instruments system 10
Hydraulic system 11
Pneumatic system 12
Electrical system 13
Avionics system 14
Furnishings & equipment system 15
Air conditioning system 16
Anti-icing system 17
Load & handling system 18
Assembly costs
In-house assembly 19

A.2 Wing system

The wings are defined as the small extensions next to the fuselage wherein e.g. the
retractable landing gear wheel wells are placed. The structure of the wings is rather
simple and does not accommodate flight controls, hydraulic and/or fuel systems. For the
cost evaluation, the wing system has been omitted since the total impact on mass and cost

remains low (< 1%).

W1 = —99.418 + 0.0309W, [Ib][1b] (A.1)
Crp1 = 1019WE Q7025 [$Y77][1b][-] (A2)
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A.3 Rotor system

Rotor blades, hub and hinge assembly constitute the rotor system. For a conventional
helicopter, this is the main rotor system. For a tandem helicopter, two rotors must be
taken into account. In Beltramo & Morris (1980), the blade planform surface area S, was

found to be the most reliable parameter to determine the rotor system mass :

Spi = (Blade surface) x (Number of blades) (A.3)
Spr = 0.0083 W +20.614 [ft2][1b] (A4)

In view of using W, as independent variable, a correlation between S, and W, has to be
established. This was done using the information given in Beltramo & Morris (1980). The

result is presented in Fig.A.1 and correlates will with the data.

WE2 = —194.685 + 12.164S,, [Ib][£*] (A.5)
Crpo = —12938 + 101 W ,Q 0074 [$Y77][Ib][-] (A.6)
A DpataB-M A

Corr. B-M —-R?=0.93

FIGURE A.1. 5, as a function of W, — Beltramo & Morris (1980).

A4 Tail system

The tail system consists of the tail rotor and the tail structure, including the aerodynamic

surfaces and mounts for the tail rotor. For the tail rotor the following is proposed :

In(Wg34) = ~8.327 + 1.352 In(W,) [1b][lb] (A7)
Crp3a = 102Wg34Q 007 [$Y77][Ib] (A.8)
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And for the tail structure :

Sy = 0.0030 W, + 8.1460 [£t2][1b] (A.9)
We 35 = —17.872 + 2.829S; + K; [Ib][ft*] (A.10)
Creap = 759 Wpsy Q702 [$Y77][1b][-] (A11)

where for a single rotor K; = 0, while for a tandem rotor K; = —111.1. Sy is the sum of the
horizontal and vertical tail plane areas. Again, a trend for this parameter as a function of
W, has been established by the author of this work relying on the data given by Beltramo
& Morris (1980) and is shown in Fig.A.2. The correlation between W, and Sy proves to
be mediocre, especially in the mid-range of W,. It must be noted though that the cost
impact of the tail system will be low with respect to the total cost of the helicopter. As a
consequence, it is acceptable to use Eq.A.9. Finally note that the cost and empty weight

relations are reported to be applicable to articulated, teetered and rigid rotors.

A
120 A pataB-m ‘
110

Corr. B-M ——R?=0.85 A i
A
100+

90-
80r-
701
60
50
401
301
201
10r

2
S, [ft’]

5 10 15 20 25 30 35
W, Tib]

Figure A.2. Combined horizontal and vertical tail plane area Sy — Beltramo & Morris
(1980).

A.5 Body system

The system includes the fuselage shell structure, door and window frames, doors with
corresponding actuation mechanisms, airstairs if installed, loading ramps, windows,
cockpit windshield, floors, bulkheads and radome. Sy, is the body surface area (Fig.A.3),
which was again related to W, using the data in Beltramo & Morris (1980). The correlation

between both parameters was found acceptable.
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Sk = 0.0574 W, + 63.716 [ft?] (A.12)
W4 = —269.023 + 2.356 Sp, [Ib][ft*] (A.13)
Crpa = 860 WR3¥Q702% [$Y771[Ib][-] (A.14)

2200 A DpataB-M
Corr. B-M --R*=0.88

2000+
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* 1200}
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200/
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5 10

15 20
W, [kib]

FiGure A.3. Body surface area Sy, — Beltramo & Morris (1980).

A.6 Alighting gear system or undercarriage

There are mainly two types of landing gears : skids or wheels (see Chapter 1). The lighter
helicopters (W, <3000 kg') normally have landing skids, while the heavier ones use the
wheeled undercarriage (fixed or retractable). For both landing gear types, Beltramo &
Morris (1980) gives a single mass trend that relates the helicopter gross weight to the
alighting gear system empty weight, with sufficient accuracy (R* = 0.935). A generally
applicable cost correlation for both landing gear types however, could not be established.

WEs = —5.489 + 0.0342 W, (Y Wg)  [Ib][lb] (A.15)
W
Crps = W—E'SCRP,4 (W, <3000kg)  [$Y77] (A.16)
EA
Crps = 84Wg 5 Q02176 (Wq >3000 kg) [$Y77][1b][-] (A.17)

Worthwhile mentioning are the system mass and cost reductions of respectively 20%
and 15% proven by Thuis (2004) using composite materials fabricated via resin transfer

iThis value was tacitly assumed after evaluation of the survey data.

381



moulding (RTM) in the alighting gear system of the NH-90. These figures are not adopted
in the model.

A.7 Nacelle system

The nacelle incorporates the engine mount, firewall structure, cowl structure, engine air
inlet, oil cooler scoop and other installation hardware. The mass of the nacelle system
depends on the nacelle surface S,. Correlating S, with W, gave poor results. Also, the
data did not incorporate helicopters where the nacelles were located in the fuselage, which
is generally the case for smaller helicopters. After evaluating the mass and cost impact
of the nacelle on the final outcome, which was less of a few percent, the nacelle system
was neglected. This is acceptable as the major cost drivers are sought in the analysis
conducted in Chapter 1.

A.8 Propulsion system

The propulsion system is subdivided into three subsystems : the powerplant, the drive
and the fuel system. The powerplant subsystem consists of the dry engine, residual fluids
and installation hardware such as the starter, air inductor, exhaust and cooling compo-
nents, engine lubrication systems and engine controls. The drive subsystem includes the
speed reduction gearboxes, rotor brake and shaft and the lubrication system. The fuel sub-
system is made of the fuel fill and drain system, the fuel distribution system, the fuel vent
plumbing and fuel tanks. Each subsystem is studied separately. The current approach
exclusively takes turboshaft engines into account as the reciprocating engines represent

only a small fraction of the evaluated gross weight range.

A.8.1 Powerplant subsystem
Installed power Hy,

The powerplant weight Wg 74 depends according to Beltramo & Morris (1980) on the total
installed power Hy.. The correlations given for Hy, by these authors are linear equations
with correlation coefficients R? around 90% for the turboshaft equipped helicopters, which
now represent the largest helicopter population. Also, the dataset is somewhat dated and
does not include European helicopters, which hold a significant share of the helicopter
market at the moment. To cope with the previously mentioned issues, the author of this
work established new Hy,-correlations. A correlation was made for both the maximum
continuous power setting (MCP) and the maximum take-off power setting (MTOP) of the
engines, exhibiting a slightly better correlation coefficient in addition (Fig.A.4). Note that
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the correlations apply to standard day conditions at sea level.

MCP =0.061 Wi [kW][kg] (A.18)
MTOP = 0.068 W' [kW][kg] (A.19)

It was not clear whether Beltramo & Morris (1980) used maximum continuous power or
maximum take-off power conditions in their database, used to calculate Hy,. Crosscheck-
ing with the data of the survey, a better agreement between MCP and the trend-line of
Beltramo & Morris (1980) was found, as seen on Fig.A.5. Also, the decision to use MCP
for the calculation of Hy,, supports a more conservative cost estimation of the subsystem,

as it lowers the importance of the propulsion system in the total cost.
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Ficure A.4. Helicopter installed power, ISA SLS conditions — SD : survey data ; MCP :
maximum continuous power setting ; MTOP : maximum take-off power setting.

Impact of installed amount of engines

The weight of the powerplant subsystem depends on the amount of engines installed in
the conventional helicopter. Beltramo & Morris (1980) provide correlations to determine
WE 74 for a single and twin-engine configuration, for both reciprocating and turboshaft
engines. Investigation of the weight trend for the turboshaft configurations, showed
an anomaly for the twin-engine configuration. Also, Beltramo & Morris (1980) do not
provide a solution for helicopters with three engines installed, such as found on the
AgustaWestland AW101. Hence, alternative powerplant weight estimation correlations

will be proposed. The derivation of these formulae is performed next.

First, the single engine turboshaft configuration is examined. Beltramo & Morris (1980)

subdivides WE 74 in an engine weight subclass Wg74- and a engine peripheral subclass
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FiIGURe A.5. Helicopter installed power, ISA SLS conditions - B-M
Beltramo & Morris (1980) ; SD : survey data ; MCP : maximum continuous power set-
ting ; MTOP : maximum take-off power setting.

WE 74, which contains components such as the air induction, exhaust, cooling and starter
systems. The author of this work compared the weight of the engines alone (W 74/) with
WEg4 proposed by the correlation of Beltramo & Morris (1980) (Fig.A.6). Since the
peripherals are not adopted in WEg 4, it is normal to observe that Wgz74 < WEgz4. To
include the peripherals Wg 74~, it is assumed that :

WEzar <« Wgzar = Wega = Kpep WE7a (A.20)

For a single engine configuration, Ky, = 0.8 was found to be a reasonable value. Indeed,
it is found sensible that the weight of the contemporary turboshaft-based powerplant
systems is not higher than what is found for systems of two decades ago, on which the
correlation of Beltramo & Morris (1980) is based (Fig.A.6). The new weight correlation
can now be formulated as :

3.6591 MCPY-6733
WEe7a = X [Ib][BHP] (A.21)
frep

Note that the use of the foregoing equation predicts a lower powerplant subsystem weight
at the higher installed power levels. This is not a concern as it results from the fact that
the data of Beltramo & Morris (1980) is less populated in that region and thus less accurate.

In case of a twin-engine configuration, the powerplant subsystem weight correlation
of Beltramo & Morris (1980) shows to be of concern (Fig.A.7). Indeed, Wg 74 predicted by
their model is similar or higher than W74 for the majority of the examined Hy,-range,
where WE 74~ has not yet been accounted for. The aberration is most likely due to the
serious lack of data in the Hy.-range lower than 2500 BHP, possibly explaining the over-
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FiGure A.6. Helicopter powerplant weight, single engine configuration, ISA SLS condi-
tions — B-M : Beltramo & Morris (1980) ; SD : survey data.

estimation of the system weight in the low Hj.-range, and much less data in the mid
Hpe-range, which were both well covered by the survey of the author of the work at hand.

In order not to divert too much from the

model of Beltramo & Morris (1980), Ky, was
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Ficure A.7. Helicopter powerplant weight, twin-engine configuration, ISA SLS condi-
tions — B-M : Beltramo & Morris (1980) ; SD : survey data.

taken to be 90% for all but the single engine configuration (Table.A.2). The model for

calculating the powerplant subsystem wei

N,

WE 74 = 3.6591 (
E7A Kren

)

ght can now be generalised as :

Hpe

A [Ib][BHP]

0.6733
) (A.22)
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and,

Hpe = 0.0286 W% [BHP][Ib] (A.23)
Crp7a = 83320 + 215 Hye Q0% [$Y77][BHP] (A.24)

The number of engines N, correlate relatively well with W, as is indicated in Fig.A.8.

TasLE A.2. Engine-to-Powerplant fudge factor K.
Number of Turboshaft Engines N, Ky,

1 (Wg <2500 kg) 0.8
2 (2500kg < W, < 15500 kg) 0.9
3 (W >15500 kg) 0.9

u T
A survey data

T
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R P S
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10
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Ficure A.8. Helicopter number of installed engines.

A.8.2 Drive subsystem

For the drive subsystem, the general mass correlation stated in Beltramo & Morris (1980)
was adopted, though the cost model was moderately changed in order to avoid disconti-
nuities in the Crp7p cost estimation. The modified model keeps the cost constant for W 75
ranging between 700 Ib and WE 7p- (see Eq.A.26). This avoids sudden and unrealistic price

fluctuations. Table A.3 summarises the cost correlations for Crpys.

W7 = —35.551 + 0.101 W, [1b][1] (A.25)
4025 Q0074 4+ 323
We g = 36( gg_om )) [16] (A.26)
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TaBLE A.3. Drive subsystem recurring production cost Crpyg.

Drive subsystem Empty Weight W 75 [1b] Crp7a [$Y77]
WE 75 <700 ~4795 + 207 Wg 75 Q0074
700 < WE 78 < We7p: —4795 + 144900 Q0074
WE,75 > WE 7 ~16423 + 83 W75 Q0074

A.8.3 Fuel subsystem

The fuel subsystem mass WE 7c depends on the fuel storage capacity V. The correlations
given by Beltramo & Morris (1980) for Vy; as a function of W, did not give an as high
level of accuracy as the correlation established by the data of the survey performed by
the author of the work at hand (Fig.A.9). Therefore, the latter was used to estimate W 7c.
The effect of this action on weight and cost remained, however, minor.

4

T T
A DataB-Mm

O sb

Corr. B-M ——R?=0.91
Corr. SD —R?=0.99

3.5

v, [m3]

12 14

6 8 10
Wg [metric ton]

Ficure A.9. Helicopter fuel tank volume Vy; trend comparison — Beltramo & Morris
(1980) and survey data (SD).

Vi =0.0292 W, — 6.5348 [US Gal.][lb] (A.27)
WEzc = 10.974+0.790 V [Ib][US Gal.] (A.28)
Crpyc = 56 Wypc Q0-08% [$Y77][Ib] (A.29)

A.9 Flight control system

Cabin controls (cyclic and collective yokes, pedals), mechanical operating system compo-
nents (swash plate, bearings, levers, stabilizing bars, linkages, etc.) and hydraulic controls
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(hardware and fluids) make up the flight control system. The mass and cost relations :

WEg = 62.025 + 0.0334Wg [Ib][1b] (A.30)
Crps = 156Wgg Q005% [$Y77][Ib] (A.31)

A.10 Auxiliary power system

The auxiliary power system enables executing helicopter ground operations without
needing an externally connected power unit. Amongst the ground operations we have
the use of air conditioning, engine starting and electrical power supply (instruments,
avionics, etc.). Not all helicopters have an auxiliary power system. Beltramo & Morris
(1980) found such systems on helicopters having a Gross Weight of at least 13000 Ib.
However, the data used to establish this boundary consists mainly of military aircraft,
where an auxiliary power system is installed in much smaller aircraft due to the logistical
advantages. After removing the military attack versions, the boundary shifted to 15000
Ib. In the survey data, the system was only mentioned for the first time on a Eurocopter
AS332 Super Puma with a Gross Weight of about 19000 lIb. Consequently, the more
conservative value of 15000 Ib was selected for the calculations. An average mass for the

auxiliary power system was suggested.

Wio = 157 (W > 1500006)  [Ib] (A.32)
Crpo = 234Wgg Q005% [$Y77] (A.33)

A.11 Instruments system

The instruments system provides the basic monitoring and warning functions related
to the electrical, hydraulic, pneumatic, fuel and engine system operations. Indicators,

warning lights, circuitry and transducers are adopted in the mass calculations.

WE10 = 42.106 + 0.00503 W, [Ib][1b] (A.34)
Crp10 = 125 Wg o Q008% [$Y77][1b] (A.35)

A.12 Hydraulic system

Many rotorcraft require hydraulic flight controls and in some cases a hydraulic actuated
landing gear is installed. The hydraulic systems includes pumps, filters, reservoirs,
accumulators, pressure regulators, valves, hydraulic oil, plumbing and support/mounting

hardware.

Wea1 = 15.890 + 0.00446 W, [Ib][1b] (A.36)
Crp11 = 91 Wg 1y Q70089 [$Y77][1b] (A.37)
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A.13 Pneumatic system

The pneumatic system provides compressed air for cabin air conditioning and ventila-
tion, engine starting, anti-icing and pneumatic emergency power systems. The system
includes heat exchangers and air ducting leaving the engines (main and auxiliary). No
mass correlations were found by Beltramo & Morris (1980). An attempt to estimate the
pneumatic system mass via the combined hydraulic and pneumatic system mass given by
Crabtree (1958) failed as the results were inconsistent for W, up to 8000 Ib. The pneumatic
system was consequently left out of the model.

A.14 Electrical system

The electrical system generates and provides electrical power to multiple components in
the helicopter such as avionics, instruments, lights, air conditioning etc. The system is
composed of the AC and DC power generating equipment, converters, batteries, wiring
and cables, fittings, supports and circuitry.

In(WE,13) = —0.5385 + 0.6728 In(W,) [Ib][1b] (A.38)
Crp1s = 143 W 13 Q008% [$Y77][Ib] (A.39)

A.15 Avionics system

The avionics system can be subdivided in four major categories : Integrated Flight Guidance
and Controls subsystem (flight director, gyrocompass, attitude and heading, IRU), Commu-
nication subsystem (internal and external communications), Navigation subsystem (VOR,
DME, ADF, TCAS, Transponder, ILS) and Miscellaneous Equipment subsystem (Cockpit
voice recorder, HUMS, mounting hardware). The mass of the avionics depends on the
range of the aircraft R. The best R-W, correlation was found using data of the survey
(Eq.A.40 and Fig.A.10).

R =27.252 wg~2938 [NM][1b] (A.40)
WE 14 = —59.041 + 0.0175 W, + 0.348 R [1b][Ib][NM] (A.41)
Crpis = 6847 + 125 W 14 Q008% [$Y77][Ib] (A.42)

A.16 Furnishings and equipment system

This system considers multiple components in the cockpit, passenger and cargo com-
partments, going from seats, insulation, floor coverings, oxygen system and doors to
hat-racks and baggage containers. Also included are lavatories, galleys, fire warning and
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Ficure A.10. Helicopter range R as a function of W, — From survey data (SD).

extinguishing systems, first aid kits and exterior paint. An important parameter in deter-
mining mass and cost is the crew and passenger number N,. Again, the survey allowed
establishing a reasonable relationship between N, and W, (Eq.A.43 and Fig.fig:wgncp).

N, = round(0.000875 W, +2.560) ] (A.43)
W15 = —8.106 + 0.176 Sy, + 20.456 N [Ib][f£] (A.44)
Crp1s = 69 Wg 15 Q008% [$Y77][1b] (A.45)

A.17 Air conditioning system

The system provides the cabin with (acclimatised) air, warms the cargo compartment
when necessary and supplies cooling air for the electronics and avionics bays.

We,16 = 22.078 + 0.00414 W, [Ib][Ib] (A.46)
Crp16 = 208 W 16 Q008% [$Y77][Ib] (A.47)

A.18 Anti-icing system

Both anti-icing system technologies are considered : via bleed air or via electrical blankets.
The hot air system includes all ducting from the main pneumatic source and the inner
skins that form the hot air cavities. The electric blanket system is made up by the blankets,

wiring and controls. A general mass and cost relationship were derived and given below.

WE 17 = 19.938 + 0.000837 Wg [Ib][1b] (A.48)
Crp17 = 213 Wg 17 Q7008% [$Y77] (A.49)
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A.19 Load and handling system

The load and handling system takes the loading and handling gear into account, with the
provisions for jacking, hoisting and mooring, and ballast. For the cost calculations, this
system was left out of consideration. Observing Eq.A.50, the relatively low importance
of W13 with respect to W, can be noted, but more importantly, for the lower W, the
correlation predicts a negative mass due to the large negative intercept, which is unac-
ceptable. Because it is the author’s opinion that the model must be usable for all realistic

W,, negative masses and hence negative costs must be avoided.

Weas = —71.875 + 0.111 Sy, + 3489 N, [Ib][£t] (A.50)
W,
Crp1s = ( WE '18) Crpa [$Y77] (A.51)
E4

A.20 Assembly costs

The assembly costs account for all expenses made to assemble the helicopter in-house,
i.e. those involved in joining components and subassemblies into a finished helicopter.
Components such as the rolling assembly (part 5C), bare engine(s) (part 7A), instruments
(part 10) and avionics (part 14) are normally fabricated by subcontractors and are therefore

left out of the assembly cost calculations.

18
Cra = 5.325 (Z Crox— Y. cRp,k) Q03959 [$Y77] (A52)
k=1 k=5C,7A,10,14

A.21 Manufacturer recurring production and assembly cost

The manufacturer recurring manufacturing costs Cryr can now be estimated for a given
W, and Q, viz. :

18
Crmt = kepr () Crei+Cra) 8] (A.53)
k=1
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Appendix B

HTS device performance
characteristics

B.1 HTS motor

A general model to estimate the mass and volume of a HTS motor requires significant
knowledge and experience in the domain of electric motors. For the work at hand, a
less involved approach was undertaken using the data given in Masson et al. (2005) and
Masson & Luongo (2007). The former work graphically presents the minimum mass
W and volume V'

HTS,m HTSm
and a constant radius-to-length-ratio for various shaft powers. Based on this data, the

of an air-gap HTS motor turning at 3000 RPM with four poles

following weight and volume correlations were established (Fig.B.1 & Fig.B.2) :

Wit = 2175 P2 < 500 kW [kgllkW]  (B.1)
Wit = 0.0975 Pryrs,, +32.490 > 500 kW [kg]kW]  (B.2)
Viirs = 0000340 PR < 500 kW kW] (B3)
Vi =0.0000174 Pyrs,, +0.00822 > 500 kW [m>][kW] (B.4)

This configuration is considered as the reference (ref) from which the performance char-

acteristics of HTS motors working at other rotational velocities will be derived.

ref
OT,m

work of Masson et al. (2005), but here it is assumed to be 20 K. Based on the previous

The operating temperature T of the reference HTS motor was not mentioned in the

reference correlations, it is possible to determine the mass and volume of a HTS motor
turning at other design rotational velocities. Indeed, Masson et al. (2005) reports that for
a given design shaft torque 7,, and rotational speed Q,, the following equations apply :

Prrsm = TmQm [W][Nm][rad/s] (B.5)
T = V2BKypmir2,,L [Nm] (B.6)
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Figure B.1. HTS motor mass as a function of delivered power, 4 poles, 3000 RPM -
Masson et al. (2005).
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Ficure B.2. HTS motor volume as a function of delivered power, 4 poles, 3000 RPM -
Masson et al. (2005).

where B9 and K,,;, are machine constants, 7, the armature radius and L the active
machine length. Note that 7 72,,, L represents the active machine volume and thus mass

considering a constant machine density. Consequently, for a machine turning at Q,,

ref

while generating a nominal power Pyrs,, at an operating temperature T ;. ,

the impact

of rotational velocity on the design motor weight can be estimated by :

ref
WZ;SM - %m ®.7)
re
WHTS,m Prrsms Tor m

If the motor operates at other temperatures than the reference of 20 K, another mass

correction needs to be performed. Indeed, lower or higher operating temperatures require
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FiGure B.3. Temperature related weight correction - Masson et al. (2005).

respectively less or more HTS material windings to maintain the design field strengthi,
which will respectively decrease or increase the mass and volume of the motor. From
graphical data given by Masson et al. (2005), the following mass-temperature trend was
found (Fig.B.3) :

WHTS,m

o _=0.00763 Tor,; +0.84738 Torm <50K  (B8)
Wirs y PHTS M Qi
W

TS m = 0.00107 T2, — 0.0978 Tor,s +3.445  Torm >50K  (BY9)
erjjfﬂsm Prirsm, QO '

The data was given for a HTS motor generating a shaft output power of 130 kW. Lack
of additional information did not allow to verify the validity of the correlations at other
power settings. However, it is tacitly assumed that the foregoing correlations are gener-
ally applicable. Table B.1 summarises all equations necessary to estimate the HTS motor

mass and volume for a random rotational speed and operating temperature.

The power density calculated by the model was assessed using values given by Mas-
son & Luongo (2007) for an air-gap motor turning at 10000 RPM (Fig.B.4). The model
follows the data relatively well at the lower power settings, but breaks away from the
curve for power settings above 1.5 MW. The reason for underestimating the power density
is probably due to the implementation of flux-trapping in the newer design of Masson &
Luongo (2007), a technology which was likely not to be included in the design released a
few years earlier, and on which the model was based. However, for conceptual purposes,
the model can be found to be reasonably adequate. A comparison of the performance
between HTS motors and the turboshaft is conducted in Section 2.3.5, using the HTS

iThe critical (maximum) current drops with an increasing operating temperature, thus requiring more
windings.
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TasLE B.1. HTS motor mass and volume estimation.

Whrs,
Hom = e o Eq. B.7
HTSm pHTS,m/ TOT,m
Whrs,
HoTm = er o Eq. B.8 or B.9
HTS,m PHTS,m/ Qm f
re
WHTSm = pQ,m HOTm W}}Tslm Eq. B.1orB.2
+ _ re
VHTS/m - [le,m HOT,?’I’! VHTS,I’VZ Eq. B.3 or B.4

1 Approximation considering a constant machine density.
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Ficure B.4. Calculated power density compared with power density of a 10000 RPM
HTS motor (no cryocooler) - Masson & Luongo (2007).

motor model described here. The results are reproduced in respectively Fig.B.5 & B.6
and reveal that HTS motors can allow a significant improvement in mass and volume-
weighed power densities respectively pp,, and ppy with respect to those of turboshaft
engines. Note however, that a free cold source is required to operate the HTS motor, such
as liquid hydrogen, and that no consideration is made of the mechanical stresses acting

on the motor at the imposed design rotational velocities, which can be very high.

If a cryocooler must work as the cold source, the mass and mechanical power penalty it
involves, must still be quantified. Masson et al. (2005) supply graphical data to retrieve
cryocooler mass Wc,y, and volume V¢, for several cold source temperatures Tcscryo
(Figs.B.7&B.8) :

Weryo = 210.01 700326 Tescre [kg][K] (B.10)
Veryo = 0.2630 7002 Tescre [m®][K] (B.11)
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FiGure B.5. Mass weighed power density, free cold source.
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Ficure B.7. Cryocooler mass as a function of operating temperature - Masson et al. (2005).
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Ficure B.8. Cryocooler volume as a function of operating temperature - Masson et al.
(2005).

The equations are valid for cryocoolers with a heat absorption capability of 20 W, which
is according to Masson et al. (2005) a good average for the heat losses produced inside
a HTS motor and valid for a large range of output shaft powers. The efficiency of the

cryocooler is examined next.
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Ficure B.10. Cryocooler relative efficiency range — Radebaugh (2009).

Since the cryocooler is a refrigerating system, the Carnot efficiency is defined as — Moran
& Shapiro (2004) :

T

— B.12

COPCamot = TCarnot =

The high temperature of the cycle T} is related to the atmosphere, which works as the
free heat source. For a range of ambient and cold source temperatures, respectively T,
and Tcscryo (=TL), the cryocooler Carnot efficiencyii can be established. This is done in
Fig.B.9. For a cooling temperature of 20 K, the Carnot efficiency drops below 10%.

iiThe Carnot efficiency or also effectiveness is the maximum possible coefficient of performance (COP) of
a refrigerating cycle, where COP is the ratio of cooling heat flux and delivered power.
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Radebaugh (2009) examined several cryocoolers and their thermal efficiency. For cry-
ocoolers demanding less than 10 kW to be driven, he estimated an efficiency range
typical of contemporary state-of-the-art cryocoolers (Fig.B.10). The upper and lower effi-
ciency boundaries in the work of Radebaugh (2009) were consequently transformed into
equations by the author of the work at hand, which allows the efficiency of a cryocooler to
be adopted in the HTS motor performance model. The established correlations for these

efficiency boundaries are :

MCryo

T Carnot [Upper

= —0.517 In(Tcscryo)’ + 5457 In(Tcs cryo)® — 11.188 In(Tes cryo) +8.739  [-]

(B.13)
10 | 2 0248 In(Tescryo)? +1.555 In(Tes crye) — 1.882 ]
N Carnot |Lower

(B.14)

As a result, the efficiency of the cryocooler operated at several ambient and cold source

temperatures is now determinable :

TCS,Cryo "Cryo

MNCryo = (B.15)

Tambient — Tcs,cryo Ncarnot

Fig.B.11 shows that efficiencies can range between a few tenths of a percent to a few tens.
Note that with 20 W of heat losses found in HTS devices, some heat source temperature
conditions lead to a required mechanical input power of more than 10 kW, which exceeds
the power domain in which the efficiency boundaries were validated. Nevertheless, this
issue appears not to be a major concern. Indeed, in the work of Radebaugh (2009) it is
shown that an increase of heat-load and thus required mechanical power results in an
improvement of the cryocooler thermal efficiency. As a consequence, it is reasonable to
expect that the stated efficiency boundaries reflect in general a conservative estimation
of the efficiency. Figs.B.12 & B.13 show respectively the mass and volume-weighed
power densities of a HTS motor with cryocooler. Clearly, the power densities dropped
with respect to those of the motor refrigerated with a free cold source (Figs.B.5 & B.6).
However, in all examined cases, the mass- and volume-weighed power density remained
mostly superior to the one of the turboshaft. Note that the additional power dissipated to
drive the cryocooler has to be included. In the performance model explained in Section
2.3.6, the average of upper and lower boundaries is taken to determine the involved
power penalty. A constant cooling heat flux of 20 W was adopted in the calculations,
as reported by Masson et al. (2005), but this simplification should not be generalised in
case a more detailed study is pursued. Finally, some important notes. The HTS motors
considered above are all synchronous motors. This motor type is characterised by a rotor
turning exactly at the the same frequency of the current in the armature. As all helicopter
rotors turn at a constant speed, this motor could assure a more stable rotor frequency if,

for example, the frequency is electronically determined. Also, the efficiency of the HTS
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motor deserves some attention. Unfortunately, this topic is poorly documented in the
literature. Only Kwon et al. (2007) mentions nominal efficiencies ranging from 94-98%.

For the calculations, a fixed average efficiency of 96% will be taken.

B.2 HTS Generators

Still remains the issue of producing the electricity to feed the motor. This could be done
by a conventional generator, but this would involve a too high weight penalty. The
discussion of the different types of HTS generators will not be conducted here, and the
reader is therefore referred to the works of, for example Edkin et al. (1968), Singh et al.
(1999), Kalsi (2001), Nanao & Maki (2006), Lewis & Miiller (2007), Zhang et al. (2007),
Bailey et al. (2009), Sivasubramaniam et al. (2009) and Wen et al. (2009).

For this work, it is important to establish relations that determine the HTS generator mass-
and volume-weighed power densities. This purpose is served well by the work of Masson
& Luongo (2007). They describe several HTS machines and compare the power densities
of motors and generators without making any distinction. Indeed, in first approximation,
one could imagine reversing the modus operandi of the HTS motor becoming a generator
and vice versa. As a result, using the same model established for HTS motors appears
a sensible option, though some modifications need to be implemented'. Applying a
constant average HTS generator efficiency nyrsg, for example 98% — Nanao & Maki
(2006), then the delivered electric power by the HTS generator may be estimated by :

Pyrs,g = NuTs,g PHTS m [kW] (B.16)

The electrical power densities are consequently defined as :

P
PP = e [kW/kg] (B.17)
77 Whrsg
P
pp, v = fTog [kKW/m?] (B.18)
" Vhrsg
where (using Eq.B.2 and Eq.B.4) :
Whrs,g = WHTS,m’ Pirrsg kel (B.19)
’7HTS,23
Vurs,g = VTS m Prrsg [m?] (B.20)
THTS,g

iiiNone of the cases studied involving HTS generators gave sufficient information to evaluate the impact of
cooling temperature and shaft power on the power densities, necessary to establish a separate HTS generator
model.
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Appendix C

Outlet relative flow angle modelling

Based on the deviation angle 6 discussion, it is interesting to examine the impact of
gauging angle 8, and non-dimensional mass flow ©, on the relative outlet flow angle f3,
parametrically. Recall that (Eq.5.89) :

Bor =Bg+0- 3 1)

If the turbine total temperature and pressure are known, it is possible to establish ©,,
which will be seen to have an important impact on 6. Starting from the conservation of

mass and applied on the relative flow conditions :
1t = pARw cos (C2)

Ag is the flow area perpendicular to the radial plane. Applying the perfect gas law on the
static density and replacing the static components of temperature and pressure by their
respective total components :

Pr |V Az@, cosp (C.3)

m =
V Ttr Rg

where,

1 y+1
207D

1
o, = M,(l ; TM%) (C.4)

Note that the relative total components must be used. Rewriting Eq.C.3 proves that ©,
may be seen as the non-dimensional mass flow in the relative frame of motion, which is
a function of the relative Mach number M, (Eq.C.4) :

_ VT |Rg (;)m (C5)

O,
Ptr Y \Agrcosf
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Ficure C.1. O as a function of M,.

At this time, it is instructive to examine Eq.C.4. The function peaks at M, = 1 (Fig.C.1).
For this condition, the flow through Ag is choked. In both subsonic and supersonic flow

regimes, ©®, must always be lower than this maximum ©*, which is :

. y+1 gj)
@Ts(a:( - ) (C.6)

NI—=

In case O, > O the result is non-physical and the mass flow riz will have to be reduced.
This criterion is very useful when performing a parametric performance study on the
turbine stage. When ©, > ©~, one will have to reduce ©; (the mass flow) through the
stage and reiterate. Continuing this discussion on subsonic flows, it is consequently
obvious that :

1 < 1it’ (C.7)

where 71" the maximum mass flow that can pass through the blade passages. Conse-

quently for sonic/supersonic flows :
1 = 1t (C.8)

Applying the above theory to the Ljungstrom turbine gives for the non-dimensional mass

flow at the outlet section :

Trop_ |Rs (o) C9)

@ b= —_— m
o VPtrob V4 A, cos ﬁo,b

404



In case of choked flow in the throat of the blade passage, which concurs with section o, it
is found that (Fig.5.4) :

o = ﬁ(—l )i (C.10)
B Vi, N v \Aocosp '

Since the throat o is the smallest section in the blade passage, M; will consequently be
unity when choked. Under these conditions, the flow will pass perpendicularly through

section 0. As a result :
Apcosf’ = Apsinffy = A (C.11)

and,

*

sin ¢ = T (C.12)

0

By approximation, the throat of the blade passage is near the outlet of the turbine. Con-
servation of rothalpy then yields :

T! = Ty (C.13)

At this time, it is necessary to distinguish the subsonic and choked throat flow regimes

and discuss the influence on f3,; separately.

Subsonic throat

In case of subsonic flow, the work of Ainley & Mathieson (1955) points out that the total

relative pressure losses between throat and outlet section are negligible :
Pir = Prrop (C.19)
Substitution of Eq.C.9, Eq.C.6, Eq.C.13 and Eq.C.14 in Eq.C.7 gives after simplification :
©ro,p COS o p < O sin Bg (C.15)
with the additional boundaries that :

cosBop €]0,1] = Bop €]l —1/2,1/2] (C.16)

Oy p < O (C17)

For subsonic flow, a closer examination of Eq.5.93, Eq.5.100 and Eq.5.102 shows that 6
is only depending on geometric variables such as f, the relative outlet Mach number

M,,, and the non-dimensional rotational velocity M, ,. Indeed, only additional proof is
required for Eq.5.100 demanding a relationship between ¢,, M,, , and M,, ,. Defining M, ,
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as :

Uo

My = —2— (C.18)
VORT,p)
it is found that :
w, COS Ry, ReTop M
(PO — % — 0 ﬁo,b — Wo y 8§+ 0, cos ﬁorb — ro,b Cos ﬁolb (C19)

Uy Up A /')/RgTo,h Up Mu,o

where the static temperature T, follows immediately via the total-to-static relationship
between T}, , and M,,;, — Cengel & Cimbala (2010) :

-1
Ttro,b = To,b(1 + TMZ ) (C.20)

ro,b

Sometimes, it is more convenient to use total rotational speed Mach number,

u
Mtu,o e — (C.Zl)

\/ VRthro,b
especially in cases where Ty, is given and M, is a variable (Fig.C.2). Even though
o,y is required to find Aoy and thus §, which demands an iterative approach to find the
solution, there is only one solution for ©,, cos 3, (Eq.C.15) and thus §,, as illustrated
by Fig.C.2. Indeed, considering a given geometry (B¢, [, Z, B,), total relative pressure
Ptrop, total relative temperature Ty, and My, ,, Eq.5.89, Eq.5.100, Eq.5.102 and Eq.C.19
yield :

o= f(Mro,b/ ,Bo,b) = ,Bo,b = f(é) = f(Mro,br ﬁo,b) = ,Bo,b = f(Mro,b) (sz)

and consequently for the subsonic regime with Eq.C.4,

Mro,b = f(®ro,b) = ﬁo,b = f(®ro,b) (C-ZS)

Fig.C.2 shows that ©,,; cos f, ; is not a constant value, from which one may deduce that
11 is not constant (Eq.C.3) and it < mr* (Fig.C.3).

Sonic throat — supersonic outlet

The Ljungstrom turbine is an outflow turbine with A, > A*. Under saturated conditions,
the outlet will then become supersonic M,,, > 1. This will imply supersonic expansion
losses, as explained by the loss model of Ainley & Mathieson (1955) (Yex # 0). Because
of this, the conservation of total relative pressure py, , between throat and outlet does not
stand :

Pir Z Ptroj (C.24)
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Ficure C.2. Relative outflow angle 8, : example of a single Ljungstrom turbine stage —
Myy,,o = 0.085. The ragged physical limit indicated on the figure is due to the discretisation
of the evaluated domain.
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Ficure C.3. Deviation angle 6 : example of a single Ljungstrém turbine stage — My, , =

0.085. The ragged physical limit indicated on the figure is due to the discretisation of the
evaluated domain.
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Since now a choked turbine stage is considered, Eq.C.8 holds and substituting Eq.C.9, Eq.
C.10 and Eq.C.11 in the former give :

©ro,p COS Bop = Ptr & sin Bq (C.25)
Ptrob

This equation shows that for a given f, and total pressure ratio p},/ptob, ©rop oS Bop
appears to be a constant (Fig.C.2). Unlike the subsonic case, there is no deviation model
available relating g, to ©,,;. Therefore a closing equation must be provided in order to
find the relative outflow angle. M,,; is most suitable for this purpose (Eq.C.4), but this
requires the knowledge of the static pressure of the flow in the outlet. From a numerical
point of view, solving this problem is not an easy task, especially in multi-stage turbines, as
the Ljungstrom turbine — Aungier (2006). However, it can be shown that the efficiency of
the Ljungstrom turbine becomes quite low near the choking point. Because it is important
to have a high cycle efficiency, a choked turbine is therefore not desirable. Consequently,
the supersonic outflow regime will not be considered. Finally note that the supersonic
part of Fig.C.2 and Fig.C.3 were obtained for p; /ps,» = 1 and where it was assumed that
M, is known.
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Appendix D

Blade passage loss model of Ainley
and Mathieson in the Ljungstrom
turbine

This appendix incorporates the formulae used by Aungier (2006), which represent the
model of Ainley & Mathieson (1955) and corrected by the former. It includes also the
correction proposed by this author to the secondary losses due to the installation of
endwall fences. The non-dimensional pressure loss Y defined by Ainley & Mathieson
(1955) is :

_ Ptroop — Ptrob
Ptrob — Pob

Y :Zn:n+n+mmwm (D.1)
j
where p, , the static pressure, py,, the relative total pressure and py, 1, the relative total

pressure without losses at the outlet of the turbine, i.e. :

Ttro,b )7%1 (D.Z)

Ptrobp = Ptrl( o

The approach of Aungier (2006) was followed to formulate the loss model components Y
of Ainley & Mathieson (1955). Since the model uses a different blade angle convention,

the following conversion rules needs to be taken into account :

bt —p (D3)
G2t 2+ o (D4)
&ég—Mi (D.5)
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D.1 Profile loss coefficient Y,

The blade profile loss coefficient is written as :
2 AN
Yy = KnoaKincKuKoKee{ [ + E002 =Yyl [5(5) | =avee) Do)
max

D.1.1 Nozzle blade configuration loss Y

The nozzle blade configuration loss is (note angles in degrees) :

Y1 = A+BX* +CX° & < 30° (D.7)
Y1 = A+ BIX[" ay > 30° (D.8)
27° — &
A =0025+ (53—00“2) & <27° (D.9)
27° — &
A =0.025+ ﬁ a > 27° (D.10)
B =0.1583 — % (D.11)
a \?
C= 0.08[( : oo) - 1] (D.12)
n=1+ ;‘OZO (D.13)
x=5_ (E) (D.14)
¢ \C/opt
(;) = 0.46 + 7"‘72 s < 30° (D.15)
opt
(;) = 0614+ 122 fy > 30° (D.16)
opt

(8/C)opt is (8/c) where Y is minimum.
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D.1.2 The impulse blade configuration loss Y,

The impulse blade configuration loss is :

Y2 = A +BX*-CX?

A A 2
A=00242 - 22 +( 42 )

151°  \127°
30 — &
B=03+ 30500A2
-
B=03+ Woz 2
& Q
C=088- 75+ (72.%0)

"
Cc copt

~ A 2
(5) = 0.224 + 1.575( 42 ) - ( @2 )
opt

c 90° 90°

with again, (s/c)op+ delivering the minimum Y.

D.1.3 Incidence correction factor K;,.

(D.17)

(D.18)
ay < 30° (D.19)
&y > 30° (D.20)

(D.21)

(D.22)

(D.23)

The off-design incidence correction factor Kj,. accounts for the non-shock-free flow. Defin-

ing the incidence angle to be :
i=p—a
and introducing the stalling incidence i :

Ko = —1.39214 — 1.90738(1.1)
S
- 11.7

Ky =1+ 0.52 li

s
i 2.3+0.5 i/ig
Kinc =1+ (_)
Is

Kipe = 6.23 + 9.8577(,i _ 1.7)

Is

(D.24)
Lo (D.25)
i
3 sz,i <0 (D.26)
S
0 sl,i <17 (D.27)
S
L1y (D.28)

where it must be assured that Kj,. < 20. The stalling incidence may be estimated by :

is = ig + Al
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The stalling incidence is calculated based on the stalling incidence is, of the reference
cascades used by Ainley & Mathieson (1955) having (s/c) = 0.75, and to which a correction

term is added to cope with other (s/c) values :

isr = iso + A — BE* + C& + D& dy < 40° (D.30)
. . |155° —a X .
sy = iso + |Isy=a0° — is0 15 2' ap > 40 (D.31)
and,
90° — By
= D.32
¢= 5 —a (D-32)
. &+ 1)
=20- (2= D.
ko =20 ( 0.11 (D:33)
A—618—5z(16— dz) (D.34)
e W TR ‘
B=719-1.69a, (D.35)
e A )
C=78 a2(0.28 o 00) (D.36)
D—142—@(016+ 5‘2) (D.37)
- R T 1600 '

The stalling incidence correction was given to be :

Ais = —38X — 53.5X2 — 29X° ; <08 (D.38)
A 3.1
. S ap S
—2.0374—|(2) = 0.8]|69.58 - ) D.
Ais = 2.0374 [(C) 08][6958 (14.480) ] > > 08 (D.39)
X = (; - 0.86) (D.40)

D.1.4 Mach number correction

The tests performed by Ainley & Mathieson (1955) were at low Mach numbers. Ky
corrects for the profile losses when M, , > 0.6. If M,, > 1, the supersonic expansion loss
YEx takes over and is added separately. Defining (s/R.) as the ratio of blade pitch and

blade suction curvature radius :

KM = 1 Mr/o S 0-6 (D.41)
& \@M,0-06)
Kut = 1+ [1.65(M, , — 0.6) + 240(M, , — 0.6)°] 0.43(R—) 0.6 <M, <1 (DA42)
s 24 ‘
Ky=1+ 6.8886(R—) Myo>1 (D43)
C
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D.1.5 Compressibility effects

Aungier (2006) mentions the work of Kacker & Okapuu (1982) who propose an additional
correction coefficient to the profile losses in the model of Ainley & Mathieson (1955) to
cope with the effect that compressible flows in accelerating flows tend to postpone the
boundary layer separation. This effect is reflected by K,. Aungier (2006) extended their
model for hub-to-shroud analysis and proposes a slightly modified model assuring that
K,>05:

K, =1-(1-Ky)X? (D.44)

Ki =1-0.625(M,, — 0.2 + |[M,, — 0.2]) (D.45)
2M, ;

X = (D.46)

Mrli + M?’,D + |M}’,O - MT,i|

- M,; +0.566 —10.566 — M,
M, = 7 2| 7l (D.47)

M+ 1- M1
ro — >

(D.48)

D.1.6 Surface roughness

The effect of surface roughness and Reynolds number on the profile loss is captured by
Kgg. The Reynolds number based on chord length Re, is defined as:

Re, = PoeC (D.49)

Ho

For Re, < 10° the flow is said to be laminar. In case Re. > Re;, = 5 - 10°, the flow is
turbulent. In between, the flow is in transition for which Kgg is assumed to be unity.
Aungier (2006) also proposes a blade-chord-based critical roughness Reynolds number

above which the blade roughness becomes important :

Rec, = 1002 (D.50)
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where e is the roughness peak height. The formula for K is then given by :

10°

_ v 5
Kgg = Re. Re. < 10 (D.51)
Kre =1 10° < Re, < Rey, (D.52)
log,,(Re;,) 128
RE = [M] Re, > Re;, and Recr > Re,
log,,(Rec)
(D.53)
log.,(Re;,) 128
RE = [ —gw( ”)] Recy > Reyy and Rec, < Re,
log,,(Rec,)
(D.54)
lo Re 2.58 R
Kre =1+ {[M] - 1}[1 - (ﬁ)] Recy <Rey and  Rec, < Rec
log,,(Rec,) Re,
(D.55)

D.1.7 Experience factor

Finally, Kacker & Okapuu (1982) suggest the use of an experience correction factor Koy
to the profile losses to account for the use of improved technology levels. For highly
optimised designs, they suggest K,,,,; = 0.67. Otherwise K,,,,; = 1 should be used.

D.2 Secondary losses Y

YZ
s = KewrKreKs y |77 7572 (D.56)
¥, = 0.0334 Fppz S002) (D.57)

sin(f1)
K—1—(1—K)[M] (D.58)

° P11 + (ca/h)? ‘
2 . 2
7z = (cLE) S}I‘S(“Z) (D.59)
8/ sin”(@y,)

ch = 2 sin(G)(cot(@y) + cot(dn)) (D.60)
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Qy = T atan(wt(al) _ COt(aZ)) (D.61)
2 2
2 0.7 h
Fag = o.s(h—/c) S <2 (D.62)
1 h
Far = b) -2 2 (D.63)

where h is the blade height, ¢, the axial projection of the chord length ¢!, and Kgg and K,
as defined previously in respectively Eqs.D.51-D.55 and Eq.D.44.

Kewr is a new factor proposed by this author to allow for quantifying the use of endwall
fences, which are reported to drastically reduce the secondary losses. Indeed, Moon &
Koh (2001) mention an extensive list of experimental work, amongst which Kawai et al.
(1989), Chung et al. (1991) and Lee (1997), and highlight that an endwall fence positioned
at the centre of the blade passage and aligned with the blades with a height of one third
of the inlet boundary thickness, has the potential to reduce the secondary losses by 20%.
Indeed, the endwall fence hinders the crossflow and the migration of the pressure leg of
the horseshoe vortex to the suction side of the subsequent blade. This reduces the vortex
strength and hence, the secondary losses. The author of this work therefore proposes, in
case endwall fences are installed, the reduce Y accordingly using :

Kewr = 0.8  (with endwall fences) (D.64)
Otherwise,

Kewr =1  (without endwall fences) (D.65)

D.3 Trailing edge losses Yrr

The trailing edge loss coefficient proposed by Aungier (2006) is based on the abrupt
expansion of the flow in the outlet due to finite blade trailing edge. He proposes :

ITE 0 2
Yop = ( _TE, ) D.66
TE S sm(,Bg) —tTE ( )

where t7g, is the blade trailing edge thickness.

Note that ¢, is the radial projection of the chord length in case of the Ljungstrém turbine.
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D.4 Supersonic expansion losses Yrx

When the flow leaves the blade at supersonic speeds, the effect of shock losses must be
accounted for. Aungier (2006) proposes the following loss factor YEx :

Yex =0 M, <1 (D.67)

M, >1 (D.68)
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Appendix E

Ca — Crr, sensitivity study graphical

results
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Ficure E.1. Sensitivity study on ir and R; — i1 = 5 kgJ/s.
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Appendix F

Optimum blade pitch-to-chord ratio
according to Ainley and Mathieson

Here, the empirical optimum blade spacing model of Ainley & Mathieson (1955) is given
here, as mentioned by Aungier (2006). Aungier uses the i-flow angle reference system

(Section 5.1.4). The following conversions are consequently defined :

M- p (E1)
iy = g + o (F.2)
Bre B (E3)

The model of Ainley & Mathieson (1955) retrieves the optimum blade pitch by interpo-
lating between the optima, i.e. minimum losses, found for impulse (8; = ;) and nozzle

(Bi = 0°) turbine cascades.

Nozzle cascades

(5 oo 0100
Impulse cascades
(2)1 = 0.224 + (1.575 - ’5‘29([;]) (5‘29([;]) (E5)
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Optimum blade pitch-to-chord ratio

_90-B1[°]
t= %0 &l

(9, ~C)e[6) (9

Additional governing equation

(E6)

In case & > 61, the optimum blade pitch-to-chord ratio of the impulse nozzles will be

(9,-6)

used :
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Appendix G

GasTurb

This appendix provides additional information on the two-spool mixed flow turbofan
cycle calculations of which the results were used in the discussion conducted in Sec-
tion 8.4. The cycle calculations were undertaken in GasTurb 11, a commercial software
program developed by Joachim Kurzke (MTU). The methodology used by the program
to determine the turbofan performance will not be expounded here, and is extensively
elaborated in Kurzke (2004a) and Kurzke (2004b).

The performance characteristics of the mixed flow turbofan, of which the configuration
is recalled in Fig.G.1, are determined for an overall pressure ratio OPR of 32, turbine inlet
temperature of 1600 K and over a range of engine bypass ratios BPRrr (4 ...10). The
component characteristics used are standard values proposed by GasTurb 11, which may
be considered as commonly applicable. The most import parameters are summarised in
Table G.1.

=
Esuiipy ) ||

handling b\
4" I [PTNGV Cooll

recircula(ing}—/ L{ LPT cooling
a HP leakage to bypass

overboard bleed b NGV cooling
¢ HPT cooling

leakage from bypass

Ficure G.1. Mixed flow turbofan cross-section with engine stations. Adopted from
GasTurb 11, Joachim Kurzke.

For each BPRtr, a mixed flow Mach number Mg4 of 0.2 is selected — Hendrick & Buyss-
chaert (2015). Since the flow speed profile in front of the RELT should be as uniform as

possible, it is reasonable to impose that the flow velocities of bypass (163) and core (63)
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prior to mixing are identical, i.e. :
U163 & U3 (G.1)

or, using the definition of Mach number and speed of sound :

Mgz 4/7163RgT163 = M3 [ V63Rg T3 (G.2)
Mies | Te3
— & == G.3
Me3 T163 (©3)

where T the static temperature, R, the specific gas constant and y the specific heat ratio.
Since the Mach numbers are low when entering the mixing chamber (< 0.3) and the total

temperatures calculated by the program, Eq.G.4 can be modified to, without major loss

Mie3 Tt63
=~ 4 G4
Mes Tt163 G4

Unfortunately, it is not possible to introduce this design condition in GasTurb 11 and the

in accuracy :

solution has to be traced by trial and error. Indeed, for a given BPRtr and TIT, the total
temperatures depend on the fan and high-pressure compressor pressure ratios, respec-
tively i and mgpc, which are input parameters. In GasTurb 11, the pressure ratio of the
inner and outer part of the fan is treated separately. However, for the calculations at hand,
the pressure ratio of both sections is considered to be identical. Since the inner and outer
fan pressure ratios cannot be coupled in GasTurb 11, it is not possible to execute a sensi-
tivity study that would yield an immediate result, by means of, for example, a carpet plot,
as the input problem remains three dimensional (7tginmner, TTEouter, THPC). Consequently, the
coupling of the fan pressure ratios must be done manually and thus a stepwise approach
to find the solution is unavoidable.

Once converged, the turbofan cycle is fully determined, from which follow the turbofan
performance characteristics used in the TDR cycle characteristics.
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TasLe G.1. Turbofan component characteristics
TIT = 1600 K, OPR = 32, T/O ISA SLS, v, =

0 [m/s].
Inlet
Ram recovery [-] 0.99
Fan
Polytropic efficiency [-] 0.89

High pressure compressor
Polytropic efficiency [-] 0.90

Combustion chamber
Combustion efficiency [-] 0.999

Burner pressure ratio [-] 0.97
LHV [M]/kg] 43.124
High pressure turbine

Polytropic efficiency [-] 0.89
Low pressure turbine

Polytropic efficiency [-] 0.90
Nozzle

Standard converging

Nozzle petal angle [°] 25
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Appendix H

Survey data

In this thesis, several discussions are substantiated by means of data obtained by a survey
conducted by its author. The survey data is mainly extracted from documentation made
available by manufactures of helicopters and engines. It was decided not to adopt the
data in tabular form, but to present it graphically in the context wherein it is used. The
reader is referred to the manufactures of the examined components, in case more infor-

mation is required.

What helicopters concern, the survey included data made available by :
— AgustaWestland
— Airbus Helicopters (former Eurocopter)
— Bell Helicopter
— Kazan Helicopters
— NHIndustries
— MIL helicopters
— Robinson Helicopter Company
— Schweizer Aircraft Corporation
— Sikorsky Aircraft Corporation
— The Boeing Company
Also, data was taken from the vast documentation provided by Jackson et al. (2004-2005)
and Ripley (1998).
Engine data is based on the documentation released by :

— CFM International

431



Continental Motors, Inc.
DeltaHawk Diesel engines
Engine Alliance

General Electric Aviation
Hirth Motoren

Honeywell

International Aero Engines
LHTEC

Lycoming Engines
Microturbo

MTU Aero Engines

Pratt & Whitney

Pratt & Whitney Canada
Price Induction
Rolls-Royce PLC

Thielert aircraft engines
Turbomeca

Zoche aero-diesels
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