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ABSTRACT 

The integrity of mooring chains is essential to the safety of a range of offshore platforms. However, mooring line 
failures are occurring earlier than their design lives, with a high number of these failures occurring due to 
fatigue. Early in the fatigue life of the component fatigue initiation processes occur, where the fatigue hotspot is 
sensitive to the mean load and there is plastic strain accumulation from the multiaxial stress-strain responses of 
the material, leading to cyclic plastic damage accumulation. The traditional SN approach suggested by mooring 
standards does not consider these effects, and it is proposed that this lack of consideration under low-cycle 
fatigue conditions is the reason for the current non-conservative fatigue assessments of mooring chains. This 
paper aims to develop a fatigue approach based on a critical plane multiaxial fatigue criterion for mooring chains 
that can consider the damage-induced by the cyclic plasticity and the mean load effect, to investigate the 
importance of incorporating low-cycle fatigue into the mooring chain life prediction. To develop the critical 
plane approach, the multiaxial stress-strain states are extracted for the critical plane at the fatigue hotspot from a 
finite element model of a mooring chain. This is then correlated with a fatigue life prediction provided by 
conventional fatigue design data. It uses a simulation of an FPSO as a case study to demonstrate the importance 
of low cycle fatigue, which shows that the mean load effect is significant in reducing the fatigue life for mooring 
chain applications, while the effect of fatigue damage-induced cyclic plasticity is limited. The fatigue damage 
accumulation predicted by the critical plane approach is significantly higher than that of the traditional SN 
approach and should be accounted for in mooring line design.   

Keywords: FPSO, Finite element method, Cyclic plasticity, Mean load effect, Fatigue damage, Low-cycle fatigue.  

1. Current design of mooring chains against fatigue  

There are many natural energy resources offshore, including oil, gas, wind and wave. As a result, floating 
offshore platforms are widely used for the exploitation of these energy sources [1] [2]. Continuous operation of 
floating offshore platforms relies on the integrity of mooring chains to keep these platforms in position against 
adverse environments over design lives of 20-years, or longer. However, mooring failures have occurred at a 
critically high rate in recent decades, with the potential for catastrophic financial and environmental impacts. 
Between 2000 and 2011, over 21 mooring failures occurred, of which about half occurred during the first three 
years [3] [4]; there were a further 16 failures on the Norwegian Continental Shelf between 2010-2014 [5], where 
these failures occurred in harsh sea environments. Several industry surveys [1] [3] [4] have identified multiple 
failure modes for the mooring lines of which fatigue failure is the most significant, requiring further 
investigations into why these predictions are non-conservative.  

The traditional SN approach suggested by mooring standards, DNVGL-OS-E301 [6], is based on SN curves 
derived from full-scale fatigue tests on 76 mm chains of steel grades R3 and R4 under tensile loading at a 
constant mean load of 20% of the minimum breaking load in simulated seawater [6] [7] [8] [9]. This approach is 
stress-based, which is suitable for the high-cycle fatigue regime where plastic deformation is small or negligible 
but lacks an explicit consideration of the material’s stress-strain evolution at the fatigue hotspot when 
determining the fatigue response. This approach does not consider the effects of mean load or cyclic plastic 
degradation of the material on the fatigue damage when subjected to low-cycle fatigue loading. However, since 
failure in service occurs earlier in their expected lives, it is proposed that the mooring chains are likely to have 
experienced a high proportion of low-cycle fatigue loading with high mean loads. The low-cycle fatigue regime 
is commonly considered to be better described by strain-life approaches, applied to lives of less than 105 fatigue 
cycles, compared to the stress-life approaches for the high-cycle fatigue regime, >105 cycles [10]. Mooring 
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chains are subjected to approximately 5×106 fatigue cycles at three years of operation, assuming a 6s period of 
loading cycles on average, showing that a high proportion of that damage occurs under low-cycle fatigue and 
this is likely be particularly significant when operating in harsh sea environments with high mean loads. The lack 
of consideration of mean load effects and cyclic plasticity effects for low-cycle fatigue is therefore proposed to 
be a contributing factor for the current non-conservative fatigue assessments of mooring chains.  

In the mooring line literature, most published studies are limited to the stress-life approach which is suitable for 
the high-cycle fatigue regime, where plastic deformation is small or negligible [11] [12] [13] [14] [15] [16]. 
Although in some cases the stress-life approaches can predict the low-cycle fatigue behaviour [17] [18] [19] 
[20], they cannot reflect the constitutive behaviour of the material when the fatigue response changes from the 
high-cycle to low-cycle fatigue regime [19] [20] [21]. Therefore, the stress-life approach may underestimate the 
proportion of low-cycle fatigue in mooring line loading. The number of studies investigating low-cycle fatigue 
behaviour in mooring lines is limited, with only Zarandi and Skallerud [22] [23] using a strain-life approach to 
find the fatigue crack initiation life of corroded mooring chains. However, this is limited to deterministic cyclic 
loading, without considering the stochastic mooring line loading, and the addition of corrosion means it is 
difficult to isolate the effects of low-cycle fatigue on the mooring line failure. 

Therefore, this paper aims to develop a fatigue approach capable of considering the mean load and cyclic 
plasticity effects on the fatigue damage which governs the low-cycle fatigue of mooring chains, to determine the 
importance of low-cycle fatigue in early failures currently observed in operating mooring lines. The analysis 
excludes other damage mechanisms (e.g. corrosion pitting), allowing for the isolation of the low-cycle fatigue-
induced effects. The Smith-Watson-Topper approach using critical plane multiaxial fatigue criteria is selected 
since this approach has been demonstrated to accurately capture the mean load and cyclic plasticity effects in 
both high-cycle and low-cycle fatigue regimes, where fatigue damage is assessed directly in terms of local 
strains and stresses at the fatigue hotspot [21] [24] [25] [26] [27] [28] [29]. The fatigue damage accumulation 
predicted by this approach and that predicted by the traditional SN approach, are compared in a mooring line 
simulation of an FPSO, using the rainflow counting method and the Palmgren-Miner’s rule. 

2. Development of a representative chain model 

A model of a mooring line is developed using the IACS [30] standardised dimensions for an offshore studless 
chain with a diameter, D. The total length, L, is equal to 6D; the total width, W, is 3.35D and the curved section 
radius, R, is 0.675D, as illustrated in Fig. 1. The analysis is performed at two local hotspots, determined at the 
critical fatigue locations where the majority of fatigue failures have been found when under tension loading and 
are indicated in Fig. 1 as the Crown and Kt points [8] [9] [31]. 

 
Fig. 1. The standardised dimensions for a studless chain, taken from IACS, and the critical fatigue locations. 

 
The FE model is developed in ABAQUS 6.14 and automated using a Python script, considering both material 
and geometric nonlinearities using the explicit solver with C3D8R elements and a mass-scaling factor of 100, 
based on a previously developed method [32]. A 1/8th portion of the chain is modelled that takes advantage of 
the three symmetry planes and minimises the computational cost, as shown in Fig. 2, where the slave model has 
a finer mesh as the resultant stresses and strains are extracted from these locations. The final mesh is defined 
using a convergence analysis which has a corresponding size of 3.5 mm for the slave model and 10 mm for the 
master model. Symmetric boundary conditions are applied to the symmetry planes shown in red in Fig. 2. The 
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loaded surface at the top of the master model does not have this boundary condition, to allow the load to be 
applied in the axial direction. The symmetry boundary conditions constrain the displacement of nodes on each 
symmetry plane in the normal direction and the rotation in the other two directions. For example, the bottom 
surface of the slave model is constrained against displacement in the y-axis and against rotation in the x and z-
axes. The contact discretisation is defined as surface-to-surface with a finite sliding formulation, as the tension-
tension simulation assumes no sliding of one surface along with the other [33]. A friction coefficient of 0.7 is 
used for the tangential interaction behaviour [12].  

 
Fig. 2. The finite element model of the chain-link where the left part is the master and the right part is the slave. 

3. Material models 

In order to determine how the material selection affects the fatigue predictions, material models representative of 
the monotonic and cyclic mechanical properties are considered, and a comparison is made between them. The 
R4 steel grade is considered, as it is the most prevalent material grade currently in use for mooring chains [8]. A 
monotonic material model is developed from mechanical properties derived from tensile tests conducted by 
Rampi et al. [34], in which a bilinear isotropic hardening is used, and the strain associated with the tensile 
strength is adopted as half the total elongation specified in the standards [14] [35], this is designated Mono-
Rampi. Two models are developed to describe the cyclic material responses, which are derived from low-cycle 
fatigue tests conducted by Rampi et al. [34], designated Cyclic-Rampi, and Zarandi and Skallerud [22], 
designated Cyclic-Zarandi, using the constitutive model of the combined nonlinear isotropic-kinematic 
hardening proposed by Chaboche [36]. This constitutive model has been widely used in modelling fatigue and 
has been shown to be robust in describing the mechanical properties of a material under cyclic loading [36] [37]. 
Table 1 outlines the material properties with a Young’s modulus, E, of 206.6 GPa and a Poisson’s ratio, , of 0.3 
for each model, where σy is the monotonic yield strength, σT is the monotonic tensile strength, AT is total 
elongation, 𝜎|  is the yield strength at zero plastic strain, 𝑄  is the maximum change in yield strength, 𝑏 is the 
rate at which the yield surface changes with the development of plastic strain accumulation, 𝐶 is the initial 
kinematic hardening moduli, and 𝛾 determines the decreasing rate of the kinematic hardening moduli with 
increasing plastic strain accumulation. 

Table 1 Parameters for the monotonic and cyclic material models. 

Monotonic 
material model 

Ref. Yield strength Tensile strength Total elongation 

σy (MPa) σT (MPa) AT (%) 

Mono-Rampi  [34] 903 1039 12 

Cyclic material 
model Ref. 

Initial yield strength Isotropic component Kinematic component 

𝜎|0 (MPa) 𝑄  (MPa) b C 𝛾  

Cyclic-Rampi  [34] 723.6 -141.6 1.42 244100 1379 

Cyclic-Zarandi [22] 546 -227 3.1 536565 1500 

Fig. 3 demonstrates the material models in ABAQUS using a single element model under displacement control 
to show their differences in describing the material response under monotonic loading and cyclic loading 
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conditions. Fig. 3(a) shows the materials’ stress-strain curves under monotonic loading, where Cyclic-Rampi and 
Cyclic-Zarandi exhibit similar plastic responses. For these models, the stresses decrease with increases in plastic 
strain due to the materials’ cyclic softening response. However, the curve of the Mono-Rampi increases linearly 
from the yield stress to the tensile stress but remains constant when the plastic strain is above the tensile strength, 
without any cyclic softening. The Mono-Rampi properties were selected to determine the difference in life 
predictions between monotonic or cyclic material models as the amount of plastic strain will be underestimated, 
in comparison to the cyclic material models, when subjected to monotonic loading. These differences will lead to 
variations in the initial elastic shakedown for the first cycle, the state where the stress-strain relationship is 
stabilised in elastic behaviour [10]. 

Fig. 3(b) shows the material responses under cyclic loading, where cyclic loading is selected to show the 
evolution of the maximum and minimum values of the peak stresses using the number of cycles experienced by 
the material models at a strain range, Δɛ, of 0.0155 and a strain ratio, Rɛ, of -1. Under this cyclic loading, the 
Cyclic-Rampi and Cyclic-Zarandi models exhibit cyclic softening behaviour in the early cycles, which then 
develops more slowly during the subsequent cycles until stabilisation of the elastic shakedown is achieved. 
Cyclic-Zarandi has a more significant cyclic softening behaviour, leading to a higher amount of plastic strain 
than Cyclic-Rampi. This is because the Cyclic-Zarandi is derived from low-cycle fatigue tests at a higher strain 
range than the one used to obtain Cyclic-Rampi, resulting in a more significant cyclic softening response [22] 
[34]. However, the Mono-Rampi is unable to simulate the cyclic softening behaviour, instead exhibiting 
hardening behaviour in the first five cycles, and develops elastic shakedown before the cyclic material models. 
Therefore, the Mono-Rampi will develop the highest values of peak stress throughout the cycles. This implies 
that the use of the monotonic material models will significantly underestimate the amount of plastic strain and 
the cyclic plasticity effects in applications where the components are experiencing cyclic stress-strain evolution 
under progressive loading cycles, which may lead to inaccurate fatigue life estimations.  

 
Fig. 3. Comparison between each material model (a) under monotonic loading, showing the stress-strain curves 
(b) under cyclic loading, showing the evolution of the maximum and minimum values of the peak stresses with 

the number of cycles.  

4. Calibration of the critical plane fatigue assessment  

Smith et al. [38] [39] proposed a critical plane multiaxial fatigue method, where fatigue damage is assessed 
directly in terms of local strains and stresses under progressive loading cycles. The method is described by Eq. 
(1),   

𝑆𝑊𝑇 = 𝜎 ,

𝛥𝜀

2
, 

(1) 
 

where SWT is the damage parameter, σn,max is the maximum normal stress and Δεn is the normal strain range 
perpendicular to the critical plane during one cycle. The SWT damage parameter represents the real physical 
properties of the stress-strain function at the critical fatigue location, that has been demonstrated governing the 
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fatigue of metal structures [38]. The critical plane is determined by checking the value of SWT on different 
planes in a stabilised cyclic load, where the plane with the highest SWT is defined as the critical plane. The SWT 
damage parameter can be related with fatigue life using a general formula given in Eq. (2), 

𝑆𝑊𝑇 =  𝐴 𝑁 + 𝐴 𝑁 , (2) 

where Nf is the number of cycles to failure, A1, A2, a1 and a2 are material constants and can be determined by 
calibration tests from experimental data. This general formula is used to generate a fitted curve for SWT damage 
parameters across a range of the number of cycles to failure. This method is based on the assumption that the 
surface of the part is intact without considering the effects of varying surface roughness, or pre-existing defects. 
This assumption can be considered to be reasonable as the chain is inspected to ensure that there are no visible 
surface defects prior to deployment. Therefore, in conditions where pre-existing defects do not significantly 
accelerate crack initiation and early propagation stages, acceptable life prediction results can be expected using 
this fatigue method as long as the macroscopic stress/strain evolutions at critical regions during fatigue loading 
are accurately determined so that the overall damage accumulation in the component is reasonably predicted. 

DNVGL-OS-E301 [6] provides the number of cycles to failure of mooring chains under different loading 
conditions providing fatigue design data based on SN curves derived from full-scale fatigue tests.  The full-scale 
fatigue tests are simulated in our FE model to establish the SWT damage parameters correlated to the fatigue life 
data based on the conventional design data adopted from DNVGL-OS-E301 [6] at different load amplitudes. The 
tests subject a chain with a diameter of 76 mm, and made from R4 steel grade, to a first proof load cycle up to 
70% of the minimum breaking load and then back to zero. This is followed by cyclic loads with a constant mean 
load equal to 20% of the minimum breaking load, but under a different load amplitude for each test [6] [7] [8] 
[9]. The minimum breaking load is 6001 kN for this chain type according to the standard, IACS-W22 [30]. The 
proof load results in significant plastic deformation and compressive residual stresses developing at both the 
fatigue hotspots, the crown and Kt point. The stabilised stress-strain response better describes the subsequent 
fatigue behaviour [18] [26], and therefore the cyclic loads are run until the stress-strain response is stabilised 
under elastic shakedown, where the maximum normal stress, 𝜎 , , and the normal strain range, Δ𝜀 , on the 
critical plane are extracted from the FE results to calculate the SWT damage parameters, according to Eq. (2).  

To determine the critical plane, the SWT value is checked in the stabilised cyclic load state for all planes between 
-90° < φ < 90° measured counter-clockwise from the longitudinal direction to the normal vector with an interval 
of 1°, where the plane with the highest SWT value is taken as the critical plane. Fig. 4(a) shows an example 
where the resultant SWT damage parameters on different planes for both crown and Kt point under a load 
amplitude of 11% MBL are shown, indicating that the maximum damage parameter is reached when φ=0°, this 
is then defined as the critical plane and is used to calculate the SWT damage parameter for this particular fatigue 
loading case. Fig. 4(b) shows the damage parameters on the critical plane of the Kt point are lower than those of 
the crown with a mean absolute difference of 0.0352 and a maximum absolute difference of 0.049, across the 
range of selected load amplitudes. The result is in line with full-scale experimental fatigue results [8] [9] [40], 
where the crown is found to be more susceptible to fatigue damage than the Kt point. This is because the Kt point 
has higher residual compressive stresses than at the crown upon release of the proof load. Subsequent analyses, 
therefore, concentrate on the crown for the fatigue assessments. The results presented in Fig. 4 use the Cyclic-
Rampi material model, but similar results were found using the other material models. Fig. 4(b) also shows that 
the SWT damage parameter is near zero when the load amplitude is relatively low. This is because the critical 
plane approach assumes no fatigue damage occurs when the maximum normal stress perpendicular to the critical 
plane is compressive, and the compressive stresses have been induced by previous proof load applications.  
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Fig. 4. Comparison between the crown and Kt point (a) damage parameters on different plane orientation angles, 

(b) damage parameters on the critical plane under a range of load amplitudes. 

The maximum normal stress, 𝜎 , , and the normal strain range, Δ𝜀 , on the critical plane at the crown hotspot 
during the stabilised cyclic load are therefore used to calculate the SWT damage parameters, according to Eq. (1). 
The SWT damage parameters are correlated with the respective number of cycles to failure from the fatigue life 
predictions of DNVGL-OS-E301 [6] by simulating the fatigue tests under different loading conditions, which are 
a constant mean load of 20% MBL and various load amplitudes, i.e. from 1% to 19% MBL, based on mooring 
chains service lives.  

The resultant SWT damage parameters, under different load amplitudes, are used to calibrate the parameters of 
the fitted curves based on the general formula of Eq. (2) in order to interpolate the number of cycles to failure 
from the corresponding SWT damage parameters during fatigue loading. Fig. 5 shows the generated fitted curves, 
using the resultant SWT damage parameters, across a range of the number of cycles to failure. Appendix A 
provides the details of SWT damage parameters under different load amplitudes and the calibration of the fitted 
curves. Cyclic-Rampi and Cyclic Zarandi have similar curves as both exhibit cyclic softening during the first 
cycle, while the curve of the Mono-Rampi increases to a higher value than the others. This is because of the 
significant hardening behaviour of Mono-Rampi during the first cycle results in a high maximum normal stress, 
𝜎 , . Unlike the traditional SN approach, the critical plane approach takes all of the local stress-strain 
evolution into account when determining the fatigue response, including the proof load-induced effects i.e. strain 
hardening and residual stresses, mean load effects, material model nonlinearities and geometric nonlinearities. 
The FE-based critical plane approach has been correlated with the fatigue design data adopted from DNVGL-
OS-E301 [6], allowing the fatigue life to be predicted by a fitted curve for a particular material model.  

 
Fig. 5. The fitted calibration curves based on the fatigue life of mooring chains for the Smith-Watson-Topper 

(SWT) using the stress/strain data at the crown fatigue hotspot for the different material models.  
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5. Fatigue simulations 

5.1 Mooring chain loading  

In order to simulate the fatigue experienced by the mooring chains in service, the tension-spectrum, representing 
the fatigue loading, is simulated in a mooring line simulation of an FPSO as a case study using the Flexcom 
package [41]. The case study simulates a mooring system of an FPSO at a water depth of 810 m in a specific sea-
state adopted from Gao and Moan [42] for short-term analysis. The sea-state is characterised by the significant 
wave height, Hs=6.25 m, a spectral peak period, Tp=12.5 s, a 1-hour mean wind velocity, Uw=7.5 m/s, and a 
mean current velocity, Uc=0.5 m/s, where the Pierson-Moskowitz wave spectrum is applied, and all 
environmental loads are assumed to act from the head sea. The main particulars of the FPSO are adopted from 
the Flexcom package [41], which are listed in Table 2. The RAO and QTF are taken from the Flexcom package 
[41] to include the first-order and second-order motions of the FPSO to give the combined vessel response.  

Table 2 Main particulars of the FPSO taken from Flexcom. 
Parameter Value 
Vessel mass 382,734 t 
Vessel draft 21.2 m 
Vessel beam 58.2 m 
Length from COG to forward perpendicular 162.5 m 
Length from COG to aft perpendicular 176.7 m 
Length from COG to turret point 150 m 

The mooring system is an eight-line catenary system with chain-wire rope-chain components connected to a 
turret of the FPSO with a pre-tension of 1037 kN (17% MBL) for each line. Table 3 shows the mooring 
component principals, which are adopted from the Flexcom package [41].  

Table 3 Mooring component principals. 
Parameter Length 

(m) 
Size 

(mm) 
Mass per meter 

(kg/m) 
Axial stiffness 

(kN) 
Normal drag 

coeff. 
Longitudinal 
drag coeff. 

Anchor chain 500 76 115 4.935  105 2.4 1.15 
Wire rope 400 89 62 7.03  105 1.2 0.1 
Top chain 200 76 115 4.935  105 2.4 1.15 

Fig. 6 shows the horizontal projection of the mooring system with an angular spread of 45o between the lines. 
The anchor radius from the turret centreline is 700 m, with which the mooring line anchor points are constrained, 
and each fairlead is attached to the FPSO via hinges at 8 m below the mean water level. A time-domain 
simulation of 3 hours is used, as suggested by the mooring standard DNVGL-OS-E301 [6], to provide adequate 
statistics with a time step of 0.1 s. The effect of the system’s nonlinear characteristics is included through both 
the wave-frequency and the low-frequency tension spectra through coupled dynamic analysis. The top chain 
experiencing the greatest tensions is analysed, and the tension-spectrum of the top chain is used for fatigue 
analysis, as suggested by the mooring standard, API-RP-2SK [43].  
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Fig. 6. Mooring system arrangement in this simulation taken from Flexcom [41]. 

 

5.2 Fatigue Damage Comparison 

The tension-spectrum from the mooring line simulation consists of combined high-cycle and low-cycle fatigue 
loading with a maximum tension of 2595 kN, a mean of 1272 kN and a minimum of 617 kN. The rainflow 
counting method [44] is used to identify individual loading cycles within the tension-spectrum because it has 
been shown to give reasonable fatigue estimates [45]. The total fatigue damage is calculated using the Palmgren-
Miner’s rule [46], assuming that the total fatigue damage caused by a number of stress cycles equals the 
summation of damages caused by the individual loading cycles. The individual loading cycles from the tension-
spectrum is simulated in the FE chain model after which the proof load, and its release, are applied to simulate 
the mooring chains’ loading history. The fatigue damage accumulation is predicted using the Smith-Watson-
Topper critical plane approach and the traditional SN approach to allow a comparison between these two 
approaches.  

 

 
Fig. 7. Comparison of the predicted fatigue damage accumulation using different approaches. 

Fig. 7 shows that the predicted fatigue damage accumulation of the critical plane approach is significantly higher 
than that of the traditional SN approach. The different material models used in the critical plane approach all 
predict a significantly higher fatigue damage accumulation relative to the traditional SN approach, by 78.1% 
using Cyclic-Rampi, 74.3% using Cyclic-Zarandi and 71.74% using Mono-Rampi. On average, the traditional 
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SN approach predicts 7.2% of all the individual loading cycles will contribute to low-cycle fatigue, while the 
critical plane approach predicts 12.9% will, across all the material models considered. This indicates that the 
critical plane approach captures a greater number of important low-cycle fatigue events in the mooring line 
loading because it accounts for the effects of the mean load and cyclic plasticity in the fatigue life assessment. 

Fig. 8 shows the ratio between the fatigue damage predicted by the critical plane approach and that predicted by 
the traditional SN approach over a range of mean loads and load amplitudes, using Cyclic-Rampi and Mono-
Rampi material models as these represent the maximum and minimum predictions from the critical plane 
approach in the case study. The mean load effect changes at 20% MBL, showing that the lower the load 
amplitude, the higher the fatigue damage ratio when the mean load level is above 20% MBL, while the opposite 
happens when the mean load level is below 20% MBL. The fatigue damage ratio is one at the mean load of 20% 
MBL, since the critical plane approach is calibrated based on the same fatigue design data as the traditional 
approach at this mean load level, obtained from DNVGL-OS-E301[6]. At higher mean loads, the fatigue damage 
prediction is higher for the critical plane approach than the traditional SN approach, resulting in the difference 
between the two methods being more significant even if the stresses at the hotspot are smaller than the elastic 
limit, and this becomes more significant with lower load amplitudes.  

 

 
Fig. 8. Mean load effects on the fatigue damage ratio in a range of mean load for Mono-Rampi (a) full range of 
MBLs 0-60% (b) change in behaviour due to the amplitude at a mean load of 20% MBL, and for Cyclic-Rampi 

(c) full range of MBLs 0-60% (d) change in behaviour due to the amplitude at a mean load of 20% MBL.  

These mean load effects are reflected in the accumulated fatigue damage comparison shown in Fig. 7, where 
about half of all the individual load cycles in the tension-spectrum have mean loads above 20% MBL and load 
amplitudes mostly ranged from 0% to 5% MBL. The fatigue damage ratios of the Cyclic-Rampi are higher than 
the fatigue ratios of the Mono-Rampi, explaining the increase in fatigue damage accumulation for the Cyclic-
Rampi model compared to that for the Mono-Rampi. Although the Mono-Rampi cannot predict the cyclic 
softening behaviour, the strain hardening effect due to the proof load during the first cycle maintains the stress-
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strain response in the elastic shakedown with no clear plastic deformation beyond the first cycle, meaning that 
the cyclic plasticity effects are not evident during fatigue loading in the case study. Therefore, the results of 
Mono-Rampi and Cyclic-Rampi are similar.  

In order to investigate the cyclic plasticity effect, Fig. 9(a) and Fig. 9(b) show the stress-strain responses and 
equivalent plastic strain, respectively, when the proof load is applied, released, and followed by cyclic loads with 
an amplitude of 20% MBL in an incremental mean load with an interval of 1% MBL for each progressive cycle. 
The cyclic stress-strain evolution and the plastic strain accumulation starts to occur at a mean load of 50% MBL, 
meaning that cyclic plasticity starts to take effect when the cyclic load reaches the proof load level. In contrast, 
the cyclic plasticity does not take effect when the cyclic load is below 70% MBL. This is because strain 
hardening, due to the proof load on the first cycle, has a significant effect on maintaining the stress-strain 
response in elastic shakedown throughout all cycles that are below 70% MBL. Therefore, the cyclic plasticity 
effect is minor in the case study for all material models since the individual loading cycles within the tension-
spectrum are below 70% MBL. The Mono-Rampi model underestimates the amount of cumulative plastic 
straining with a mean difference of 28% relative to the Cyclic-Rampi model since the monotonic material model 
cannot predict the cyclic-softening behaviour, leading to an inaccurate estimation of the fatigue life when cyclic 
plasticity is involved during fatigue loading in service. 

  
Fig. 9. Fatigue simulation when the proof load is applied, released, and followed by cyclic loads with an 

amplitude of 20% MBL in an incremental mean load with an interval of 1% MBL for each progressive cycle, 
showing (a) the stress-strain responses, (b) the plastic strain accumulation. 

5.3 Parametric study for fatigue in different sea-states 

Since the mean load is shown to have a significant effect, a parametric study for fatigue in different sea-states is 
used to assess how often the mean load is above 20% MBL, to identify when the critical plane approach is of 
significance and to understand the importance of the mean load on fatigue life. The variation of waves over the 
long-term environment can be described by several representative sea-states, against which the fatigue damage is 
weighted using the lumped occurrence probability, the proportion of occurrences of a representative sea-state out 
of the total probability for all sea-states. A typical scatter diagram in the North Sea, consisting of 197 original 
sea-states, is adopted from Song and Wang [47] which uses the JONSWAP wave spectrum to define the 
significant wave height, Hs, and up-crossing wave period, Tz. The scatter diagram is partitioned into nine 
representative sea-state blocks at which the coupled dynamic analysis is simulated for this parametric study, as 
presented in Appendix B. Only the wave loads are changed in the representative sea-states, while the other 
assumptions and parameters remain the same as the previous case study described in section 5.1. Table 4 shows 
the selected representative sea-state blocks based on the highest occurrence rate within each block, with the 
respective lumped occurrence probability, p.  

 

 

Strain
0.00 0.02 0.04 0.06 0.08 0.10

S
tr

e
ss

 (
M

P
a)

-400

-200

0

200

400

600

800

1000

1200

Mono-Rampi
Cyclic-Rampi

(a) 

Mean load in %MBL
20 30 40 50 60

C
um

u
la

tiv
e

 p
la

st
ic

 s
tr

a
in

 (
P

E
E

Q
)

0.00

0.02

0.04

0.06

0.08

0.10

Mono-Rampi
Cyclic-Rampi

(b) 



11 

 

 

 

 

Table 4 The wave parameters for the nine representative partitions of the North Sea.  

No. Hs (m) Tz (s) p (%) 

1 1.5 7.5 47.976 

2 2.5 10.5 20.588 

3 5.5 8.5 15.356 

4 4.5 11.5 11.067 

5 7.5 9.5 2.643 

6 8.5 12.5 1.878 

7 11.5 10.5 0.167 

8 10.5 12.5 0.292 

9 13.5 11.5 0.032 

Fig. 10 shows the mean load distribution in the individual loading cycles of tension-spectrum for each sea-state, 
separating mean loads at greater than 20% MBL. Sea-states 1, 2, and 3 in Fig. 10(a) are benign, having 
respectively 0%, 0.3% and 5.3% of the mean load proportion above 20% MBL; therefore, the traditional SN 
approach can be used. However, sea-states 4, 5 and 6 in Fig. 10(b) have respectively 21.4%, 33.5% and 36.3% of 
the mean load proportion above 20% MBL, and sea-states 7, 8 and 9 in Fig. 10(c) have respectively 42.4%, 44% 
and 46.3% of the mean load proportion above 20% MBL. At these higher sea-states, it is important to consider the 
detrimental effect of the mean load on the fatigue assessment by using the critical plane approach. Similarly, the 
first case study also has about half of the mean load proportion above 20% MBL. However, the load-amplitude 
proportions above 5% MBL, that can cause the number of cycles to failure below 105 in the low-cycle fatigue 
regime, are 15.8%, 19.4%, 34.7% for the sea-states 7-9, respectively, while this is 12.9% for the first case study. 
This shows that in conditions with higher proportions of severe sea-states, the higher the proportion of time the 
mean load is above 20% MBL and the more important the critical plane approach becomes. 

 

Fig. 10. Mean load distribution in the individual loading cycles of tension-spectrum for (a) sea-states 1-3 (b) sea-
states 4-6 (c) sea-states 7-9, where the horizontal axis denotes ranges of load amplitudes in the percentage of the 
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minimum breaking load (% MBL), and the green represents mean load below 20% MBL, and the red represents 
mean load above 20% MBL. 

6. Discussion   

The fatigue damage accumulation of the critical plane approach is significantly higher relative to the traditional 
SN approach; 74.7% on average for all of the material models used in the case study. This is mainly because the 
mean load effects are incorporated in the critical plane approach. No cyclic plasticity occurs as the mechanisms 
are only applied when the tension load exceeds 70% MBL due to the strain hardening effect from the proof load 
during the first cycle, and therefore the assumption of the Palmgren-Miner’s rule can be applied, although the 
Palmgren-Miner’s rule does not account for any load sequence effects [46]. The mean load effect of the critical 
plane approach shows that fatigue life decreases with an increase in mean load. This is in agreement with full-
scale tests in the recent literature [7] [9], which found that the fatigue life decreases by a factor of 5-10 as the 
mean load increases from 6.4% MBL to 20% MBL and found that the fatigue life decreases by a factor of 4 as 
the mean load increases from 10% MBL to 20% MBL.  

When using the standard SN approach, common industry practices suggest using a safety factor of 3 for 
regularly inspected components and that this safety factor can be increased up to 10 for non-inspected 
components [6] [43]. However, the critical plane approach suggests that these suggested safety factors may be 
insufficient, indicating that the fatigue life in mooring chain failures can be overpredicted when using the 
traditional SN approach by factors higher than the suggested safety factors in some cases. The factors are 
quantified in terms of the fatigue damage ratio in Fig. 8, showing that the higher the mean load, the larger the 
separation in fatigue damage prediction between the critical plane approach and the traditional SN approach; this 
can be many times larger when the mean load is above 20% MBL, depending on the mean load and the load 
amplitude levels. A feature of this critical plane approach is that it predicts lower fatigue damage than the 
traditional SN approach when the mean load is below 20% MBL, and the difference because of this depends on 
the load amplitude and the mean load as demonstrated in Fig. 8. This is because the critical plane approach 
accounts for the compressive residual stress from the proof load during the first cycle.  
 
To show the difference in low-cycle fatigue prediction between both approaches, Fig. 11 shows the demarcation 
between low-cycle and high-cycle fatigue loading, at the lifetime of 105 cycles, predicted by using the different 
approaches, where the region above each line represents the low-cycle fatigue regime and the region below it 
indicates the high-cycle fatigue regime. The lines are generated by calculating at which load amplitude level the 
respective fatigue approach predicts the lifetime of 105 cycles across different mean load levels. The traditional 
SN approach shows this demarcation as a straight line at a load amplitude of just over 6% MBL since it does not 
consider the mean load effects, while the critical plane approach shows this demarcation as a curve where the 
higher the mean load, the lower load amplitude to reach the low-cycle fatigue regime. The region on the left-
hand side is where the mean load is below 20% MBL and illustrates the conservativeness of the traditional SN 
approach as it predicts low-cycle fatigue at lower amplitude. However, on the right-hand side, the critical plane 
approach is more conservative from the mean load level of 20% MBL onwards, predicting low-cycle fatigue at 
increasingly lower amplitudes and showing a larger proportion of low-cycle fatigue for a given sea-state. The 
more conservative prediction of the critical plane approach is reflected in the previous case study since about 
half of the individual loading cycles have mean load levels above 20% MBL, where the critical plane approach 
predicts 12.9% in the low-cycle fatigue regime, while the traditional SN approach predicts only 7.2%. The result 
is that the critical plane approach predicts almost twice the proportion of low-cycle fatigue than the traditional 
SN approach predicts.  
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Fig. 11. The separation line between high-cycle and low-cycle fatigue predictions for the traditional SN approach 

and the critical plane approach. 

The results of the two case studies show the importance of considering low-cycle fatigue contributions in mooring 
failures. For example, mooring chains are subjected to 5.33×105 loading cycles at three years of operation, 
assuming total individual loading cycles of 1828 for every 3 hours of operation based on the case study. The 
critical plane approach comes closer to explaining why some mooring chain failures are reported as occurring in 
the first three years [1] [3]. This is because it predicts a higher proportion of low-cycle fatigue loading cycles 
during this period than the traditional SN approach, as demonstrated in Fig. 8 and Fig. 11. The pre-tension affects 
the mean loads as the higher the pre-tension, the higher the mean loads, and mooring systems in the field normally 
have a pre-tension between 10% and 20% MBL [40], where the pre-tension in the case study is 17% MBL. As the 
mooring chain failures occurred in harsh sea environments [1] [3], it is hypothesised that the pre-tension of the 
greatest loaded line increases with the mean loads, which leads to an increase in the proportion of low-cycle 
fatigue causing the reported early failures in the first three years of operation. This is also reflected in the sea-
states study, where the more severe the sea-states, the higher the proportion of time the mean load is above 20% 
MBL and the more accurate the critical plane approach becomes. This implies that in calm sea regions, the 
traditional SN approach is conservative, but in harsh sea regions, the traditional SN approach can be non-
conservative, which is where the most early failures have occurred [1] [3]. 

One common recommendation in industry is to increase the minimum breaking load by increasing the chain 
diameter, which will decrease the cyclic load magnitude in terms of % MBL experienced; however, this can 
increase the applied pre-tension to above 20% MBL because the larger the diameter, the heavier the mooring line 
will be. Another recommendation is to lower the pre-tension by making the mooring line longer; however, this 
may reduce the mooring line damping, increasing the motions and decreasing the fatigue life [48] [49]. 
Increasing the steel grade to achieve a greater minimum breaking load could be a viable solution to reduce the 
cyclic load magnitude in terms of % MBL; however, this is not a simple substitution and should be adopted with 
caution since the higher the strength of steels, the more prone to hydrogen-assisted cracking they may be, 
bringing in additional failure modes, not accounted for in the fatigue evaluation [5] [50]. It should also be noted 
that the chain can also be corroded or subject to wear, which may reduce the chain fatigue capacity by promoting 
more detrimental mean load effects, leading to a decrease in the 20% MBL mean load threshold and an increase 
in the proportion of low-cycle fatigue.  

7. Conclusion 

This paper investigates how fatigue damage prediction changes with a more accurate representation of the low-
cycle fatigue regime, using a strain-based critical plane approach, under stochastic tension loading in service for 
intact mooring chains. The critical plane approach is developed based on the multiaxial stress-strain conditions at 
the hotspot and this is correlated with the fatigue life derived from tests taken from the mooring standards. The 
fatigue damage accumulation predicted by the critical plane approach is significantly higher than the traditional 
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SN approach, 75% on average for all of the material models considered here. It is found in this case study that 
the mean load effect is detrimental when it is above 20% of the minimum breaking load, shown to be a high 
proportion of sea-states 4-9. In addition, it demonstrates that increasing the diameter of the mooring chain may 
exacerbate this problem, indicating that more explicitly tailored chain design is needed to reduce this issue. The 
effect of the cyclic plasticity is limited as the mechanisms are only applied when the tension load exceeds 70% 
of the minimum breaking load due to the strain hardening from the proof load application during the first cycle. 
The critical plane approach predicts higher proportions of low-cycle fatigue than the traditional SN approach in 
the mooring line loading when the mean load is above 20% of the minimum breaking load, with the difference 
being dependent on the mean loads and the load amplitudes witnessed in operation. The traditional SN approach 
is conservative when the mean load is below 20% of the minimum breaking load, but after this, it is non-
conservative, which is observed in harsh environments where the majority of mooring chain failures were 
witnessed. The low-cycle fatigue analysis explains why current fatigue assessment in mooring chain applications 
is non-conservative and demonstrates that the critical plane approach should be accounted for in mooring line 
design. 
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Appendix A 

Table A.1 presents the resultant SWT damage parameters, according to Eq. (1), and the correlated number of 
cycles to failure from the fatigue life predictions based on the SN curve of DNVGL-OS-E301 [6] under different 
load amplitudes, i.e. from 1% to 19% MBL.  

Table A.1   
Resultant SWT fatigue damage parameters for different amplitudes and the correlated number of cycles to failure. 

Amplitude 
(% MBL) 

No. of 
cycles to 
failure  

Mono-Rampi Cyclic-Rampi Cyclic-Zarandi 

σn,max 
(MPa) Δεn SWT 

σn,max 
(MPa) Δεn SWT 

σn,max 
(MPa) Δεn SWT 

19 3778 420.826 0.003694 0.77716 350.278 0.003359 0.58822 362.488 0.003313 0.60048 

17 5275 381.147 0.003304 0.62959 314.186 0.003005 0.47205 327.542 0.002962 0.48516 

15 7679 341.579 0.002915 0.49791 277.977 0.002651 0.36851 291.943 0.002613 0.38149 

13 11796 301.763 0.002526 0.38116 241.775 0.002298 0.27776 256.228 0.002265 0.29014 

11 19471 262.004 0.002139 0.28024 205.567 0.001944 0.19983 220.473 0.001916 0.21125 

9 35550 222.164 0.001749 0.19427 169.330 0.001591 0.13467 184.743 0.001568 0.14483 

7 75556 182.396 0.001361 0.12411 133.120 0.001237 0.08234 149.016 0.001219 0.09085 

5 207326 142.544 0.000972 0.06924 96.827 0.000884 0.04278 113.244 0.000871 0.04931 

3 959844 102.589 0.000583 0.02992 60.522 0.000530 0.01605 77.445 0.000523 0.02023 

1 25915776 62.673 0.000194 0.00609 24.188 0.000177 0.00229 41.600 0.000174 0.00362 
 

The resultant SWT damage parameters under different load amplitudes, shown in Table A.1, are used to calibrate 
the parameters of the fitted curves based on the general formula of Eq. (2) in order to interpolate the number of 
cycles to failure from the corresponding SWT damage parameters during fatigue loading. Table A.2 provides 
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details regarding the calibration of parameters of the fitted curves. Good-match fitting is needed to give an 
accurate fitted curve between the predicted SWT damage parameters across a range of the number of cycles to 
failure. Therefore, in order to generate a good fit to the data, the fitting curves are separated into lower and upper 
fitting curves, where the lower fitting curves are used when the number of cycles to failure is below 75556, and 
the upper fitting curves are used when the number of cycles to failure above 75556. It is seen that using the 
upper and lower fitting curves, good fits are obtained with R-squared, R2, above 99.9%.  

Table A.2   
Details of parameters of fitted curves for predicted SWT fatigue damage parameters. 

Material 
Material constants based on Eq. (2) 

R2 A1 a1 A2 a2 

Mono-Rampi 
Upper fittings 60.05743 -0.612928 60.05743 -0.612928 99.989% 

Lower fittings 15.32255 -0.500088 15.32255 -0.500088 99.904% 

Cyclic-Rampi 
Upper fittings 65.53905 -0.656548 65.53905 -0.656548 99.999% 

Lower fittings 33.80939 -0.60351 33.80939 -0.60351 99.961% 

Cyclic-Zarandi 
Upper fittings 54.05119 -0.631039 54.05119 -0.631039 99.995% 

Lower fittings 17.35095 -0.537771 17.35095 -0.537771 99.930% 

 

Appendix B 

Table B.1 presents the scatter diagram in the North Sea where the joint occurrence probabilities of significant 
wave height, Hs, and up-crossing wave period, Tz, are presented in the wave scatter diagram. The scatter 
diagram, consisting of 197 original sea-states, is partitioned into nine representative sea-state blocks to estimate 
the long-term structural fatigue damage accumulated by variable wave conditions. A mooring line simulation is 
performed at each sea-state block. 

Table B.1   
The wave scatter diagram in the North Sea [47]. 

Hs 
(m) 

Tz (s) 
1.5 2.5 3.5 4.5 5.5 6.5 7.5 8.5 9.5 10.5 11.5 12.5 13.5 14.5 15.5 16.5 17.5 18.5 

0.5 0 0 13 1337 8656 11860 6342 1863 369 56 7 1 0 0 0 0 0 0 

1.5 0 0 0 293 9860 49760 77380 55697 23757 7035 1607 305 51 8 1 0 0 0 

2.5 0 0 0 22 1975 21588 62300 74495 48604 20660 6445 1602 337 63 11 2 0 0 

3.5 0 0 0 2 349 6955 32265 56750 50991 28380 11141 3377 843 182 35 6 1 0 

4.5 0 0 0 0 60 1961 13543 32885 38575 26855 12752 4551 1309 319 69 13 2 0 

5.5 0 0 0 0 10 510 4984 16029 23727 20083 11260 4636 1509 410 97 21 4 1 

6.5 0 0 0 0 2 126 1670 6903 12579 12686 8259 3868 1408 422 109 25 5 1 

7.5 0 0 0 0 0 30 521 2701 5944 7032 5249 2767 1117 367 102 25 6 1 

8.5 0 0 0 0 0 7 154 979 2559 3506 2969 1746 776 277 84 22 5 1 

9.5 0 0 0 0 0 2 43 332 1019 1599 1522 992 483 187 61 17 4 1 

10.5 0 0 0 0 0 0 12 107 379 675 717 515 273 114 40 12 3 1 

11.5 0 0 0 0 0 0 3 33 133 266 314 247 142 64 24 7 2 1 

12.5 0 0 0 0 0 0 1 10 44 99 128 110 68 33 13 4 1 0 

13.5 0 0 0 0 0 0 0 3 14 35 50 46 31 16 7 2 1 0 

14.5 0 0 0 0 0 0 0 1 4 12 18 18 13 7 3 1 0 0 

15.5 0 0 0 0 0 0 0 0 1 4 6 7 5 3 1 1 0 0 

16.5 0 0 0 0 0 0 0 0 0 1 2 2 2 1 1 0 0 0 
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3 4 

5 6 

7 8 
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