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ABSTRACT  

This paper presents a novel numerical approach to simulate lightning strike damage to equipotential bonding interfaces of wind 

turbine blades, and model validation based on high-current testing. Modern rotor blades are equipped with metal receptors to 

intercept the lightning leader and metal down conductors to conduct the lightning current, preventing the direct attachment to the 

CFRP spars. In such conditions, damage in the form of resin thermal degradation and sparks develop inside the blade at the 

equipotential bonding interfaces. Excellent correlation was found between the numerical predictions and test results in terms of 

current and temperature distributions. High temperatures were predicted at the sparking areas observed in the tests, which 

suggested that the damage is thermally activated. Thermogravimetric analysis data indicated that the epoxy pyrolysis process 

evolves in stages, and that sparking events are often initiated by release of gases and formation of small voids at temperatures 

lower than expected.   

Keywords: B. Delamination, C. Finite element analysis (FEA), Lightning protection, Wind turbine blade equipotential bonding. 

 

1. Introduction 

Rotor blades of large, modern wind turbines can reach up to 

110 m in length in order to satisfy the increasing demand for 

higher rated power outputs [1]. In such conditions, the need of 

reducing the rotor blade weight without affecting the structural 

integrity has become essential. For this reason, wind turbine 

manufacturers have implemented carbon fibre reinforced 

polymer (CFRP) materials into the rotor blade load carrying 

laminates, i.e., the spar caps (see Fig. 1) [2–4].  However, the use 

of CFRP materials makes rotor blades highly sensitive to 

lightning strikes [5–7]. Consequently, it is required to equip them 

with a lightning protection system (LPS) capable of preventing 

damage due to lightning direct attachment. LPSs consist of an air 

termination system and a transmission system. The former is 
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typically composed of metal receptors placed over the blade 

surface near the tip. They are aimed to intercept the lightning 

leaders, to avoid the direct attachment to CFRP structures and the 

consequent damage modes, such as fibre and matrix damage [8,9]. 

The receptors should be designed against the IEC standard 

requirements [10] in order to transfer most of the lightning 

energy to the transmission system and withstand several 

lightning strikes without experiencing any damage [6]. The latter 

consists of metallic down conductor (DC) cables located in the 

blade cavity or braids encapsulated within the blade shell (see Fig. 

1). They are intended to conduct the lightning current from the 

attachment point to the earthing system [10,11]. 

The incorporation of CFRP materials introduces additional 

challenges for the protection of the blade against lightning strikes. 

For instance, equipotential connections need to be realised 

between the DC and the CFRP structure to prevent internal arcs 

due to a high potential difference between the two conductors, 

which would cause severe structural damage to the spar [12–14]. 

However, this configuration splits the lightning current between 

the DC and CFRP spar, and thermal damage is usually observed 

at the bonding areas. In fact, the physical connections between 

the DC and the CFRP spar through equipotential bonding (EB) 

layers are obtained by epoxy resin during the infusion process of 

the blade [14]. Because of the presence of resin-rich areas, high 

values of contact resistance and temperatures are often found at 

the joint interfaces. These in turn lead thermal degradation of 

some of the resin around the EB points, sparking events, and 

potential delamination within the composite [14–18]. 

In order to produce an LPS design that resists lightning strikes, 

it is crucial to investigate how the lightning current propagates 

within the blade. This is usually accomplished by high-cost 

testing, which can be in excess of €100,000 including material 

and manufacturing of testing samples [14]. In recent years, 

numerical tools such as the finite element method (FEM) are 

increasingly used [14,16,19,20] to reduce the lightning testing 

costs. Once validated, a model can be re-employed several times 

during the design stage (e.g., geometry modifications and/or 

variation of the lightning waveform parameters might be 

necessary) at little extra cost [10,11,14,21]. Therefore, the 

objective of this study is to employ FEM simulations to predict 

the electromagnetic-thermal response of a CFRP rotor blade 

sample and the damage at the EB interfaces when subjected to 

simulated lightning current tests. In order to accomplish this, the 

epoxy resin infused in the test sample is subjected to 

thermogravimetric analysis (TGA) to determine the degradation 

reaction kinetics. The latter are then used in the FEM models to 

predict the polymer thermal degradation due to lightning strike 

induced temperature profiles.  

Previous lightning studies used numerical simulations to 

predict the thermal damage due to lightning direct attachment to 

composite structures [22–24] or aircraft metal fasteners [25,26]. 

In contrast, this article considers the case when the lightning 

attaches at the receptor, and its current is conducted through the 

DC and CFRP spars. In such a scenario, damage in the form of 

resin thermal degradation and sparks develop at the EB interfaces 

because of current crowding and overheating, which has not been 

investigated before.  

2. Technical Background 

This study employs the FEM since one of the advantages of 

this method is the capability of computing spatial current density 

distributions in the cross-section of the blade LPS conductors. 
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This would allow to predict areas of high current density and the 

associated thermal damage at the EB interfaces [14]. On the other 

hand, previous research on simulation of lightning strikes to wind 

turbine blades was mainly based on equivalent circuit modelling 

[21,27], which are less computationally demanding but cannot 

provide spatial current density distributions in the blade cross-

section [14]. In addition, this study includes key features of 

modern rotor blade geometries such as CFRP spars and 

equipotential connections, which introduce additional 

complications such as the current split between the DC and CFRP 

spar. Such components were instead disregarded in previous 

FEM studies [20] on lightning strikes to rotor blades.  

The following set of input parameters and procedures are 

needed in the FEM model to predict the thermal damage at the 

EB interfaces: 

• A procedure that solves for both electric scalar and 

magnetic vector potentials to capture the current split 

between the DC and spar, which was published in [14]. 

• The electrical and thermal conductivity values of CFRP 

materials, which were measured according to the 

experimental procedures presented in [28].  

• The electrical contact resistivity values at the EB 

interfaces to predict accurate current density and 

temperature distributions, which were characterised and 

presented in [18].  

• The thermal degradation reaction kinetics of the blade 

epoxy resin, which were determined by TGA 

experiments and presented in this paper.   

3. Experimental 

3.1. Materials 

As a polymer matrix, a commercially available two-

component epoxy system was employed (supplied by Hexion). It 

comprised of the Hexion RIMR035c epoxy resin and the amine-

based Hexion RIMH037 curing agent. For the CFRP spar, a 

unidirectional (UD) non-crimp carbon fabric with an areal 

density of 870 g/m2 (supplied by Saertex) was utilised. Biaxial 

(BIAX) non-crimp carbon fabric with 218 g/m2 areal density 

(supplied by Saertex) was employed as EB between the copper 

LPS DC and the CFRP spar. Finally, the wind turbine blade 

sample was encapsulated within a BIAX non-crimp glass fabric 

with an areal density of 1,010 g/m2 (supplied by Saertex). 

3.2. Thermogravimetric Analysis  

3.2.1. Sample Preparation  

The epoxy resin samples were obtained by curing the Hexion 

epoxy system under vacuum. First, a flat mould was treated with 

2-3 release agent layers to facilitate the de-moulding procedure. 

The Hexion RIMR035c epoxy resin was mixed with the Hexion 

RIMH037 hardener at a 100:20 ratio (as suggested by the 

manufacturer) and then degassed for 30 min in a vacuum 

chamber. A vacuum tube connected to a pump was placed in 

position to remove the air from the mould. After the completion 

of the degassing, the resin was poured into the mould while 

simultaneously applying vacuum. Finally, the resin was cured for 

6 h at 70 °C [29–32], as suggested by the manufacturer.  

3.2.2. Characterisation Procedure 

The TGA experiment was performed using a Perkin Elmer 

Pyris 1 TGA analyser [33]. The assessed samples were subjected 

to the following heating procedure: 

• Isothermal at 60 °C for 2 min in nitrogen environment. 
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• Heating from 60 °C to 900 °C at a constant heating rate 

in nitrogen environment.  

• Isothermal at 900 °C for 30 min (in air environment, to 

burn residues and avoid blocking the device vents). 

• End condition, i.e., cooling from 900 °C to 60 °C. 

The above heating method was performed for the following 

heating rates: 0.2, 0.5, 1, 2, 5, 10, 20, 50, 100, 150, and 

200 °C/min. 

3.2.3. Polymer Thermal Degradation: Constituent 

Mechanisms and Theory 

Thermogravimetry has been shown to be a useful tool for 

investigations of polymer thermal degradation. Although the 

pyrolysis process of cured epoxy resins is usually described as an 

apparent single reaction, in reality, it develops into multiple 

different mechanisms [34–36]. It has been established that 

epoxies display an initial degradation process, which involves 

release of water [37]. This initiation mechanism has been 

identified as a dehydration reaction between the hydroxyl (-OH) 

groups formed during crosslinking [32] and hydrogens originally 

found on the molecular backbone [37,38] (see Fig. 2). The latter 

process causes the formation of allylic ether groups (C-O-C 

groups adjacent to the unsaturated C=C), which are genuinely 

weaker and less stable than the original C-O groups, and allylic 

amine bonds in the case of amine-cured epoxies (C-N groups 

adjacent to the unsaturated C=C), which in turn are less stable 

than the original C-N bonds [34]. The latter results in a 

degradation mechanism which is occasionally mentioned as 

“head-to-head” degradation mechanism in the related literature 

[36] and is illustrated in Fig. 2.  Eventually, another mechanism 

occurs via “random scission” processes of C-C bonds, a 

mechanism that might involve scission of aliphatic segments of 

higher molecular weight via the production of various 

combustible gases and hydrocarbons [34]. The two latter 

mechanisms exhibit similar activation energies and at 

sufficiently high heating rates they might overlap and even invert 

their sequence. Prior to any of the three described mechanisms, 

water molecules in the form of absorbed moisture might be 

released [35,39] (not to be confused with the described 

dehydration process). For convenience, the degradation reactions 

are, hereafter, abbreviated as follows: mechanism 1 (release of 

absorbed moisture), mechanism 2 (dehydration reaction), 

mechanism 3 (allylic bonds), mechanism 4 (random scission). 

Although the heating rates achieved by laboratory TGA 

analysers are smaller than typical lightning ones, previous 

lightning protection studies [22,40], or similar high heating rate 

applications like laser processing of polymers [41,42], have 

modelled the pyrolysis process through the Arrhenius equation:  

𝑑𝑑𝛼𝛼
𝑑𝑑𝑑𝑑

 =�  𝐴𝐴𝑖𝑖[1 − 𝛼𝛼𝑖𝑖(𝑑𝑑)]𝑒𝑒−
𝐸𝐸𝑎𝑎,𝑖𝑖
𝑅𝑅𝑇𝑇𝑖𝑖

4

𝑖𝑖=1

= 𝐴𝐴[1 − 𝛼𝛼(𝑑𝑑)]𝑛𝑛𝑒𝑒−
𝐸𝐸𝑎𝑎
𝑅𝑅𝑇𝑇 

 

 (1) 

where 𝑑𝑑𝑑𝑑
𝑑𝑑𝑑𝑑

 [1/s] is the degradation rate or reaction rate, t [s] is the 

time, Ai [1/s] is the pre-exponential factors of the i-th degradation 

mechanism, αi(t) [1] is the  degree of thermal degradation of the 

i-th degradation mechanism, Ea,i [J/mol] is the activation energy 

of the i-th degradation mechanism, R [J/(mol⋅K)] is the molar gas 

constant, Ti [K] is the temperature of the i-th degradation 

mechanism, and n [1] is the reaction order.  

The degree of thermal degradation of each mechanism is 

defined as [43] 

Deconvoluted reactions 
description 

Apparent single 
reaction description 
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𝛼𝛼𝑖𝑖(𝑑𝑑) =
𝑚𝑚𝑝𝑝(𝑑𝑑0) −𝑚𝑚𝑝𝑝,𝑖𝑖(𝑑𝑑)
𝑚𝑚𝑝𝑝(𝑑𝑑0) −𝑚𝑚𝑝𝑝,𝑖𝑖(𝑑𝑑∞) ,     𝛼𝛼(𝑑𝑑) = �𝛼𝛼𝑖𝑖(𝑑𝑑)

4

𝑖𝑖=1

 

(2) 

where 𝑚𝑚𝑝𝑝(𝑑𝑑0) [kg] is the initial polymer mass, 𝑚𝑚𝑝𝑝,𝑖𝑖(𝑑𝑑) [kg] is the 

instantaneous polymer mass of the i-th degradation mechanism, 

and 𝑚𝑚𝑝𝑝,𝑖𝑖(𝑑𝑑∞)  [kg] is the final polymer mass of the i-th 

degradation mechanism.  

3.2.4. Reaction Kinetics: Kissinger Method 

The parameters Ea, n, and A define the pyrolysis process and 

are called reaction kinetics. In this study, they were computed 

through the Kissinger method [44,45]. It is a differential method 

based on the fact that, for a given heating rate, the first time 

derivative of the TGA curve (i.e., the DTGA curve) reaches a 

maximum at a certain temperature [45]: 

ln �
𝛽𝛽
𝑇𝑇𝑚𝑚2
� = 𝑐𝑐𝑐𝑐𝑐𝑐𝑐𝑐𝑑𝑑 −

𝐸𝐸𝑎𝑎
𝑅𝑅

1
𝑇𝑇𝑚𝑚

 

(3) 

where β [K/s] is the heating rate and Tm [K] is the temperature at 

maximum degradation rate.  

The activation energy Ea is the energy required for the 

degradation reaction. It was determined from the slope of the 

linear plot presented in (3) after measuring experimental values 

of Tm at different β [44].  

The reaction order expresses the degree of asymmetry of the 

DTGA curve [44]. It is equal to 1 when considering the 

deconvoluted description of the degradation process, assuming 

each degradation mechanism is randomly initiated. However, it 

is larger than 1 when considering the apparent single reaction 

description since the convoluted DTGA curve includes effected 

of different reactions. In this case, it was determined from the 

tangents at the inflection points of the DTGA curve [44]: 

𝑐𝑐 = 1.26���
�𝑑𝑑

2Γ
𝑑𝑑𝑑𝑑2�𝑑𝑑=𝑑𝑑𝐹𝐹𝐹𝐹𝐹𝐹𝐹𝐹 2

�𝑑𝑑
2Γ
𝑑𝑑𝑑𝑑2�𝑑𝑑=𝑑𝑑𝐹𝐹𝐹𝐹𝐹𝐹𝐹𝐹 1

�� 

(4) 

where Γ [%] is the mass fraction of the polymer, 𝑑𝑑
2𝛤𝛤
𝑑𝑑𝑑𝑑2

 [%/s2] is the 

second time derivative of the mass fraction of the polymer, tFlex1 

[s] is the time at the first inflection point, and tFlex2 [s] is the time 

at the second inflection point.   

The inflection points were found where the second time 

derivative of the DTGA curve is zero [44]: 

𝑑𝑑2

𝑑𝑑𝑑𝑑2
�
𝑑𝑑𝑑𝑑
𝑑𝑑𝑑𝑑
� =

𝑑𝑑3𝑑𝑑
𝑑𝑑𝑑𝑑3

= 0 → (𝑑𝑑𝐹𝐹𝐹𝐹𝐹𝐹𝐹𝐹1, 𝑑𝑑𝐹𝐹𝐹𝐹𝐹𝐹𝐹𝐹2) 

(5) 

where 𝑑𝑑
3𝛤𝛤
𝑑𝑑𝑑𝑑3

 [%/s3] is the third time derivative of the mass fraction 

of the polymer. 

The first, second, and third time derivatives were computed from 

the TGA plots using OriginLab commercial software. To remove 

the experimental noise, the first time derivative plots of the low 

heating rate procedures were smoothed by the standard adjacent 

averaging method. The inflection points and the second time 

derivative values at the inflection points were found manually 

using the generated third and second time derivatives plots, 

respectively.  

Finally, The pre-exponential factor defines the rate at which the 

pyrolysis reaction occurs and was found by [44]: 

𝐴𝐴 =

𝐸𝐸𝑎𝑎𝛽𝛽
𝑅𝑅𝑇𝑇𝑚𝑚2

�1 + (𝑐𝑐 − 1) 2𝑅𝑅𝑇𝑇𝑚𝑚
𝐸𝐸𝑎𝑎

� 𝑒𝑒−
𝐸𝐸𝑎𝑎
𝑅𝑅𝑇𝑇𝑚𝑚

 

(6) 

3.3. Conducted Current Test 

3.3.1. Wind Turbine Blade Tip Sample 
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The geometry of the assessed blade tip sample (arrangement 

and dimensions) is shown in Fig. 3 and represents an airfoil shell 

section of a 70 m wind turbine blade (see Fig. 1). It was 

composed of a 25 mm2 copper braid (LPS DC) in parallel to a 

pultruded UD CFRP spar. The latter presented chamfered 

surfaces for mechanical purposes (note that the dimensions of 

each spar pultruded profile, i.e., the width, thickness, length, and 

chamfer angle, are not given for confidentiality reasons. 

However, the overall spar dimensions are provided). The two 

conductors were electrically bonded throughout the sample 

length (continuous-bonding configuration) by two layers of 

BIAX CFRP. To be consistent with the real blade structure, 

polyethylene (PET) foam was placed between the DC and the 

spar as a core material. In addition, the whole system (i.e., spar, 

DC, EB, and PET foam) was encapsulated within two layers of 

BIAX GFRP representing the blade shell (one placed on the top 

and one on the bottom of the sample). The sample was cured for 

6 h at 75 °C following the vacuum assisted resin transfer 

moulding procedures, which is the standard manufacturing route 

for rotor blades [2–4]. Finally, the test sample impedance was not 

comparable to the full blade one since the specimen represented 

the blade tip only. Thus, copper bars were bolted to the sample 

root end to account for the impedance of the remaining blade 

section that was not manufactured. 

3.3.2. Injected Current 

The injected current is depicted in Fig. 4 and is the first 

positive short stroke [10], having time parameters t1 = 19 µs and 

t2 = 485 µs, and peak current I0 = 125 kA.   

3.3.3. Test Setup 

The conducted current test was performed according to the 

standard procedures described in the IEC 61400-24:2019 [10]. 

The test setup is shown in Fig. 5, in which it is visible the sample 

under test, the generator, the return cage, and the measuring 

apparatus. The latter included four Rogowski coils and two 

oscilloscopes to measure the current at different sample locations, 

four cameras to collect sample pictures, and an infrared (IR) 

camera to record the sample temperature. The specimen was 

connected to the generator and return cage through copper bars. 

The current split between the DC and spar was measured at the 

Rogowski coil locations, indicated by red circles in Fig. 5. 

3.3.4. Test Conditions 

The test was conducted at a temperature of 16.6 °C and with 

a relative humidity of 50%.  

4. Numerical  

The test was simulated using COMSOL Multiphysics 5.5 in 

order to predict the damage due to the simulated lightning current. 

4.1. Modelling Framework: Assumptions and Formulation 

The following assumptions were made to model the 

electromagnetic-thermal response of wind turbine blades 

subjected to lightning strikes by the FEM:  

• It was assumed that the air termination system can 

withstand several lightning strikes without experiencing 

any damage, in such a way that the majority of the 

lightning energy is conducted through the receptor and 

transferred to the DC. This is true if the air termination 

system is designed according to the procedures given in 

the IEC 61400-24:2019 standard [10].  
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• The rotor blade was considered reflectionless in this 

modelling approach, which has previously been shown 

to be a reasonable assumption [21]. 

• The displacement current density term was neglected in 

the electromagnetic formulation since lightning strikes 

are considered to be low-frequency applications [14].  

• The heat transfer problem was solved by imposing a 

weak coupling with the electromagnetic problem, that is, 

no dependence of the electrical conductivity on 

temperature was considered. In fact, several studies 

such as [13,14,46] have shown that CFRP spar caps only 

conduct a small share of the lightning energy because of 

their low inductance and large resistance, and 

temperature lower than 100 °C are usually found in the 

bulk CFRP materials. 

The electromagnetic field diffusion problem was computed 

by solving the following set of equations [47,48]: 

�
𝛻𝛻 x 𝑯𝑯 =  𝑱𝑱
𝛻𝛻 ∙  𝑨𝑨 =  0
𝛻𝛻 ∙  𝑱𝑱 =  0

 

(7) 

while the following relations are known: 

�

𝑩𝑩 =  𝛻𝛻 x 𝑨𝑨
𝑩𝑩 =  𝜇𝜇0𝜇𝜇𝑟𝑟𝑯𝑯

 𝑱𝑱 =  − 𝝈𝝈𝛻𝛻𝑉𝑉 −  𝝈𝝈
𝑑𝑑𝑨𝑨
𝑑𝑑𝑑𝑑

 

(8) 

where ∇ x is the curl operator, H [A/m] is the magnetic field 

strength, J [A/m2] is the current density, ∇ · is the divergence 

operator, A [Wb/m] is the magnetic vector potential, B [T] is the 

magnetic flux density, µ0 [H/m] is the vacuum permeability, µr is 

the relative permeability, σ is the electrical conductivity tensor, 

∇ is the gradient operator, V [V/m] is the electric scalar potential, 

and t [s] is the time. 

The heat transfer problem was computed by solving for the 

heat diffusion equation [47,49]:  

𝜌𝜌 𝐶𝐶𝑝𝑝
𝜕𝜕𝑇𝑇
𝜕𝜕𝑑𝑑

 +  𝛻𝛻 ∙  𝒒𝒒𝒄𝒄𝒄𝒄𝒄𝒄𝒄𝒄  =  𝑄𝑄𝑟𝑟ℎ                                                                           

       (9) 

where ρ [kg/m3] is the density, Cp [J/(kg·K)] is the specific heat 

capacity at constant pressure, T [K] is the temperature, qcond 

[W/m2] is the heat flux by conduction, and Qrh [W/m3] is the 

Joule heat.  

The Joule heat due to the resistance of the individual blade 

components (i.e., DC, EB, and spar) and to the contact resistance 

at the EB interfaces was computed in the electromagnetic 

problem and applied to the heat transfer analysis through a weak 

coupling [48,49]:  

𝑄𝑄𝑟𝑟ℎ =
1
2

(𝑱𝑱 ∙  𝑬𝑬) 

(10) 

where E [V/m] is the electric field strength. 

Finally, the Arrhenius equation given in (1) was solved in the 

heat transfer problem via a weak coupling. 

4.2. Material Properties 

The properties of the blade materials and interfaces are listed 

in Table 1. The anisotropic electrical conductivities of both UD 

CFRP and BIAX CFRP were experimentally measured 

according to the procedures presented in [28]. The values of 

contact resistivity for BIAX EB joints are taken from [18]. The 

relative permittivity was assumed equal to 1 for both copper and 

CFRPs [40,50,51], whereas it was 4 for GFRP [52] and 1.7 for 

PET foam [53,54]. On the other hand, the relative permeability  
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Table 1. Properties of the blade materials.  

Electrical, Magnetic, and Thermal Properties 

Materials  
σ11  

[S/m] 

σ22  

[S/m] 

σ33  

[S/m] 

εr µr ρ  

[kg/m3] 

Cp 

[J/(kg⋅K)] 

k11 

[W/(m⋅K)] 

k22 

[W/(m⋅K)] 

k33 

[W/(m⋅K)] 

UD CFRP (Spar)  40,365 132.900 51.700 1 1 1,335 1,200 2.500 0.900 0.710 

BIAX CFRP (EB)  20,702 20,702 8.340 1 1 1,335 1,200 2.500 2.500 0.530 

Copper (DC) [14,47] 5.998x107 5.998x107 5.998x107 1 1 8,960 385 400 400 400 

PET foam (Core mat.) [62,63] / / / 1.7 1 70 2,450 0.034 0.034 0.034 

BIAX GFRP (Shell) [64–66] / / / 4 1 1,600 850 0.740 0.740 0.340 

Interface Contact Resistivity [18]          

Contact Area  ρC 

[mΩ⋅m2]   
    

   

C_DC-EB  0.031          

C_EB-Spar  0.684          

C_EB-Spar_Chamfer   7.583          

C_PultrudedProfiles 6.413          

was assumed equal to 1 for all the blade materials [55,56]. Finally, 

the CFRPs density, specific heat capacity at constant pressure, 

and longitudinal thermal conductivity were determined through 

the parallel rule of mixture [40,57–61]. In contrast, their 

transverse and through-thickness thermal conductivities were 

experimentally measured as specified in [28]. 

4.3. FEM Geometry and Mesh 

The test sample geometry modelled in COMSOL 

Multiphysics 5.5 is shown in Fig. 6. To facilitate the meshing 

procedure, the EB layers 45° cuts at the tip and root ends were 

disregarded. The return cage used in the test needed to be 

implemented in the FEM model as a return path in order to obtain 

a comparable impedance and be consistent with the test. Thus, 

the blade sample was placed within an insulating computational 

domain having dimensions of 0.6 x 1.8 x 4.45 m. Each blade 

component was meshed using hexahedral elements, which is the 

suggested finite element type for electromagnetic-thermal 

problems [67–69]. In addition, boundary layers [47] were 

employed to reproduce the skin effect (crowding effect [70]) in 

the DC, as well as to capture the electric potential jump and the 

current distribution due to the contact resistance at the EB 

interfaces. After conducting a mesh convergence study (see Fig. 

7), the FEM model was meshed by 97172 elements (see Fig. 6). 

4.4. FEM Boundary Conditions 

The current return path was defined by assuming magnetic 

and electric insulation conditions at the external boundaries of 

the insulating domain [48]: 

�𝐧𝐧 x 𝑨𝑨 = 0
𝐧𝐧 ∙ 𝑱𝑱 = 0  

(11) 

Electrical contact was modelled at the EB interfaces by 

assuming [48] 

⎩
⎨

⎧𝐧𝐧 ∙  𝑱𝑱𝟏𝟏 =  −
1
𝜌𝜌𝐶𝐶

(𝑉𝑉1 − 𝑉𝑉2)

𝐧𝐧 ∙  𝑱𝑱𝟐𝟐 =  −
1
𝜌𝜌𝐶𝐶

(𝑉𝑉2 − 𝑉𝑉1)
 

(12) 

A transient voltage boundary condition, shown in Fig. 8, was 

applied across the blade to inject the test current in the FEM 
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model. The procedure to compute the lightning transient voltage 

waveform is presented in [14].  

Convective heat flux condition was assumed at the rotor blade 

external boundaries in contact with the ambient [47,49]: 

−𝒄𝒄 ∙ 𝒒𝒒𝒄𝒄𝒄𝒄𝒄𝒄𝒄𝒄 = ℎ(𝑇𝑇𝐹𝐹𝐹𝐹𝑑𝑑 − 𝑇𝑇) 

(13) 

where qconv [W/m2] is the convective heat flux, h [W/(m2⋅K)] is 

the heat transfer coefficient, and Text [K] is the ambient 

temperature. The air heat transfer coefficient was equal to 25 

W/(m2⋅K) [47,49]. 

Thermal radiation condition was assumed at the rotor blade 

external boundaries in contact with the ambient [47,49]: 

−𝒄𝒄 ∙ 𝒒𝒒𝒓𝒓𝒓𝒓𝒄𝒄 = 𝜀𝜀𝜎𝜎𝑆𝑆𝑆𝑆(𝑇𝑇𝐹𝐹𝐹𝐹𝑑𝑑4 − 𝑇𝑇4) 

(14) 

where qrad [W/m2] is the radiative heat flux, ε is the emissivity, 

and σSB [W/(m2⋅K4)] is the Stefan-Boltzmann constant. The 

emissivity of CFRP and GFRP surfaces were equal to 0.9 [22] 

and 0.85 [71], respectively.  

5. Results and Discussion 

5.1. Epoxy Thermal Degradation: Apparent Single Reaction 

TGA and DTGA Curves  

The TGA curves describing the epoxy thermal degradation 

process are shown in Fig. 9a for the assessed heating rates. 

Values of degradation onset temperature, Tonset [K], can be 

extrapolated from the TGA curves according to the procedures 

reported in the ASTM E2550-17 standard [72]. They are given 

by the intersection of the baseline (horizontal line) and the 

tangent line after the degradation occurs [72]. On the other hand, 

the first derivative of the TGA curves (see the DTGA curves 

plotted in Fig. 9b) allows to determine the temperature at 

maximum degradation rate. Both Tonset and Tm values increase 

with higher heating rates [60], as shown in Fig. 9. 

5.2. Epoxy Thermal Degradation: Deconvoluted Reactions TGA 

and DTGA Curves  

The experimental DTGA curves have been deconvoluted, by 

the Voigt model [73], into individual curves representing the 

different degradation mechanisms (see Fig. 10). The Voigt model 

has resulted in a better agreement between the convolution of the 

individual curves (red profiles) and the experimental DTGA 

curves (black profiles), compared with other models such as 

Gauss and Lorentz. 

As expected, the results show that the degradation process 

starts with either mechanism 1 or 2, depending on the heating rate. 

It is revealed that mechanism 1 is only visible at heating rates 

above 5 °C/min, where its Tm appears to be ~100 °C. This 

mechanism does not constitute an epoxy degradation reaction per 

se, and its magnitude and/or presence might be situational and 

largely affected by environmental factors. In view of these 

factors, we do not consider discussing it further. Finally, Fig. 10 

shows that the majority of the mass loss is caused by mechanisms 

3 and 4. However, mechanism 2 cannot be ruled out as a potential 

degradation mechanism, although its contribution to the total 

degradation is between 2-3%. This is because even such a small 

amount of gas is sufficient to introduce voids that separate the 

rotor blade current carrying conductors and ignite sparks (see 

Section 5.6). 

5.3. Degradation Reaction Kinetics 

The degradation reaction kinetics, calculated by the Kissinger 

method [44,45] (see Section 3.2.4), are provided in Table 2 for 
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Table 2. Degradation reaction kinetics for both the apparent single reaction and the deconvoluted reactions models. 

Reaction Kinetics Apparent Deconvoluted Reactions 

 Single Reaction Mechanism 1 Mechanism 2 Mechanism 3 Mechanism 4 

A [1/s]  2.20x1012 13.11x106 2.00x1012 4.76x1012 2.19x1013 

n  1.17 1 1 1 1 

Ea [kJ/mol] 185.78 64.86 137.36 188.06 200.22 

 

both the apparent single reaction and the deconvoluted reactions 

models. These parameters can be used to model the degradation 

process by entering them into (1).  

5.4. Lightning Current Distribution within the Wind Turbine 

Blade Conductors 

The FEM simulation is capable of predicting the overall 

lightning current split between the blade conductors at different 

locations of the blade, as shown in Figs. 11a to 11e. The FEM 

currents are obtained by integrating the current density over the 

conductors’ cross-section at the x-coordinates given in Fig. 5, 

indicating the locations of the Rogowski coils (the latter are 

represented by red circles in Fig. 5). The spar cross-sections at 

the specified x-coordinates can be derived from the overall spar 

width and thicknesses provided in Figs. 3 and 5, respectively. As 

shown in Figs. 11a to 11e, an excellent agreement is found 

between the test measurements and the FEM predictions, with 

negligible deviations in terms of peak current and specific energy 

due to geometrical approximations. As expected, the results show 

that during the rise front the lightning current is mainly 

conducted by the spar because of its low inductance, whereas 

during the slow decay front the lightning current mainly flows 

through the DC due to its low resistance. In addition, Fig. 11f 

illustrates how the peak current, measured by the Rogowski coils 

(see Fig. 5 for their locations), is redistributed along the DC and 

spar. It is observed that the continuous-bonding configuration 

allows the current to leave the spar and return to the DC gradually 

along the sample length. More specifically, the peak of the 

current flowing in the middle of the spar (Spar Current 1) is 75% 

of the injected current peak, while it reduces to 65% at the end of 

the fourth chamfer profile (Spar Current 2). This means that 10% 

of the current was diverted back to the DC. Furthermore, the peak 

of the current in the DC at the root is 47% of the total, which 

means that an additional 12% leaves the spar for the DC at the 

root end.  

High current density areas (see Fig. 12) are predicted around 

the bonding interfaces at x = 3.4 m (position of the spar first 

pultruded profile). The high current density area at the EB-Spar 

interface is found where the current enters the spar first pultruded 

profile and is due to the large spar chamfer angle. The high 

current density area at the DC-EB interface is instead caused by 

the crowding effect in the DC, which reduces the contact area 

established with the EB layers required to divert the current to 

the spar [14]. These regions might lead to high temperatures and 

thermal damage due to Joule heating.  

Finally, no significant difference in terms of overall current 

split is observed in Fig. 11 when simulating the test with 

electrical contact resistivities implemented at the bonding 

interfaces (blue curves) and without, i.e., ideal contact is assumed 

(red curves). This is expected as the resulting contact resistances 

are between 2 and 4 orders of magnitude smaller than the total 

impedance of the sample. On the other hand, the implementation 
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of the electrical contact affects the current density distribution in 

the EB joint cross-section. In fact, the high current density areas 

predicted at the bonding interfaces present different magnitudes 

when comparing the results of the two formulations given in Figs. 

12a and 12b. More specifically, the maximum value of current 

density varies by a factor of 2.5 at the EB-Spar interface and by 

a factor of 2 at the DC-EB interface. 

5.5. Temperature Distribution within the Wind Turbine Blade 

Conductors 

Fig. 13 depicts the temperature distribution within the rotor 

blade sample at x = 3.4 m when modelling the electrical contact. 

As shown in Fig. 13a, the temperature within the spar does not 

exceed 90 °C. This is due to the fact that the spar conducts the 

lightning current for a short interval [13,14,46], as well as 

because the test sample presents EB layers over the spar 

chamfered surfaces. This allows the current to be injected 

through the entire spar cross-section, which reduces the Joule 

heating due to the CFRP anisotropy [18]. As the spar maximum 

temperature is considerably below the temperature dependence 

range of CFRP electrical and thermal conductivities [40,74], the 

weak coupling between the electromagnetic and heat transfer 

problems is a valid approach to model lightning strikes to wind 

turbine blades. On the other hand, large temperatures are 

achieved at the bonding interfaces because of high current 

density areas, as seen in Fig. 12. More specifically, a peak 

temperature of ~1,730 °C is achieved after ~33 µs at the EB-Spar 

interface (see Fig. 13b), whereas a peak value of 3,440 °C is 

observed after ~34 µs at the DC-EB interface (see Fig. 13c). After 

38 s, the sample has cooled down and its temperature has 

approximately returned to ambient value.  

The temperature distribution on the external surface of the 

sample (i.e., the GFRP shell inner layer) was recorded during the 

test through the IR camera. The results show that the temperature 

peak is attenuated and delayed through the shell compared with 

the temperature peak at the EB interfaces. For instance, a 

maximum value of ~32 °C is achieved after 1.7 s at the shell inner 

layer (see Fig. 14). Such a long delay is due to the low diffusivity 

of GFRP materials, which is equal to 2.5x10-7 m2/s in the 

through-thickness direction. Hot areas at the shell inner layer are 

located between the DC and the spar and along the edge of the 

first pultruded profile where the lightning current enters the spar 

(see Fig. 14a). A good correlation is found with the FEM 

simulations regarding the temperature distribution in these 

regions of the sample (see Fig. 14b), although slight differences 

are noticed. For instance, the size of the hot area between the DC 

and spar (i.e., the red area in Figs. 14a and 14b) is slightly smaller 

in the simulation (see Fig. 14b) than in the test (see Fig. 14a). 

This may be due to the sparking events occurring in this area (see 

Section 5.6). The formation of voids and sparks may modify the 

contact area, which causes the current to spread over a larger area 

when it diverts towards the spar. The change in contact resistivity 

due to the sparks is not known and thus not implemented in the 

FEM model. In addition, the simulation predicts slightly higher 

temperatures in the region between the DC and spar (see Fig. 

14c). In fact, both the peak temperature at 1.7 s and the 

temperature at 38 s are slightly overestimated by ~1 °C in the 

FEM simulation. This is caused by other two numerical 

assumptions. The first one is that the change in enthalpy of the 

system due to the epoxy degradation (see Section 5.6) is not 

modelled in the FEM simulation, which would dissipate part of 

the Joule heat. However, the increase in the solution accuracy 
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thanks to its implementation would not justify the significant 

growth of the computational time. The second one is represented 

by the employed contact resistivity values, which have been 

determined by room temperature low voltage tests while it is 

known that they decrease with increasing temperatures [18]. 

Despite the approximations and assumptions mentioned above, 

the overall FEM computations of heat release and temperature 

are accurate as the predicted hot regions correspond to the ones 

measured experimentally.  

Finally, note that much lower temperatures are achieved at 

the EB interfaces if ideal contact is assumed, e.g., up to 465 °C 

at the EB-Spar interface (see Fig. 13b) and 930 °C at the DC-EB 

interface (see Fig. 13c). In addition, major temperature 

disagreements are also found, with ideal contact, at the shell inner 

layer, where the heating and cooling profiles are noticeably 

different compared with the test observations (see Fig. 14c). 

These discrepancies are expected as lower values of current 

density are achieved when considering the ideal contact 

formulation, as seen in Section 5.4. Therefore, it is essential to 

model the electrical contact at the EB interfaces in order to 

achieve accurate current density and temperature distributions. 

5.6. Thermal Damage: Sparking and Delamination 

Fig. 15a depicts the test sample during the conduction of the 

simulated lightning current, as well as the positions of the sample 

components (the dashed lines indicate that the component is 

encapsulated within the GFRP shell). As shown in the figure 

mentioned above, sparks have been observed at the tip end of the 

sample. They have developed along the DC edge on the spar side 

(no. 1) and along the edge of the first pultruded profile where the 

lightning current enters the spar (no. 2). In addition, a 

delamination of ca. 26.1x8.5 mm2 has been observed in area no.1 

(see Fig. 15b). It occurs between the BIAX EB layer and the inner 

surface of the GFRP shell outer layer in the vicinity of the DC 

(see Fig. 15c), which is visible thanks to the transparency of 

GFRPs. This delamination is most likely caused by the excessive 

heating at this location (see Fig. 13c) and the associated thermal 

stresses due to the thermal expansion mismatch between copper 

and composite materials [75,76]. 

The sparks and delamination observed in the test are located 

above the DC-EB and EB-Spar interfaces in the area around x = 

3.4 m. That is, where high current densities (see Fig. 12a) and 

temperatures (see Figs. 13b and 13c) are found within the sample 

cross-section. By solving the Arrhenius equation in the FEM 

model using the thermal degradation kinetics and the temperature 

predicted at each time step, the degree of thermal degradation is 

computed. The results indicate the occurrence of polymer 

degradation at both DC-EB (see Fig. 15d) and EB-Spar (see Fig. 

15e) interfaces in the area around 3.4 m, i.e., where sparks have 

been observed. More specifically, Fig. 15d shows that sparking 

area no. 1 coincides with the red area (i.e., 0.9 ≤ 𝛼𝛼 ≤ 1) of both 

mechanisms 3 and 4. On the other hand, polymer degradation is 

predicted in proximity of sparking area no. 2 for mechanism 2 

only (see Fig. 15e), as the temperature in this area is below the 

onset temperatures of mechanisms 3 and 4 (note that the 

temperature in area no. 2 is 800-1,000 °C, while the 1,730 °C 

peak is achieved on the EB vertical layer only, see Fig. 13b). In 

other words, the degradation in sparking area no. 2 would not be 

predicted if the apparent single reaction approach (i.e., all 

mechanisms summed together) was used, which would 

contradict the test observations. Considering these results, it is 

therefore concluded that sparking phenomena triggered at the EB 
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interfaces of wind turbine blades during lightning strikes are 

thermally activated. That is, epoxy degradation caused by high 

temperatures results in formation of gas filled voids, which 

separate the current carrying conductors and ignite sparks [15]. 

6. Conclusion  

This article presents the development and predictions of an 

FEM model framework capable of simulating the 

electromagnetic-thermal behaviour and damage of a CFRP based 

rotor blade sample subjected to lightning high-current tests. 

Lightning damage to modern wind turbine blades typically 

develops at the LPS EB interfaces. Such regions present resin-

rich areas that lead to high-current densities and temperatures, 

with consequent resin thermal degradation and sparking events. 

It was shown that:  

• numerical simulations are effective tools to study the 

thermal damage at the considered EB interfaces. In fact, 

the proposed FEM model predicted high current 

densities and temperatures at the sparking locations, 

which allowed a qualitative estimation of potential 

thermal degradation areas upon solution of the 

Arrhenius equation.  

• The predictions of high temperature and thermal 

degradation at the sparking locations indicated that the 

damage is thermally activated. That is, high 

temperatures cause epoxy pyrolysis, leading to voids 

formation, separation of the blade current carrying 

conductors, and ignition of sparks.  

• Even 2-3% of mass converted into a gas fraction is 

sufficient to displace the conductors carrying the current 

and ignite sparks, as in the case of mechanism 2. In fact, 

the latter was the only degradation mechanism predicted 

at sparking area no. 2, which would not be captured if 

the apparent single reaction description was used.  

• The FEM formulations with and without the contact 

resistivities at the bonding interfaces presented major 

differences in terms of local current density and 

temperature distributions, e.g., peak temperatures were 

up to 4 times smaller in the ideal contact formulation. 

Therefore, it is essential to implement the electrical 

contact in the FEM models to compute accurate current 

density and temperature distributions and design 

reliable EB solutions.   
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Fig. 1. Wind turbine blade schematic and location of the tip sample under testing.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 2. Epoxy curing reaction (via reaction with amine hardener) with formation of hydroxyl (-OH) groups and epoxy dehydration reaction via water formation and 

subsequent removal and formation of allylic ether (C-O-C) and nitrogen (C-N) bonds (coloured red). 
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Fig. 3. Wind turbine blade sample under testing (not to scale). In the top view, both the shell inner layer and the top EB layer were intentionally omitted to show the DC 

and the spar.  

 

 

Fig. 4. Conducted current test: injected current. 
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Fig. 5. Test setup of the conducted current test. Both the inner and outer layers of the shell were intentionally omitted to show the sample conductors.  
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Fig. 6. FEM geometry and mesh (the insulating domain is intentionally hidden). 

 

 

Fig. 7. Mesh convergence study. 

 

 

Fig. 8. Voltage waveform applied in the FEM model to inject the test current.  
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Fig. 9. Thermal degradation of epoxy resin: (a) TGA curves and (b) DTGA curves. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 10. Deconvoluted reactions DTGA curves at: (a) 0.2 °C/min, (b) 5 °C/min, (c) 50 °C/min, and (d) 200 °C/min. 
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Fig. 11. Lightning current distribution: (a) injected current, (b) DC current 1, (c) spar current 1, (d) spar current 2, (e) DC current 2, and (f) peak current redistribution 

along the sample.  
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Fig. 12. High current density areas predicted by the FEM simulations at x = 3.4 m: (a) electrical contact formulation and (b) ideal contact formulation. The interval given 

in each plot indicates the time of maximum current density. 
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Fig. 13. FEM temperature distribution within the rotor blade sample at x = 3.4 m: (a) spar, (b) EB-Spar interface, and (c) DC-EB interface. The interval given in each 

plot indicates the time of maximum temperature.   
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Fig. 14. Temperature distribution on the shell inner layer at the tip end: (a) IR image recorded during the test, (b) FEM temperature distribution, and (c) temperature 

evolution with time. 
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Fig. 15. Comparison between test and numerical observations: (a) sparking locations during the test, (b) delamination, after the test, between the inner surface of the 

GFRP shell outer layer and the BIAX EB layer, which is visible thanks to the transparency of GFRPs, (c) delamination position in the cross-section view of the sample, 

(d) FEM polymer thermal degradation at sparking area no. 1, and (e) FEM polymer thermal degradation at sparking area no. 2. 
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