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PERFORMANCE OF SMALL CENTRIFUGAL PUMPS WITH WATER AND
MIXTURES OF POLAR LIQUIDS

by Ayad Ali Mohammad Chalaby

This research deals with the performance of small, automotive type centri-
fugal pumps handling both water and Ethylene glycol-water mixtures at temp-
eratures up to 120°C.

Poorly designed hydraulic flow channels of these pumps render them highly
inefficient machines. This research looks into the factors which may improve
their performance, and examines the various power and scale-up losses.
Reynolds number effects due to surface finish, pump speed and liquid viscosity
are examined in the light of the numerous non-cavitating test data.

Because of the unfavourable inlet conditions arising at least in part from
space limits, most of the small size pumps have a poor suction performance.
This research looks into the variocus design and operational aspects which may
influence the suction performance. This includes the inlet pipe design, the
type of impeller shroud, the size of the axial tip clearance, and the shape
and number of the blades. Also of importance is the test flow ratio Qcav/Qopt
which 1s of special importance here because of the Re Number influence of the
inlet hub vortex at low flows. [The shaft passes through the inlet chamber].

The use of Ethylene glycol-water mixture necessitates the measurement of
the gas content during pump cavitation because of the strong gas . content
effect of the mixture on pump cavitation performance. An amperometric oxygen
monitor was used to measure the oxygen content directly and continuously
during the test. Gas content effects on pump cavitation were analysed with
respect to rig and pump geometry, fluid properties and initial percentage
saturation.

Gas filled bubbles of appreciable numbers were found to be recirculating
around the system when EG/W mixture is being handled. These bubbles act as
cavitation nuclei and increase the cavitation tendency of these mixtures.

Thermodynamic effect of cavitation for the test pumps is investigated in
the range 20 - 120°C for the mixture 50/50 EG/W and compared to some data on
water. Several influences such as impeller geometry and test flow ratio
Qcav/QOPt are investigated.

Correlation of the thermodynamic effect test data making use of the B-factor
is attempted. Suggestions are made to improve the correlation for the mixture
to include the mass and heat transfer properties of binary mixtures as well as
the number of cavitation nuclei involved in the cavitation process.

Finally, visual observation of the flow field at impeller inlet and the
fixed cavity was made and some photographs taken to support the discussion.
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NOTATION

2
Area (m )
Cavity surface area (mz)

Laplace constant a = /-~—£L-—
gl Pz‘pv)

Impeller channel depth (m)

Cavitation parameter B = VV/VR

Best efficiency point

Coefficient

Absolute flow velocity

Area coefficient (ca = Aw/Dz)
Discharge coefficient for leakage flow
Frictional coefficient

Film heat transfer coefficient

Lift coefficient

Meridional component of the absoclute velocity (m/sec)

Impeller contraction cocefficient

Pfleiderer slip factor
Pm*Pﬁ
Pressure coefficient (C = ~—-~5)
P v

[oo]

Liguid specific heat at constant pressure KJ/kg°C

Flow coefficient (C_ = q /Vg 0%)

Saturation gas concentration of the liquid

2
Temperature coefficient (C = Apv/%pvOo )

Tangential component of the absolute velocity (m/sec)

Slip component of Cu (m/sec)

(1)



(ii)

D,d Diameter (m)

E Energy (Joule)

e Disc clearance (m)

EG Ethylene glycol (supplied by DOW company under the name D979)

EG/W Ethylene glycol/water mixture

AEV Measured thermal cooling of cavitation (J/kg) (= NPSE20°C -
NPSEhot) for the same liquid (see also figure 8.8)

£ Frictional factor

F Bubble growth factor (m/°K secé)

Fr Froud number Vw//§5

g Gravitational acceleration (m/sec2)

G Vapourized mass fraction

H Head generated by the pump (m)

AH Head loss due to the presence of the tip clearance (m)

He Theoretical (Euler)} head of the machine (m)

Hi Theoretical (input) head corrected for slip (Hi = 0 He) m

HO Pump head at zero tip clearance

Hv Theoretical volute head (m)

h Heat transfer coefficient (w/m2 °K)

Ahf Change of fluid enthalpy (J/kg)}

hq Heat flux (J/sec)

i Incidence angle at blade inlet (degrees)

Ja Jacobs number (pg Cpg AT/’pv L)

K Constant

K Bulk modulus (N/mz)

k Thermal. conductivity (J/s m °K)

KP Furness cavitation parameter (pé-pi)/%pvmz)

L Latent heat of vapourization (J/kg)

L Cavity length (m)



NPSE
NPSH

Nu

Ap

Length of blade (m)
Mass (kg)

2.2
Mach number K/w D7 p
Molecular Weight
Speed of rotation (rpm)

Specific speed w Qé/(gH)OJ5

Suction specific speed w Q%/NPSEO'75
Net positive suction energy (J/kg)
Net positive suction head NPSE/g (m)
Nusselt number Ch D/k

Pressure (N/mz)

Pressure rise inside the pump (N/mz)
Cavity pressure (N/mz)

Gas pressure inside the bubble (N/mz)
Vapour pressure (N/m2)

, . . , 2
Reduction in vapour pressure due to local cooling (N/m”)

(1ii)

, 2
Pressure increment due to turbulence and surface roughness (N/m")

Power (Watts)

Disc power loss (Watts)

Hydraulic power loss (Watts)

Hydraulic output power of the machine (Watts)
Input power (Watts) Pi = PS - P

Mechanical (external) power loss (Watts)
Recirculatory flow power loss (Watts)

Shaft input power (Watts)

Péclét number v, D/a

Prandtl number v/ao



Re

Re
w

W

We

(iv)

Flow rate (m3/sec)

Flow rate at best efficiency point of the particular pump speed

(m3/sec)
Cavitating constant test flow (m3/sec)
Input flow rate Q + QL (m3/sec)
Leakage flow inside the pump (m3/sec)
Non-cavitating flow (m3/sec)
Flow rate at zero tip clearance (m3/sec)

Flow rate at optimum efficiency within the range of pump speed of

the pump (mB/Sec)
Radius (m)
Bubble radius (m)
Vortex core radius (m)
Pipe Reynolds number 2W/v
Rotational Reynolds number w rz/v
Surface tension (N/m)
time (sec)
Thickness of blade (m)
Temperature (°K)
Saturation temperature (°K)
Temperature depression due to thermodynamic effect (°K)
Tangential velocity (m/sec) U = pr
Flow velocity (m/sec)
Volunme (m3)
Restriction width at impeller inlet (m)
Relative flow velocity (m/sec)
Weber number Vw/557§‘

Mole fraction



Mixture concentration at bubble wall

Bulk mixture concentration

Axial tip clearance (mm)

Number of blades

Number of bubbles entering the low pressure region
Proportionality factor for the leakage flow
Thermal diffusivity (k/Cplpz)
Bunsen solubility coefficient

Mass diffusivity of the volatile component into less volatile

component
Impeller vane angle, trailing edge (°)
Henry's law constant
Proportional factor for tip clearance head loss
Thermal parameter of cavitation Cpﬁ T (pz/va)2
Flow coefficient cmZ/U2
Bubble dynamic parameter
Flow cocefficient (external characteristics) Q/wD3
Heat transfer correction factor for the binary mixture (const. heat flux)
Head coefficient
Thecretical (Euler) head coefficient gHe/Uz2
Input head coefficient gHi/U22
Head coefficient (external characteristics) gH/sz2
Temperature depression correction factor for the binary mixture
Tip clearance ratio Ax/b

) 3
Power coefficient (external characteristics) Ps/pw D

Overall pump efficiency ngQ/PS



(vi)

Mechanical efficiency (PS--Pm)/PS

Hydraulic efficiency H/Hi

Volumetric efficiency Q/(Q + QL)
Efficiency drop due to tip clearance
Overall scale up losses 1 - n

Frictional scale up losses

Mechanical scale up losses Pm/PS

Hydraulic scale up losses Ph/Ps

Volumetric scale up losses Pv/Ps
Recirculation flow scale up losses Prec/Ps
Scale up losses at high pump speeds
Absolute liquid viscosity (cP)

Kinematic liquid viscosity (m2/s)
Rotational velocity (rad/sec)

Liquid super heat (°K)

Effective surface roughness (m)

Surface roughness as measured by the Talysurf machine (m)

Reaction effect

Mass density (kg/mB)

/4 1/2

Specific diameter D(gH)l / Q

Proportionality factor for the efficiency drop due to tip clearance

Ostwald absorption coefficient Vg/v2

Slip factor

2
Cavitation number (pw—pv)/%pv

Incipient cavitation number

Cavitation number at n% head drop



(vii)

%2 Cavitation number at breakdown
% Blade cavitation number (pl-~pv)/%pwl2
Gu Inlet cavitation number NPSE/% UlZ
gy Thoma sigma NPSE/gH

K Bubble growth factor R/2Vat
T Growth factor AT/«

T Vortex circulation (mz/sec)
Subscripts

1 Impeller blade inlet

2 Impeller blade exit

cav Cavitating condition

g Gas

i Internal

in Inlet

L Liquid

L Leakage

mix Mixture

nc Non-cavitating condition

o Initial

opt Optimum performance

p Pure

R Bubble wall

s Saturation

v Vapour

® Reference
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CHAPTER 1

INTRODUCTION

1.1 Ground for the Research

Small size, commercial centrifugal pumps are used in great numbers for
the heating and cooling systems as well as for other industrial purposes.
To cut down on first cost and in some cases to save space, as it is usually
the case for automotive cooling systems, these pumps tend to be rather in-
efficient machines. Tests in the Department of Mechanical Engineering [42,
57] on several automotive type pumps have shown that overall efficiencies
were normally in the range 20 - 30%. Unfavourable inlet and discharge pipe
layout, poor pump and impeller channel design and relatively high mechanical
losses do contribute one way or another to this low overall efficiency. The
various losses and their influence on the scale-up procedure provides the
opportunity to examine the suitability of the present theories and practices

to these highly inefficient hydraulic devices.

Most pumps in this category operate at or near the boiling point of the
circulated ligquid. High pump speeds and low local static pressures are
likely to increase the susceptibility of these pumps to cavitate. Raising
the local pressure or using liquids of higher boiling point are some of the
ways usually applied to minimize this possibility. Ethylene glycol is one
such liquid which if mixed with water gives a higher boiling temperature and
lower freezing point than pure water and therefore it can serve as an excellent
all year round coolant [4], and if properly inhibited against corrosion, cavi-

tation damage can be minimized compared to water [35, 149].

Research prospects for the binary mixture EG/W arose from the fact that
during pump cavitation at elevated temperatures, these mixtures do not exhibit
significant thermodynamic effects similar to water and other liquids (42, 57].
Thew and Hadji-Sheikh [167] related this behaviour to several factors such as
reduced surface tension effect, increased gas content effect and perhaps most

significantly, due to vapour bubble growth restraints of the mixture as a



result of the depletion of the liquid adjacent to the wall of the volatile
component (water), which constitute the major part of the vapour phase.
These suggestions, however, were only tentative and could not be supported

by conclusive test results or theoretical analysis.

Other relevant works in the cavitation of binary mixture in hydraulic
machinery is not known to the author. Numerous bench tests on boiling heat
transfer of binary mixture are available in the literature [150, 160, 172,
173, 175]. Some tests on commercial Ethylene glycol-water mixtures [98] also
provides some insight in the nucleate heat transfer properties of these mix~
tures. In all cases, the heat transfer rate for nucleate boiling is increased

because of the bubble growth restraints mentioned earlier.

Thermodynamic effect test data for hydrocarbon (non-polar) ligquid mix-
tures in a hydraulic system were investigated by few authors [145, 154].
Using a direct method to measure the inlet NPSE to the centrifugal pumps [79],
these authors were able to show that these mixtures exhibited some improved

thermedynamic effect over that obtained with single component liquids.

The controversy between these two types of mixtures can be related to
the association via hydrogen bonding of the polar mixture molecules compared
to the independent molecules of the non-polar mixture components, with the

result of different thermodynamic behaviour.

1.2 Aims and Objectives

This research deals with the performance of three small automotive type
centrifugal pumps under non-cavitating and cavitating flow conditions, where
both inhibited water and EG/W solutions of different concentrations are
handled in the temperature range 20° - 120°C. Experimental and theoretical
investigations of all pertinent parameters are presented in graphical form
and discussed in detail. The main objectives of the research are listed

briefly below:
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1. To investigate the influence of geometry such as inlet and outlet pipe
layout, impeller design, type of shroud and axial tip clearance size on

generated head, overall efficiency and suction performance of the test pumps.

2. To examine the various losses and try to establish successful scaling

factors with respect to change in speed and liquid viscosity.

3. Attempt to find some correlations with respect to gas content effect

on pump suction performance for water and EG/W mixtures using an oxygen

analyser.

4. By eliminating undesirable factors such as gas content effect, pump

geometry and test flow rate (Q /Q ) the thermodynamic effect for water

cav’ Topt
and EG/W mixture is to be investigated in the range 20 - 120°C. Correlation

of test results to the B-factor is to be attempted for both types of fluids.

5. Try to support the experimental and theoretical investigation by visual

observations of the fixed cavity.
Timetable for the experimental work is done in the following order:

a. Examination of the various geometrical influences on pump performance,
mid 1979 to end 1980,

b. Examination of the thermodynamic effect for the three pumps, end 1980
to end 1981.
Gas content effect experimentation, early 1982 to mid 1982.

d. Observation and photography, end 1982.

1.3 Layout of Thesis

The present work is split into two main sections. The first deals with
the non-cavitating performances of the test pumps. These are outlined in
Chapter 3 and 4, and include the analysis of the generated head, the overall

efficiencies, the varicus losses and their influence on the scaling procedure.



In the second part, the cavitating flow performances of the pumps are
analysed in detail. Suction performance is discussed in Chapter 5 and with
respect to the gas content effect in Chapter 7. 1In Chapter 6, a theoretical
review of the mechanism and the thermodynamic effect of cavitation is pre-
sented for the pure and the binary mixtures. The reason why it was inserted
between the two chapters on suction performance was the need to give the
reader some background to the subject of bubble formation and growth before

discussing the gas content effect,

Thermodynamic effect of cavitation was analysed in Chapters 8 and 9.
The first chapter was devoted to the discussion of the test results while the
second was concerned with the correlation of the test results to the B-factor

theory and its modifications, made to suit the binary mixtures.

Apart from Chapter 6, literature review was performed in each chapter and

where the need arises.

Concluding remarks are made at the end of each chapter. A summary of

these remarks is made in Chapter 11.

Experimental techniques and test material descriptions are made in
Chapter 2. Emphasis was given to the installation and operation description
of the ampercmetric oxygen monitor. Experimental techniques for the obser-

vation of the fixed cavity is given separately in Chapter 10.

Suggestions for future work are made in Chapter 12. References and

Apendices are located at the end of the work.



CHAPTER 2

EXPERIMENTAL WORK

2.1 Test Rig

The test rig is described in some more detail in a departmental report
[28]. The following brief description of the rig is intended to give the

reader a general idea about its operation.

The rig circuitry is drawn schematically on figure 2.1. The main

hydraulic c¢ircuit consists of the test pump, the inlet line, the discharge

piping and the main reservoir.

The rig was originally designed to test small, high speed (up to
7000 rpm) automotive pumps of low flow capacities [42]. Therefore, several
modifications were necessary to convert the rig to a general purpose pump
testing facility. This included mainly the replacement of most of the
piping network by a larger diameter size, and the addition of a second,
larger size (38 mm) turbine type flow meter. This modification allowed for
nearly 50% increase in the flow capacity of the rig for similar head losses

in the systems [28].

The new 50 mm diameter inlet line which runs straight from the reservoir
to the test pump, allowed to introduce a larger size glass viewing section
(¢ 50 mm x 30 mm long) which replaces the old 25 mm size short piece. In
addition to its low frictional losses, this new pyrex window makes it
easier to observe the formation and size distribution of the cavitation

(and gas) bubbles upstream the pump inlet at low inlet pressures.

The main reservoir has a total capacity of ~ 220 litres and it is
situated v 3 metres away from the test pump. The introduction of a large
reservoir in the system is intended to provide a reasonably good stabilizing

factor for the flow and allow for acceptable repeatability of the test.



System pressure is normally controlled through the main reservoir.
Expansion air bellows are provided to allow for system pressurization.
To reduce the pressure in the system below atmosphere, the reservoir is
fitted with a vacuum pump and piping which allows for efficient pressure

reduction inside the main reservoir down to ~v 0.3 bar, abs.

Heating of the liquid in the system can be done automatically. To do
this the reservoir is fitted with a 6 KW heater (which replaced the old
3 KW element), 2 thermostats, a vent, an expansion tank and a relief valve

in case of accidental over-pressurization.

Bpart from the main hydraulic circuit, the rig is provided with a

secondary liguid change-over system which allows for the storage and

transfer of different types of liquids and liquid mixtures. This includes

3 sets of barrels, piping and a small positive displacement transfer pump.

The drive system to the pump consists of a 6 KW electric motor, a

magnetic coupling, a step~up spur gear palr, a drive shaft fitted with a
strain gauge torque meter, and a step-up toothed belt linking the test
pumps to the drive shaft. Theoretically the power input to the pump could
reach the nominal motor capacity. However, the magnetic coupling torque
rating and the spur gear ratio limit the maximum pump shaft input power to

nearly half that of the electric motor at present.

The instruments layout is given on figure 2.2. It consists mainly of
2 different sections. The first deals with the measurement and control of
the flow variables such as flow, pressure, power and liquid temperature.

The second deals with the safety of the rig operation.

Flow measurements are performed by two turbine flow meters which can
be operated individually for single discharge pumps, or in parallel for
twin discharge pumps such as the automotive pump J. This setting allows
for accurate flow measurements down to 25 litre per minute and a maximum

total flow capacity of about 800 litre per minute (only of theoretical
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value here because of the flow rate limitations of the test rig given in

table 2.1).

Pressure around the hydraulic system is measured by a precision Bourden
tube pressure gauge via three 6-way valves. The rig is also provided with
a scanivalve transducer and control and drive unit which can measure the
liquid pressure and transmit it as an analog signal, which can be stored

through a data logger or converted to a digital signal.

A Westland Aircraft (now British Hovercraft Corporation) strain gauge
torque transducer is used to measure the torque in the rotating shaft. It
is axially mounted with two flexible couplings connecting it to both sides

of the drive shaft.

Torgue meter shaft speed and hence pump speed is controlled by the
Tasc magnetic coupling. A magnetic impulse pick-up is situated near a
wheel mounted on the drive shaft with 60 teeth machined on its periphery.
The pick-up sends its signals to a digital counter set to read cycles per

second, thus indicating revolutions per minute.

To monitor the £luid temperature at the location of the test pump, a
manually switched five-way temperature recorder with matched thermistor

probes and digital display is used.

Flow, torque, speed and temperature are displayed in digital form and
by choosing the right amount of gain the digital signal can be transformed
to any desired unit and read directly from the relevant display units.
Litres per minute, Nm, rpm, and °C are usually displayed during this research
programme. Since the torgue meter reading includes the parasitic torques
needed to overcome the frictional losses in the torque meter shaft bearing,
the actual input torque to the pump is less than that recorded on the

instrument by an amount determined from the test [28].

The safety system is described in some detail in ref. [28]. TIts' main

function is to shut-down the rig in case of emergency and hence minimise



8.

the amount of spillage or damage to the rig. It is actuated by a Lo-Hi
pressure switch sensing the fluid pressure at pump discharge. Too high
pressure as a result of pump overspeed or malfunctioning air regulator,
or too low system pressure as a result of damage to the inlet line (or

glass) will activate the pressure switch, and rig shut-down will follow.

A photograph of the rig is presented in figure 2.3. In table 2.1 the

rig operation limits are listed.

2.2 Direct Monitoring of O, in the Ligquid

One of the main objectives of this research is to examine the effect
of the amount of dissolved air in the liquid on the cavitating flow
performance of the pump. To do so, an oxygen meter was used which monitors
the oxygen saturation level continuously during the test. This type of
instrument although may not give a perfect indication of the total air
content at the time of the test, but it has the advantage of being easy
to calibrate, operate and maintain. Dissolved gas level may also change
during the test and it is therefore desirable to obtain an indication of

these changes.

The introduction of the Oz—monitor into the test hydraulic system had

to take into account the following 2 main requirements.

1. Since the Oz—sensor cannot respond to sub-atmospheric pressures, the
location of this sensor had to be made at a point downstream the pump

discharge.

2. The maximum allowable temperature of the sensor is in the range of

v 45°C, which is far below that of the normal test temperature of 90-100°C.
Therefore, a special loop had to be installed which runs parallel to the
discharge pipe and provides sufficient flow for the operation of the sensor.
This loop was also provided with a cooler to reduce the liguid temperature

to the operating temperature of the sensor.



The Oz—monitor loop and details are shown on figure 2.4. A picture

of the front panel of the O,-monitor is presented on figure 2.5

2
The principle of operation of the oxygen monitor is based on the

ability of the sensor to respond to the partial pressure of dissolved

oxygen. An amplifier measures the magnitude of the sensor signal and thus

provides a direct readout on a pannel.

With the sensor placed in the process stream, a potential of 0.725
volt d.c. is applied across the gold cathode and silver anode. Oxygen in
the stream diffuses through a teflon membrane and is reduced at the cathode.
The reduction of oxygen results in a current flow proportional to the
partial pressure of oxygen in the sample. If an alkaline electrolite is
used in the electrochemical cell then the following reactions are considered

to happen [62];
At the Cathode:

- >
02 + 2H20 + 4e - 40H

At the Anocde:

4Bg + 4C1° >  4AgCl + 4de”

The solubility of 02 in the liquid is temperature dependent. For pure

water exposed to atmospheric air at 20°C, the O, solubility is 9.1 ppm.

2
This corresponds to Vv 25.3 ppm ailr in water for equilibrium condition. As
the temperature changes, the 02 concentration will change although the

partial pressure of O, may remain unchanged [62].

2
By using an amperometric sensor, the effect of temperature is to change
the diffusion rate through the membrane. A 3% error with a change of 1°C

must be considered [5]. To avoid such large errors, these instruments are
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normally fitted with temperature compensation devices which account for the
effect of changing temperatures. A temperature dependent resistance or
thermistor having a negative temperature coefficient is installed in the

circuit of the sensor, hence balancing out the signal to the amplifier.

For a reliable temperature compensation, the partial pressure of oxygen
does not change with temperature, although the concentration does vary.
However, most temperature compensations are not completely reliable due to
changes in membrane permability and temperature. Also at temperatures
above 20°C the vapour pressure of the liquid becomes more important and
will influence the partial pressure of the dissolved oxygen [5, 62]. There-
fore, for accurate measurements the automatic temperature compensation
should be not relied on, and calibration should be carried out at a temper-

ature close to that of the sample temperature [62].

Sensor details and electronic measuring circuitry are shown on figure

2.6.

2.3 Test Procedures

Small centrifugal pumps are usually designed according to the simple
one-dimensional methods and procedures [92]. If the performance of a model
pump is known, then the similarity rules can be applied to estimate the
performance of the production type with a reasonable accuracy. If a model
pump is not available, then the first thing the pump manufacturer wants to
know is to find out the non-cavitating performance relating the flow rate
to the developed head and input power. This is normally done with cold

water, which is the standard liquid.

Because one of the main purposes of this research is to look at the
pump performance when handling a mixture of liquids, all pumps included in
this research are tested both with inhibited water and Ethylene glycol water
mixtures, both for the non-cavitating and the cavitating performance. This
will allow us to study the effect of fluid properties on pump performance

and to try to assess the differences which are bound to occur.
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Non-cavitating performance tests are simple and straightforward. To
achieve high enough NPSE at pump inlet, the main reservoir can be
pressurised using the air bellows. The amount of pressurisation depends
largely upon the flow rate and the ligquid vapour pressure. Normally pump
inlet pressure is raised far above that required to suppress cavitation.
For the small pumps being tested here, pump inlet pressures of 0.4 -~ 0.5

bar (gauge) are normally applied, up to a temperature of ~ 90°C.

The discharge flow is controlled by valves 19 and 20 (figure 2.1) and
in testing for the effect of discharge split ratio (for dual discharge

pumps) , valves 14 and 15 are used simultaneously.

Cavitating flow performance tests are more complicated and require
more attention and effort. The tests start normally from the non-
cavitating conditions and proceed by gradually reducing the NPSE, keeping
both pump speed and ligquid temperature constant, until performance break-
down is reached. Two methods are usually applied, a) by keeping the flow
rate constant, and b) by keeping the system geometry (including valves

setting) constant.

Method (a) allows us to study the pump cavitation at the same pump
inlet velocity measure at the suction flange U@Jﬂ and hence scale effect
due to flow velocity is avoided. By using the cavitation number o
(= NPSE/%Vi;% as the cavitation parameter describing the tendency of the
pump cavitation, the head drop in the pump or the head rise ratio (w/wnc)
would indicate the cavitation state of the pump. A head loss of 1-5%
(w/wnc = 0.99-0.95) is normally specified for conventional pumps to compare
the suction ability or suction requirement of the pump for the same head
drop, if flow conditions and fluid properties are varied. The cavitation
gradient dy/do for a given pump speed and liquid temperature is likely to
depend on the test flow (Qcav)’ and has been shown to be largest at low
discharge flows [90]. For a given Qcav and pump speed, dy/dc is likely to
depend on temperature due to the thermal cooling and for water is likely to

be a maximum at ambient temperatures [155].
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To avoid further complexity, pump cavitating correlations are made

at the optimum (best efficiency point) flow (QcaV = Q ), thus minimizing

opt
other effects like inlet shock losses and pre—rotation? However, because
of the increasing importance of pump cavitating performance at partial

dishcarges, the present research includes several test runs at flows away
from the optimum point. With the present rig piping, a cavitating flow

as high as 1.2 Qopt can be achieved for all pumps tested.

Testing a pump at a constant Qcav and reduced NPSE is done by reducing
the reservoir pressure and at the same time by opening up the discharge
valves slightly (valves 19 or 20) to compensate for the reduced suction
capacity, until the head breakdown occurs. Liquid temperature must be kept
constant especially at high temperatures with increasing vapour pressure
gradient (dPV/dT). For liquid temperatures above 80°C, the temperature
variation is not to exceed * 0.2°C. To achieve this small tolerance, the
cooler and the reservoir heater are operated at the same time, with the

cooling water regulated as required (see figure 2.1 ).

Method (b) which describes the cavitating behaviour of the pump at
fixed geometry but varied NPSE represents a real life condition, whereby
the pressure level in the pump suction reduces, while the system is
unchanged. (For example, a cooling system with fully open thermostat) .
This will allow us to correlate the pump flow capacity (or flow coefficient
¢) to the suction capacity (or cavitation parameter o). Again here d¢/do

is a function of temperature for any given pump speed and geometry.

The constant geometry test method is simpler than the constant Qcav

method because it involves the reduction of the suction tank pressure only.

Geometry setting is normally done to give Qo at the non-cavitating

pt
condition.

Reading errors during the test can result either from instruments or
test inaccuracies. The average error margins for the most important test

parameters are listed below.
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Test Parameter Instrument Error Reading Error
Flow rate + 0.5% + 0.5 L/min
Pressure (Bourdon tube) * 0.1% + 0.005 bar
Speed  (Torque shaft) * 0.05% 3 rpm
Torque + 1.0% + 0.03 Nm
Temperature £ 0.5 - £ 1.5% + 0.2°C

The combined effects of these errors on the performance estimation of

the centrifugal pump is analysed in Appendix III.

The oxygen monitor has been described in the last section. Its use
and interpretation of the test results are discussed fully in Chapter 7.
However, it is worth noting here that its use has been limited to ambient

temperatures (v 20°C) for 2 reasons.

1. Because of the inaccuracy of the temperature compensation of this
device which is perhaps related to the ineffectiveness of its thermistor
due to long storage time. The liquid temperature was kept similar to the
calibration temperature which is normally done on ambient air of ~ 20°C

and v 750 mm Hg barometric pressure.

2. In order to cool down the loop flow of N 2 L/min from the standard
temperature of 90°C to the maximum allowable of the sensor of 45°C, 8 KW
cooling power is required. Compared to 6 XKW maximum heat input into the
system, this meant that a combined use of the cooler and the heater still
cannot provide a stable temperature of the test, bearing in mind that heat

dissipation from the system must be also accounted for.

Test temperature at the sensor was kept reasonably constant within

t 0.2°C. Including the instrument error, a combined error of the Oz-monitor

at 20°C is not expected to exceed * 3%,
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2.4 Test Pumps and Impellers

Three autcmotive type centrifugal pumps were available for the test.
They are termed H, J and K according to their sequence in the test
programme. Both pumps H and K have aluminium bodies whereas pump J has a
cast iron body. The impellers of pumps H and J are made of cast iron,
whereas that of pump K is made of pressed metal sheet. Pump J is the only
one which is provided with a simple volute. The other two discharge the
flow immediately into a square cavity for simplicity. In table 2.2 all

relevant specifications of the three pumps are listed.

Each of the 3 pumps was tested with different version of impellerxr
design in order to investigate the influence of impeller geometry on pump
performance (both cavitating and non-cavitating). To distinguish the

various impellers, the following impeller nomination is followed.

Pump type Number of Discharge angle
blades (B2°)
Example: J - 8 - 48

Pump H has been tested in the department before [57]. In addition to
the production type impeller H-6-90, the present researcher had the
opportunity to test 5 additional impeller gecmetries supplied by the same
pump user. In figure 2.7, a picture of the pump bedy together with the
standard impeller are shown. On figure 2.8 the detail and dimensions of

the various impellers are presented.

Pump J is by far the most important one of the three pumps tested.
Because of its larger size, the more reasonable inlet and outlet piping
layout, the more conventional impeller design and the presence of a proper
volute, made this pump more suitable for a thorough investigation in the

field of cavitation of this type of pump .
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This pump was originally supplied with 2 different versions of pump
casing designs (phase 1 and phase 2). These are virtually similar with
regard to inlet geometry and volute design. The only difference being the
discharge channels and ports, which have been modified to allow for higher
flow rate in the cooler branch (figure 2.9). Since phase 2 type body is
the one with the better hydraulic design, all tests included here are made
exclusively with this body type. The flow split ratio between the two
discharges of the pump is determined by the total resistance of each branch.
In the present pump installation with both valves 14 and 15 fully open, the
ratio of the flow in the cooler branch (through valve 14) to the total flow
rate through the pump is maintained at ~ 38% throughout the test. To avoid
the influence of the twin discharges flow distortion on the pump performance
estimation, the outlet pressure was recorded before the flow splits at the

discharge channel (see figure 3.3).

Two semi-open impellers of the same diameter and channel height but
of different blade design were supplied with phase 2 version of pump J.
Four more impellers were designed by the author and were also supplied later
on by the same pump manufacturer [29]. Furthermore, the productiocn type
semi-open impeller J-8-48 was modified to produce a 7th, closed version of
this impeller after the addition of a front shroud. This was done in order
to assess the difference in pump performance with regard to the type of

shrouding, both for the cavitating and non~-cavitating flow conditions.

In figure 2.10, the details and dimensions of all 7 impellers of pump
J are presented. 1In figure 2.11, a photograph is presented showing three
versions of the semi-open impellers of similar blade numbers for both pumps

H and J.

The third pump (K) is similar to pump H in that it has no proper volute.
Two versions of pump body were supplied for the test, both fitted with the

same standard impeller K-6-90 (std.).
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Unlike pump J, these two pump casing versions are significantly
different in that the inlet pipe design is changed to allow for a higher
through flow and developed head. The two versions are shown on figure 2.12
together with the discharge cavity, which has been manufactured to simulate

the actual engine cylinder block as nearly as possible.

The standard impeller of this pump is cut out of pressed metal sheet
(figure 2.12). This type of cheaply produced impeller proved to be highly
inefficient mainly because of the holes in the back shroud. To improve on
this, 2 additional improved versions of the same impeller were produced and
tested during the programme. The first K-6-90 (so) is obtained by simply
covering the back shroud by a thin plate, thus eliminating the influence
of the holes, and therefore becomes truly semi-open. The second version,
K~6-90 (cl) is obtained by adding a second shroud to the first modified

version, hence a closed type impeller is produced.

2.5 Test Data Processing

Use is made of the departmental mini computer (Cromemco), to process
all test results. Bascially all processing programmes consist of the

following main steps;

1. Input matrix: This, usually represents the test results in tabulated
form, either by inputting the results directly into the programme or better
by extracting them from a data file. Data files can be stored on tape or

on the main disc of the computer.

2. Test constants: Particular flow constants like pump speed, fluid
temperature, etc. are either inserted directly into the main programme or

extracted from the data file.

3. Fluid properties: Properties like vapour pressure, density, viscosity

etc., can be presented in eguation form or tabulated as a function of the
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temperature of the liquid or liquid mixture. The equation form is prefered
because small variations in temperature could be accounted for. Properties

data are usually contained in a sub-routine of the main programme.

4. Calculation: By using 1, 2 and 3 the required parameters can be

calculated using the available equations.

5. Output matrix: Calculated values like developed head, efficiency,
NPSE, etc., are presented in matrix form which allows easy read-out for

any test point.

6. Graph plotting: An X-Y Digi-Plot facility was available for use. A
special programme is required to feed the output matrix into the Digi-Plot

and hence the results can be plotted, using 2-dimensional co-ordinates.

In Appendix IV to VI , the main computer programmes used in this
research are presented in skeleton form. - Numerical examples are included to

clarify their use.
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Table 2.1 Rig operation ranges and limits

Test parameter Limits
Flow throughput capacity (lit/min) 0 - 400
Minimum liguid circulation time (sec) 30
Pressure rise across the pump (bar) C - 4
Liquid temperature (degrees Celcius) 20 -~ 120°
Pump revolutions per minute 500 - 6500
Main reservoir pressure (bar, abs) 0.3 - 3.0
Pump inlet pressure (bar, abs) 0.15 - 2.5
Electric motor power (KW) 6.0 max
Magnetic coupling output torgue (Nm) 0 - 14.8
Pump shaft torque (Nm) 0 - 5.0
Strain gauge torque transducer (Nm) 0 £ 20.0
25 mm flow meter linear range (lit/min) 27 - 270
38 mm flow meter linear range (lit/min) 57 - 570
Oxygen monitor flow rate (lit/min) 0.2 - 3.0
Oxygen monitor sensor pressure (bar, abs) 1.0 - 4.0
Oxygen monitor sensor temperature (deg. cent) 20 - 44-°
Table 2.2 Pump specifications
Pump design H J X
Pump type Radial, semi-open impeller
Impeller diameter (mm) 56.6 90.0 68.0
Impeller material cast iron cast iron Pressed steel
sheet
Pump body cast aluminium cast iron cast aluminium
Design maximum speed (rpm) 6500 5000 6500
Inlet type Side suction (flow past shaft)
Bearing and shaft Ball bearing cantilever shaft
Seal Mechanical face seal
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CHAPTER 3

NON CAVITATING PERFORMANCE: GENERATED HEAD

3.1 Theoretical and Actual Developed Head

The energy transfer across the centrifugal impeller is most
conveniently described by the ocne~dimensional momentum theory for the
mean stream line of the flow. If one assumes an infinite number of
blades with a finite passage width which allows for a perfect guidance
of the flow without any deviations, then from the inlet and outlet velocity
triangles of figure 3.1, the theoretical (Euler) energy transfer per unit

mass can be expressed by the equation:
g H = U, C - U, C (3.1)

The Euler head is of theoretical value only. Its significance lies
in the comparison of this head to the actual developed head of the machine.
Well designed, large centrifugal pumps are expected to give a high H/He
ratio, as compared to the poorly designed, small size pumps used for

coolant circulation.

Mass produced, low cost centrifugal pumps used for the automotive

industry have several features in common which can be summarized as

follows:
1. Cramped inlet pipe layout to save space.
2. Poorly designed semi-open impellers (mostly radial) of inadequate

blade number and length, to reduce cost.
3. The replacement of the volute (in most cases) by a square cavity

for simplicity and low cost.

IS

High manufacturing tolerances to cut down on assembly costs.

All these factors are likely to promote high losses with respect to

the generated head. Earlier tests on several automotive centrifugal
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pumps [42, 57] have shown that H/He ratios of all tested pumps are far
below those expected from similar size, conventionally designed

centrifugal pumps.

To demonstrate this, 2 pumps of different designs tested during this
programme are compared on figure 3.2*%. Pump J has a simple volute, a
reasonably well designed closed impeller of backward curved blades and a
more acceptable inlet and outlet piping layout (figure 2.9). Pump K
on the other hand, has no volute at all but rather an irregular square
cavity of impeller discharge, a closed impeller of poor design, and
inconveniently laid inlet pipe and flow chamber (figure 2.12). The
theoretical head coefficient we is estimated according to equation (I.4)

in Appendix I.

The results of figure 3.2 indicate clearly that pump J of the better
design, produces an W/we ratio almost twice that of the poorly designed
pump K, as a result of the enormous hydraulic losses associated with the

latter pump.

To analyse the results of figure 3.2 in some more detail, the reaction
effect and the slip factor outlined in Appendix I are to be estimated for

both pumps J and K.

The term (C22 - Clz)/z of the Euler equation (I.5) represents the
dynamic part of the energy transfer, and theoretically it can be converted
into static pressure rise energy in the volute or diffuser of the pump [41].
Therefore good pump design requires this term not to be excessively high.

If however, C2 is kept high as it is the case with pump K, then the absence

of the volute could only mean a high degree of energy wastage.

The standard test liguid in this research programme is 50/50 EG/W at
90°C. Since this mixture at this temperature has a viscosity nearly
similar to that of cold water, developed head is likely to be also
similar to that of cold water. In fact hot 50/50 EG/W mixtures produces
slightly higher head than cold water for similar flowrate and pump speed
(See also next chapter).
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As mentioned earlier, the theoretical energy transformation assumes
an infinite number of blades with perfect guidance of the flow and without
any deviations. In reality, this cannot be achieved since a finite number
of blades has to be used, which makes the guidance of the flow more difficult,

and is expected to deteriorate with decreased number of blades.

Assuming a loss-free constant total energy transfer, the presence of
a finite number will result in a higher discharge relative velocity at the
suction side of the blade and a lower one at the pressure side, hence
creating a velocity gradient in the passage with the result of a flow
deflection allowing the average relative velocity to leave at an angle
smaller than the geometrical angle 62. The result of this is a reduction
in the absolute exit velocity and thus the whirl component of this absolute
velocity is reduced by an amount equal to AC,, (figure 3.1¢), a phenomenon
known as the head slip . Noorbachsh [112], in a recent work analysed the

head slip as a function of several variables, such as

ACu2 = £ (2, 62, rl/rz, bz/bl’ ¢, Re, v) (3.2)

This author concluded that slip is theoretically predictable near the
optimum flow condition, but at flows away from that point, deviation from
the real slip value is significant especially at low flows, where a reverse
flow at impeller exit sets in, inducing pre-rotation at impeller inlet.
Since Noorbachsh results implicitly consider time-average velocity, flows
away from the BEP are likely to be highly unsteady. 1In fact his results

show that ACu2 takes a minimum value near the BED.

Using a laser double focus velocimeter, Eckandt [190] was able to
show that the potential, one dimensional energy transfer theory is only
partially applicable for the centrifugal impeller at the BEP because of
the flow separation followed by a wake growth at the suction side of the
flow channel. At flows away from the BEP these secondary effects are

likely to increase.
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From his own experience, and from many other results by several
authors, Wiesner [181] modified equation (I.l4) of Appendix I to suit
most results and it was found to agree well with Busemann's ([26] approach,
hence he suggested the following expression for the slip factor;

sin 82 rl/r2 - £ 5

g!' = 1 - —;5T7~ [1 - (*"Efj*z—"ﬁ ] (3.3)

The limit £ divides the region of constant and variable slip factor’

and is given by the equation;

g = L L (3.4)

For rl/r2 £ 0.5 the £ limit approaches the value of rl/r2 and the
bracket in eqguation (3.3) is reduced to unity, and the slip factor is
constant for given values of Z and 82. For higher values of rl/r2 it is

likkly to have changing slip factors.

More recent test results [82, 120, 174], showed a fairly good

agreement with Wiesner's modified slip factor.

Applying the slip factor to modify the theoretical head for a finite
number of blades, the theoretical (input) head Hi is obtained from the
following equation [120];

2
H = g UZ U2 cm2

i g - g tan 82

(3.5)

The reaction effect of equation (I.7) of Appendix I, can also be

modified with respect to the input head as follows;
T, = 1 -4y, ‘ (3.6)

Using equation (3.5) and applying the slip factor according to

Wiesner (equation 3.3), the input head coefficient wi for both pumps J
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and K was plotted on figure 3.2 against flow coefficient. Furthermore,
assuming that the dynamic energy part of the generated head of pump K is
nearly all dissipated because of the absence of the volute, the reaction
effect Ti was estimated according to equation (3.6) and the product

Tkwi was also plotted on figure 3.2 for pump XK.

Examination of figure 3.2 reveals that the exceptionally low ¢/¢e of

pump X can be related to the following 2 main reasons;

1. The head slip at the BEP (Section AB) is far larger for pump K than
pump J. This can be attributed to the poor design of pump K's

impeller with only 6, short, radial blades.

2. The hydraulic head losses at the BEP (Section BC) is significantly
larger for pump K. Whereas these losses are more or less frictional
for pump J (in the impeller and volute channels), two types of losses
can be distinguished for pump K. The first is friction (Section EC)
and the second is due to the wastage of the dynamic energy part of the

input head (Section BE).

Therefore it should be obvious that for the small size, commercially
produced, low cost, centrifugal pumps, most of the head energy is wasted
to overcome the various internal hydraulic losses. 1In addition to that,
the design and layout of the inlet pipe plays a crucial role in reducing

the developed head, as we shall see in Chapter 5.

3.2 The Influence of the Type of Shroud and the Tip Clearance

To avoid high manufacturing. and installation costs, most modern
commercially produced pumps for coolant circulation are fitted with semi-
open impellers of relatively simple geometrical design. The presence of
an axial clearance between the blade tip and the pump body, would mean an
increased internal leakage from the high pressure to the low pressure side
of the blade, which is inevitably proportiocnal to the size of this
clearance and the Re number across the gap [111]. This leakage produces

some lift and drag upon the blade with the result of reduced blade loading
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and total energy rise through the impeller.

Myles [109, 110] noted that the energy loss across the mixed flow
blade is a function of the cord length %, the tip clearance Ax, the blade
tip lift CL and the relative velocity W, in the form;

3
E =-£éz p Ax & W3 CL /2 (3.7)

A more useful method is to compare the head coefficient of the semi-
open impeller to that of a zero tip clearance condition. Myles [110] puts

it in the general form;

Y o= wo - Awd - AwL (3.8)
wo denotes the head coefficient at zero clearance, Awd the head losses

due to the drag and AwL that due to tip lift. Pfleiderer [126] simplifies

the same idea by introducing a head drop proportional to the tip clearance/

channel depth ratio (}\);

AH = B XAH (3.9)
o
Whereby B is a proportionality factor and HO is the developed head

at zero tip clearance.

All 3 pumps available for this research were fitted with semi~open
impellers with relatively large tip clearance. To reach a comprehensive
understanding of the variocus factors influencing both non-cavitating and
cavitating behaviour of the small size pumps, one impeller of each pump
(J and K) was fitted with a second shroud to become a closed impeller and
tested at the same speed. The results of these tests are shown on figure
3.3 for pump J and on figure 3.4 for pump K and the design values at BEP
are listed in Table 3.1. If the assumption is made that the developed head
at zero tip clearance is nearly equal to the head developed by the closed
impeller (normally semi-open impellers of zero clearance are expected to
perform better than the closed impeller [106]), then equation (3.9) can be
applied with the result of the proportionality factor 8 taking the value of
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"~ 1.8 for pump J and 0.3 for pump K at the shut-off point. These values
of B are not in agreement with those suggested by Pfleiderer [126] (B =
1) and Ritchi [143] (B8 = 0.9).

Variation in the tip clearance of pump J gave a proportional decrease
in the generated head and efficiency, to Ax (and A). On figure 3.5, the
performances of the closed and the semi-open impeller with 3 different Ax
are shown. On figure 3.6a the proportionality factor 8 of equation (3.9)

takes the average value of ~ 1.3 at zero flow.

At the optimum flow rate, a relationship of B8 to the optimum head is

to be established from the following empirical equation [106];

Hopt = (1 - BX) H (3.10)

and by the combination of both equations (3.9) and (3.10) we obtain;

AH = BA /(1 - BA) H oot (3.11)

The change in the developed head AH must mean a similar change in the
input head to the impeller, an assumption confirmed from actual tests [184]
and from passage velocity measurements [70]. The corrected input heads for
the various clearances of pump J are plotted on figure 3.6b by using the
relationship of equation (3.11). A good agreement between the theoretical
and actual head losses exists at the higher values of Ax, but to a less
extent for Ax < 1 mm. Hence it can be said for this pump that the presence
of the clearance is more important than its size with respect to generated

head, for the range of Ax tested.

Tests performed on pump K with the standard (perforated) impeller
showed a similar tendency (figure 3.7) with the effect of the clearance
on the developed head greatly reduced at clearances above 1 mm, although
the efficiency is slightly reduced. It should be noted here, however,
that the tip clearance of this pump is not constant over the whole length

of the blade, thus complicating the picture further.
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For the same pump (K) also, the comparison between the closed and
the semi-open impeller (with holes covered) seems to indicate, that the
-effect of the tip clearance is to reduce the dynamic losses due to reduced
input head (figure 3.8), other losses on the other hand are only marginally

effected.

3.3 The Influence of the Impeller Geometry

One way to improve the relatively poor performance of small, commercial
centrifugal pumps is by improving the design of the impeller such as blade
curvature and blade number. For this reason, several impeller geometries
were included in the test programme for both pumps H and J, the dimensions
of which are listed on %@p;?g/kj - Typical photographs of pump J's and pump

H's impellers are shown on figure (2.11).

On figure 3.9 the test results for pump J with 6 semi-open impellers
of different designs, but with the same pump body and volute, are shown in
non-dimensional form. To gain a better understanding of these results, the
performances of pump J were plotted in dimensional form on figure 3.10 for
8-bladed impellers and on figure 3.1l for the 6-bladed impellers. On
figure 3.12, the test results for 3 impellers of pump H of the same number

of blades are plotted in dimensional form.

From these figures it should be obvious that the change in the impeller
geometry produces only insignificant improvement in both generated head and
overall efficiency of pump H. The main reason behind this lies in the
exceptionally high dynamic losses associated with the absence of the volute
which makes any improvement in the impeller gecometry rather ineffective.
This is not the case for the volute type pump J, where the impeller geometry
seems to produce significant performance changes. This is more clearly seen
on-figure 3.13, where the pump performances at the BEP are plotted against
the discharge angle 82. On this figure, the general trend seems to indicate
an increase in both QO

and HO with increased 82. The influence of the

pt pt
number of blades, Z, however, is less obvious on this figure.



27.

In designing the centrifugal impeller, the optimum number of blades

takes the experimental value ({124, 126, 181]:

) (3.12)

K = 5.65 for cast iron impellers [126] (surface finish
dependent)

This suggests that the pump performance is related to the impeller
solidity in a higher degree than simply to the discharge angle. Such a
correlation is attempted on figure 3.14 for pump J with 6 different impeller
geometries. The results seem to indicate a clear improvement in performance
with reduced impeller solidity due to a combination of adequate guidance to
the flow and reduced skin friction losses. This improvement, however, seems
to reach a maximum at a certain low solidity, below which the pump performance

starts to deteriorate, mainly due to greatly reduced guidance to the flow.

The concept of the solidity seems to provide the explanation for the
higher generated head produced by the 6-bladed J-6-50 impeller compared to
impeller J-8-48 of nearly similar 82 but of higher number of blades. Reducing
the inlet angle Bl of impeller J-6-50 helps to increase the blade length
considerably, which in turn more than compensates for the reduction of the
number of blades. This however does not mean a similar improvement in

efficiency, largely due to increased skin friction.

In table 3.1 all the relevant theoretical and actual performance
figures at the Qopt are listed for all impellers tested in the programme.
Of particular interest is the ratio of H/He‘ This ratioc seems to improve
with increased 82 and number of blades for any one pump. Otherwise it is

significantly larger for the volute type pump J.

For the semi-open, radial impeller of pump H, the effect of increasing
the number of blades from 6 to 8 does not produce a significant improvement
compared to that obtained for the theoretical (Euler) head. On figure 3.15,

an increase of 17% in He results in less than 10% improvement in the actual
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head. The obvious reason behind this is the higher skin friction combined

with similar dynamic losses of the 6-bladed impeller.

3.4 Impeller to Volute Matching of Pump J

Pump J is fitted with a spiral casing of simple design (figure 2.9 ).
Six semi-open impellers of various designs but of the same outside diameter
and blade height, were tested in conjunction with the same casing. In this
section we shall try to use quasi-theoretical analysis to find the best

suited impeller of those tested to the same casing.

The impeller is regarded as a source of radial flow on which is super-
imposed a vortex so that emerging from its outlet there is a spiral flow
whose circumferential component Cu is related to the head while the radial
component Cm is related to the delivery. Therefore the angle of spiral
flow depends on the rate of discharge through the impeller [185]. Volutes
are designed in such a way as to accommodate and gquide the flow as smooth
as possible to avoid excessive disturbance to the flow streams. This is
normally done by matching the spiral flow angle at the operating point (or

at BEP) to that of the spiral casing.
The free vortex theory of the flow in the volute is given by [126];

C, ¥ = Const (3.13)
For the whirl component at impeller discharge, which after considering

the slip factor is Cu ', then Cu.r =C ! r, and from figure 3.16 the flow

2 u2
rate passing the area element dA at any cross section of the volute of depth

& 1s given by;
dg = da Cu =  adr ———— (3.14)

At the volute throat where the total flow rate passes, Q can be found

by integrating equation (3.14) between the limit r, and £,y + b, b being the

throat height;



29.

r, +b
2 dr b
_ 1 - ' il
Qo = ar, C 5 g - & ar, C 5 In (1 + 2) (3.15)

According to Worster [185], the volute characteristic at BEP is
defined by the ratio of the average throat velocity C3 to the circumfer-

ential velocity U2, or

. b
c ar2 Cu2 In (1 + ” )
3 Q B 2
T = (3.16)
2 35 ab U,

Replacing Cuz' by gHi/U2 in the above eqguation and solving for H

the following equation is obtained for the input head [185];

5 b
Q 2 ro (3.17)
H = % 5
9 1n (1 o+ 2y

If the input head of equation (3.17) is assumed to be fully transmitted
through the volute without significant disturbance and with full recovery
of the dynamic head of equation (I.5), then both the impeller input head
and volute input head meet together at BEP [185], or Hi = Hv

The input head of the impeller is found from equation (I.10), by the

application of a proper slip factor, o.

To extend the investigation further, two options for the estimation
of the slip factor are considered. The first is that due to Wisener
(equation 3.3), and the second is that due to Pfleiderer in equation (I.17)
of Appendix I. For volute type, radial pumps, the constants of equation
(I.18) are given the values a = 0.68 and b = 0.6 [126]; hence

0.68 + 0.6 sin 82

Cp = 5 (3.18)
Z{1 - (rl/rz) )

and for the input head;

H

e
di RSy (3.19)

It
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On figure 3.17, the head curve of the closed impeller of pump J
was plotted against flow rate. Using both equations (3.5) and (3.19),
the input head for the same pump was estimated and plotted on this figure.
The volute head line Hv is plotted according to equation (3.17). It crosses
the impeller input lines Hi at point A and B. The down projection of these
two points meets the head curve at C and D respectively. Point C is nearer
to the BEP at the speed of the pump in consideration which may indicate that
the slip factor is crucial in deciding upon the impeller to volute matching.
In this case it seems that Wiesner's slip factor (upper curve) produces too

high Hi thus pushing the BEP further to the right.

To look at this problem in more depth, three semi-open impellers of
the same number of blades but of different blade curvatures were investigated
on figure 3.18. The volute line Hv was plotted according to equation (3.17)
and the line joining the BEP points with the origin was drawn. The
projection of the BEP's on the volute line are B, D and F corresponding to
A, C and E. On figure 3.19 the head curves for the same BEP's and their
respective volute points are plotted against discharge angle 62. Alsoc on
the same figure the impeller input head values for the different impellers
at their BEP are plotted using both Wiesner's slip factor {equation 3.3)
and Pfleiderer's slip factor (equation 3.18), and joined together. The
resulting picture seems to indicate that at low discharge angle, the
difference between HV and Hi is significant indicating high losses, and
that is more pronounced if Wisener's slip factor is used for the input
head. At large 62 the difference between HV and Hi is much smaller and the

Pfleiderer's slip factor may be under-rated.

These results may indicate that the design of the same casing of pump
J is more suited for impellers of large dishcarge angle 82. Also, the
Wiesner slip factor is a more reliable source to be used for estimating Hi'
The excessively high Hi-~HV for lower 82 values is perhaps more generally
connected with high discharge losses in the volute, due to greater mis-

matching of the spiral angle.
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3.5 Concluding Remarks

Small, high speedf commercially produced centrifugal pumps are known
to perform poorly with respect to the generated head across the impeller
{42, 57]. Size effect, large head slip and excessively high internal
losses are among the reasons behind this behaviour, not to mention the
high dynamic losses associated with the absence of the proper volute in

most cases.

The present research, among other things looked into several factors
influencing the generated head of these small pumps. These included the
type of discharge cavity, the type of shroud and the size of the tip
clearance, and the impeller geometry (inlet conditions to be dealt with
in a later chapter). Test results were numerous and the following

conclusions can be drawn:

1. The effect of the nature of the discharge cavity has been demonstrated

by comparing a volute type pump J, with pump K, which has no volute

but rather a square cavity. The ratio of the actual to the theoretical

Euler head H/He for pump J has been shown to be nearly twice that of
pump K. Beside the low slip factor of pump K, the main reason behind
the high head losses was found to be due to the poor recovery of the

dynamic part of the generated head, in the discharge cavity of this

pump.
2. The influence of the type of shroud was found to be especially
proncunced with the two pump versions tested (pump J and K). The

presence of the tip clearance for the semi-open impeller helps to
reduce the developed head, in proportion to the tip clearance/channel

depth ratio )A. However, test results on pump - J showed that the

proportionality does not hold well over the range of clearances tested

and it may reach a value as high as 2.3 at very small clearances.

Compared to a suggested ratio of 0.9 [143], the results indicate a

highly sensitive operation of the small siZe pumps to the introduction

of the tip clearance.

*
Nominal operating speeds 4000-7000 rpm.
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The effect of the discharge angle 82 on the mass and energy transfer
is quite significant for the volute type pump J. For the 8~bladed

impellers, a change of 62 from 25° to 70° gave an increase in Qopt
of v 24%, and in Hopt of v 20%. For the volute-less pump H, on the
other hand, an increase in 82 from 40° to 90° gave an increase of

ot High hydraulic losses of the
poorly designed pump H, seem to render changes in the impeller

only v 10% in Qopt and v 12% in HO

gecmetry less effective.

Developed head increases by increasing 82 for the same number of
blades as one would expect from the Euler equation. Increasing the
number of blades for nearly the same 82 did not necessarily mean an
increased developed head. This is evident from tests on 2 impellers
of pump J, where the 6~bladed impeller J-6-50 produces higher head
than the 8-bladed impeller J-8-48. The reason behind this is simply
smaller inlet angle Bl of impeller J-6-50, which increases the length
of the blade with the result of improved blade loading. Using the
solidity concept which takes the length and the number of blades into
account, seems to give a better correlation between geometry and

performance.

The matching of different impellers to the same pump casing of pump
J seems to suggest that impellers of high 82 bring the volute
characteristics Hv nearer to the input head Hi of the impeller at
the BEP, which means an optimization of performance for the matching
impeller. Using Wiesner's slip factor to obtain Hi seems more
appropriate at high 82. The slip factor according to Pfleiderer on
the other hand, seems to give better results at low values of 82 but

is too low at high 62 and hence is not appropriate to use.



TABLE 3.1

FIGURES 3.1 to 3.19
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CHAPTER 4

PUMP LOSSES AND SCALE EFFECTS

4.1 Efficiencies and the Various Losses

The overall efficiency of the centrifugal pump is the ratio of the

net hydraulic power gain P to the total shaft input power PS, and is

known to be a function of zig type and size of the machine [61, 156].
Pumps of high specific speed ns and delivering large quantities of liquid,
usually have high efficiencies. Small radial pumps of low ns and
delivering only small amounts of liguid, on the other hand, are expected
to have considerably lower overall efficiency because of the larger wetted
area to mass flow ratio, which is associated with high hydraulic and disc

friction losses.

Pump J with a simple volute and a closed (double shrouded) impeller
of reasonable design produces an overall efficiency of ~ 50% (figure 3.3).
Considering the unfavourable suction condition (side suction with the flow
passing over the shaft seal) and the absence of the wearing rings, this
efficiency is close to the expected value from the more conventionally

designed straight inlet centrifugal pump in this range (Vv 60%).

Pump K with a closed impeller, on the other hand, barely produces an
overall efficiency of 20% (figure 3.4), which gives an indication of the
amount of losses associated with many of the mass produced small
centrifugal pumps. Insufficient, short, radial impeller blades, large
clearance inside the pump and relatively oversized mechanical seals are
some of the factors contributing to the bad performance of these pumps,
but more significantly is the poor design of both inlet and outlet flow
channels which help to dissipate a great part of the generated head thus

making life more difficult for the hydraulic performance of these pumps.
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Ignoring the change in the velocity energy between pump inlet and

outlet, the hydraulic power P is given by the total energy gain of

the mass flow rate through thzygump (pgQH) . The difference between this
hydraulic power and the input shaft power PS is wasted to overcome the
different types of losses involved in the hydrodynamic machines, and it
is relatively a minimum at the point of best efficiency of the machine

(BEP) .

In general there are four major types of losses at a given flow rate
(see figure 4.1) and these are: a) external (mechanical) losses Pm

which include frictional losses in the bearing and seals P. , and

frictional losses in the disc of the impeller (Pd); b) vo?imetric losses
Pv due to the leakage of high pressure liquid through gaps and clearances
to the low pressure region of the pump; c¢) hydraulic losses of the flow
Ph which are mainly frictional but also are due to changes of flow
direction inside the pump, and finally d) recirculation losses Prec due
to the reverse flow setting in at exit which induces pre-rotation and

recirculatory flow inside the flow channels, and is most pronounced at

low flows.

At the optimum flow rate, the recirculatory flow losses are normally
ignored for being negligible [117], and hence the overall efficiency of

the pump can be expressed in this form;

n = n n Ny (4.1)

Hydraulic losses are perhaps the most difficult ones to estimate and
it is customary to assume that the total hydraulic head loss is equivalent
to the difference between the input head and the actual developed head
(Hh = Hi - H). If the volute design is such as to allow for full recovery
of the dynamic energy of equatiocn (I.5), then at the optimum point with
little separation loss, the hydraulic head loss is merely frictional. If
however such a recovery is not complete then part of the hydraulic losses

are dynamic. If the volute is replaced by a square cavity for economical

reasons, then some small pressure recovery is still possible. However, if
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this small regain is ignored, then the maximum dynamic head wasted could

be obtained by using equation (3.6 ) or;

den = Hi (L - Ti) (4.2)

Paint spot check tests [42] have shown that for a pump with a square
cavity replacing the volute, a strong closed recirculatory pattern of the
flow could be traced behind the back shroud of the impeller near the
housing well. This can be attributed to the energy dissipation of den
(or some great part of it) which is understandably converted into uselsss

flow recirculation, and is therefore a hydraulic power loss.

Volumetric losses are determined by the amount of leakage QL across
the gaps. Because the leakage flow is coming from the highest pressure
to the lowest pressure in the system, the power lost is given by PV =
ngiQL [156]. The estimation of the leakage flow QL for the closed
impeller is based on the modified Bernelli equation across the gap and

can be represented in the following form [126, 156];

Q = C4a Y2gH (4.3)

The head change across the gap HL can be estimated using Stepanoff's

empirical formula [156];
u 2 _ u 2
1

H = 0.75 ( 2

I 25 ) (4.4)

Test results by Varley [174] show good agreement with equation (4.4).
However, a more detailed method was proposed by Pfleiderer [126]; taking
into consideration the fluid rotational velocity of the vortex between

the impeller disc and casing (w.);

d

2 72 1

4 5 ) (4.5)

1
HL = E(T.LQH -~ W

Wy is less than the rotational velocity at r

clearance it could reach half of it.

5 and for very small disc
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The constant Cd in equation (4.3) is a discharge coefficient of the
gap, and according to Stepanoff [156], for an annular gap, it takes the

form;

. = (4.6)

L is the length of the gap, and s is the gap thickness. f is a
frictional factor, which is a function of both the linear Re number
through the gap and the rotational Rem of the liquid upstream the gap
[126]. Well designed neck rings can have C_ value as small as 0.35

d
{156, 1741.

For the semi-open impeller, the determination of QL is more complex
because the rate of flow across the blade tip clearance is expected to
be non-uniform with respect to radius. Equation (3.7) expresses the
general form of energy loss due to the presence of the tip clearance for
one blade. For practical purposes however, a simplified relationship
like that expressed in equation (3.9) for the head reduction, the leakage

flow can be also related to zero clearance flow rate [126];

Q = aiQ (4.7)

The proportionality factor a can be found from experiments and is

normally smaller than B of equation (3.9) [106, 126, 143].

Mechanical losses in the bearing and seals contribute only to a
small percentage of the input power (1 - 2%) in large pumps [156]. Losses
in the stuffing box were found to be nearly a square law function of pump
speed (T ~ w2), and in the bearing it takes the form (T wn), with n
between zero and one [109, 156]. Losses in the mechanical seal are a
combination of friction and the effect due to the drag action of the

fast rotating seal in the sealed medium [96]. Considering the frictional
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*
resistance only , the power losses in the seal can be presented in the

form;

- , 4,
Pseal rm ¥x Axf£xpxow (4.8)

x is the mean radius, and A is the effective area of the sealing
surface. p is the contact pressure at the sealing face and f is a
friction factor depending on the shear stress produced by the hydro-
dynamic action of the sliding surfaces, and is therefore viscosity
dependent. The friction factor is also a function of the hydrodynamic

pressure and decreases with increased contact pressure [96].

Disc friction losses are produced by the vortex created in the space
between the rotating pump shroud and stationary casing wall. The general
equation defining the power losses to overcome these losses is given by

[126, 156];

P. = X 2nC{r V> rdr = Ku'D (4.9)

K is a factor depending on the clearance to diameter (e/dz) ratio,
on the rotational Reynolds number Rew and on surface roughness. Pfleiderer

[126], modified equation (4.9) to accommodate these factors:

P = K. p Ué d2 (d2 + 5e) (4.190)

In this equation K, is a function of the rotational Reynolds number

1
and surface roughness only. For closed impellers with a smooth machined

surface for the disc, equation (4.10) takes the form [126];

6 1/6 d. + Se
. -4 10 3.2 D
Pd z 7.3 x 10 (Rew) o) U2 d2 ( d2 )

(4.11)

Most mechanical seals are situated in the flow channel of the pump and
therefore prevent leakage of the liquid to the ocutside. 1In the case of
the fast moving automotive pumps with pump speeds reaching 7000 rpm or
more, the fluid drag on the seals is likely to be of some significance.
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Stepanoff [156] plotted the constant K of equation (4.9) against
Rew and e/d2 ratios, using the relationships of equation (4.10) and
(4.11). This plot showed that disc friction contributes toc a large
portion of the input power for large (e/dz) ratios, low n and low Rew

values.

Deducing the mechanical power loss Pm from the shaft power PS will
yield the input (internal) power Pi {(figure 4.1). If no recirculation
in the impeller channel is assumed in theory (at BEP), the input power Pi
will be consumed by raising the total mount of input mass flow in to the
total input energy level gHi, or Pi = in X g Hi' Consider the mechanical
efficiency as Pi/Ps' the volumetric efficiency as Q/Qi and the hydraulic

efficiency by H/Hi’ then equation (4.1) will reduce to;

P,

= 2,0 B _ pgQH
n = S X 0. X o 5 (4.12)
s i i S

The above equation is only valid if Pi = ngiQi' Tests performed
by Varley {[174] showed that at BEP, the calculated values of Pi = PS - Pm
agree with the hydraulic input power using input head estimation according
to Busemann [26], [slip factor equivalent to that of eguation (3.3)1, only
at small discharge angles 82 and moderate number of blades (4.6) and is
normally higher than that in most other cases. Osterwalder [117] using
a conventional straight inlet centrifugal pump, showed that the excess of
Pi over the theoretical hydraulic value is wasted in useless circulatory

flows inside the flow channel, and is only significant at low flows.

4.2 Loss Analysis and the Effect of the Tip Clearance

On figure 4.1 the power flow in the centrifugal pump is shown
schematically. The mechanical losses in the bearing and seal were
determined experimentally for pump J with the impeller removed and by
allowing some form of circulation [29]. The results were plotted on
figure 4.2 as a function of the pump speed. Making use of equation (4.8)
and by using a similar frictional factor, the power losses for pumps H

and K are roughly estimated and plotted on the same figure.



40.

The disc friction losses for all pumps tested were estimated using
equation (4.11) for the closed impeller with two shrouds whereby the gap
dimension e taking an average value between the two shrouds. For the
semi-open impeller, because of the presence of one shroud only the disc

friction power losses is only half that mentioned in equation (4.11).

Volumetric losses are more difficult to estimate for the small size
pumps dealt with here. For the closed impeller, the determination of

the discharge coefficient C _ of equation (4.2) is uncertain, because of

the absence of any wearing Sings. Both pumps J and K were fitted with a
closely fitted second shroud, and therefore the assumption was made to

treat this close clearance as a cylindrical gap with the length 1, = (r2 -
rl) and a clearance s of 0.25 mm. Hence equation (4.3) could be used in

conjunction with equations (4.4) and (4.6) with reasonable accuracy.

The volumetric losses for the various semi-open impellers were
estimated according to equation (4.7). To obtain an expression for the
zero clearance flow Qo, a similar approach to that of Ho of equation

(3.9) 1is applied [106];

QOpt = (L - ad) QO (4.13)

and by combining with equation (4.7);

QL = (aA/(1 - alX)) Qopt (4.14)

The proportionality factor o is less than 8 of equation (3.9). Some
authors [126, 143] suggested that o = 0.5 - 0.75 8. From our experiments,
8 was found to take the average value of 1.3 for pump J and hence an
average value of a = 1 seemed to give reasonable agreement with the test

results.

The hydraulic losses contribute to most of the losses at the BEP.

The head losses due to the hydraulic action of the flow, which is mostly
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frictional at the BEP, is defined by the difference between the input
head of the impeller Hi’ and the actual developed head H. The determin-
ation of Hi from the theoretical Euler head He is limited to the
determination of the slip factor. In the last chapter it was shown for
pump J that the Wiesner slip factor according to equation (3.3) is more
appropriate to use over a wide range of impeller designs. The Pfleiderer
slip factor according to equation (3.18) was found to give higher slip

and is used for comparison in this chapter.

Head slip of the semi-open impellers is lower than that of the closed
impellers of similar design. A correction factor to the head slip equivalent

to that mentioned in egquation (3.11) is applied.

Losses were analysed according to the above mentioned approaches for
various pumps and impellers tested in the programme. On figures 4.3 and
4.4, the power breakdown for the closed impellers of pumps J and K are
shown respectively. Wiesner's slip factor was used in both cages to
estimate the input head Hi' The predicted total power consumption IP for
pump J seems to approach the actual shaft power PS near the BEP. This
indicates a good agreement between the theoretical approach and the actual
power consumption for this particular pump. The difference Ps ~ LP is

obviously wasted in the recirculatory flow.

As for the radial impeller of pump K, the same prediction indicates
a significant difference between IP and PS, which suggests a much higher
rate of recirculatory flows for this particular pump. Also of significance
for this impeller the exceptional high hydraulic losses due to the absence
of the volute, and the high mechanical losses in the mechanical seal which
consumes nearly 12% of the total input shaft power at the test speed.

(This is related to an over-sized seal used for this pump) .

The effect of the shroud type and tip clearance is shown on figure
4.5 for pump J. The presence of one shroud only reduces the disc friction
and therefore the mechanical efficiency of the closed impeller is lower

on this figure. On the other hand, the hydraulic efficiency is better with



42.

the closed impeller. This is perhaps due to the shear forces associated
with the leakage flow across the blade tip. Howard [70] found from
velocity measurements on a semi-open impeller, that the flow entering
the passage through the tip clearance strongly influences the secondary
flow pattern, with the result of increased head slip. The volumetric
efficiency is expected to be better for the closed impeller. This is
only true if compared to the semi-open impeller of large tip clearance
on figure 4.5. Small tip clearance seems to give better volumetric
efficiency. This is mainly because of the absence of the neck rings of

the closed impeller of pump J.

On figure 4.6 the various efficiencies of figure 4.5 were plotted
for the BEP as function of the tip clearance ratio A. The overall

efficiency n seems to take a linear function of A, or
An = ykno (4.15)

with vy 2 1.3 from the figure. This means that vy & B of equation (3.9)

which is normally assumed to be true in the literature {106, 126, 143].

Results obtained with two modified impellers of pump K (figure 4.7)
seems to give similar effect of the shroud to those obtained with pump J.
The exceptional low hydraulic efficiency of this pump (for both impeller
types) is greatly attributed to the dynamic head losses of equation (4.2)
as a result of poor recovery of this head in the discharge cavity of this
pump. These hydraulic losses appear in a recirculatory flow pattern
behind the back shroud. Poor impeller design of pump K is another factor

contributing to low Ny -

4.3 Real and Predicted Input (Internal) Power

The input (internal) power Pi is the total input power at impeller
entrance, and from figure 4.1, is equal to PS - Pn' This input power is

necessary to raise the head energy of the total input mass flow (in) by
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an amount egual to the input energy of the impeller (gHi). If Qi and
Hi are estimated with reascnable accuracy and with negligible recircu-
latory flow inside the impeller channel, then Pi will be equal to ngiHi'
If however, Pi is found to be appreciably higher than ngiHi then this

power defficiency is lost in the recirculatory flow, or;

Prec = Pi - ngiHi (4.16)

Well designed pumps using small discharge angle (Vv 20°) have been
shown to allow good prediction of input power at the BEP, with no
recirculatory flow losses present [117]. Test results by Varley [174]
showed however, that the impeller gecmetry influences the accuracy of
prediction with impellers of high 82 giving lower predicted values at the
BEP, which may suggest that impellers of lower guidance to the flow
(higher 62 or low number of blades) do produce some circulatory flows

inside the impeller channel, even at the BEP.

To obtain a clear picture of the effect of impeller geometry on the
predicted input power at the BEP, the actual input power, Pi' of 6 semi-
open impellers of pump H were plotted on figure 4.8 against the discharge
angle 82. The predicted input power ngiHi was estimated using the
approach discussed previously, whereby both Wiesner's and Pfleiderer's
slip factors were considered. The estimated values were plotted on
figure 4.8. The resulting picture shows that for this particular pump,
the Pfleiderer slip factor gives lower predicted input power and is
perhaps safer to be applied. The discrepancy between the predicted and
the actual input power seems to diminish at low 82 values and is of
significance at higher discharge angles. Also for the same discharge
angle, the difference is much larger for impellers of lower number of
blades. It is to be mentioned here that for this particular pump, Prec
of figure 4.8 do not include recirculation in the discharge cavity created
by the uncontroled free vortex of the flow and which are considered to be
part of the hydraulic losses Ph'

These results suggest that the recirculatory flow is somehow related

to the solidity of the impeller. To demonstrate this the actual and
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predicted input powers at the BEP for 6 semi-open impellers of pump J
were plotted against the solidity on figure 4.9. The difference between
those two power values was assumed to be consumed as recirculation power
losses Prec' and was plotted against the solidity on the same figure.
The result seems to indicate clearly that the discrepancy between the
predicted and the actual input power increases with reduced solidity of

the impeller, and is negligible only for impellers of low 82.

4.4 Scale Effect Due to Changes in Pump Speed

In comparing the performance of hydraulic machines of the same

family but of different speed or size, non-dimensional groups have been

developed to provide the similarity laws governing the relationship within

the family. In general, it can be said that the power of any machine is

dependent on the following variables;

P = £(Q, H, D, p, U, K, €) (4.17)

By solving this equation by dimensional analysis using M for mass, L

for length and T for time, it will result in the following non-dimensional

relationship [407];

p H
5 = i oy s R &)
pw D wb w D pwh pw D
(4.18)
or simply;
A = f£{ ;  Re, Ma; ¢€/D) (4.19
D ¢pr \PP L / )

The Mach number Ma can be ignored for incompressible liquids and

therefore if ¢/D is kept constant, similarity can be achieved if Re number

is high in the turbulent region. This implies that for any particular A

there exist similar ¢p and wp for the whole range of pumps of the same
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family, and therefore if these coefficients are known for one particular
pump (model), the performances of other pumps of similar hydraulic design

can be easily predicted.

Similarity laws are based on the assumption that the pipe Reynolds
number Re and relative roughness ¢/D have no significant effect on the
general pump performances. In reality however, Re increases with size
and speed and for the same roughness ¢, ©/D decreases with size. These
in effect tend to push the flow higher in the turbulent region with a
decreasing friction factor. Hence an improvement of performance (higher
H and Q and lower Ps) is expected with increase in N and D. These are
termed scale effects, and are usually small for water, because Reynolds

number for water is usually very high [(40].

In figures 4.10 and 4.11 the non-dimensional flow paraﬁ%ers at
different pump speeds are shown for pump J and H respectively. Pump J
of relatively reasonable design seems to follow the similarity concept
only at speeds over 4000 rpm. Below that, significant scale effects in
Ap and wp appear which reduce the pump efficiency considerably. Pump H
of poorer hydraulic design shows some sign of similarity with respect to
Y at high speeds. However, the similarity with regard to Xp (and n) 1is

hardly obtainable even at speeds as high as 6000 rpm.

The reason behind these large scale effects are apparently very high
mechanical and hydraulic losses which can be in some sort Re dependent but
atdifferent rate [12, 111, 156]. Defining the scale-up losses by the

following;
§ = ~Seeedo = 1 - p (4.20)

then the Hutton formula [72] can be applied to obtain a first hand

approximation;

) (4.21)
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The terms ¢ and Gm refer to hydraulically smooth prototype and model
respectively. C is the portion of the losses which are considered to be
caused by skin friction effect and is therefore Re number dependent.

(L - C) is the portion caused by inertia or diffusion losses and these
are assumed to remain unchanged withih the family {111]. The value of C
is an experimental one in the range 0.5 - 1.0. For well designed, high
efficiency pumps, it takes the value of 0.7 - 0.76 [74, 117]. The

frictional factor £ is accepted to take the value of ~ 5 [74, 111].

Osterwalder [117, 118] analysed the scale-up losses in a more
simplified way by summing up all type of losses but excluding those in

the bearing and seals, or;

§' = éh + 5d + dv + Grec (4.22)

Nixon and Cairney [111l] neglected the indeterminate recirculating
losses part arec at the BEP and related all three remaining types of
losses as functions of the Reynolds number. Fay [45] assumes this

component loss to take the general form corresponding to equation (4.21);

Re -
éi = Ki + i ( Ra ) i (4.23)
i=1, , n

For the hydraulic losses 6h, fi takes the value 5 - 6 as before [118].
For the disc friction Ki is zero and fi varies between 5 and 6 [111, 126].
As for the volumetric losses SV, Nixon and Cairney [111l] found from their
own experience that contrary to the hydraulic and disc friction losses,
the volumetric losses increase with increased Re number, with fi ranging
between ~13 and -~19 for the closed impeller. Similar results were obtained

by Osterwalder [117].

Applications of equations (4.21) and (4.23) for the small centrifugal
pumps when operated at different speeds is of no practical use, because

they involved constants which are very difficult to estimate, if one bears
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in mind the additional shock and recirculation losses which are to be
considered. A further complication arises from the fairly rough surface
(v 10 W) of the cast iron impeller and casing of pumps H and J, which
necessitate a correction factor for these two equations [45], (see section

4.6).

A more appropriate way of thinking is to find the scale effect
associated with the various losses defined by equations (4.20) and (4.22).
If the minimum power coefficient at the higher speed and Re number is used
as a reference, then a scaling factor 5k for other pump speeds can be

obtained from the following expression;

Ap B Apmin
5}\ = -—————)\;—n—::;—-— (4.24)

In table 4.1, the scaling factor for pump H and K are estimated with
reference to the power coefficient at 6000 rpm. Three types of power
coefficients were used in this table. The first Ap corresponds to the
total input shaft power PS (and therefore to &8). The second Ap' corresponds
to the input power pi after deducing all mechanical losses including those
due to disc friction from Ps. The third kp" is that corresponding to the
predicted input power Qipi' On figure 4.12 the scale effects of table {.l

are plotted against pump speed.

The most striking thing to realise from this figure is the exceptionally
high scale effects based on the total losses in the pump as shown by the
upper curve. This is especially pronounced with the smaller diameter pump
H. Removing the mechanical scale effect (including the disc friction)
brings the scaling factor within reasonable limits for the closed impeller
pump K, which means that the mechanical losses are perhaps mainly responsible
for the large scale effects of this pump, and in the range of pump speeds
tested. Pump H, on the other hand, although giving less mechanical scale
effects because of the ommission of one shroud which helps to cut down on
the disc friction, it appears that still high scale effects are present

and to be reckoned with.
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Applying the predicted input power Qipi as the scaling power
(section 4.3) seems to remove all scale effects for both pumps in the
range of speeds tested with reasonable accuracy. Following the assumption
of equation (4.16), the scale effects appearing between the two lower
curves of figure 4.i2 are those due to the recirculatory flow losses.
These losses seem to be of much more significance with pump H and rather
less important with pump K. The explanation is found from figure 4.13,
where recirculation power losses were estimated at different speeds as a
percentage of the total shaft power for both pumps. Here it appears that
Srec is larger for pump K, but it remains relatively constant over the
whole pump speed range. For pump H on the other hand, arec increases
almost three~fold in going from a pump speed of 6000 to 4000 rpm, and

therefore a significant scale effect is produced.

From figures 4.12 and 4.13 it can be therefore concluded that for
the small size high speed centrifugal pumps, scale effect due to the
hydraulic losses 6h (including the dynamic losses in the discharge cavity),
and volumetric losses Gv are only minor in the pump speed range 3000 - 6000,
which is a reasonable assumption to make, because Rew number is quite high
(Rem = 0.5 x 106 to 1.0 x 106), and therefore the scale-up losses are
mainly those due to mechanical (including disc friction) and due to

recirculatory flow inside the pump channels, or;

6A = 6m + 6rec (4.25)

4.5 Liquid Viscosity Scale Effects

For the same pump diameter, changes in the Re number can be as a
result of changes in the flow velocity which is related to pump speed,

or due to changes in the viscosity of the circulated liquid.

The effect of pump speed on pump performance was discussed in the
previous section. Large scale effects were evident, which are partly

attributed to Re number dependent losses. Hence changes in the liquid
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viscosity are expected to yield similar scale effects, although of a

different nature.

Consider first the effect of the fluid viscosity on the performance
of pump K with both the closed and the semi~open impeller. On figure
4.14, the viscosity is reduced ~v 10 fold by increasing the liquid
temperature (in this case 50/50 EG/W) from 20° to 120°C. The test was
performed at the same flow velocity so that the Re number is viscosity

dependent only.

The general feature of the resultant curves (wp and n) seem to
indicate a decline in pump performance with increased viscosity, which
is in line with the general viscous effect theory [61, 110, 156]. On
the other hand, there seems to be a certain optimum viscosity below which
the pump performance shows some sign of decline (part AB on the efficiency
curves of figure 4.14). Some earlier results by Stepanoff [156] suggest
that a slight increase of liquid viscosity helps to suppress the re-
circulatory flow in the pump channel. An improved hydraulic friction
factor inside the turbulent flow region was also found to be responsible

[119].

If one pump (model) is operating with varying Re number due to changes
in viscosity, then the value of the constant C of equation (4.2/) is likely

to change according to the following relationship [45];

(1 - Cl) 51 = (1 - C2) 62 (4.26)

Results obtained by Stepanoff [156] for 9 pumps working on a wide
range of viscosities showed that C2 of the viscous liquid can reach a value
of 0.9 or more, compared to Cl = 0.75 for water. Applying similar value
of Cl to point B in figure 4.14, then for 2% drop in the overall efficiency

at point C, the value of C, becomes N 1% higher than that of C._.

2 1

Further examination of the viscosity effect was performed on pump J

with a closed and a semi-open impeller operated with water and 50/50 EG/W
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at different temperature. The results are shown on figure 4.15, whereby
the flow coefficient is kept constant near the BEP for each impeller, and

therefore the Re number is viscosity dependent only.

A similar trend can be established here to that observed with pump
K, although the increase in liquid viscosity produces less significant
performance drops. As a matter of fact, the head coefficient of the
closed impeller is improving throughout the viscosity range. This may

be attributed to the better hydraulic design of this pump.

From figure 4.15 it is also worth mentioning that since 50/50 EG/W
mixture at 90°C has similar viscosity to that of cold water (v 0.8 cP),
pump J's performance is likely to be similar for both conditions. 1In
fact test results showed that in almost all cases 50/50 EG/W at 90°C
produces higher H and n than cold water for the same flow rate and pump
speed; a phenomenon also found to be true by previous investigators [42,

57].

A better understanding of the viscous effect on pump J is, by
plotting the various scaling losses of equations (4.20) and (4.22) as a
function of the viscosity. This is done on figure 4.16 for the shrouded
impeller, and on figure 4.17 for the semi-open impeller. Test results are
also listed in table 4.2

As for the closed impeller, the hydraulic losses 6h seems.to reduce
with increased viscosity, obviously due to improved generated head. The
disc friction Sd increases steadily with viscosity. The volumetric losses
GV is remaining almost constant and cannot be expected to change significantly
over the range of viscosities encountered here. The fall of § at a viscosity
of 1 mz/sec can be thus related to both improved Gh and drec' Further
increase in viscosity will render the improved dh less effective against

rising 6rec and Sd' with the result of reduced overall efficiency.

This is especially pronounced for the semi-open impeller of figure

4.17. Here, the improvement in §_ is only slight. On the other hand, both

h

Grec and 6d increase steadily with increased viscosity, with the result of

a minor drop in § at point B.
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Losses in the mechanical seal were assumed to remain nearly
constant over the range of viscosities tested and therefore they were
not included in figures 4.16 and 4.17. 1In reality however, the increase
in liquid viscosity is likely to increase the sealing film thickness with
improved hydrodynamic and cooling action of the seal, and therefore some
improvement in the power consumption is expected [96]. Some experimental

results on a coolant pump seal [57] seem to confirm this concept.

4.6 Surface Finish Effect

The hydraulic losses within the pump are a combination of skin
friction, shock and diffusion losses [156]. Skin friction losses df
caused by surface drag on fluid in the impeller passages and volute
casing are known to depend upon pipe Reynolds number under certain flow

conditions. Nixon and Cairney [11l] put it in the form;
8 = C. W (4.27)

where W is the relative velocity and Cf is a function of pipe Re number

and surface roughness.

Nixon and Cairney found from their extensive studies on centrifugal
pump scale losses, that for the disturbed  flow in an impeller, Cf is
likely to remain independent of pipe Re number for considerably lower
values of Re than for a flat plate. The stage where a strong dependence
of Cf on Re number is obtained at;

25

Re (4.28)

O |

) "
crit ~

where ¢ is the length of the blade and ¢ is the surface roughness. Below
the critical Re of equation (4.28) the skin friction is likely to be

influenced by Re, otherwise it will be solely a function of f£/¢.

The effective surface roughness takes the form [99];

(4.29)
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The range of K for the transitional flow in an impeller is K = 28 -
224. Below this range the flow regime is smooth and above it, it is

fully rough and therefore C_ becomes independent of Re.

£
For the random type of finish (no grain in any particular direction),

such as for cast or well-polished surfaces, the effective roughness takes

the value [1111;

= . 4.30
> 1.7 €cra ( )

where €ora is the surface roughness of the impeller, as measured on the

Talysurf machine.

Talysurf test values for the impeller passages gave an approximate
value of 8 - 9 um for the cast iron impellers of pumps H and J and about
2 uym for the pressed sheet metal impeller of pump K (because of other
irregularities produced by the pressing procedure, this figure cannot be
expected to be representative for the surface roughness of this impeller,

€ is likely to be higher).

Using €ara of v 9 um, equation (4.29) was applied for the closed
impeller of pump J at the BEP. In table 4.3, the results are listed for

water and 50/50 EG/W mixture at 2 temperatures each.

From this table it is possible to conclude that in the range of
viscosities and pump speeds tested, pump J operates in or close to the
transitional flow regime. Since & does not exceed the upper limit of
224 v/W, fully rough flow is never obtained for this impeller in the
normal operating range, and hence Cf ( and Gf) are likely to depend on

Re number.

Since the hydraulic scale loss dh is mainly frictional at the BEP
and since éf was found to be Re number dependent, the decrease in dh for
pump J for both the closed and the semi-open impeller, with increased

viscosity (figures 4.16 and 4.17) cannot be explained in this context.



Other factors such as reduced secondary flows inside the flow channel

with reduced head slip may be operative here.

A strong Re number effect was found to influence the developed head
of all pumps tested at pump speeds below 3000 rpm (see figures 4.10 and

4.11). Pump H has a measured surface roughness ¢ of v 8 um and

CLA
therefore ¢ is 13.6 x 10“6. At 3000 rpm the upper range of the trans~
itional flow regime is 288 x 10‘6 for cold watexr, and therefore a strong

Re number dependency of C_. (and Gh) is expected with a pronounced

£
influence on the developed head.

Similar Re number influence with pump speed were found also on

several other small size pumps tested in the Department of Mechanical

Engineering [42, 57, 99].

4.7 Cordier Correlations

The flow coefficient ¢ and the head coefficient Y of the hydraulic
machines are of major importance for the determination of similarity in
the same family. For simplicity, they appear in equation (4.19) expressed
in terms of the external characteristics of the pump and were given the

suffix p; or

Q
o = K ¢ = —= (4.31)
P L wD3
and
gH
¥ = K,y = (4.32)
P 2 w2D2

By manipulating equations (4.31) and (4.32) for the diameter D and

the angular speed w, Cordier [36] obtained the following relationships;



54.

-1/4 1/2 1/4 -1/2
D = H ' (4.33)
(gH) Q vy ¢p
3/4 ~1/2 ~3/4 1/2
- H . (4.34)
W (gH) Q Pp ¢p
1/4 -1/2
Denoting the non-dimensional products ¥ ) by the specific
-3/4  1/2 P P
diameter A and wp ¢p by the specific speed (ns), we obtain;
1/4
D (gH)
A (4.35)
1/2
o /
1/2
n, = EL—£%§7Z (4.36)
(gH)

Both A and ns are functions of wp and ¢p and hence the similarity
concept implies that hydraulic machines of the same family have the same

A and n.S values and therefore the same efficiency at the BEP.

Cordier [36] plotted the A - ns relationship for various hydraulic
machines with the result of the optimum points falling on a narrow band,
thus allocating a locus for other machines in the same range of HS and A.
Thew [166] replotted some more results obtained by other authors [11, 38,
144], on the same non-dimensional basis and found that these results agree
well with the Cordier results especially at lower HS values (radial

impeller range).

On figure 4.18, the BEP of several small size commercial pumps tested
in the Department of Mechanical Engineering, including those of the present
research are plotted on the ns - A scale. Here it can be seen that most
of the points lie outside the Cordier band, and in fact only pump J is
well inside it. Drawing iso-efficiency curves parallel to the Cordier
plot and corresponding to the measured overall efficiencies, will show

that the farther away from the Cordier locus, the less efficient these
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pumps become. This seems to agree with Balje's [l2] approach for

efficiencies within a certain range of machines.

As for the same machine diameter and speed, the application of the
n_ -~ A correlation was shown to give some marginal discrepancies [178].
Some differences, although of different nature, were also found for the
3 pumps tested in this research, which can be attributed to changes in

pump geometry.

On figure 4.19, two different geometrical factors seem to influence
the locations of the BEP with regard to the Cordier locus. The first is
the effect of the discharge angle 82, whereby decreased 82 seems to push
the BEP away from the locus, in a vertical direction to it. The second
is the effect of the type of shroud, whereby the introduction of a second
shroud helps to push the BEP up along the Cordier locus. In both cases
these shifts are associated with some changes in the overall efficiency

of the pump.

The effect of the discharge angle 82 for pump J is further investigated
on figure 4.20. Both A and n_ are decreasing with increased 82. However,
the rate of change in the specific diameter with respect to the discharge
angle dA/d82 is less than that of the specific speed dns/d82, thus pushing
the BEP of smaller 62 away from the Cordier locus. (Scatter on Cordier
original plot is high and therefore the dislocation of the BEP of the test
pumps is only considered because it provides a consistent trend with

respect to impeller geometry).

From the definitions of A and n of equations (4.33) and (4.34) their

ratio can be expressed for a certain range of machines by;
A _ p
Py = (4.37)
s

In figure 4.20 the ratios wp/¢p for the various impellers of pump J
were plotted against discharge angle 62. In table 4.4 these ratios are

listed for nearly all pumps and impellers tested in the programme. For



the semi-open impellers of pump J and H the influence of increased
discharge angle is to increase wp/¢p, a feature which is clearly indicated
on figure 4.20. This increase in wP/¢P is accompanied by a similtaneous

shift of the BEP towards the centre of the Cordier locus (figure 4.19).

Since wp/¢p is indicative of the ratio of the energy transfer to the
volume transfer through the pump, then for the same pump diameter the
increase in wp/¢p means a higher energy transfer ratio per unit volume.
This in turn means a better utilization of the pump diameter for the duty
it performs and therefore the shift towards the optimum BEP locus on the

Cordier diagrams can be interpreted as a result of that improved utilization.

Better diameter utilization, on the other hand, does not necessarily
mean higher pump overall efficiency. This is because the latter is likely
to improve with reduced discharge angle 82 due to improved hydraulic
performance and reduced head slip. Therefore wp/¢p and 11 do not appear to
act in the same direction on figure 4.20. This is also true for pump H in

table 4.4.

4.7 Concluding Remarks

The overall efficiency of the centrifugal pump is very much a function
of size and flow rate. Pumps of low specific speed, i.e. high developed
head at comparatively low flows, are known to produce low efficiencies as
compared to pumps of high specific speed and flow rates. In this research
the efficiencies of 3 small, automotive type centrifugal pumps were studied,
and the several scale effects with respect to pump speed and fluid viscosity
investigated. Results discussed in detail in this chapter are summarized

below.

1. The volute type pump J produces an overall efficiency of about 50% which
is reasonable enough for a specific speed of v 0.6 and a flow rate of 300
L/min. Pumps H and K on the other hand, barely produce an efficiency of

" 20%. High hydraulic losses associated with the poor impeller, inlet pipe
and discharge cavity design contribute to this low efficiency of enerqgy

transfer. The disappearance of a proper volute does not give these 2 pumps
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the ability to convert the dynamic head of the discharging vortex fully
into useful static head. In effect most of this dynamic head is wasted

in the discharge cavity as a useless circulation.

2. Closed impellers were shown to give slightly higher overall
efficiency than their semi-open counterpart. Increasing the tip clearance
for the semi-open impeller of pump J in the range 0.25 to 1.5 gave a
proportional decrease in the overall efficiency according to An = Ykno.
The proportiocnality factor A was found to take the approximate value of

~ 1.3, which is similor to the proportionality factor B for the head drop

with respect to tip clearance changes.

3. In the absence of any unidentified losses the actual input power

Pi = (PS - Pm) should be equal to the predicted input power found from the
expression ngiHi' Using slip factors according to equations (3.3) and
(3.18), the predicted input power was estimated for both pumps H and J
using 6 semi-open impellers of different design for each pump. The
comparison of the predicted to the actual input head showed that Pi is

most of the time higher than the predicted value and the difference increases with
increased 62 and decreased number of blades. In the absence of further
information the difference Pi - ngiPi is expected to be wasted by liquid
recirculation inside the impeller channel. Using the solidity concept,

it is possible to show for pump J using different impeller geometries, that
this recirculatory flow losses Prec tend to increase with reduced impeller

geometry (corresponding to reduced guidance).

4. Power scale effects due to changes in pump speed were found to be
guite significant for the small size pumps. These scale effects could

not be simply related to Re number effect but rather to exceptionally high
losses, which are in turn more or less Re number dependent. By analysing
the various losses involved in the scaling procedure of pumps H and K, it
was possible to establish that in the speed range 3000 - 6000 rpm, scale
effects are mainly due to mechanical losses including those in the disc
friction, and due to high recirculation losses in the impeller channel.

The latter being especially pronounced for pump H.
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5. Fluid viscosities were found to influence the overall efficiency

in two directions. A slight increase in viscosity from ~ 0.3 to 0.7 cP
seems to produce some improvement in the overall efficiency of nearly all
pumps tested. Further increase on the other hand produces an opposite
effect with the overall efficiency on the decline again. Scale effect
analyses for pump J suggest that a combination of improved head gener-
ation and reduced recirculatory flow may be responsible for the improvement

in nat ~ 0.8 cP.

6. Analysing the frictional hydraulic losses as function of pipe Re
number and relative roughness it was possible to show that for measured
surface roughness of the cast iron impellers of pumps J and H, the flow
regimes are transitional and therefore fully rough flows are not achieved
for the operating flows of these pumps. Hence frictional losses are
expected to be Re number dependent. This is much more pronounced at

speeds below 3000 rpm with a pronounced scale effect on generated head.

7. A - ns correlations for several small size centrifugal pumps showed
that the BEP plots on the diagram produce much higher scatter than that
established by Cordier. Examination of the BEP plots suggests that the
lower the pump efficiency, the further away the BEP is located with respect

to the optimum range of the Cordier locus.

8. The location of the BEP of the pump on the Cordier diagram was found
to be marginally influenced by the impeller gecmetry. However a consistent
trend could be established for all impellers tested with respect to
changing A/nS ratio according to

WP

LA . p
ns ¢p

For pump J, an increase in 82 from 30 to 70° produces a simultaneous
increase in wp/¢p of about 20% (figure 4.20) with the result of the BEP

location moving closer to the centre of the Cordier locus. Similar trend
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could alsc be found from tests on pump H. From this it is reasonable
to assume that for the same pump diameter, an increase in wp/¢p means a
better head generation per unit volume flow, and hence an optimization
of the pump diameter is achieved, thus bringing the BEP nearer to the

optimum range on the A -~ HS diagram,



TABLES 4.1 to 4.4

FIGURES 4.1 to 4.20
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CHAPTER 5

PUMP CAVITATION - FACTORS INFLUENCING THE SUCTION
PERFORMANCE OF SMALL CENTRIFUGAL PUMPS

5.1 General Considerations

To ensure cavitation free flow at pump inlet, the total pressure of
the liquid should not reach excessively low value at any location, thus
approaching the vapour pressure of the liquid at the prevailing bulk
liquid temperature, with the result of vapour bubbles forming and there-
fore reducing the blade loading of the impeller. To avoid this, a minimum
pressure energy above the vapour pressure energy, known as the net positive

suction energy NPSE, must be always available.

In attempting to describe a three~dimensional unsteady flow by 1-2-
dimensional steady flow it will not be possible to get a comprehensive
understanding of the flow inside the turbo machine. However a three-
dimensional analysis of the flow is beyond the scope of this research and

therefore, a steady, one-dimensional flow is assumed for practical purposes.

The net positive suction energy at a point near the suction flange is

given by the following expression;

2
pin %n pv
NPSE = -0 4 = o L (5.1)
0 2 o

Because the area of lowest pressure normally occurs at the blade
entrance (trailing face), the NPSE is best related to blade inlet parameters
by using the modified Berndlli equation between the suction flange and the

blade entrance [120]:

Pin V'mz Py le2
:r + - = *5- +(L+K) 3 (5.2)
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c 2

The term K represents the contraction loss at blade entrance.
c

m
2
Subtracting pv/p from both sides of equation (5.2) yields;

2
P p c
NPSE = (= - =) o+ (1L + K ) — (5.3)
p p c 2
and,
2
1 2 cml
= = 5.4
NPSE o, 5 W, Lo+ KC) 5 (5.4)
whereby % (= (pl - pv)/% pwlz) is known as the blade cavitation number
2 2 2, .
[120]. For radial entry, substituting for Wl = Ul + le in eguation
(5.4) and rearranging;
Cm12 U12
NPSE = (1 + Kc + Gb) > + Gb 5 (5.5)

Ob represents a design constant for the optimum flow rate and is a
function of the inlet diameter, flow and pump speed [120]. Expressing the

constants (1 + Kc + ob) and ob by Kl and K2 respectively, gives;

NPSE = K, —==— + K,  —— (5.6)

This is the usual form of expressing the minimum required NPSE as
found in the literature ({127, 156]. Yedidiah [188] showed from tests on

various centrifugal pumps, that K, can vary from 2-3 and K. from 0.06 -

1 2

0.15. Pearsall [120] suggested the value of Gb to be between 0.2 and 0.4
for conventional pumps, with Kc in equation (5.5) in the range 0.04 - 0.2,
Based on optimization of NPSE and suction specific speed, Pearsall suggested

the following empirical equation for the optimum inlet diameter (for given

Qopt and w);
2(1 + o) 1/3
D, = 1.37 [/“""6”'9“ (%) -——-l~————2—~] (5.7)
b (1 - A)
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Equation (5.7) is based on inlet tip values, with Xhas the hub to tip

ratio.

For readily available pump design, equation (5.7) can be rearranged

to be solved for o, ;

b
dl 3w 20,2 -1
o = 2 [{ (—1——3—7) (5) (1 =) oo~ 2] (5.8)

Equations (5.7) and (5.8) indicate that pumps with good suction
capacities should have small Gb, large inlet diameters and small hub to

tip ratios Ay for any given (Q/w) ratio.

The preceding approach for the estimation of the minimum required NPSE
for satisfactory pump operation is based on the assumption of a radial flow
entry, where both pre-rotation and shock losses are minimal. Also the
hydraulic losses between the suction flange and blade entrance were
neglected for the straight inlet pipe design, and therefore, only con-

traction losses at the blade entrance were considered.

For the small pumps tested in this programme, the above appraoch is
not expected to give a good prediction because of the unfavourable inlet
design of the pumps. A side suction pipe discharging tangentially into a
narrow suction cavity at impeller entrance (figure 2.9 ) will certainly
promote pre-rotation and high hydraulic losses. This pre-rotation is likely
to be increased by the high speed rotation of the shaft and rear part of the

mechanical seal, which are placed inside the flow channel.

The importance of the inlet pipe design is demonstrated on figure 5.1.
By introducing a new type B inlet, all relevant pump performance of pump K
is improved over that of type A. More importantly, the flow rate capacity

of the pump increased by a significant 16% for the same rig resistance.

Both inlet designs of pump K are shown schematically on figure 5.2.

In both cases the impeller is fed through a narrow, rectangular channel of
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similar design, which runs parallel to the impeller. The height of this
channel is set by the space constraint which is a limiting factor for most
automotive cooling systems. The main difference between the two designs

is the situation and approach of the pipe leading to that channel. 1In type
A design the pipe is situated to the side of the channel and approaches at

a 90° angle. The flow is then forced through a rectangular contraction into
the channel. This in effect will accelerate the flow, pushing it nearer to
the outside wall with the result of a large flow disturbance and vortices.
In type B design, the pipe is made to approach the channel directly at an
angle, thus a smoother transition is provided, and disturbances are greatly

reduced.

The static head losses between the inlet pipe and the channel are
understandably higher for type A. However for the non-cavitating condition
the difference in the differential heads of both designs is much higher
than that obtained from lower losses at the inlet (at 100 %/min the
differential head improvement is 2.9 m corresponding to inlet loss improve-
ment of & 0.5 m). This will imply that suction performance is very much
dependent on the inlet pipe design, a phencmenon widely accepted to be

valid for all centrifugal pumps [58, 143].

To show that the suction performance of the small pumps dealt with
here is far removed from the conventicnal design implied by equations (5.6)
and (5.8), the blade cavitation number cb was estimated for optimum suction
performance according to equation (5.8) for all impellers of pumps J and H

at their Qopt' Then from equation (5.6) o, was estimated by inserting the

actual required NPSE to produce 5% drop inbgenerated head, into that
equation. The constant Kl was given the value of (3 + K2) to account for
the high losses in the pump inlet channel. 1In table 5.1, the theoretical
and experimental results are listed for the 12 impellers. From this table
it should be obvious that the actual Gb as found from the experimental
NPSE is 1.7 - 3.2 times higher than that based on optimum pump designs.
This shows that for these pumps, the inlet pipe shape and the associated
high entrance losses tend to reduce the suction performance far below the
optimum value. Poor blade design also helps to render these pumps less

efficient in that respect.
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5.2 The Influence of the Test Flow

One of the many variables which influences the cavitation study of
centrifugal pumps is the test flow Qcav and its relationship to the best
efficiency of Qopt‘ Centrifugal pumps are usually designed to give
satisfactory performance at the BEP, where the flow is assumed to enter
the impeller shock~free and without great pre-whirl. Therefore most

cavitation research and correlations limit themselves to the BEP flow.

For the small circulating pumps, changes of pump speed and flow
requirement are so great, that one requires to know what effect the test
flow bears on the cavitation of the pump. Especially if one would note
that for the type of pumps tested with the flow passing around the drive
shaft, the BEP does not necessarily mean that pre-whirl is a minimum or

completely disappearing.

In figure 5.3, the cavitating flow test results for pump J over a wide
range of test flows are shown. These tests show that the lower Qcav is,
the more rapidly drooping the curve becomes. At 5% head drop, the cavitation

numpber increases from v 9.2 at 1.2 Qo to v 17.6 at 0.7 Qopt' although the

suction specific speed is only slightﬁg changed. This is clearly shown on
figure 5.4 for a different impeller of pump J. Here it is evident that the
cavitation number ¢ is dependent both on the percentage head drop and the
test flow, and the effects are most pronounced at low flows with the suction
specific speed reaching exceptionally low value, especially at 2% head drop.
As for the required NPSE to produce a certain head drop, there appears to

be a minimum at a flow of about ~ 60% Qopt below which the required NPSE

starts to increase again. The critical flow ch is likely to be geometry

dependent.

The effect of the test flow on the cavitation behaviour of centrifugal
pumps has been investigated by several authors ({46, 101, 115, 121, 163}.
It has been shown that for cavitation inception, the lowest required NPSHi
occurs near the optimum flow rate of the pump. For 3% head drop, on the

other hand, the lowest required NPSEO3 is likelv to occur somewhere between
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zero flow and Qopt [163]. Schiele [147], using the results of Florgancic
[46] showed that although the available NPSE could prove to be sufficient
for critical cavitation at low flows, the incipient cavitation could have
developed much earlier with the consequences of high noise level and

erosion rate.

Pearsall [120, 121} suggested that the blade cavitation number Gb in

equation (5.5) is a minimum at a low incidence angle (i), which is normally
the case at a flow near the BEP. Decreased flow rates tend to increase the

incidence angle and o_ simultaneously until it reaches a stalling incidence

b
of v 12°. After that a marked pre-rotation will probably occur. Solving

equation (5.5) for the blade cavitation number for the ideal case will give;

Cm12 le
Ob = (NPSE - K 5 )/ - (5.9)

However, the application of equation (5.9) for flows away from Qopt
is dependent on the constant K, which is related to the entry condition at
impeller inlet. Also at high pre-whirl, the relative velocity of this
equation ought to be replaced by Wl' (figure 3.1). Therefore a direct
application of equation (5.9) without knowing all the inlet flow parameters

could be misleading.

Mansel [94] analysed the problem in a more detailed manner. By using
Minami's [101l] data for cold water, he arrived at the assumption that the
inception NSPHi can be expressed as the sum of all static pressure changes

at impeller inlet, or in equation form;
NPSHi = h +h + h +nh (5.10)

whereby ha is the static pressure changes between the reference plane and
that upstream of the blade section, hr is that due to pre-rotation, ht is
that due to blade thickness, and ha is that due to the increase in the

incidence anlge 1. At flows below Qopt' both hr and ha were found equally

important.
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Stepanoff [156] represented the inlet triangle for the general case
for flows below or above the non shock flow. Noskievic {113, 114] used a
similar, but more thorough approach to include all pertinent factors
involved to construct the inlet triangle. This is shown on figure 5.5.
The triangle ABF represents the condition of the shockless entry corres-
ponding to the geometrical inlet angle Blé’ and U2. At any other operating
meridional velocity smaller than the shockless les’ the velocity triangle
ABC would represent a new theoretical shockless condition with operating
inlet angle Bl. If some pre-rotation is allowed which produces a whirl

component Cu then the velocity triangle would become ABD with increased

ll
inlet angle Bl' (Bl' = Bl + 1i). 1If El‘ is smaller than the gecmetrical

angle Bls' then the flow is forced to adjust itself to the geometrical

boundary resulting in a shock component W so that it assumes the final

11’

relative velocity Wl". Therefore we are left in this case with a trapezoid

ABDE, to represent the velocity relationships at impeller inlet.

To include all these kinetic energy changes at impeller inlet,
Noskievic [113] improved on equation (5.4) to obtain the following

expression for the required NPSE at flows away from the shockless flow;

2 2
c wW.o't2 C
N m] 1 ul
NPSE = [(l+Kl) 5 +K2 5 ]+K3 3 +
W, o, - wtd)
+ K4 5 + K5 5 (5.11)

The terms in the large bracket are equivalent to those of equation

(5.4) with K2 = Gb’ but with the exception of the relative velocity Wl

being replaced by the final W,'' of that at the boundary. The remaining

1
three terms, represent the kinetic energy changes due to pre-rotation, due
to velocity impact, and due to those associated with the change of the
relative velocity vector respectively (K3 takes a negative value in most

cases [113]).
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This approach indicates that the application of equation (5.5) for

flows far below that corresponding to Cm » 1s not valid. 1In reality the

1s
solution for the required NPSE is far more complex and requires a more
detailed knowledge of the flow parameters at impeller inlet and their

associated constants.

Visual observations of the flow at the impeller entrance of the
automotive type pump J (see Chapter 10) showed that a strong vortex is
created around the impeller hub as a result of the side suction flow
pattern enhanced by the drive shaft and seal rotation. This type of vortex
examined at Qopt 1s associated with high pre-rotation and entrance energy

losses.

On figure (5.6) the inlet velocity triangle for 2 impellers of pump J
is constructed. Here it should be obvious that in order to achieve
shockless flow corresponding to the geometrical inlet angle Bls at 4500
pump rpm, the flow rate must be increased N~ 7 fold for impeller J-8-48 and
"~ 1.5 fold for impeller J-8-30 which is far beyond the reach of these pumps.
Therefore even at flows near the optimum point, we would expect a high degree
of pre-rotation and shock losses for all pumps in this design category.
This is less pronounced with impeller J-8-30 than with impeller J-8-48,
which contributes to the improved efficiency of impeller J-8-30 (see
Chapter 4). On the other hand Wl" is significantly higher for impelleriT-S’
-390, which helps to push the NPSE higher. All this suggests that equations
(5.5) and (5.6) should be treated with reservation if deviations from the
radial entry concept are likely to be high such as for the small pumps

tested here.

At high liquid temperatures similar behaviour of pump inlet performance
is expected (although the cavitation number reduces due to thermodynamic
effect as we shall see in a subsequent chapter). However from figure 5.7
the test flow rate seems to have much more pronounced effect, especially
, where both ¢ and NPSE reach a relatively

opt
high value, with a dip in the suction specific speed.

at a flow ch of about 50% Q
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This suggests that the further away from Qopt’ the more unpredictable
and unreliable the cavitation will be, and therefore tests should limit
themselves to the horizontal part of the 0-Q curve for the purpose of

cavitating flow test result correlations.

5.3 Type of Shroud and the Tip Clearance

In Chapter 3, the effect of the introduction of an axial tip clearance
by removing one shroud, was found to reduce both generated head and the
overall efficiency for any one test flow (figure 3.5). An increased re-
circulated leakage flow across the clearance results in wasted power and
at the same time the drag forces produced by this cross-flow help to push

the impeller input head down.

As for the cavitating flow behaviour, some earlier test results on
several centrifugal pumps of small inlet angles and high solidity [184]
showed that for the same test flow, the semi-open impeller is superior to

its shrouded counterpart in that the critical Ocr is delayed.

Small centrifugal pumps used for coolant circulation are usually fitted
with semi-open impellers for economical reasons. The tip clearance can vary
within the tolerance limit of n 2 - 15% of the impeller channel depth. To
establish a reasonable relationship between the size of the clearance and
pump cavitation, a better understanding and result correlation is sought.
Hence both pump J and K were tested with varying clearance. Also the

shrouded impeller of pump J was included in the programme.

Cn figure 5.8, the cavitating flow test result of pump J with both
the shrouded and the semi-open impeller of various tip clearance are shown.
A constant system test was applied, whereby the rig resistance is held
constant to give the same an for all geometries (an Y Qopt)' and cavitation
is produced by reducing the available NPSE at pump inlet. These results
indicate clearly for the liquid mixture used in this test (cold 50/50 EG/W),

that both the deterioration in the flow capacity and the suction specific
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speed with reduced inlet NPSE is delayed with increased tip clearance, the
shrouded impeller coming off worse. A cross plot of the same test results
was obtained on figure 5.9 by comparing the performance at the same inlet
NPSE with regard to tip clearance ratio A. Obviously here, the pump suction
performance is increasing nearly linearly with increased clearance (within
the test limit of clearances), and this is especially pronounced at low

NPSE.

To obtain a more precise picture of this phenomenon, constant flow
tests were performed in order to compare the pump performance at a low head
drop at a wide range of test flows. Some of these test results are shown
on figure 5.10 for the shrouded and the semi-open impeller of pump J of the
same geometry as with a tip clearance of 1 mm. Cold inhibited water was
used in this test series, and test results were compared at the same flow
coefficient. From this figure, the obvious conclusion is that the semi~open
impeller gives a better cavitating performance over the whole range of test

flows.

Two reasons seem to contribute to this improvement. The first is
hydrodynamic and follows from the presence of the leakage flow Q which
constributes to the disturbance of the fixed cavity formed at the low
pressure side of the impeller, and eventually reducing its size. (Cross
flow is evident from photographs taken at advanced cavitation shown in
Chapter 10). The second reason is purely operatibnal, which arises from
the fact that Qopt of the shrouded impeller is about 12% higher than that
of the semi-open impeller and therefore the same flow of the test can only
be favourable to the semi-open impeller. In fact comparing the same results
of figure 5.10 to Qcav/Qopt instead of Q, will bring all 003 values on nearly
the same curve. The NPSE values will then be a function of the square of
the corresponding inlet velocities. However, for the general pump user,
the comparison at the same flow rate is perhaps more important, than the

th tical .
eoretical value of Qcav/Qopt
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Increased tip clearance was shown to improve the suction performance
of pump J (figure 5.8). To elaborate on this, the constant flow test
method was used to compare the cavitation parameters at small head drop to
the clearance ratio. This is shown on figure 5.11. Hot 50/50 EG/W mixture
was used in these tests to avoid excessive gas solubility scale effect.
Th§se test results show that for the same Qcav’ the semi-open impeller gives
always better performance (lower ¢ and higher nss). The improvement is
however, not proportional to the clearance ratio A. There seems to be a

certain optimum clearance, which gives the best results. For pump J from

(74

figure 5.11, this occurs at A 4-5%, which is equivalent to 0.5 - 0.7 mm

clearance.

These results seem to explain earlier results obtained with pump X,
although the tip clearance for this pump is not constant over the length
of the blade. Three tip clearances were attempted with the stand. impeller
K~6-80 (std.). The constant resistance tests were performed with hot 50/50
EG/W for the same reason outlined before, at a constant non-cavitating flow
of 88 L/min. As it can be seen from figure 5.11, improvement of the
cavitating performance of this impeller reaches a maximum at a clearance of
1 mm beyond which the improvement starts to diminish. This may indicate
that large leakage flows associated with large values of Ax are less effective
in breaking up the fixed cavity, perhaps because of less differential

pressures across the blade tip.

5.4 Blade Geometry and Solidity

The influence of the blade shape and number is of great importance for
the determination of the cavitating flow behaviour of centrifugal pumps.
The influence of the number of blades is known to be two-sided [46, 147,
187]. The first is an improvement tendency with increased number of blades
at the inception point and at small head drop values. This is related to
the reduced blade loading with increased number of blades [187]. As the
cavity increases in size, an opposite trend appears with the impeller of

the fewer blades giving the improved cavitating flow performance. The
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reason behind the latter is obviocusly a reduction in the flow restriction
area (given by the restriction w in table 5.2) due to the increase in the
blade number. A reduction in w means that at advanced cavitation the

impeller is more readily clogged up with cavitation bubbles and therefore

a fast performance deterioration is expected [187].

Tests performed on 2 impellers of pump J of exactly the same blade
design but of different number of blades (figure 5.13a) shows a good
agreement with this approach. The performance deterioration is delayed
significantly by using an impeller of higher number of blades, but on the
other hand a better performance of the lower blade number impeller at

breakdown is apparent.

Improvement at advanced cavitation was also found with pump H tested
in a constant resistance system, when the 8-bladed radial impeller was

replaced by a 6-bladed radial impeller (figure 5.14).

The influence of the blade inlet geometry which is mainly governed by
the inlet angle Bl, is known to be of decisive importance to the cavitating
behaviour of centrifugal pumps. Similar to the influence of increased
number of blades, the reduction of Bl for the same number of blades would
mean a reduction of the restriction width w, with the result of greater

deterioration in performance at advanced cavitation.

This seems to agree well with test results obtained on both pumps J
and H on figures 5.13b and 5.14, using both a constant resistance rig
geometry and constant flow test methods, respectively. From both these
figures it seems that the influence of increased Bl is to improve the
cavitating flow performance from the point of inception down to the break-

down.

This is also obvious on figure 5.15, whereby 3 impellers of pump J
of the same number of blades were tested at a constant Qcav at the BEP.
The increase in the cavitation number is most pronounced at small head

drops and reduces towards the performance breakdown.
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From experience, Raabe [131] combined the effect of both the blade
number and the inlet angle Bl to be related to the contraction number

defined by;

c = —=E (5.12)
27r sin B8
whereby the blade thickness t, the radius r and the blade angle B are

those at the point of observation.

In table 5.2 the contraction numbers for 6 impellers of pump J are
listed and on figure 5.16 the cavitation number at 5% head drop is plotted
for 6 different impeller geometries against their respective contraction
number measured at impeller inlet. The general trend of this figure is to
increase the cavitation number with increased contraction number. However
the scatter is rather high especially for impeller J-6-38. The reason
behind this seems to lie in the exceptionally long vanes of impeller J-6-38,

with the result of higher blade loading and hence more cavitating tendency.

Introducing a new modified non-dimensional geometrical ratio (%/w)
which includes both the length of the channel (%) ond the restriction width
W, and by plotting the same cavitation number values of figure 5.16 against
this new ratio on figure 5.17, a better correlation could be obtained, thus
suggesting that the contraction number of equation (5.12) may be less

effective as a correlation factor because it neglects the channel length.

The suction specific speed is a measure of the ability of the pump to
push the required mass flow rate at a certain inlet energy and pump speed.

From its definition we obtain;

w VO w VO gH  3/4
n = ——=- = ( ) (5.13)
ss NPSE3/4 (gH)3/4 NPSE

by noting that the Thoma sigma is defined by (NPSE/gH), then;

_ 3/4
nss = ns/<GTH) (5.14)
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On figures 5.18 and 5.19 both GTH and nss are plotted against the
specific speed for 6 impellers of pump J and 5 impellers of pump H
respectively. All values are recorded at 5% head drop, using constant

flow tests at ~ Qop On these 2 figures it should be obvious that large

e
inlet angles are associated with lower ns values, lower Ty and better

suction specific speeds. Impellers of lower inlet angles, however, are

associated with higher ns values, higher GTH and lower suction performance.

5.5 Concluding Remarks

In this chapter several factors influencing the cavitating flow
performance of small centrifugal pumps were discussed. Inlet pipe design,
test flow rate, type of shrouding and impeller geometry were found to
influence the suction performance in one way or another. The main points

of interest are listed here.

1. Minimum required NPSE for these pumps was found to be much higher than
that obtained from the theoretical approach based on suction performance
optimization. Cavitation blade numbers calculated from experiments may
reach 4 times those based on theoretical approach assuming no pre-rotation

or shock losses at pump entrance.

2. The influence of the test flow, in relation to the optimum flow rate
Qcav/Qopt)' is of decisive importance for the estimation of a represent-
ative cavitation number. Flows far below the BEP flow rate were shown to
give excessively high cavitation number and in some cases very low suction
specific speeds, compared to those obtained at flows around the optimum
flow rate. This suggests that cavitation correlation is best served by

limiting tests to the horizontal part of the 0-Q curve.

3. Using a comprehensive analysis of the inlet flow triangle, a thorough
understanding of the cavitating behaviour of pump J at low flows was sought.

The component of pre-rotation and impact velocities at impeller entrance
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were found excessively high at all flows attempted in the test. This is
thought to be mainly responsible for the exceptiocnally low suction
performance of the small centrifugal pumps tested. This suggests that
the optimization theory based on shockless radial entry put forward by
Pearsall [120] must be treated with reservations in our case. A better
understanding can be obtained by analysing the varicus energy losses at

pump entrance which is beyond the scope of this research.

4. Shrouded impellers were found to be less favourable than semi-open

impellers in their cavitating flow performances if compared at similar flow
rate, and over a wide range of test flows. The main reason behind this was
thought to be related to the leakage flow across the clearance of the semi-

open impeller which helps to break up the fixed cavity and reduce its size.

5. The influence of the size of the tip clearance was not immediately
apparent. Some tests suggested a proportional suction improvement with
increased tip clearance. A more detailed investigation at a small head
drop showed however, that there exists an optimum clearance above which
improvements reduce again and eventually excessive clearance thends to
impair the performance pushing the cavitation number up again, at the same

test flow.

6. The influence of the impeller geometry is of great importance to the
cavitation study of centrifugal pumps. Increasing the number of blades
for exactly similar blade design have a two sided effect, the first is to
improve the cavitation performance at inception and very small head drops
mainly due to reduced blade loading. The second was an opposite effect,
with the impeller of lower number of blades, which gives superior
cavitation performance at moderate head drops and breakdown. The reason
behind the latter can be related to a reduced restriction area due to
fewer number of blades, which in turn helps to reduce the blockage to the

flow when the cavity is well developed.

7. The influence of increased blade inlet angle Bl was found to favour

an improvement in the cavitating performance of the pump at BEP over the
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whole range of performance drops. Using a contraction number, Cn to
express all the geometrical influences at impeller inlet of pump J, such
as number of blades, blade thickness and inlet angle 81, the cavitation
number at the BEP was found to increase with increased Cn' However the
scatter was high. It was thought that this scatter is because of the
ommission of the channel length in the contraction number. Using a
geometrical ratio £/w according to figure 5.17 instead, was shown to give

better correlation with less scatter.

8. Comparison of the different impeller geometries of pumps J and H seem
to indicate that at the BEP, high inlet angles Bl are associated with lower
specific speed, lower Thoma sigma and higher suction specific speeds. The

opposite can be said for lower inlet angle Bl.



TABLES 5.1 and 5.2

FIGURES 5.1 to 5.19
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CHAPTER 6

REVIEW OF THE THEORY OF THE MECHANISM, SCALE EFFECTS

AND THERMODYNAMICS OF CAVITATION

6.1 Nuclei and Bubble Growth

The term 'cavitation' is given to the process of development of
cavities in liquids, their growth due to localized pressure drop and

finally to their collapse while passing through a high pressure field.

Contrary to boiling, cavitation bubbles start to appear as a result
of pressure reduction rather than temperature rise. However, in both
cases, a state will be reached where the local static pressure of the
liquid is equal to its vapour pressure with the result of bubble formation

and growth.

For a pure homogeneous liquid, the forces tending to hold liquid
particles together are external pressure and intermolecular cohesiocn
forces. It is these cohesive forces which are known to support the
tensile strength of ligquids. For pure, de-aerated cold water, static
tensile strengths as high as 150 atm were recorded [90]. - Hall [66]
reported a maximum tensile strength of 280 atm for cold water at 10°C
measured by a centrifugal method. Several other tests on various pure

ligquids gave tensile strength varying between 0 and 20 atm [90].

Liguids encountered in most applications are far from being pure cr
homogeneous. Most liguids are either saturated or even super-saturated
with air, and impurities such as solid particles and minerals are common-
place. All this helps to reduce the intermolecular forces considerably,
and therefore, real life ligquids are not expected to support any tension.

However, some venturi tests [142] showed that nearly similar tensions were
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required at the venturi throat to initiate the cavitation bubbles for

both demineralized and tap water of similar air content.

The diminishing or complete disappearance of the tension in liquid
can be related to weak spots which are commonly termed nuclei [66, 90].
For a spherical, small bubble of radius Ro’ in equilibrium with the
surrounding liquid, the difference between the pressure inside the bubble
pi and that of the surrounding ligquid Por is that due to the tensile force

exerted by the surface tension at the bubble wall; or

The equilibrium of equation (6.1) cannot hold for molecular
dimensions of RO because that means extremely high pi with the result of
either condensing the vapour or pushing the trapped gas in the bubble

into solution.

There are two major nucleation models [60]. The first is the
stationary crevice model which applies mainly for boiling, and the second
deals with entrained nuclei which are carried by flow stream and therefore
are termed 'travelling nuclei'. The latter model is primarily applicable

to cavitation but is also operative for boiling [60].

The reason why entrained nuclei do not disappear completely when
enough liquid pressurization is present remains obscure. For liquid
saturated with air Epstein and Plesset [44], found that entrained gas
bubbles which can act as cavitation nuclei, need some time to disolve in
water depending on the equilibrium radius RO. Bubbles of smaller radius
{n 10‘3 cm) need only 7 seconds to disolve in water, whereas larger bubbles
(Ro = 10—2 cm) do persist much longer (about 100 minutes).

In a flowing system, where pumps are employed to circulate the liguid
in a closed loop, Ripken and Killen [135] found that vortex flows associated

with the hydrodynamic impellers do act as an excellent generator of gas
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bubbles which are ultimately nuclei in the region of the flow system where
cavitation cccurs. They also found that the amount of liberated (free)
gas bubbles depend on the amount of total gas present in the liquid. The
pressure field of the flowing stream and the time available for the nuclei
to reach stability (v 3 minutes maximum). Once a certain amount of free
gas is established in the flowing stream, cavitation inception was found
to increase with the amount of free gas present (in ppm) at any flow

velocity of the test.

Detection of cavitation nuclei is of vital importance to the under-
standing of the cavitation process, because the size and distribution of
the bubbles approaching the low pressure section could have a large effect
on that process. Morgan [104] summarized all the applied methods for
nuclei measurements, of which Billet [17] applied the two most favoured
optical methods on the same test section at the same time for comparison
reasons. His results showed that the light scattering method is suitable
for detection of smaller bubbles (less than 20 micrometer in diameter)
which are mainly particles, whereas the holographic method was found to
detect bubbles of larger size (> 10 um). On the whole, the holographic
method was found to be more accurate with higher accumulative values (up
to v 400 nuclei/cm3). It is also suggested that only large nuclei of

100 ym and more are involved in the cavitation process [17 ].

For a spherical bubble of an equilibrium initial radius R.O entrained
in the flow stream, the bubble wall starts to expand in radial direction
when it enters a low pressure region. The bubble growth can be expressed
by the extended Rayleigh equation [60, 133] for the inviscid isothermal
case, at time t;

" 3 1
RR + = R = —p——(pR—pZ) (6.2)
L
In this equation, R is the bubble radius at time t, R = dr/dt, and

P, 1s the pressure immediately ocutside the bubble wall.

R
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For a spherical bubble growing in a viscous liquid, the pressure at

the bubble wall DR can be modified to include the surface tension and

P

viscosity of the liquid [60, 128];

- _ 25 _ 4
Pr = P; = = R (6.3)

The internal pressure of the bubble pi is composed of the vapour and

any entrapped gas partial pressures, or;

' p (6.4)

Combining equations (6.4), (6.3) and (6.2) yields the so-called
Rayleigh-Plesset equation [66, 71];
"2 2S

1 R
RS = Bz(pv+pg—pl——§—-—4ug) (6.5)

&
+
N

The vapour pressure is that for the wall temperature TR which is
assumed not to vary much for the cold ligquid. Otherwise the energy

equation should be applied [66].

A close examination of equation (6.5) reveals that both the surface
tension and the fluid dynamic viscosity restrain the growth of the bubble.
If all dynamic parts of this equation are reduced to zero and the bubble
is stabilized again at a new radius R, a process termed 'pseudo cavitation'’
by Holl [67], then eguation (6.5) reduces to the equilibrium condition

expressed by;

28
pv +pg = P,Q, +~§— (6.6)
with pz = Pg-

Neglecting the viscosity effect on the growth of a vapour bubble (and

with pg v 0), Plessett [128] integrated equation (6.5) to reach the following



82.

equation for the bubble wall velocity;

2. Kol 3B TR 0 R s Ko
- R o) 2 P R 0,R R
2 L
(6.7)

And for R >> Ro and P, > Pyr the growth velocity reduces to the approximate
asymptotic value; which can be put for the radius at the end of the growth

period;
p.-p, %
R o= (2 XK (6.8)

Similar results can be obtained from the isothermal bubble growth of
a boiling cavity. Initial bubble size can be related to the superheat of
the liquid 60 =T - Ts, which 1s equivalent to the tensile stress of the

liguid.

Assuming homogeneous nucleation process for an initial superheat eo
of the liquid, only vapour cluster with a radius RO are in meta-stable

equilibrium with the surrounding liguid ([173], or

28 TS
RO = B——-—-—]—::—-——e—-— (6.9)
v o)
and;
. 2 0y L eo-i
R = )z (6.10)

3 DZ Ts

By eliminating Go from equations (6.9) and (6.10) and integrating
for the bubble radius;

28 %
R ) {6.11)

pZ o)

N
R = (3
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Noting that from equation (6.1) for pi = pv, the surface tension term
ZS/RO is equal to P, " Py and therefore for a bubble in a m ta-stable
equilibrium with the surrounding liquid, both equations (6.8) and (6.11)

seem to be identical.

6.2 Scale Effects of Cavitation

The 'classical laws' of cavitation imply that cavitation will occur
whenever the static pressure in the region of minimum pressure reaches the
vapour pressure of the liquid at the existing temperature. Any departure
from these laws is given the terminology 'cavitation scale effects' [60].
A very useful scaling parameter expressing the degree of cavitation is the

cavitation number ¢ defined as follows;

P, -P
s = 2 v (6.12)

1 2

7P Ve

Cavitation scale effects are numerous and according to Holl [63] and
Billet [18], two major types can be distinguished. Type one are scale
effects acting on the flow outside the cavitation bubbles and thus are
associated with changes in the flow field caused by variations in Reynolds
number Re, Froudenumber Fr, Mach number Ma and boundary conditions. Type
Lwo are scale effects acting on the bubble growth process thus causing the
bubble wall pressure pR to depart from the equilibrium vapour pressure
corresponding to the bulk temperature of the liquid. These type two effects

are primarily due to the following [18, 55];

- Time effect

~ Heat transfer effect

- Surface tension effect

- Transport of non condensable gases

-~ Cavitation nuclei.



The bubble growth has been expressed in equation (6.5) by assuming
that the bubble wall temperature is not much different from the bulk
liquid temperature; which is an approximation valid for cold water [66].
However, if liquids of high vapour pressures such as hot water or
cryogenic fluids are involved, then this assumption cannot be valid {128]
and equation (6.5) takes the form;

25 R

ce 3 1
RR+2R —pz(pV(TR)d—pg—pQ’—R—éluE)

(6.13)

pV(TR) is the equilibrium vapour pressure at the bubble wall.

Introducing a pressure and a temperature coefficient defined by;

P, - Py
C = —_—— (6.14)
P 2
5 v
2 Po Ve
., (T) =P (T) Ap,
c, = U (6.15)
1 2 1 2
E pﬁl Vco —2— pﬁ, Voo

and inserting into equation (6.13), Holl [65] arrived at the following
equation;
o3 2 1 28 _ 4 HR 1 2

RR+~§R =5';[pg—R R+(CP~G—CT)Ep2Vw]

(6.16)
Multiplying equation (6.16) by dt and integrating over a typical time

interval of the cavitation process t, Billet [18] arrived at the following

expression for the cavitation number;



85.

O = c s 9 _s-c (6.17)
0

All parameters of equation (6.17) are average values over the time

interval t. The bubble dynamic parameter ¢ is given by;

t - .. .
S R 352 1 2
¢—[tof(R+p£(RR +2R>)dt]/?_%Vm>

(6.18)

To include the effect of turbulence and boundary layer condition,
Daily [39] and Holl [64] found that the liguid pressure p2 at the boundary
is lower than the mean local pressure 52 by an amocunt APTR due to turbulence

and roughness losses at the boundary and therefore;

P, = Py, - APTR (6.19)

Substituting P, in equation (6.14);

- 1 2
C, = &, tlpg /3o, V, (6.20)

and finally equation (6.17) takes the form;

- Ap p
g = (CD + «~——£§i——) - (¢ + cT + 2 S/R _ g )
= 1o 2 1 2 1 2
2 L Voo 2 Q/Q‘ voo 2 DQ, Voo
(6.21)

The first bracket of the right hand side of equation (6.21) represents
type one scale effects which influence the flow outside the cavity. The
second bracket represents type two scale effects produced by the thermal
and dynamic action at the bubble wall. Examination of equation (6.21)
shows that increased pressure coefficient Eo' increased boundary layer

lossesApTR and higher gas pressures pg are likely to increase ¢ and hence
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promote cavitation. Thermodynamic effect CT’ surface tension and bubble
dynamics seem to favour a reduced ¢ and hence suppress cavitation. 1In
the absence of a significant dynamic action within the cavitation region
(¢ = 0) implying a stabilized bubble radius, equation (6.21) represents
the same form of equation presented by Holl [64] for pseudo equilibrium

limited cavitation.

In the next two sections the thermodynamic effect of cavitation will
be analysed in more detail, for both the pure liquids and for the binary
mixtures. The influence of the gas pressure pg will be discussed in the

next chapter.

6.3 Thermodynamic Effect and the Fixed Cavity Theorem

In considering the thermodynamic effect on the performance of
centrifugal pumps the heat transfer across a boiling vapour bubble during
its growth is to be analysed first. Then the theory of the fixed cavity
is to be explored. This theory deals with the concept of an attached
cavity of appreciable size of the vapour phase persisting at the low

pressure region of the hydro-dynamic machine.

Consider a spherical bubble in superheated liguid with an initial
radius Ro according to equation (6.9). Then according to Plesset [128],
the bubble starts to grow very slowly under the restraining effect of
surface tension if the equilibrium of that equation is disturbed. TIf the
initial superheat is sufficiently large the bubble radius will reach the
asymptotic value of equation (6.11) governed by the inertial effect. A
state will be reached where the vapour inflow into the bubble is so large
as to produce a substantial cooling of the surrounding ligquid. At this
point, both inertial and thermal effects limit the growth rate. The growth
rate then begins to decrease making inertial effects less and less important
until the radius has grown so large that the growth process is limited only

by the rate at which heat can be supplied to the bubble wall.
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The rate of mass of vapour m flowing into the bubble is given by;

. 5
m = (47R”) R pv (6.22)

The heat influx hq corresponding to m is given by;
. 5 -

h = m L = 47R R p L (6.23)
v v

The heat transfer across the bubble boundary can occur in two ways;
convection and conduction. Convection heat transfer requires a trans-
laticonal motion between the bubble and the ligquid. Due to small pressure
gradients existing in the reduced pressure region, Jackobson [81] neglected
the convective heat transfer part which is a reasonable assumption for pump

application.

For a thin heat transfer layer, the conductive heat flux into the

bubble according to Plesset [128] and from figure 6.1, is as follows;

hgq = (4nR%) X o, /Vat (6.24)

k is the thermal conductivity of the liquid, eo is the initial superheat
(=T - T ) anda is the heat diffusivity (= k/C p ).

® s Po g

Combining equations (6.23) and (6.24), and introducing an adjustment
constant in order to obtain an asymptotic value, the bubble growth velocity

according to Plesset [128] reads as follows;

R o= (& Lk &7 (6.25)
°v Vot

AT is the temperature difference between that of the bulk liquid and the
temperature at the bubble wall. The equilibrium pressure at the bubble
wall is that of the bulk liquid and therefore the bubble surface temperature

reaches the saturation temperature TS and therefore AT is egquivalent to the
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superheat eo.
Solving for AT gives;
ar = D ro = Vat (6.26)

Bonnin [21, 22, 23] elaborated on equation (6.26) to find an

expression for the pressure depression Apv corresponding to AT, by

equating;
Ap dp
v v
— = X 6.27
AT dr ( )

From which;

ap

bp, = (PR -]I;‘- Vot (=) (6.28)

and by integrating over the time interval of the cavitation process t,

Bonnin obtained for the average bubble radius R;

R L
e Qo

v ¥ dp
(=) (E;) (6.29)

. (i v
bp, = 13 K £

v

The thermal depression APV(=s%

thermodynamic properties of the liquid, the bubble radius at the point of

AEV) is obviocusly a function of the

observation R, and the residence time available for the growth (t).

In trying to establish a correlation prediction for the thermodynamic
effect on the performance of small centrifugal pumps running with different
liquids and liguid mixtures, both heat transfer across the bubble boundary
and those associated with the attached cavity are to be considered.

Because small pumps of side suction design are likely to be associated with
a free vortex cavitation at impeller hub (see next chapter) with a strong
velocity gradient inside the vortex, the assumption to ignore the convective

heat transfer effect at the bubble surface [81] may be erroneous. However
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a treatment with a combined conductive, convective heat transfer is

beyond the scope of this work.

The bubble growth approach discussed above assumes a bubble
surrounded completely by ligquid with a very thin conduction heat transfer
layer (/at << R). This is true in the case of cavitation inception where
the bubble density is only small and the bubble is therefore completely
surrounded by superheated liguid. When a stage is reached where the
cavitation is well developed, an attached cavity will persist at the low
pressure region and hence a modified form of thermal approach is needed.
The entrainment theory developed by Holl [68] and Billet [19] is one of

these approaches as outlined below.

To maintain an attached cavity (figure 6.2), a constant supply of
vapour across the boundary of the cavity is necessary. The rate of heat

flux hq is given by;
h = m L = p g L (6.30)

whereby qQ, is the vapour volume flow influx. Also for conductive heat

transfer across the cavity wall;

hq = Ch Aw AT (6.31)

Ch is a film heat transfer coefficient and A is the cavity surface
area. Combining equations (6.30) and (6.31);
0, %, L

AT = (6.32)

CcC A
h w

Introducing a vapour flow coefficient Cq and area coefficient Ca

defined by [19, 68];

(6.33)

C = A /D (6.34)
W
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whereby Ve is the free stream velocity and D is the model diameter.

Combining equations (6.32), (6.33) and (6.34) gives;

(6.35)

.
<

AT =

moko
o]

Sl S
8

Noting that Pe = V_ D/a (= VOOD/Ck ) and Nu = ChD/k, equation (6.35)

?
can be expressed in the form; PLA
C P
- -9 ke v L
AT = c W 5. © (6.36)
a 2 pl

Billet [19] attempted to solve equation (6.36) empirically by
determining the unknown parameters Cq' Ca and Nu. He suggested the final
empirical form;

0
AT = /D)X rRe? Fr® wel prf pe E-I-’-

2 PR

(6.37)

This form of equation shows the tremendous difficulties associated
with this approach; however exact the solution mav be, for one case it

cannot be immediately generalised.

A much simpler approach can be obtained by considering the following

thermodynamic relationships at the cavity wall;

zﬁhf = sz AT (6.38)
also
mv
zshf = T, {6.39)
Py
and;
VV pV
Ahf = T . E'-— L (6.40)
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Combining equations (6.38) and (6.40) gives;

AT = B —2 I (6.41)
o] C

Whereby B is the vapour to liquid volume ratio (Vv/vz) passing through the
low pressure zone per unit time, also known as Stepancff's B factor [155,

158, 159]. Comparison between equation (6.41) and (6.36) yields;

(6.42)

tw
iz
mOLQO
5

which shows that the simple form of the cavitation tendency given by B has

a much more complex origin.

The pressure depression Apv corresponding to AT can be established

from the Clapeyron equation;

Ap
v _ - L \
AT T = P (6.43)
& g
Noting that VV >> V2 so that it can be ignored and that Apv = p£ AEV; then
p
AE. = AT < E (6.44)
v pl T

Substituting for AT from equation (6.41) gives;
AE = B/B (6.45)
v

whereby B is a new (thermal) parameter;

o]
I,Q, 2
B8 = C T ( ) (6.46)
pt o L
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Ward and Sutton [179] showed that most approaches to the attached
cavity phenomena such as those by Stepanoff [158}, Salemann [145],
Jacobs [80], Spraker [154] and Barenboin [13] reduce to the same form of

equation (6.45).

Floyancic [46] considered an attached cavity supplied by bubbles
growing from an initial radius Ro upstream of the low pressure region to

a much larger stabilized radius R inside the cavity (figure 6.3).

By assuming that independent spheres of equal radius are involved,
then the total vapour volume passing per unit time can be expressed by the

simple formula;
4
\Y = Z (g'ﬁR ) (m™) (6.47)

From experience [46] the average number of bubbles Z changes only
slightly (v 5%) for any one liquid of low gas content over the temperature
range normally encountered in the test programme. Assuming a similar
initial radius and similar time available for the bubble growth, then
equation (6.l1l) can be used for the bubble radius R. Hence eguation (6.47)

is reduced to;

3
v o= x (V2 (6.48)

1

The constant Vs/pz is proportional to the Laplace constant
(v vs/g(pz - pv), which is of decisive importance for the theory of bubbles
and drops in liquid/vapour biphase systems [46].

By using a = ¥S/g o, for 0, >> o we have;

v = K. a (6.49)



The volume flow rate VZ is normally constant for the test and hence;

B = L = x & (6.50)
\Y 3
2
with the constant K3 taking the final form;
3/2

- 2 4. (A9
Ky * 5 3T (3R ) (6.51)

s e}

The applications of egquation (6.50), however, is doubtful because
it includes parameters such as Z and Ro which are difficult to determine
and may vary during the test. Its significance lies however, in the
importance of the number of bubbles (and nucleil) and their growth rate,
which is of great importance for cavitation in binary mixtures (see

Chapter 9).

From the principle of conservation of energy to the bubble during
its growth and from the energy equation of a single bubble in an infinite
liquid, Jacobson [81] showed that AEV is proprtional to R2/2, and therefore
is proportional to a2 [46]. This may lead to the final conclusion of
AEV ~ B2/3 [817].
The internal pressure Py of equation (6.4) can be modified to

accommodate for the thermal depression in the form;

p; = o +pg - Apv (6.52)

Therefore exact measurement of the cavity pressure pi would lead to
a precise determination of Apv. Hutton {75] supported by the work of
Furness [51] made an attempt to measure p, in a fixed cavity and found that
using p, as a scaling factor instead of P, would in fact result in reduced
scaling effect and therefore they suggested the use of the modified cavitation

number;
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Application of this theory to pumps, using data from Chivers {32, 33]
for water and Freon 11 in the temperature range 10 -~ 110°C showed good

gsimilarity within * 3%.

6.4 Boiling Heat Transfer of Binary Mixtures

The rate of bubble growth in a pure component depends on heat flow
toward the bubble boundary to satisfy the heat requirements for evaporation.
In liquid mixtures, on the other hand, heat diffusion is linked with mass
diffusion of the more volatile component, which is rapidly exhausted in
the liquid immediately adijacent to the bubble. The result of this is a low
concentration and mass diffusivity of the more volatile component, which
leads to a slowing down of bubble growth, because the mass diffusivity is

an order of magnitude smaller than the thermal diffusivity [172, 173].

Consider first the bubble growth of a pure ligquid given for the heat
conduction case in equation 6.24, whereby the bubble wall temperature has
reached the equilibrium saturated vapour temperature TS and hence AT = 60;
by integrating over the growth time and considering that R(t) >> Ro, hence

[17371;

k AT N
R = (;3;)% — (2t (6.54)
L o, 7o

Multiplying the right hand side of eguation (6.54) by /E//& and

replacing a by k/cp£ p, we obtain;

3
1 0,C
r o= (37 2R ap /ax (6.55)
T pv L

The final radius R can also be expressed as a function of the Jacob's

number, Ja (= o, sz AT/DVL);

1
R = (%%)2 Ja Vot (6.56)
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or more conveniently by;

R = P AT t% (6.57)

in which F is a growth factor dependent on fluid properties only, and for

the pure liquid is defined by;

C )

I E A SS -2 S (6.58)
kit L pv

On figure 6.1, the temperature depression across the conduction layer
for the pure liquid was assumed to be equal to the superheat of the liquid,
once the bubble wall has reached the saturation pressure of the liquid, or,
AT = 60 =T =~ TS. For the binary fluid mixture (figures 6.4 and 6.5), the
dew temperature of the liquid adjacent to the bubble wall is increased by
ATS due to the increase in the saturation temperature of the boundary layer
which is of a higher mass concentration of the less volatile component than
the bulk concentration. This means that the actual depression across the

boundary layer for the binary mixutre is less than that for the pure liquid

according to;

AT = AT ~ AT (6.59)
mix s
If one assumes the heat transfer to reach an equilibrium steady sﬁate7

with slow changes for the vapourous cavity, then according to Van Stralen
{172, 173], the bubble radius of equation (6.56) is also applicable for the

binary mixture with a new modified Jacob's number ;

(ga) . = £ _BX g (6.60)
mix ol L mix
Since ATmix is difficult to determine, it is more convenient to express

the bubble radius for the mixture in a similar fashion to eguation 6.57; or;
R ., = F . AT t (6.61)

Several authors [25, 150, 153, 172, 175] have investigated the bubble
growth phenomenon in superheated binary mixture in order to arrive at a

theoretical value for Flaix: Scriven [150] considered the case for a spherical
i
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vapour bubble expanding in a superheated binary mixture whereby the growth
is governed by the vapour inflow into the bubble and therefore the radius
expansion occurs at a steady rate. To account for the radial convection
effects resulting from unequal densities as a result of phase changes, he
modified the heat conduction equation for any point at distance r from the

bubble radius (r/R > 1);

ot _ % 2 e - R ar (& .69a)
st~ %3 r dr 2 or i
ar r
whereby ¢ = 1 - pv/pg. Similarly for the concentration gradient in the
surrounding liquid, he obtained the analogue equation;
2 .2

9% 9 x 2 3x R 3x

ax °ox 4 2 9% S 5.62

Jt “m (Brz x ar) € R r2 dr (6.620)

whereby x is the mass concentration of the more volatile component in the
liquid mixture, and o is the mass diffusivity of the more volatile component

into the less volatile component.

Van Stralen [173] modified the theories given by Scriven [150];
Van Wijk [175] and Brujin [25] to find an analogy between the heat and
mass diffusion into the vapour bubble of a binary mixture. The mass flow

equation takes the form;

2%,

Y
m 9dr r=R |, N
mix

R ., = - .
P, VY Py @ p, (y-x) R oix (6.62c)
whereby y is the mass fraction of the volatile component in the vapour
phase (for EG/W mixture y - 1 for concentration below 50% and below say

100°C).

Defining a bubble growth factor x = R/2¥at, Van Stralen was able to
show that for x(Rmix(t)) + %, that is, the concentration at the bubble
boundary approaches a constant value, then from analogy of the asymptotic

heat diffusion equation (ATR > 0 as t + @), we obtain;
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x(R . (t)) -y = x - x - [x - x(R , (t))]
miXx O O mix
kil QV %
= X, 07X - [Z(I—Z-) o (y=-x) (Z{‘"> <]
2 m

Equating O for the left hand side of equation (6.62d) and introducing
a vapourized mass diffusion fraction for the binary mixture G (see figure

6.5b) in the form;

X - X
G = 2 (6.62¢)
y - X

then from equation (6.624);

o
G = 2yt v eyt (6.62f)
12 o o
2 m

For relatively large «, i.e. sufficiently large superheat, it follows

from equation (6.60) that [173];

_ _ _ _ o mix A
ATS = Ts(x) Ts(xo) = (1 ) AT (6.63a)

wherebyFb is given to the pure liquid. From both equation (6.60) and
(6.62f) we also have;

a3 Fmix CEZ
G = (&“ﬂ e I AT
m b

{6.63b)

The ratio ATS/G (see figure 6.5b) simplifies in the asymptotic growth;

i.e., vaporous growth at t - o,
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AT am ) L F
—2 = B L R (6.64)
G o C F
p4 mix
From which we obtain;
¢ 2 o3 ATs
F . = F_ /(1+-B2 (&, ) (6.65a)
mix L - G

and by substituting for Fp from equation (6.58) we obtain:

Foo= (2! Yo (6.65b)

mix T

Solving for R _, from equation (6.61);
mix

123 AT Yat
Rmix = (j;ﬁ (6.66)
L o4 ATS
2
(Dv/pz) [(C )+ (aw) ‘"5*}
Pl m

The assumptions for estimating Rmix may not be wholly justified,
however, it is worth considering in order to obtain a lead into theoretical

developments capable of furnishing predictive information.
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Substituting AT of equation (6.55) by ATmix for the mixture, we

obtain;

cC ., o
R, = PP E . E (6.67)
mix s L pv mix

Equating the right hand sides of equations (6.66) and (6.67) and

solving for ATm‘ H

ix
sz a ., % ATs
ATmiX = AT/[1 + < C&;) ‘a—] (6.68)
or
ATmiX = AT/wmiX (wmix > 1) (6.69)

This expression is very useful for the temperature depression
associated with the thermal cooling of binary mixtures, which imples that
ATmix can readily be calculated from the mixtures physical properties.

Replacing R of equation (6.28) by Rm_ of equation (6.67) will mean

ix
a reduction in the thermodynamic depression of the binary mixtures as a

result of restricted bubble growth according to;

mix (wmix > 1) (6.70)

= Apv/w

(Apv)mix

Hence the pressure depression of the binary mixture is a fraction of
that of the pure liquid (of similar properties). The proportionality
factor l/wmix is a complex function of the physical properties of the
binary liquid, the mass diffusivity of the volatile component in the less

volatile component, and the ratio ATS/G.

Tests performed by Scriven [150] and Benjamin [15] on the binary
mixture Ethylene-glycol and water showed that from atmospheric boiling

with various degrees of superheat the bubble growth of the mixture is
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reduced below that of the volatile component (water), and reaches a
minimum at a mass concentration of ~ 5% water in the mixture. At this
concentration, Ja(mix) reaches almost half that of the volatile component
and about two-thirds of the less volatile component (Ethylene glycol),

(see also figure 9.14).

A different approach to the reduced bubble growth in boiling binary
mixtures is proposed by Stephan [160] based on convective pool boiling of
these mixtures. Shock [152] also reviews all pertinent literature in this

field.

Heat transfer in convection boiling of binary mixtures is known to
be usually lower than that of the pure component of the mixture; which is
related to the mass diffusion resistance to the volatile component due to
increased concentration of the less volatile component at the vapour liguid

interface.

Following the finding that heat flux densities for boiling of a
binary mixture do not show a linear change with molar change, Stephan [160]
elaborated on a theory to introduce a correction factor to the molar fraction

relationship, which can be simplified as follows [27];

Defining an ideal heat transfer coefficient of the mixture (hmix)id
which varies linearly with molar fraction ratios of the pure liquids. The
reciprocal of hmiX is the superheat ATmix and for unit heat flux it takes

the form;

(ATmix)id = Xl ATl + (1 - Xl) AT2 (6.71)

The subscripts 1 and 2 describe the volatile and the less volatile

compound respectively.

The actual superheat of the mixture is suggested to take the form
[160] ;
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ATmix = ¢mix <ATmix)id (¢mix > b (6.72)

and for the heat transfer coefficient (for similar AT);

hmix - (hmix)id/¢mix (6.73)

whereby in both cases;
¢ = 1+ K . (Y, - X)) (6.74)

Yl is the molar fraction of the more volatile component in the vapour
phase (Yl > Xl) and Kmix is an experimental value for the particular

mixture.

Equation (6.73) bears a similarity to equation (6.69) in that in both
cases a limited heat transfer rate across the vapour phase boundary is

produced with the result of restricted bubble growth.

Stephan [160] showed from experiments on various binary mixtures that
h . is lower than (h_, ).. depending on the type of the mixture and the
mix mix’ id
saturation pressure. For the mixture acetone-n-butanol, convection atmos-
. - 5
pheric boiling at a constant heat flux of 10 Watt/mz, gave a heat transfer
coefficient of almost half that of both the volatile and less volatile

components for a mass concentration of v 40% of the volatile component.

The application of equations (6.69) and (6.73) seem to depend on the
ability to estimate the factors wmix anqumiX for the mixture and the flow
conditions concerned. In our case equation (6.73) seems to be less useful
because of the difficulty in obtaining a representative super heat AT or
heat flux for the cavitation process. The bubble growth theory leading to
equation (6.69), on the other hand, seems to be more appropriate to use for
the cavitation bubbles, since both conductive and convective effects at the

bubble wall as a result of the mass concentration gradiént are considered.
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FIGURES 6.1 to 6.4
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CHAPTER 7

GAS SOLUBILITY AND CONTENT EFFECTS ON CAVITATION

7.1 Introductory Background

In Chapter 6 it was mentioned that in order to initiate cavitation
without producing a significant tensile pressure in the liquid, gas filled
bubbles which act as cavitation nuclei, must be present in the system. The
amount and distribution of these nuclei in the flowing system depend on the
amount of gas in the liquid and the history of the cycle. Changes in the
total gas content of the liquid are known to influence the cavitation in-
ception and performance of the hydraulic machines [60]. An increase of
" 100% in the inception cavitation number was recorded in a closed cycle as
a result of increased air content in cold water. In the field of pump
cavitation, several authors (32, 46, 86, 107, 130, 131, 147] have shown the
unfavourable effect of high gas content presence in the liquid on the
cavitating flow performance of hydraulic machines. These effects were found
to be most pronounced at the inception point when cold saturated water was

handled.

The effect of the total gas content is two fold [66], namely the free
gas can act as cavitation nuclei and the dissolved gas can influence the
size of the nuclei and the growth of gaseous cavitation bubbles. The total
gas content n, is the sum of the free gas content m, and the dissolved gas

content mD, or;
m = m_ +m (7.1)

The free gas content has a decisive role in the cavitation process, and
more precisely the size distribution of the free gas bubbles largely deter-
mines the cavitation inception in a system [60, 66]. Experiments have shown
that in different facilities or at widely different velocities and pressures
in the same facility, at the same total air content would not supply the same

size and distribution of nuclei [104].
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Ripken et al. [135] found that even for water of low dissolved air
content, the shear force produced by the vortex motion of the centrifugal
impeller is likely to promote the generation of gas bubbles which are
stabilized in the ligquid downstream to serve as cavitation nuclei in the
closed system. According to their experiments, although the amount of free
gas content could be less than 1% of the dissolved gas content, the effect
of the free gas bubbles is decisive in producing & significant increase in
Gi with both increased mF and flow velocity.

Vapourous cavitation occurs whence the ligquid local pressure drops to
a value below the vapour pressure at the saturation temperature, so that the
initial bubble is observed to grow explosively and is caused by the rapid
conversion of liquid to vapour. If however, the bubble starts to grow at
pressures above the vapour pressure of the liquid, then this can lead to a
pseudo cavitation, whereby the constant mass of gas in the bubble is merely
responding to the change in ligquid pressure outside of the bubble, so that
the bubble growsto a larger equilibrium radius. If the ligquid is super-
saturated with gas and transport of gas across the interface takes place,
then the bubble will grow mainly due to increased gas mass in the bubble.
This type of cavitation is termed gaseous and is usually a slow process [64].
Both pseudo and gaseous cavitation can also extend below the vapour pressure

of the liguid.

For liquids saturated with air, a highly super-saturated state can be
reached locally as the liquid enters a low pressure region in the machine.
If sufficient time is allowed, gaseous cavitation can occur at pressures
above the vapour pressure of the liquid. Assuming that at the bubble wall,
the gas concentration has reached the saturation level (CS), then according
to Arndt [8] the gradient of concentration between that of the bulk {single
component) liquid (C ) and that at the bubble wall will initiate a gaseous
diffusicn. The diffusion rate can be expressed using the Epstein~Plesset
[44] theory by neglecting the convection effects. For a single spherical

bubble it is expressed by:
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dm
= = 4R’ o (c_ - c,) {% b (7.2)
g Vwagt

where ag is a coefficient expressing the gas diffusivity in the liquid.
The gas mass mg at the time t can be found from the perfect gas law;
p. V. = Kn.T (7.3)

whereby K. is the gas constant. Equating for the partial pressure
pg from equation (6.6), we obtain for the gas mass
- +
4 3 5 Py 25/R

= =77 .
mg 3 R™ ( %7 ) (7.4)

Differentiation of equation (7.4) and equating to the right hand side

of equation (7.2) will give:

KT a_(C_ - cs) 1 1
B = g YR [E o ———] (7.5)
Py TPy T3 R rma t

Experimental results [44] have shown that a 10 times increase in size
from an initial bubble radius RO due to gas diffusion, by neglecting con-
vective effects according to equation (7.5), requires about 30 seconds for
a reasonably high concentration ratio Cm/cS of v 5. This implies that
significant gaseous diffusion in flow through hydraulic structures is highly
unlikely because of the short time residency of the bubble in the low pressure
zone. However, if a velocity gradient does exist at the low pressure region
then convective effects become important. Some authors [44, 176] extended
the theory of gaseous diffusion to include convective effects. Their results
showed that the time required for the bubble to increase its size 10 times
from RO is reduced by a factor of ~ 2V/Pe if convective effects are included.
Pe being the gaseous diffusion Peclet number (= uRO/ag) and is in the order

of 4 x lO4 [44], for cold water. This will mean that for a strong super-
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saturation of the liquid, a fraction of a second may be sufficient to allow

some gaseous diffusion, if convective effects are dominant.

Earlier experiments in this Department [192] with oil flow through a
venturi have shown that largely gaseous cavities in the throat grew in a
fraction of a second (1 - 5 ms) to a large enough size to choke the flow.
Although the gas solubility of oil is considerably higher than water, the
main reason behind the high gas diffusion rate is most likely linked to the

convective effects associated with turbulant flow at the throat.

7.2 Oxygen Monitor as a Gas Content Meter

The measurement of the gas content in liquids has been the subject of
numerous investigations. An excellent review on this subject is given in
Ref. [14]. The Van Slyke apparatus [125] is widely used to measure the total
gas content. Originally devised to measure the dissolved gases in blood,
this instrument uses the principle of subjecting the agitated liguid sample
to torric@llian vacuum thus allowing the dissolved gas to escape. By
measuring the partial pressure of the escaping gases, the volume of these

can be estimated using the perfect gas law.

The use of the Van Slyke apparatus for a flowing system however, is
hampered by the small sample volume and in obtaining a representative sample,
and in its introduction into the instrument {32, 57]. These difficulties
are made even worse when its use is linked with a hot circulating fluid in a

presurized system,.

Ideally one would like to know both the dissolved and the free gas
content for the reasons discussed previously. Morgan [104] listed all

important methods for the measurement of both total and free gas content.

One method to estimate the total air content in a liquid is by
estimating the amount of oxygen present in that liguid. Dry air contains

20.95% oxygen by volume regardless of pressure, and since for liquids
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saturated with air the solubility of the various components of air in the
liguid is proportional to their partial pressures above the liquid, hence by
knowing the saturation partial pressure of oxygen in the ligquid, the air

content can be easily estimated.

Using Henry's law, we obtain for the saturation partial pressure of the

dissolved gas;
o] = C 7.6
s B ( )

The Henry's constant 8 1is temperature dependent and is given by [7];

17032400 Py

= .7
8 W, + Pg (7.7)

whereby both 8 and pg are in mm Hg, o i1s the Bunsen solubility coefficient.

For water, the oxygen concentration at equilibrium (CS) can be found

if the partial pressure of O, is known. At 20°C and a partial pressure of

2
160 mm Hg (atmospheric), this concentration was found to be 5.12 x 10'6 in
mole basis (Appendix II). Knowing that the dissolved oxygen comprises about
33.3% of the air volume dissolved in water [84]; the concentration of

saturated air in water at 20°C is found to be 15.38 x 10-6 in mole basis

(Appendix II).

The drawbacks of the oxygen measurement method emerge when conditions
are away from an equilibrium (saturation) state. If conditions are such
that a considerable amount of free air is circulated in the system, then
percentage of nitrogen and oxygen in the dissolved and free air may vary
depending on the cycle history [104]. Therefore a straightforward conver-
sion of oxygen content to total air content may be erroneous. Similar doubts
were expressed by Furness [51], commenting on results obtained by Chivers

(327.
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Of the various methods for measuring O, solubility, the Winkler

2
chemical method [182] and the Polographic electrochemical method [62] are

mostly prominent.

The Winkler method and modifications of it have been among the most
popular and the most accurate [14]. It involves the oxidation of freshly
precipitated manganous hydroxide by the dissolved oxygen to form manganic
hydroxide. The solution is then made acidic under which condition the

manganic ion oxidizes iodide.

The Winkler method although very accurate is a slow chemical process
suitable for laboratory work. In testing the O2 content of liquids in a
flowing system a quick and easy method is required and therefore the polo~-

graphic method provides the answer.

The advantages of this method are mainly the ease of calibration (on
atmospheric air) and the ability to measure the oxygen content directly and
continuously due to the quick response of the amperometric sensor. The
drawbacks of this instrument are the temperature limitation (up to v 40°C)
and the pressure at the sensor which cannot respond to negative pressures
and hence measurement at sub-atmospheric pressures of the cavitation region

cannot be done.

The description and installation of one such instrument used in this

research (Beckmann 7003) is given in Chapter 2.

7.3 Discussion of Gas Content Test Results

7.3.1 Change of 02 Concentration During the Test

In a closed circulation system, the level of gas content is likely to
change with test time. If the liquid is saturated with alr, then as it passes
through the low pressure region of the pump, some gas will come cut of solu-~
tion. Some of this liberated gas will redissolve again as it enters the high
pressure zone at pump discharge, and some of it may circulate around the

system as free gas bubbles.
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The present test series of gas content in water and 3 different con-
centrations of EG/W mixtures has been limited to a liquid temperature of
20°C for two main reasons. The first is the low vapour pressure of the
liquids tested at this temperature which do not influence the measured
partial pressure of oxygen significantly. The second and more important
reason was the intention to measure the 02 content at the same calibration

temperature of 20°C to avoid excessive errors of the instrument.

A constant flow cavitating test was applied according to the test
procedures outlined in Chapter 2. A constant flow rate of 240 L/min,
corresponding to Qopt at 4000 rpm was used throughout the test series.
The pressure level and control was done by increasing or decreasing the

main reservoir pressure as outlined in Chapter 2.

Calibration of the oxygen monitor was done at a room temperature of
20°C and a barometric pressure of 752 mm Hg. 100% saturation was obtained

by exposing the sensor to air and adjusting the instrument to read 21% 02.

Every test started by pressurizing the rig to achieve non-cavitating
conditions at pump inlet and then reducing the pressure level in the system
gradually until cavitation started and then progressing towards head break-
down. Oxygen content was measured at an interval of n 5§ minutes at a point
in the discharge pipe vicinity (figure 2.4). Total duration of the test was

about 45 ~ 50 minutes.

On figure 7.la, the 02 concentration readings for water and 2 liquid
mixtures were recorded with respect to test time. These liquids were used
without any treatment. Tap water was pumped into the rig and left for 48
hours to reach equilibrium. EG/W mixtures were kept inside the storage

barrels for a long period with ample air contact.

On figure 7.1b, the same three liquids were treated before the test.
By heating these liguids up to a temperature of about 95°C overnight, most

of the dissolved gas was expelled. By cooling them down to 20°C over a
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period of 48 hours, without significant contact to air, partial de-aeration

is obtained.

From these two figures, several interesting features can be outlined.
For water the influence of test time is two fold. The first is to decrease
the oxygen content for the saturated liquid and the second is to increase it
for the partially de-aerated liquid as time passes. Eventually they end up
both at the same level of about 60% saturation after the passing of about
one hour. The behaviour of water saturated with air seemed to nearly agree
with that obtained by Chivers [32] on cold water. A reasonable suggestion
for the cause of it lies in that the liberated air tends to collect at the
top of the main reservoir and therefore the test rig will be acting a large
Van-Slyke apparatus down to a stable partial saturation level. The stab-

ilization time is thought to depend strongly on the rig geometry.

Partially de-aerated water seems to redissolve some air as time goes
by, eventually to reach the same stable saturation level of v 60% (in the
rig used). This is easily explained as free air is available through the
free surface created at the top of the main reservoir in order to create low
pressures for the purpose of reducing pump inlet NPSE. This free air is
absorbed by the ligquid of low air content as a result of the non-equilibrium

condition.

As for the EG/W mixtures, the influences of test time on the 02 satur-~
ation level for the saturated liquids (figure 7.1b) is less important within
the period of test. 25/75 EG/W solution seems to increase its O2 content
with time until it reaches full saturation then starts to decrease slightly
again. Similar increase of 02 content ‘1s also visible for the 45/75 EG/W
solution, although the limit of 70% saturation is nearly maintained through-
out the test. This seems to suggest that for the EG/W mixture the effect
of test time is less important than it is for water. A possible reason for
this is that liberated air bubbles do not rise to the reservoir top in ordex
to escape, but rather, they recirculate in the system as free gas bubbles,

& phenomenon confirmed from visual observation. As these undissolved gases

appear in bubble form, the 02 meter will record the same reading for the
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total 02 content although the ratio of free to dissolved content may

increase as the test progresses.

Partially de-aerated EG/W mixtures (figure 7.l1b) seem to behave
similarly, but to a lesser extent than water. As the concentration of EG
in the mixture increases so does the changes of 02 content with time
become less pronounced. This is probably related to the anti-foaming
substance present in the commercial Ethylene glycol used here, which is
expected to collect at the interface and therefore reduces the gas diff-

usion coefficient.

The test results of figure 7.1b have been replotted in figure 7.2 as a
function of the pump inlet pressure. It is interesting to note from this
figure that as long as the system remains closed to the atmospheric air,
the influence of the system pressure does not seem to influence the absolute
o2 saturation significantly for all liguids. Since the local pressure at
the sensor is v 0.8 bar above the inlet pressure at 240 L/min, this pressure
is all the time above atmospheric for the closed rig and one would expect
from Henry's law that air saturation would rise with pressure at any given
liquid temperature. However since no additional air can enter the rig, the
partial pressure of the original dissolved air cannot rise due to the incom~
pressibility of the liguid (in the limit of pressure dealt with in the
hydraulic machines). As the reservoir is opened to atmospheric air needed
for the control of reservoir Pressure, the saturation level of the liquid
starts to pick up because more air for solution is available at the inter-
phase. The diffusivity rate depends of course on the amount of Ethylene

glycol in the mixture, being higher for water.

The influence of the free surface in the reservoir is clearly seen on
figure 7.3 when reservoir pressure control is compared to inlet valve control,
whereby the inlet NPSE to the pump is reduced by throttling on the inlet
valve. In this case the reservoir has no free surface but rather a 10 mm
diameter vent pipe to keep it under atmospheric pressure all the time. Here

it is clearly seen that system pressure has only little influence on 02
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saturation for the valve method over the whole test period, because air

cannot enter or leave the rig in sufficient quantities.

It should be noted from this figure that although the valve method was
found to be inferior to the reservoir control method for the saturated
liguid [57], it is for the same reason superior ro the reservoir method,
when liquids of low air content are handled. Whereas for the saturated
liquid the absence of the free surface in the reservoir does not allow for
liberated gas to escape and hence recirculate in the system, it helps to
minimize the inflow of free gas into the system when de-aerated liquids are

being handled.

7.3.2 Gas Content Effect on Cavitating Flow Performance

The influence of the gas content on pump cavitation can be divided into
two categories, limited and extensive. By limited it is meant that the
increase is gas content (mainly dissolved) influences the pump performance
only at a certain stage in the cavitation process, namely at inception and
a small head drop. Extensive gas content effect is the case where the high
amount of gas present in the liquid (both dissolved and free) does influence
the pump performance over the whole cavitation process, i.e. from inception

to performance break-down.

In the present rig complete de-aeration of the cold liquid is not
possible. However, partial de-aeration can be performed by heating up the
fluid to near boiling so that most of the gases are allowed to escape. By
cooling it down to room temperature with little or no access of atmospheric

air to the system, a low gas content level can be obtained.

On figure 7.4, limited gas content effect is shown for a) water and
b) 50/50 EG/W mixture. The influence of increased gas content for both cases
is limited to the range 0 N~ 7% head drop. Extensive gas content effect is
shown on figure 7.5 for a) 25/75 EG/W and b) 50/50 EG/W mixtures. Increased

alr content seems to influence the developed head over the whole cavitation
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process from the point of inception to complete head break-down.

As the liquid of known gas content enters a region of low pressure
and high velocity gradient where vortices are present, then the ligquid will
reach a saturation state even for very low gas content. If the gas content
is high enough then a super-saturated state is likely to occur, and if the
residence time of the gaseous bubble in the low pressure zone 1is long enough,
gas will diffuse into these bubbles with the result of a singificant bubble

growth.

From equation (7.5) if conditions at the pump inlet, such as liquid
pressure, temperature and residence time are unchanged, then the bubble growth
is merely dependent on the size of the gas bubble and the concentration

gradient between the bulk liquid and the bubble wall (c, - CS).

For water it is widely accepted that gas content effects do not influ-
ence the cavitation performance at break-down [131, 147]. This seems to
agree with the results of figure 7.4a. Chivers [32] however, found from
tests on a small pump that pump cavitation with cold water can be influenced
by the amount of the gas content even at an advanced stage (break-down).
This contradiction can only be related to the different test facilities used
by the various authors. Free stream gas bubbles serving as nuclei are very
much dependent on the type of pump test facility and duration of test, even

if water saturation level is the same to start with [1357.

In our case, whereby a free surface is created above the liquid in the
reservoir in order to produce a low pressure, the saturation level of both
saturated (non-degassed) and degassed water approach nearly a similar value
(v 60% saturation) as the pump approaches break-down. Although this does
not mean a similar level of free gas bubbles for both conditions, the effect
of the gas content ceases to exist while the vapourous cavities are mainly

operative.

Extensive gas content effect is established when tests are carried out

using EG/W mixtures of different concentrations (figure 7.5). Contrary to
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water of similar concentrations, the cavitation process is affected through-
out the test from inception to complete head break-down. The gas concen-
tration of these mixtures seems to be only slightly changed as the test time
progresses. Gases liberated as a result of the low pressure and shear forces
produced by the pump vortices do not escape via the free surface, but rather
recirculate in the system, hence free stream bubbles increase in number and
size as time progresses, a phenomenon confirmed from visual observation. The
reason for this is not easy to explain, but a suggestion can be made with
regard to the higher viscosity of those mixtures which diminishes the buovancy

of the free gas bubble in the main reservoir.

If convective effects were included in the gas diffusion formula of
equation (7.5), then according to Arndt [8] a fraction of a second may be
sufficient to promote gaseous diffusion, if a strong super-saturation zone
is reached. This suggests that something like that is likely to happen when
non-degassed EG/W mixtures are circulated in the rig, knowing that for the
test pump used here the vortex motion around the drive shaft and seal may

produce a comparatively long residence time of the gaseous bubbles.

If we consider a limit (L) between the limited and extensive gas content
effect, then for a known saturated concentration Csand”residence time t, the

limit can be expressed by using the relationship of equation (7.5):

cC -C <L limited effect

R c >L extensive effect

whereby Kc is a gaseous bubble growth constant.

Following this assumption, the different behaviour of the 50/50 EG/W
mixture on figure 7.4b and 7.5b could be explained. For nearly the same
concentration reading of ~ 50%, the only difference between the non-degassed
mixture (figure 7.6b) and the degassed one (figure 7.5b) can only be related
to higher super-saturation C, due to the increased number of free gas bubbles

recirculating in the system and eventually are collected in the low pressure
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zone, when non-degassed mixtures are being used. A high value of Kc in
equation 8.11 will results in an appreciable gas diffusion with the effect
of the pump performance dropping sharply due to increased amount of air

blocking the impeller entrance.

The results of figure 7.5b and 7.6b also suggest that the use of the
oxygen amperometric monitor is not suitable for measuring the change in
balance between the free and dissolved gas content. Ideally one would
require to measure both dissolved and free gas content simultaneously.
Morgan [104] lists most of the available methods available for measuring
the free air in water, of which the capacitance sensor provides the highest

accuracy.

The scale effect due to the gas content defined by the increase in the
cavitation number by an amount of Acg due to an increase in the gas content
is shown on figure 7.6 as a function of the Ethylene glycol concentration
in the mixture. For a head drop of 3%, the scale effect is due to the total
air content in the liquid, whereas at head break-down it is mainly due to
the free bubbles which contribute to the impeller entrance blockage. This
seems to be confirmed from photographs taken with 45/55 EG/W mixtures at an
advanced stage of cavitation, with the gas nuclei increasing in number so
that their density is high enough to block the vision through the sight glass
(Chapter 10).

Increased size and number of gas nuclei in the mixture which largely
contribute to the extensive cavitation effect are probably related to the
surface properties of these particular mixtures, which allow the gas
nuclei to increase sufficiently in size, to reach a stable equilibrium radius

even at the high pressure region of the system.

7.3.3 Inlet Vortex Cavitation Inception

From visual observation of the flow field at impeller entrance of pump

J, a free vortex was found to establish itself around the impeller hub as
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a result of the peculiar inlet pipe design and the high speed rotation of
the shaft and seal. Cavitation bubbles start to appear inside the vortex

Core very early on in the cavitation process.

In figure 7.7, the incipient cavitation numbers were recorded at the
first appearance of the bubbles inside the vortex. Tests were conducted
with pump J at various pump speeds both with water and EG/W mixture, keeping
both liquid temperature and flow coefficient constant. From this figure,
two obvious conclusions are immediately apparent. The first is the linear
increase of the inception cavitation number Oi with pump speed, and the
second is a higher cavitation number for the EG/W mixture over the whole

pump speed range.

Similar results were obtained on a second impeller of the same pump,
using similar flow coefficient and fluid temperature (figure 7.8a). Com-
parison of the cavitation number for the two impellers, however, showed
that the impeller with the nearly radial blades (J-8-70) produces a lower
cavitation number for the same liquid and liquid temperature, than the
impeller with back swept blades J-6-50, thus suggesting a strong influence
of geometry (figure 7.8b).

Core formation in swirling flow has been shown to be a function of the
swirl angle [12]. The core radius r_on figure 7.7 was also shown to vary
from rh to rl depending on the strength of the swirl and the meridional

velocity component of the flow.

The minimum pressure inside the vortex is best described by the minimum
pressure coefficient C__ .  defined by:
pmin
Py ~ P
= —— 0 (7.9)
2
tpv

fes]

c_ .
pmin

and can be predicted from a Rankinemodel [8, 16]:
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Pmin - Zwrcu ) (7.10)

whereby [' is the circulation in the flow. Both I and Ie are difficult to
estimate because of the many dependent variables involved. Billet [16]
showed from his experiments on secondary flow generated vortices in a 48 inch
water tunnel, that predicted values according to equation (7.10) agree well
with actual test results. He also showed that desinent cavitation numbers
are Reynold number dependent (with respect to flow velocities) and increase
proportionally. This is a phenomenon also confirmed by other authors [8,

67], and the following proportionality was suggested:
¢, " Re (7.11)

Similar proportionality seems to be evident from the results of both

figures 7.7 and 7.8.

The local pressure at which vortex cavitation appear, are normally
significantly higher than the vapour pressure of the liquid and therefore
bubbles appearing at that early stage of cavitation are mainly of the non-
vapourous {(gaseous) type. In fact vortex flows tend to be good collectors
of gas bubbles [16]. Therefore, in the absence of any significant dynamic
actions, Holl [67] suggested that the gas pressure is a dominant factor in
the estimation of the vortex cavitation number. By neglecting the thermo-
dynamic term CT at the point of inception in equation (6.17), in addition

to the bubble growth term ¢, we obtain;

pq 2 S/R
i Somin * 5 T 5
Yoo, v, Yo, v,

(7.12)

The surface tension term in equation 7.12 is of significance only for
bubbles of very small initial radius RO. For a visible bubble at the point
of cavitation inception, the bubble diameter is in the order 0.1 - 1 mm,

) 2
and therefore the surface tension term 2S/R / ip v, barely reaches 1% of
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the cavitation number. This suggests that the influence of the surface

tension can be neglected and therefore equation (7.12) reduces to:

o, = C +———2—~2- (7.13)

This is the general form of the inception cavitation number of the
vortex found in the literature [8, 67]. Billet [8] and Holl [67] found
that for the same CPmin' Oi is likely to depend on the dissolved gas con-
centration in the liquid. For low gas content, Gi is likely to increase
with flow velocity simply because Cpmin is Re number dependent and tends

to increase according to equation (7.11).

In comparing water with EG/W mixture at the same pump speed and flow
coefficient, Cpmin is expected to be lower for the mixture because the
circulation T is likely to reduce with increased viscosity [16]. However,

if the change in Cpm. is considered to be only small for the viscosity range

in
encountered here, then the difference in oi for both liquids is mainly

dependent on the gas pressure.

The saturation gas pressure can be found from equation (7.6). For
gasses which are not in equilibrium with the liquid, this equation can be
modified as follows [67]:

p = K CS B (7.14)

whereby Ks is a constant expressing the percentage of saturation in the

liquid.
For gasses in contact with the liguid, applying the Henry-Dalton's law

for the equilibrium condition, then equation (7.14) can be presented in the

fellowing form:

pg = KS kptOt - pv) (7.15)
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The total pressure of the gasses above the liquid ptot is v 1 bar for
dry atmospheric air. At low temperatures (< 20°¢C), P, for water and EG/W
mixtures can be ignored as being too small to consider. As the temperature
of the liquid increases so does P, and eventually at the boiling point, pg

is zero and the liquid is de-aerated.

Following the assumption of equation (7.13), for similar cpmin' the
increase of S, for EG/W mixture on figures 7.9 and 7.10 can be related to

the difference of the gas pressure of the dissolved gasses at 90°C, or;

bo, = —_— (7.16)

To establish a quantitative solution for equation (7.16) one would
require to apply equation (7.15) for both water and the mixture EG/W. From
actual tests the local static pressure at the point of inception was found
to be nearly the same for water and 45/55 EG/W mixture, and therefore EEot
of that equation can be assumed to remain unchanged for both conditions.
Assuming the percentage saturation Kstakes a similar average value, then

equation (7.16) can be represented in the form;

KS pV pV
S/ LS DR ST (7.17)
2

From figure 7.l,KS takes an equlibirum value of ~ 0.7 for water and
45/55 EG/W after the passing of v one hour at 20°C. If Ksis assumed to
remain unchanged while heating up the ligquid from the saturated state, then

the application of eguation (7.17) can be attempted at 90°C with4Ksz 0.7.

The results as calculated from this equation are plotted on figure 7.9
at different pump speeds. Actual values of Aci taken from figures 7.7 and

7.8 are also plotted on figure 7.9 for both impellers J-8-70 and J-6-50.
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The agreement between the calculated and measured values of Aci is
reasonable enough within the test accuracy limit. This may suggest that
the assumption of equation (7.16) holds well for this particular pump.
The difference in gradient between the predicted and actual Aci lines may
be related to the Re number effect.

In reality botersand Pt may vary for each ligquid, and equation

ot
(7.17) must be altered to take an average value. However, at present the
assumption made for water and 45/55 EG/W mixture seems to agree reasonably

well with the actual test results.

Hub vortices of conventional pumps without a bare shaft inside the
flow field are not expected to be of great significance compared to the
pump discussed above. However some degree of vortex is likely to occur at

low QcaV/QOpt values.

7.3.4 Comments on the Gas Solubility of Polar Liquid Mixtures

In considering the solubility of gasses in a liquid, the relationship
between the Ostwald solubility coefficient Y and the surface tension of the
liquid provides a sucessful correlation for most liquids and liquid mixtures
[14]. BAccording to the theory presented early on by Uhlig [171] and confirmed
more recently by other investigators [14], if a spherical gas molecule of
radius r is to enter the solvent, a spherical cavity must be produced in the
solvent of essentially the same radius. A certain amount of work is done
in producing this cavity since any increase in surface of a ligquid is
associated with a definite energy change, which is simply equal to 4wr25,

In addition to this surface energy, there exist some energy terms which
arise because of interaction of solvent and solute molecules. Given the term
E for these interaction energies, the total energy change due to the transfer

of the gas molecule takes the form:

Au = 4ﬂr%§~ E (7.18)
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And from the equilibrium theorem for the concentrations of solute molecules
in the two phase, Uhlig [171] expressed the gas solubility in the following

form:

2
E - 4mr s (7.19)

Iny = KT

Equation (7.19) indicates that if E remains constant for a certain gas,
then the greater the radius of the solute molecule and the surface tension
of the solvent, the smaller will be the solubility y. From his own
experience, Uhlig found that for the common gasses 02, N2 and CO, E is small
compared to the term 4Wr2S and does not change significantly from one solvent
to another. Hence n y is expected to be a linear function of the surface

tension for most cases.

This is confirmed by Schlipfer [148] who tested the solubility of 02
in several organic liquids and water. However, his test results of 02
solubility in Ethylene glycol and glycerine does not seem to agree with the
surface tension concept, with Ethylene glycol taking up only half the amount
of 02 taken up by water. More recent results [140] however, showed that
several bench tests for pure saturated Ethylene glycol gave a total air
content almost twice that of water, which seems to agree well with the
surface tension concept. This may suggest that Schlipfer test results for
EG are incorrect due to the non suitability of this liguid for the Winkler
method, or perhaps because the Ethylene glycol used could have been contam~
inated by the higher glycols. Gjaldback [54] also found that the Bunsen
absorption coefficient of N2 in Ethylene glycol is 0.032 compared to 0.016
in water at 20°C. This again agrees well with the results obtained by NASA
[140] for the air content in this ligquid. Therefore it can be rigﬁiy con-
cluded that the surface tension theory is also applicable for Ethylene

glycol.

Some reservations in the application of the surface tension concept
arise when ligquid mixtures are considered, because the surface tension may

not represent a property of the bulk solvent because of the enrichment of
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the surface by the component of lower surface tension. Experiments have

shown however, that surface active components present in the mixture do

not influence the equilibrium solubility of the gas in the mixture but

rather the rate of attaining equilibrium [14]. Test results obtained by
Kretschmer [91] on organic mixtures showed that the solubility of 02 and

N2 in iso-octane is about 4 times that of ethanol ébased on molar fraction)
for a decrease is surface tension of about 5 x 10 N/m. The solubility

of these two gasses in a 50/50 mixture of these two liguids was half way
between those of the pure liquids. Similar results were also obtained on a
50/50 mixture of Acetone/Ethanol mixture, which seems to confirm the app~-
licability of the surface tension concept for the solubility of gasses in
ligquid mixtures. In figure 7.1l the solubility of 02 in various Alcohol-water
mixtures seems to indicate reasonable agreement with the surface tension theory
[1487.

Of particular interest here is the effect of temperature on the
solubility of gas in liquid mixtures. From equation (7.19) it will be
observed that if 4wr28 > E then the solubility of the gas increases with
temperature T, and vice versa [171]. Pure water is known to have de-
creasing solubility of 02 with increased temperature [148]. On the other
hand the organic mixture Acetone/Ethanol showed some increased solubility
of 02 and N2 with temperature [91]. No information is obtained on the
mixture EG/W from the literature. On figure 7.12 the surface tension of
pure Ethylene glycol and water is plotted against temperature [20]. One
value for the mixture 50/50 EG/W is available at 25°C (6], frem which a
line is extrapolated to show approximate relationship with temperature.
Higher gas solubility of the mixture cempared to water at all temperatures

is expected following the assumptions of the surface tension theory.

On figure 7.10, the % O2 saturation of the mixture EG/W at 20°C is
plotted against concentration of EG. Assuming an instrument accuracy of
* 3% at 20°C, this figure indicates that mixtures of higher concentrations
which are supposed to be in equilibrium with atmospheric air, seem to be
under-saturated. The only explanation for this behaviour can be found from

the fact that mixtures stored inside the barrel for a long period of time
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are likely to allow the anti-foaming agent to float on the surface and hence
reduce the amount of air diffused into the liquid. Further experiments in

the future are necessary to verify this behaviour. By stirring the mixture
before circulation or better by using Ethylene glycol without any additives

may help to push the gas solubility of the mixture nearer to full saturation.

EG/W mixtures are used for other industrial purposes like drying natural
gas. Additives like anti-foaming and anti-corrosion inhibitors can be
different from those required for the cooling system, and therefore test
results obtained with the latter might not be completely true for other
mixtures. However, the general trend of gaseous diffusion is likely to

remain nearly similar in most cases.

7.4  Concluding Remarks

The test results on the effect of gas content on pump cavitation are
by no means conclusive. Their importance however cannot be underestimated.
Especially where a binary polar liguid mixture is handled the amount and
the size distribution of the gas bubbles in the mixture seem to produce a
significant scale effect throughout the cavitation test procedure. From
the preceeding discussion of these test results, the following points of

interest are outlined.

1. Measurements of dissolved gas in water and EG/W mixtures were obtained
by measuring the percentage saturation of oxygen. A Beckman amperometric
sensor responding to the partial pressure of 02 in the solvent was used for
continucus monitoring of the oxygen content during the test. Pressure and
temperature limitation of this device made it necessary to make all measure-

ment at 20°C and at a sample pressure of 1 - 1.8 bar, abs.

2. As the 02 measurement was carried out directly at a point near the
discharge of the pump, it was possible to assess the level of 02 saturation
as the test progressed from non-cavitating conditions to complete head break-

down. For water, the existence of a free surface in the main reservoir,
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created to produce low pressures in the system, has a two sided effect.
The first is to allow some of the dissolved gasses to escape when satur~
ated water is circulated. The second is to help to redissolve some air
when de~aerated water is handled. Eventually an equilibrium percentage
saturation of v 60% is reached (in the particular rig used) for both cases
after the passing of about one hour. Removing the free surface by using
the suction valve to control the inlet pressure to the pump, these effects
seem to diminish with degassed water retaining almost the same percentage

saturation during the test.

3. The level of 02 saturation change during the test is also influenced

by the type of circulated liquid. For EG/W mixtures these changes are less
pronounced than those obtained with water. 45/55 EG/W mixtures seem not to
be influenced by the presence of the free surface for both the saturated and
the degassed state. As this mixture passes the low pressure zone of the pump
some air will be released and stabilized as gas bubbles downstream of the
pump. As the sensor is expected to respond to the total gas partial pressure
of the oxygen, the same reading at the start and the end of the test may mean
similar total gas content. However the amount of free gas bubbles may have
increased tremendously. A phenomenon confirmed from visual observation.
Therefore the 02 monitor is not a relaible source of distinguishing between

dissolved and free gas content.

4. Two types of gas content effects on the cavitating flow performance of
pump J could be distinguished. The first is a limited effect influencing
the generated head at inception and small head drops, and the second is
extensive, influencing the pump performance from inception to head breakdown.
The first effect is believed to be mostly due to dissolved gas content and
the second effect due to both dissolved and free gas content. Saturated
water and degassed 50/50 EG/W mixture fall under the limited effect category

and ‘all saturated EG/W mixtures fall under the extensive effect category.

5. From theoretical considerations, if convective effects are included

gaseous cavitation can occur with the results of a significant scale effect
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due to gas content. If the concentration gradient between the gas bubble
and the bulk liquid (C°° - CS) is large enough and the bubble radius is
small, then significant gaseous diffusion is likely to happen, even for
relatively short residence time. Defining a limit I. between the limited

and the extensive gas content effect, then

o S <L limited effect

>L extensive effect

EG/W mixtures of high gas content with a large amount of visible gas
bubbles circulated in the system are likely to produce high K,c with the

result of extensive effect of the gas content.

6. The side suction design of pump J is likely to promote pre-rotation

at the impeller entrance in the same direction as pump rotation. This pre-
rotation is further accentuated by the swirling action of the drive shaft
and seal with the result of a free vortex forming around the hub of the
impeller; a phenomenon confirmed from visual observations. Cavitation
bubbles appear inside this vortex at pressure significantly higher than the
vapour pressure of the ligquid, hence suggesting that these bubbles are of
the gaseous type. Recording the inception point for water and 45/55 EG/W
mixture showed that Oi ilncrease linearly with pump speed for 2 impeller
geometries of pump J. Apart from the geometrical effect, the EG/W mixture
seems to give about 20% higher Oi than water at all speeds. By neglecting
the thermodynamic effect due to the absence of the vapour bubbles and for
insignificant surface tension effect, the difference between 0 of water and

45/55 can only be related to higher gas pressure of the mlxture

An approximation of the difference Aoi for these two liquids is found

from the Henry-Datton's law;

AG‘ = - .
i 2 0 'water o EG/W



124.

where Ksis an avVerage percentage saturation for both liquids. The agreement
between the calculated and measured Aci for two impeller geometries is

reasonable with an average value of Ks = 0.7.

7. By considering a linear relationship between the solvent surface

tension and the solubility of gases, EG/W mixtures are expected to dissolve
more gases than pure water. Instrument reading of " 50% saturation for 50/50
EG.W in equilibrium with air can only be explained in the context of the
anti-foaming aditives present in the commercial Ethylene glycol. If the
mixture is stored for a lengthy period (which is normally the case), these
additives would float on the surface and reduce the amount of air diffusion
into the liquid. Pure Ethylene glycol or those used for other industrial

purposes are not expected to show similar behaviour.
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FIGURES 7.1 to 7.12
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CHAPTER 8

THERMODYNAMIC EFFECT AND THE PROPERTIES OF LIQUIDS:
DISCUSSION OF TEST RESULTS

8.1 Temperature Effect on Pump Cavitations

In order to maintain adequate pump operation, the net positive suction
energy (NPSE) defined by the difference between the total pressure energy
at the suction flange and the vapour pressure energy (equation 5.1), must
not be reduced significantly below that required for cavitation free
operation. In Chapter 5 the suction performance of the small pumps was
discussed in detail, and it was shown that the required NPSE depends largely
on pump design and the flow conditions at impeller inlet. Equation (5.6) is
a general form of the required NPSE, whereas equation (5.11) is a more

reliable source for its estimation, although much more difficult to apply.

Let us consider equation (5.1) for the estimation of the available
NPSE at the suction flange of the centrifugal pump. As the circulating
liguid temperature rises so does its vapour pressure and hence in order to
maintain the same NPSE at all temperatures, the inlet pressure pin must be

increased simultaneously as p, rises.

The equilibrium vapour pressure of water, Ethylene glycol and their
mixtures are plotted in figure (8.1) at elevated temperatures (80 - 120°C)
[37]. On figure (8.2) the same vapour pressure values are replotted as
function of percentage Ethylene glycol for any particular elevated temperature.
From both two figures it should be obvious that EG/W mixtures have lower
vapour pressure at any one temperature depending on the concentration of EG
in the mixture. Hence to produce the same required NPSE of equation (5.1),
the mixture requires less inlet pump pressure. 80/20 EG/W mixture for example
has a vapour pressure of less than half that of water at temperatures 90 -
120°C and therefore apparently needs nearly 50% less inlet pressurization to

maintain similar NPSE than that for water.
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This is quite good from the operational point of view, because it
reduces the need for extra high inlet pressures, which also means cheaper
fittings and less leakage problems. The other advantage arises where inlet
pressurization is reduced or diminished for some reason. In this case the
EG/W mixtures would perform better, because for the same low inlet pressure
which may prove inadequate for water, is likely to be sufficient to maintain
some degree of pump performance adequacy. This was found to be true from
tests on a constant geometry system using both water and EG/W mixtures [29,
35]. At an inlet pressure of 0.8 bars, abs, pump J operated near its Qopt
was approaching complete performance breakdown when water at 90°C was
handled. When 50/50 EG/W mixture at the same temperature was handled, the

same inlet pressure proved to be quite sufficient to maintain adequate pump

operation, with only minor performance drop.

Pump cavitation is the result of a vapour cavity forming in the lowest
pressure region of the pump, normally at the suction side of the blade. A
fixed vapour cavity in the flow passage of the impeller has the effect of
both reducing the blade loading capacity of the impeller and of producing a
restriction to the flow passage, with the result of performance drop both

in developed head and overall efficiency.

In Chapter 6 it was assumed that in order to maintain a fixed cavity
in the low pressure region, a continuous vapour mass flow across the cavity
boundary must be always present. This mass transfer is associated with heat
transfer and therefore a temperature gradient AT must exist at the wall to
satisfy the equilibrium condition. This is normally termed the thermodynamic
effect. Theories dealing with the thermodynamic effect associated with the
fixed cavity are reviewed in section 6.3. Basically these theories assume
a pressure depression Apv corresponding to the temperature depression AT,
which is largely dependent on the equilibrium vapour pressure gradient
dpv/dT at the cavity wall. Practically all these theories have been shown
to be related in some way or another to the B-factor theory [155], which
correlates the cavitation tendency of the pump to the vapour to liquid

volume ratio (VV/VQ).
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For the cold liquids water and EG/W mixture the thermodynamic effect
prceduces only negligible pressure depression Apv as compared to the hot
ligquid, because of the low dpv/dT ratio at low temperature. As an example,
a temperature depression AT of only 2°C for water at 20°C produces a
depression Apv of 0.003 bar compared to 0.07 bar at 100°C, an increase of
23 times. This led to the conclusion of treating cold water as the liquid

with the worst cavitation performance [155].

Earlier test results on water {46, 81, 145, 154, 155, 158] showed that
as the liquid temperature rises so does AT and Apv, with the result of
improved pump performance correspondingly. In the early stage of this
research some tests on water were performed at temperatures up to 110°C.

Pump J was operated at 5000 rpm at a constant test flow of 0.86 QOp The

deterioration of both developed head and overall efficiency as a rezult of
NPSE reduction were plotted on figure 8.3. The effect of temperature rise
is to improve the cavitation performance of the pump by delaying both
inception point and performance breakdown and therefore the same performance
drop can be achieved at a lower available NPSE than that of the cold water,
mainly due to improved thermodynamic effect. This agrees well with the
results obtained by other authors mentioned above. In the next chapter we

shall try to compare our test results with some other people's results and

correlate them with respect to the B-factor theory.

Binary liquid mixtures of the polar type such as Ethylene glycol and
water have lower vapour pressures and lower dpv/dT ratio than water at any
particular temperature, therefore the thermodynamic effect is expected to
be less pronounced than water. Earlier test results {43, 57, 167] showed
that this is true, however, they also showed that temperature rise produces
an opposite trend at least up to "~ 110°C, with the cold mixture giving the

superior cavitation performance.

One of the main purposes of this research was to investigate this
phenomenon further using three different centrifugal pumps of the automotive

type. 50/50 EG/W mixture (by volume) was used in all cases. To reduce the



129.

effect of test flow, all tests were performed at or above the BEP flow

rate, which is in most cases the same as O Due to rig limitations,

opt”
tests could not be performed above 120°C. On figures 8.4 to 8.6, the test

results are plotted for pumps J, H and K correspondingly.

By looking at these 3 figures it is possible to establish a common
feature for all three pumps. That is, some thermodynamic effect is obtained
at a temperature of 90 - 95°C above which it starts to diminish and in some
cases (pump K at 110°C), the thermodynamic effect is practically non=-

existent.

Pump H (figure 8.5) provides another interesting feature of temperature
effect. Here, as the inception point of cavitation is passed, there appears
to be a rise in both developed head and overall efficiency before the pump
performance starts to deteriorate again towards full breakdown. Temperature
effect before the peak performance seems to suggest a positive thermodynamic
effect up to 115°C. It is only when the cavity is fully developed, the

thermodynamic effect at 115°C seems to diminish toward head breakdown.

The performance improvement of pump H can only be explained in the
context of improved frictional factor at the boundary layer due to the
presence of a thin vapour cavity at an early stage of cavitation, a
phenomenon also found to be true by other authors [60, 90]. Pump H, is the
only one of the three pumps tested which has a mixed flow portion at the
impeller entrance with increased boundary layer contact to the entering

liquid (see figure 2.11).

In order to obtain a clearer picture of the temperature effect on pump
performance, the cavitation numbers of all three pumps tested were recorded
at 5% head drop and plotted in figure 8.7 as a function of the bulk ligquid
temperature. Water data for pump J at a lower flow rate were taken from

figure 8.3 and plotted on figure 8.7 for comparison.
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For the 50/50 EG/W mixture, the drop in the cavitation number at
90°C due to the thermodynamic effect cannot be maintained at temperatures
above 100°C. However after passing a relative maxima at v 105 - 110°C, the
cavitation numbers start to decrease again with further temperature rise.
This is especially pronounced at 120°C for pump K. The relative maxima is
also found by previous authors [57, 167]. Water, on the other hand, seems
to give a progressive thermodynamic effect with increased temperature, as

would be expected.

The deterioration of the thermodynamic effect above 90°C has not been
explained fully so far. Thew and Hadji Sheikh [167] suggested a possible
higher influence of surface tension and gas pressure of equation (6.21) as
a counter balance to the thermodynamic effect, which may render the latter
less effective at a certain temperature range. The same authors also
suggested that because the fixed cavity consists mainly of vapour of the
more volatile component of the mixture (water), the liquid surrounding the
cavity will be depleted of the volatile component and therefore vapour mass
transfer across the cavity boundary is reduced, followed by reduced heat

transfer and thermodynamic effect.

The heat transfer problem associated with the binary mixture analysed
in Chapter 6 seems to be the most significant of these suggestions, since
both surface tension and disolved gas influences are less important for the
well developed cavity. Free gas bubbles acting as nuclei, however, may be
also of significance, because they provide the possibility of gaseous
diffusion for highly saturated liquids and increase the number of vapour
bubbles in the low pressure region with the result of reduced bubble growth
and heat transfer across the boundary. In the next chapter these factors

are discussed in full.

8.2 The Infl uence of the Gas Content

In Chapter 7, the influence of the gas content has been shown to be of
great importance for the cold binary EG/W mixtures. Contrary to water, the

influence of the saturated cold mixture showed a persistent cavitation effect
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from the point of inception down to the head breakdown (figure 7.5). The
suggestion has been made that free small gas bubbles of high population
and unexpectedly long life observed during the test, promote the diffusicn

of gases due to highly super-saturated state at the low pressure region.

As the thermodynamic effect is estimated at a certain head drop
{(normally 3 - 5%) according to the following simple formula

AEV = (NPSE) (NPSE)ho (8.1)

cold t

then any significant change in the estimated NPSE due to gas content both
for the cold and hot liquid is bound to lead to some discrepancy in the

estimation of AEV.

This is best demonstrated on figure (8.8), whereby the mixture 50/50
EG/W was tested at 2 temperatures and different air contents. Test A was
performed with a cold mixture taken from a freshly mixed batch of liquids,
after settling down for a lengthy period. Hence it is assumed to be nearly
saturated with air. Test A' was performed with the same mixture after
heating it up to 95°C and then leaving it to cool down to 20°C over a period
of 48 hours with little air contact. Oxygen meter reading for this liquid

indicated about 40% saturation with air.

Test B' was performed with the same liquid of test A' after heating it
up to 90°C, therefore it is plausible to assume that its percentage
saturation remains unchanged. Lastly test B was performed with the liquid
of test B' heated up to boiling and then cooled down to 90°C under vacuum.

Hence this liquid is assumed to be nearly free of dissolved gas.

The resulting picture from these 4 tests shows that the application of
equation (8.1) is highly uncertain if the exact amount of gas content is not
known for the mixture, for both the hot and cold condition. 1If for example

the thermodynamic effect is estimated from tests A and B, then we obtain an
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extremely high value for AEV. On the other hand, the application of
equation (8.1) between test B' and A' would result in a much lower value
for AEV. This however, 1s believed to be more reliable because the gas
content remains nearly constant between the two tests. Ultimately one
would require to test the mixture at conditions of no gas content which
corresponds nearly to that of test B. However the present rig is not

suitable for such tests at the moment.

On figure 8.9, the effect of the air content on the estimation of AEV
is shown for water and three different concentrations of EG/W mixtures.
% and 10% head drop was used in this figure. In both cases, the upper
curve represents the evaluation of AE_ between the hot liquid of low gas(25-40%sat)
content and the cold nearly saturated liquid, which corresponds to test
B' and A of figure 8.8 respectively. The lower curve is obtained by
estimating AEV for the hot and cold liquid of similar low air content

(v 25 - 40%) .

Figure 8.9 shows clearly that the margin of error between the saturated
and the de-aerated curves is quite high and can reach as high as 200% of AEV
of the lower curve. In the last chapter it was shown that partially de-~
gased liquids (water and EG/W mixtures) do not show any measurable gas
content below 7% head drop, and therefore it seems to be safer to use a 10%

head drop for the purpose of thermodynamic result correlations.

Finally the conclusion is to be made from both figure 8.8 and 8.9 as
to limit the thermodynamic effect where air content is both small and
similar for both the cold and the hot liquid. Since gas free liquids
cannot be obtained in our rig, at the moment, a percentage saturation of

v 25% seems to be sufficient to produce reasconably reproduceable test results.
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8.3 The Influence of the Test Flow Ratio Q /0
cav—=ocpt

In section 5.2, the test flow rate was shown to influence the
tendency of the centrifugal pump to cavitate. The lower the flow rate

below the optimum value Qo the sharper the ¢ -1y curve will fall as a

pt’
result of NPSE reduction. Therefore Gcr is likely to increase. The
magnitude of these changes were also found to be influenced by the liquid

temperature.

In applying equation (8.1) for estimating the thermodynamic effect,
changes in Gcr as a result of changes in the test flow rate are likely to

influence the value of AEV

Let us first consider the combined effect of fluid properties and the
test flow at a bulk liguid temperature of 25°C. Water and 50/50 EG/W
mixtures were used for the test with pump J running at a speed of 4500 rpm.
Both fluids were heated to 390°C and cooled down before the test, hence a
moderate gas content effect for both liquids is expected. The test results

are plotted on figure 8.10, with respect to the ratio Q /0 Using the

cav’ opt’
term ANPSEQ to express the difference in the required NPSE to produce similar
head drop (3% in this case) due to the change in the liquid properties at
the same flow rate and liquid temperature, it should be obvious from this
figure that the liquid mixture fares better especially at flows significantly
below Qopt' At the Qopt and above it ANPSE2 reduces to a small positive

value.

If one assumes that all liquids of negligible air content have similar
inception cavitation number, then according to Stepanoff [158] all liguids
require an additional ANPSER drop below that of cold water to produce the
same head drop as that of water. Then according to this, the positive
ANPSE9v of figure 8.10 at Qopt can be explained in this context. Knowing
however that the mixtures of EG and water produce higher B~factor for the
same head drop or in other words lower head drop for the same B-factor as
we shall see in Chapter 9, then cold water is expected to behave better than
the EG/W mixture, and therefore the positive ANPSEQ of the mixture cannot be

explained in the context of the thermodynamic effect.
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As a matter of fact, more recent results showed that EG/W mixtures
of low gas content show an increase in Gcr up to a concentration of 45/55
EG/W (figure 7.6a), above which ccr becoming lower than that of water, hence

suggesting a strong viscosity effect.

The explanation for this seems to be related to the inlet hub vortex
discussed in section 7.3.3, rather than the thermodynamic effect. If the
dissolved gas pressure Eb of equation (7.16) is assumed to be nearly the
same for cold water and 50/50 EG/W mixture, then the cavitation inception
is likely to be dependent on the minimum pressure coefficient Cpmin’ which
according to equation (7.14) is Re number dependent. Knowing that the
mixture is about 4 times more viscous than water, then it is obvious that
at low flows the mixture is likely to operate at a relatively low Re number
with the result of a significant drop in both ?pmin and oi. This seems to
justify the appreciable ANPSE, encountered in figure 8.10.

L

The thermodynamic effect is of more importance when operating centri-
fugal pumps with liquids of high vapour pressure like hot water and cryogenic
fluids. On figure 8.11 the combined effects of test flow rate and fluid
properties on the thermodynamic effect of pump J at 90°C are shown at 3%
head drop. At flows around the Qopt' the thermodynamic effect of water is
higher than that of the ligquid mixture 50/50 EG/W. As the flow rate is
reduced, the difference between the two increases progressively with the
thermodynamic effect of the mixture becoming non-existent at low flows.
This seems to agree with earlier results [43, 57} obtained from tests on
EG/W mixtures at flows appreciably lower than Qopt' The reason behind this
seems also to be coupled to the viscosity effect which produces low cavi-
tation numbers for the cold mixture at low flows as shown on figure 8.10.
In the absence of significant thermodynamic effect for this type of impeller,
the effect of temperature rise does not produce the required improvement to
counteract the viscosity effect and hence negative values of AEv are produced.
This may suggest that for the EG/W mixtures thermodynamic effect values ought
to be obtained at sufficiently high Re numbers to avoid excessive viscosity

effect. This is best done by testing the pump at flows near or above Qopt'
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8.4 The Influence of Impeller Geometry

The thermcdynamic effect is likely to be influenced by the type and
geometry of the test pump [154]. To assess the importance of the geometry,
the present research looked at the variations of the thermodynamic effect
due to changes in the impeller geometries of three pump types, in some
detail. In Chapter 5, geometrical influences were discussed in the context
of the general suction performance of the test pumps, which is to be

extended here to include the thermodynamic effect due to temperature rise.

Two main geometrical categories were found to be of special interest
for ﬁhe pumps handled here. The first is the influence of the presence and
size of the tip-to-casing clearance at the open end of the impeller. The
second is the influence of the blade number and shape for similar inlet and

outlet diameter.

The tip clearance presence was found to promote some improvement in the
suction performance of the centrifugal pump at any given flow rate (section
5.3). These improvements were also found to reach a maximum at a certain
tip clearance, above which the pump suction performance starts to decrease

again.

With regard to the thermodynamic effect, changes in the suction per-
formance are likely to reflect on the net value of the thermal depression
of equation (8.1). This is shown on figure (8.12) for pump J operated with
the closed and the semi-open impeller as a function of the test flow.
Although the scatter of the test results is understandbly high, which can
be related to the pronounced air content effect of the circulating liquid
(50/50 EG/W), a marked increase in the thermal cooling can be traced for

the semi-open impeller, nearly at all test flows.

On figure 8.13, the same two impellers were examined for the thermo-
dynamic effect at different tip clearances near the optimum flow rate, again

using 50/50 EG/W mixtures. Apart from the marked thermodynamic effect of
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the semi-open impeller of larger tip clearance (1 mm), the influences of
the type of shroud and the size of the clearance seems to be only slight
nearly at all head drops. This suggests that the thermal cooling is only
a weak function of the type of shroud, especially for EG/W mixtures where
the thermal cooling is low any way. For water greater variations could be

established (figure 8.17).

Extending the thermodynamic effect to a higher temperature, the semi-
open impeller of pump K was tested near Qopt up to a temperature of 120°C.
50/50 EG/W mixture was used again with similar amount of air content (40 -
60% saturation). In figure 8.15 the test results of the semi-open impeller
are compared to those of the closed impeller given on figure 8.7. Cavitation
number and suction specific speed were measured at 5% head drop and plotted
as a function of the liquid temperature for both impeller types. The
resulting picture seems to indicate an improved cavitation performance at
temperatures above 90°C. At temperatures below that the performance is not
changed significantly, although some improvement is expected for the semi~
open impeller as was discussed in Chapter 5. Since this comparison was done
at the same flow of 90 L/min, then the improved thermodynamic effect is

partly because this flow rate comprises about 1.1 Qo for the semi-open

pt
impeller compared to » 0.9 Qopt for the closed impeller. However, when
comparing at a single flow rate, the semi-open impeller shows an improved

(larger) thermodynamic effect at elevated temperatures.

The blade shape and number was shown to influence the suction performance
of the pump (section 5.4) and therefore the critical cavitation number could
be successfully correlated to the contraction number (figure 5.16) or even

better to a gecmetry ratio 2/w (figure 5.17).

On figure 8.16, the thermal cooling AEV was estimated according to
equation (8.1) at various head losses for three different blade shapes but
of the same blade number of pump J. 50/50 EG/W mixture was used at a test

flow near QO Some water test data for two similar blade shapes were also

pt’
included for comparison. Examination of this figure reveals that for both
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liguids, the thermal cooling is a strong function of the impeller shape,

improving with increasing blade length and reduced inlet angle (increased

solidity).

Examination of the test results of the cold liquids for the three
impellers in question (figure 5.15) suggests that the impeller with the

highest ¢ of the liquid produces higher AEV. As a matter of fact, test

results og3the three impellers at 90°C produce similar cavitation numbers,
which mean that geometrical influences obtained with the cold liquid do not
apply when the pump is operated with hot liquids, simply because factors

such as the thermodynamic effect are largely influenced by the inlet geometry

of this particular pump.

Since from visual ocobservations (Chapter 9), the cavitation bubbles are
likely to block the entrance to the impeller with a fixed cavity (or cavity
cloud) extending to the pressure side of the blade, impeller J-8-30 with
significantly smaller inlet area is likely to produce high vapour bubbles
per unit volume of the flowing liquid with a better distribution. Hence
the thermal cooling effect although normally small with the EG/W mixture,
will be more pronounced with this impeller, which in turn allows for a better

blade loading.

To explore this phenomenon further, pumps J and H were tested with 6
different impellers each with 50/50 EG/W mixtures near Qopt' The resulting
thermal cooling at small head drop was estimated in the temperature range
25 - 95°C and plotted against the geometry ratio £/W on figure 8.14. The
resulting adjoining curves seem to indicate a gradual thermal cooling
improvement with increased %/w ratios (and solidity). It must be noted here
however, that this figure is not to show absolute terms of thermal cooling
for pumps, but rather a tentative suggestion of the increased tendency of
pumps to promote thermal cooling with increased solidity. Liquid type and
temperature, pump speed, gas content effect are likley to influence the
absolute value of the thermodynamic effect, however the general trend of

figure 8.14 is believed to be operative if conditions are maintained the same
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throughout the test. This is of special interest to the pump user, since
a better impeller tested with cold water may prove less efficient at

elevated temperatures when operating with some degree of cavitation.

Finally, the combined effect of blade shape, tip clearance and test
flow rate is shown for water on figure (8.17). The blade shape effect is
obviously obtained when comparing the semi~open impellers J1 and J2 of
similar tip clearance (0.5 mm), with J-8-30 giving significantly higher
thermal cooling at all flows. The influence of the type of shroud and the
tip clearance size, seems to indicate a better result with the closed
impeller with the semi-open impeller with smaller clearance (0.5 mm) fairing
worst, although the latter was estimated a higher pump speed. In general it
can be said that the tip clearance effect on the thermal cooling is only

marginal at 95°C, for both water and 50/50 EG/W mixture.

For the same mixture the results of the shrouded and two different
clearances of the semi-open impeller J-8-48 are presented as an envelope
on the same figure. Obviously, the downward trend of AEV with reduced test

flow is quite strong which again confirms the results of figure (8.12).

8.5 Concluding Remarks

Thermodynamic effect of cavitation for the small, simple design, high
speed centrifugal pumps is likely to depend on several parameters such as
the test flow rate, the pump and impeller geometry, the fluid properties
and most prominently, the ligquid temperature for water and EG/W mixtures.

The discussion of the test results can be summarized as follows.

1. Contrary to inhibited water, the mixture 50/50 EG/W does not give a
progressive rise in the thermodynamic as the temperature of the liquid rises.
Tests with three different small centrifugal pumps at Qopt showed that some
thermodynamic effect is obtained at v 95°C and diminishes as the temperature
rises further. Eventually a minimum is reached at ~ 105 - 110°C for this
mixture, above which a marked tendency to promote thermodynamic effect with

further increase in temperature sets in.
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2. Tests performed with cold water and 50/50 EG/W mixtures at different
Qcav/Qopt ratios show that the required NPSE for 3% head drop is lower for

the mixture, and therefore it cannot be related to the thermodynamic effect
because of the higher vapour pressure of water. The reason behind this seems
to be related to the vortex influence at the impeller inlet, which is strongly
dependent on Re numberxr. Relatively low Re numbers for the more viscous

mixture at low Q seems to promote low O, ..
cav Q3

3. In Chapter 7, it was shown that EG/W mixtures are greatly influenced by
the amount of disolved gas content, so that pump cavitation is significantly
promoted when the gas content is sufficiently high. Because the thermo-
dynamic effect is normally compared at a small head drop, it follows that
any great variation in ¢ can lead to great discrepancies in the estimation
of AEV. Thermodynamic effect test results obtained at relatively low gas
content (v 25% sat.) and at sufficiently large head drop (v 10%) seem to

give much lower margin of errcr, and better repeatability of the test data.

4. The influence of the test flow ratio Qcav/Qopt on the thermal cooling
of the small pumps is less pronounced with water than with the mixture 50/50
EG/W. Tests at relatively low Qcav/Qopt ratio seem to promote higher
viscosity effect on the cold mixture as discussed under (2) above, and
therefore, the thermodynamic effect is counter-balanced by the viscous

effect at low flows, with the result of negative AEV values in some cases.

5. Most small, commercial pumps are fitted with semi-open impellers to
reduce maintenance and cost. Compared to a fully shrouded impeller of the
same design, these impellers seem to promote an improvement in the thermo-
dynamic effect of the pump. At 90°C, these improvements are only marginal
when compared at the same flow rate, but as the temperature increases, a

marked improvement is recorded for pump K.

6. Impellers of high geometry ratio 2/w (or solidity) produce higher
thermodynamic effects. Since from visual observations, the vapour cavity
is likely to occupy the whole entrance to the impeller, smaller inlet area

is likely to promote higher vapour bubbles per unit volume of the flowing
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liquid with better distribution, with the result of improved heat transfer

and thermodynamic effect.

7. In general, the absolute values of AEV were found to be larger than
one would expect in this range of temperatures. High gas content effect
of the cold liquid, which is very pronounced at small head drops, is one
reason. The other is believed to be related to the particular impeller
inlet flow field of the test pumps. A vortex formed at the impeller
entrance is likely to promote a longer residence time of the vapour bubble
in the low pressure zone, which help to promote bubble growth, with the

result of improved thermal depression.
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FIGURES 8.1 to 8.17
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CHAPTER 9

CORRELATION OF THE THERMODYNAMIC EFFECT

TEST RESULTS

9.1 The B-Factor Theory

In section 6.3 the various theories connected with the fixed cavity
concept were reviewed. Among the very first and simplest is the B-factor
theory [155, 158], which correlates the cavitation tendency of the pump to
the vapour to liquid volume ratio (VV/VQ). The basic idea behind this theory
is that in order to produce a certain performance drop for the same pump and
flow conditions, a similar size fixed cavity 1s required. The same rate of
vapour formation at different temperatures or for different liquids of the
same temperature produces different thermodynamic effects depending on the

physical properties of the liquid at test conditions.

Because of the simplicity of the B-factor theory, its application
provided some controversy and therefore several other investigators [13, 80,
145, 154] sought to find an alternative more elaborated correlation factor
to suit their test results. However, a review by Ward and Sutton [179]
showed that most of these approaches can be related to a single thermal
parameter B, which is related to the B-factor by equation (6.45). Jacobson
[81] and Florjancic [47] used a combined bubble growth and fixed cavity model
to arrive at a correlation which can be expressed as a function of the B-
factor. NASA [102, 141] developed a modified version of the B-factor which
seems to give good prediction for the hydrodynamic machines. This, however,
was disputed by Bailey and Wykes [9] as being "singularly unconvincing® and
that it provides no real improvement to the conventional B-factor theory.
Hammitt [60] also noted that the application of the NASA modified B-factor

for untested liquids requires some information which can only be assumed.

A more recent approach by Holl [68] and Billett [19] applying a vent-

ilated cavity in a rotating component showed that the B-factor can be expressed



143.

as a complex function of several parameters outlined in eguation (6.37). The
application of this approach however is far from being simple and requires

highly scophisticated experimentations.

Combining equations (6.41) and (6.44) will give the following expression

for the thermal depression AEV;

pe, = =21t <§~3)2 (9.1)
jo32 2

The application of equation (9.1) for pure (single component) liquids is
no problem since the physical properties at equilibrium are well defined. As
for a binary mixture, the formation of vapour 1s associated with a mass trans-
fer gradient as well as a temperature gradient across the boundary layer, as
mentioned in section 6.4, which makes the equilibrium assumption rather in-
appropriate. However it seems to be worthwhile to apply the B-factor theory
first in its elementary form of equation (9.1) in order to establish the
degree of departure from the real thermodynamic behaviour of the binary mixture

and then try to modify it with respect to the special heat transfer character-

istics of these mixtures.

The physical properties of the binary mixture EG/W are not fully known
and some properties like the latent heat of vapourization must be estimated

from thermodynamic laws. Liquid specific heat C thermal conductivity k,

:
and relative density of this mixture are given ongigures 9.1 to 9.3 respec~
tively [6]. When EG/W mixture is brought to the boil the vapour formed is
usually predominantly that of the more volatile component (water). This is
clearly indicated on figure 9.4 [170] where the percentage of EG mass in the
vapour is negligibly small up to a concentration of 60% in the ligquid. It is
therefore plausible to use water vapour data for both L and pv of equation
(9.1) by applying a correction factor with respect to the local pressure
according to the perfect gas law. Alternatively)similar results would be
obtained by using L of the bulk liquid mixture and by estimating Py, from the
Clapeyron equation (6.43). The latter is perhaps more appropriate to use
since the B~factor theory is closely connected to the Clapeyron equation. BAs

shown by the data derived in Appendix VI both methods seem to give closely

similar results in the range 0 - 50% EG/W concentrations.

The latent heats of vapourization for pure water and Ethylene glycol are
known [37]. On figure 9.5 they are plotted against temperature in the range
0-120°C. The latent heat of the mixture of these pure liquids cannot be found
from the literature. Santrach [146] suggests a method of prediction for the

binary mixture based on empirical relationship along the mixture
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liquid-vapour saturation curve over the entire liquid range. A simpler
method is to use a similar approach to estimate the vapour pressure of the
mixture [150]:

L = X, L., + (9.2)

Mix Pt Y, -x) L

2

Suffices 1 and 2 refer to the two pure liquid components, Y 1s an
activity constant and Xl is the molar fraction of component 1 in the mixture.
In figure 9.4 [170], the molar fraction of EG in the liquid mixture is given
as a function of the percent concentration. The activity constants for both
water and EG are difficult to determine and therefore they are assumed to be
unity for the equilibrium conditions. This may be unrealistic but for the
approximate solution of the thermodynamic effect of this assumption is likely

to give only a marginal error for this mixture.

On figure 9.6, the latent heat at 20°C and 90°C as estimated from
equation (9.2) is plotted against EG concentration in the mixture. Also on
this figure cpl values at 20°C and 90°C as extracted from figure 9.1 are

plotted against concentration.

Once the physical properties of the mixture are sorted ocut, equation
(9.1) can be applied for the estimation of the B-factor at any particular
fluid temperature or EG concentration. This is done on figure 9.7 for the
inhibited water and the mixture 50/50 EG/W at 90°C and 100°C. As a compari-
son, the more accurate AEV values obtained by Hord (69], using a "quasi~
static" model* are plotted for water at 90.5°C and 102°C on the same figure.
A close agreement between the calculated data and those estimated by Bord
could be found for the two temperatures, thus suggesting that equation (9.1)
provides a reascnable source of estimating AEV from the B~factor theory, in

this range of temperatures.

* This model features a unit mass of saturated ligquid completely filling an
insulated cylinder with a tightly fitted piston. When the piston is lifted
some of the liquid is vapourized. Using this method the B~factor can be
correctly estimated by accounting for changes in fluid properties with
temperature depression.
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To obtain a general picture of the applicability of the B-factor theory
for the small size pumps, thermodynamic effect test results of pump J obtained
with inhibited water from figure 8.3 are correlated in figure 9.8, with the
B-factor theory in the temperature range 90 - 110°C. 5% head drop was chosen
for the purpose of correlation in order to avoid excessive air content effect
according to figure 7.4. Constant B-factor curves were drawn using equation

9.1 to estimate AEV at different temperatures.

To obtain a clearer picture of the correlation, the values of the thermal
parameter B are estimated from figure 9.8 using the relationship of equation
(6.45). On figure 9.9 the thermal cooling values of figure 9.8 were replotted
as a function of 8 on a log-log scale. Constant B-factor lines were drawn
according to the relationship of equation (6.45). Furthermore, also on this
figure, the correlation results of 2 pumps obtained by Stepanoff [158] and

Spraler [154] with water, were also drawn for the purpose of comparison.

From figure 9.9 it should be obvious that the B-factor thoery provides
a reasonable correlation for water, with the test results aligning themselves
on a line parallel to the constant B-factor lines. This is in accord with the
results obtained by other investigators, two sets of which are shown on this
figure. However, the AEV values of pump J are significantly higher than those
obtained by nearly all other investigators [179]. The reason behind this is
two fold. The first is related to the special inlet design of pump J, with
the inlet hub vortex probably allowing for increased residential time, and
hence vapour bubble growth is promoted. The second reason is believed to be
connected to the pronounced air content effect which increases o of the

05
cold water even for moderate dissolved air content of the liquid.

Meving on to the correlation of the binary EG/W mixture, the thermo-
dynamic effect test results for 3 pumps and a concentration of 50/50 EG/W
were estimated at 5% head drop and about 40 - 60% air saturation from figures
8.4 to 8.6, and plotted as functions of the liquid temperature on figure 9.10.
Using equation (9.1), the B-factor was estimated with respect to the bulk
liquid equilibrium physical properties at different temperatures. From these

estimations, the constant B-factor curves were constructed and drawn on the
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same figure. Once this is done the thermal parameter 8 values for two pumps
(J and H) were estimated from this figure using the relationship of equation
(6.45). Finally the AEV test results for pumps J and H were replotted on

figure 9.11 as a function of the thermal parameter 8.

The resulting picture on figure 9.11 indicates clearly that the B-factor
theory does not provide a good correlation for the binary mixture 50/50 EG/W.
Some correlation is obtained at low values of 8 (high temperatures) but the
sudden drop of the thermodynamic effect at B V1 cannot be explained or just-

ified in the light of the conventional B-factor theory.

To understand the possible reasons behind the abnormal behaviour of the
EG/W mixture with respect to the thermodynamic effect, it was decided to
correlate the thermodynamic effect of the EG/W mixture in the range of 0 =
50% EG concentration at a single temperature and hence obtain a clear picture
of the influence of the fluid properties on the B~factor correlation. To do

so the following pre-conditions were considered.

1. Pump geometry: It has been shown that pump geometry such as type of

shrouding, tip clearance size and blade number and shape, does influence the
thermodynamic effect. Also the size and casing design is likely to influence
the cavitating flow performance of the pump. Therefore it was decided that

the more conventionally designed pump J is to be used for the purpose of test
results correlation. A 6 bladed semi-open impeller of a strongly backward
curved blade with an axial tip clearance of 0.5 mm to be used for the test.
Furthermore, to avoid excessive disturbance to the flow at pump discharge,

one of the twin discharge ports was blocked and flow is allowed to exit through

the more streamline o0il cooler outlet.

2. Test flow: To avoid excessive viscosity effect of the vortex, the test
flow rate was kept both high and equal to the BEP flow, which is at 4000 rpm

is nearly equal to Qopt of 240 L/min.

3. Air content: 1In section 8.2, the strong influence of the gas content

was shown to produce extremely high discrepancies in the determination of



147,

the thermodynamic effect of the binary liquid mixtures. Therefore it was
decided that testing for correlation should be performed at a low content

of dissolved air (preferably "~ 25% saturation). In order to minimise further
gas content effect even at a low gas content, it was thought that according
to figure 7.4, correlations ought to be made at a head drop higher than 7%.

A 10% head drop is expected to give good prediction values.

Once these pre-conditions were met the test results were obtained and
plotted on figure 8.9b (lower curve), and are used again to correlate the
thermodynamic effect as a result of the change in fluid properties to the
B-factor. This is done on figure 9.12, from which figure 9.13 is constructed.
(Since no similar work could be found in the literature the author believes

such correlation for the binary (polar) mixtures are the first of its kind).

Figure 9.13 shows clearly that the significant drop in AEV with increased
EG concentration cannot be correlated successfully to the B-factor at this
particular temperature. This is clearly seen on the adjoining AEV curve which
seems to provide a poor alignment with the constant B-factor lines. If one
assumes rightly, that the same size cavity (or cavity closed) is required to
produce a similar head drop for two different liguids, then for the mixture
50/50 EG/W, only one third of the vapour cavity is involved in the thermo-
dynamic process compared to 100% in the case of water, and hence the B-~factor

cannot provide a satisfactory correlation for the binary mixture.

9.2 The Modified B-Factor for the Binary Mixtures

In the previous section it was shown that the conventional B-factor theory
based on the bulk liguid physical properties does provide a useful tool for
correlating the thermodynamic effect of water but fails to do so for the
binary mixture 50/50 EG/W at a certain range of temperature. At 90°C, it
was shown that the B-factor theory is not suitable for correlating the thermo-
dynamic effect with respect to fluid properties, using water and 3 different
concentrations of the mixture EG/W. In this section, the correlations of
figure 9.13 are to be discussed in the light of the heat and mass transfer

phenomenon of the binary mixtures discussed in section 6.4. Then a modified
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B-factor for the mixture is to be introduced which takes into account these

additional factors.

In a boiling binary mixture, the vapour is predominently that of the
more volatile component (water for the EG/W binary mixture). In order to
maintain a vapour cavity of a "fixed" size, vapour must be drawn from the
liguid adjacent to the cavity wall. As a result a condition will be reached,
whereby a layer of higher concentration of the less volatile component than
that of the bulk liguid, with a higher saturation temperature, surrounding
the vapour cavity, thus a reduction in the overall temperature depression
compared to that of the bulk liquid will result with a reduced thermodynamic

effect.

In eqguation (6.72), the author has shown that due to the rhenomenon
associated with the mass and heat transfer of the binary mixture, the temper-
ature depression of the mixture ATmix is less than that based on the bulk

liquid properties. Therefore equation (6.41) can be modified as follows:

P
ATmix = Bmix = AE£~ (9.3)
: pz =32

If ATmix is related to AT of the bulk liquid by the relationship

AT . = AT/C ., whereby C . is a correction factor, then,
mix mix mix
0 C
AT 2 P4
B | = — .
mix C . o} L (Cmix > 1) (9.4)
mix v

Using the Clapeyron equation with APmix/ATmix gradient for the mixture,
and modifying equations (6.43) and (6.44) accordingly will yield the following

equation cf the modified B-factor:

AE c_.T o)
2
B = —Y BL 4 (9.5)
mix C 2 0
. mix L v

The temperature correction factor Cmix for the binary mixtures is a
complex function of both the bulk liquid properties and of the heat and mass

transfer rate of the volatile component in the less volatile component. If
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one uses the bubble growth theory in a superheated binary mixture with both
conductive and convective influences at the bubble wall as the main reason
for the reduced temperature depression of the mixture according to equation

(6.68) then:

Eﬁ&g oL} ATs
Cmix = wmix = L7 L (&“° (_?;ﬁ (9.6)

In order to find a solution for CmiX from equation (9.6), it is
necessary to find the exact values of am and ATS/G for the binary mixture
EG/W. Because such values are not easily obtained for this binary mixture,
one would simply derive it from existing test results on atmospheric boiling

[15, 150], as follows.

Defining a growth factor k similar to the Ja number of equation (6.56)

the bubble radius can be expressed by [150]:
R = 2k Yot (9.7)
From atmospheric boiling Scriven [150] and Benjamin {15] obtained scme
experimental values of the growth factor « at different superheats AT of the

liquid, which are plotted on figure 9.14.

If we introduce a factor 1, defined by:

o L AT
o= T (7 == (9.8)
) jo¥ m '

then from both equations (6.66) and (9.7) we obtain:

. AT
T " (9.9)

Using equation (9.9) and figure 9.14, 7 values can be estimated for the
various concentrations of EG in the mixture and for different values of the
super heat AT at a reference temperature of 100°C. On figure 9.15 the mean
values of T as estimated for five different AT are plotted against mass

concentration of EG.
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Dividing equation 9.6 by equation 9.8 yields:

o] C
v . o= & BL (9.10)
mix pv L

wmix values were calculated using equation (9.10) for the different
values of T of figure (9.15) and were plotted on the same figure against

concentration.

Once wmix is estimated from atmospheric boiling, it can only be assumed,
that it does not change considerably with saturation pressure of the test,
which is only true if the local pressure is not appreciably different from
atmospheric pressure because the heat transfer rate is pressure dependent
[160]. Following this assumption the wmix values of figure 9.15 are used to
estimate the modified Bmixwfactor values from equation (9.5) for the different
concentrations of EG at 90°C. The results are plotted on figure 9.16 to-
gether with the actual thermodynamic effect test results of pump J as applied
before in figure 9.12. From figure 9.16, the thermal parameter of the mixture
8 is obtained using the relationship:

mix

emix = Bmix/AEv (9.11)
After this has been done, the thermodynamic test results are replotted
on figure 9.17 as a function of the thermal parameter Bmix'
Compared to figure 9.13, figure 9.17 seems to indicate a better corre-
lation of the thermodynamic effect of the binary mixture with respect to the
modified Bmix—factor, which takes into consideration, heat transfer factors
associated with the concentration change at the cavity wall. However, this
modified correlation, although better than before, it does not provide a
fully satisfactory correlation with respect to the B-factor! Two main reasons
are believed to ke responsible for this behaviour. The first is that CmiX
values are obtained from atmospheric boiling with the bulk liguid at rest and
heat transfer is mainly through conduction. In pump cavitation where a strong

vortex is operative with substantial velocity gradients and strong mixing with
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convective influences and local pressure could influence the value of cmix
and may push it up considerably. The second is connected to the nuclei
density approaching the low pressure region which may help to increase the

numbers of vapour bubbles and therefore reduce their growth.

From visual observation (see next chapter), it was evident that when
EG/W mixture at 90°C was circulated around the rig, visible gas bubbles
released at the low pressure zone of the pump do not redissolve completely
but recirculate in the system. Dissolved gas of low concentration may not
influence the developed cavitation considerably, but its presence helps to
increase the number of nuclei in the liquid. Photographs taken for the
mixture 45/55 EG/W at the low pressure region showed‘that the increasing
number of nuclei approaching the low pressure region is so high that they
block the vision when a head drop of ~ 10% is reached. For water at 90°C
on the other hand, the number of the nuclei is much less and pilctures could

be taken easily down to a head drop of more than 22%.

Since the bubble growth rate is not dependent on the number of nuclei
but rather on their size, the influence of the increased number of nuclei is
that the same volume of vapour VV of equation (6.50) is reached at a shorter
growth time t. If however, the residence time t is the same at the corre-
lation point, then a smaller bubble radius R is produced. Since the growth
factor « of equation (9.7) is equivalent to the Ja number of equation (6.56),
then from equation (6.67), a smaller bubble radius at the end of the growth
time t necessitates a lower temperature depression ATmix with a lower thermo-

dynamic effect.

Therefore if one neglects the convective effects at this stage, the
correction factor Cmix of equation (9.5) can be assumed to depend on the

number of nuclei Z as well as the heat transfer factor wmi or:

X I

- ]
Cmix £ (Wmix’ Z) (9.12)
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Using this concept it is possible to demonstrate its usefulness on
figure 9.17. Assuming the influence of nuclei number as being of the same
magnitude of the heat transfer effect, the correlation curve for the EG/W
mixture would have a better alignment with the constant Bmix~factor lines
(broken curve on figure 9.17). Eventually a similarity could be obtained
between this new correlation of the EG/W mixture and that of the inhibited
water of figure 9.9, although the absclute values of AEV of figure 9.17 are

higher, merely because a different geometry impeller has been used here.

This correlation also shows that the EG/W mixture at 90°C behaves like
water at lower temperatures depending on the EG concentration. As the con-
centration of EG/W increases so does the thermodynamic effect decrease and

eventually 50/50 EG/W of figure 9.17 behaves like cold water.

Finally, the same concept of equation (9.12) is applied on figure 9.19
to explain the minimum AEV value obtained at Tcrit of the mixture 50/50 EG/W.
The test results of pump H were taken from figure 9.10 as an example and re-
plotted on this figure at the range 100 -~ 115°C for the purpose of demon=-
stration. For the same Bmix of 4 for this mixture, the constant curves for

the different Cmix values were plotted using eguation (9.5).

The resulting picture on figure 9.19 is to demonstrate that it is poss~
ible for the same Bmix or for the same amount or size of the vapour cavity,
lower AEV are possible at higher temperature depending on the value of cmix'
Although this figure is not a definitive solution, it is possible to gain a
picture of the importance of the factor Cmix’ when a binary mixture is being

handled.

Critical temperatures were also established for other concentrations

[167] as tabulated below:

EG content $% 0 7 12 50 100

T . °C 20 70 80 105 115
crit
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These figures were established at an early stage and therefore they

should be treated with reservations for two main reasons. The first is the

low Qcav/Qopt

likely to involve some Re number effect for these type of pumps. The second

ratio at which these tests were performed (v 60%) which is

is the neglegence of the air content effect at that time which is likely to

allow for high test discrepancies.

All this seems to promote further experimentation in the field of binary
mixtures cavitation, in order to verify the validity of Cmix at a wider range
of temperatures and mixture concentrations. A special attention is to be paid

to the importance of the number of gas nuclei entering the low pressure zone.

9.3 1Inertial Effect

It was shown in the last section, that for the same growth time t, the
binary mixture EG/W produces a lower growth constant k than water and there-
fore the bubble radius R is not allowed to grow at the same rate, thus smaller
bubbles are produced. This phenomenon is also confirmed by some other inves-
tigators from atmospheric boiling of EG/W mixtures [98, 1691, associated with

a sudden increase in the heat flux for the nucleate beiling.

It was also shown that if the nuclei density upstream from the low
pressure region is extremely high, further reduction in the growth of the
vapour bubbles is necessary to obtain the same volume size of vapour cavity

for increased numbers of bubbles.

Both these factors are believed to be operative for the mixture EG/W
and therefore the determination of the thermodynamic effect is largely de-

pendent on the estimation of these two factors.

Consider equation (6.21) for the limited cavitation number O;- As the
vapour bubble increases in size, both the soluble gas content and the surface
tension effects become less and less important, and if Cp is assumed . to change
little with temperature or liquid, equation (6.21) can be expressed in the

following form:
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g = K-¢ - CT (9.13)

whereby CT represents the thermodynamic effect expressed by eguation (6.15)

and ¢ represents the inertial (dynamic) effect expressed by equation (6.18),
and both are acting to reduce the cavitation number. Neglecting the viscosity
term of equation (6.18), Bonnin [22] arrived at an approximate solution for
the energy depression due to inertial effects, given by the following equation:

2

AE. = %( ) (9.14)

dyn

ot

The energy depression of equation (9.14) is usually small and is only

of importance if the thermodynamic effect is not dominant (cold liquid) .

The bubble growth restraints of the binary mixture, which result in a
smaller bubble radius R at the end of the growth time t, will also mean a
reduction in the energy depression due to inertial effects. TIf compared to
water, the ratio of the inertial effect of the mixture is simply proportional
to (R /R )2 for the same t. Applying equation (9.7) for the binary mixture

mix’ " w
and its volatile component (water), we obtain for the bubble size ratio:

R . K. a_ .
( le)Z - mlx)Z mix
R - K o

W w w

(9.15)

Using figure 9.14 with the data for the thermal diffusivity o at atmos-
pheric boiling [150], the ratio (Rmix/Rw)2 is estimated at different EG/W
concentrations and plotted on figure 9.18 for an arbitrary superheat of AT =
15°C. Here it is demonstrated that due to heat transfer effects only, the
effects of the mixture are reduced appreciably below that of water, and is

about half of it at a concentration of 50/50.

If one includes the number of nuclei Z in the bubble growth process of
the mixture, then a further reduction in bubble radius is exprected to result.
For a similar size effect of nuclei number to that of the heat transfer
correction factor (Cmix = wmixz)’ then from figure 9.18 (broken line), the

energy depression due to inertial effects of the mixture is further reduced

below that for pure water. At 50/50 EG/W it reaches almost 20% of it.
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9.4 Concluding Remarks

In this chapter, the thermodynamic effect results of 3 centrifugal pumps
have been correlated to the B-factor in the temperature range 90 ~ 120°C.
Some correlation was possible for pump J operated with water in the temper-
ature range 90 - 110°C which seems to suggest that this theory is quite
reascnable for single component liquids first hand prediction. As for the
binary mixture 50/50 EG/W, B-factor corretation of the thermodynamic effect
with increased temperature were not possible, with the mixture reaching a
minimum AEV at a critical temperature Tcrit of ~ 105 - 110°C. To examine this
behaviour of the mixture further, AEV is examined at 90°C with respect to

changes in the EG/W concentration in the range 0 - 50% EG/W. To avoid excessive

errors in the estimation of AEV, the following pre-conditions had to be made.

1. To avoid excessive geometrical influences, pump J of the more conventional

design was used with single streamline inlet and outlet.

2. To reduce the influence of the vortex flow at impeller inlet, the test

flow was maintained at Qo and at sufficiently high Re number.

pt
3. To minimize the dissolved gas content, tests were carried out at a low
gas concentration for both the cold and the hot liquid (v 25% saturation).
Also, to avoid further gas content effect at this concentration, correlations

were made at a head drop of 10%.

The test results obtained from pump J at 90°C and different EG/W concen-
trations, at 10% head drop. showed only poor correlation to the B-factor, thus
indicating the non-suitability of this theory to the binary mixtures at this

temperature.

Considering the phenomenon associated with the mass and heat transfer
properties of the binary mixtures, a modified B-factor for the mixture was

introduced with takes the form:

B = B/cmiX (CmiX > 1)
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The correction factor CmiX for the binary mixture is a complex function
of the bubble growth mechanism of these mixtures and cannot be measured
directly. From existing results on atmospheric boiling of EG/W mixtures,
CmiX values were estimated with respect to reduced bubble growth effect and
correlation of test results were made with respect to the modified Bmix~
factor. Here we obtained an improved correlation although not completely

satisfactory.

To modify on the correlation procedure further, it was suggested that
the number of nuclei approaching the low pressure region also contribute to
a further decrease in the temperature depression of the EG/W mixtures. From
visual cbservations it was found that the nuclei density and size at the pump

inlet is much higher than that of water for similar flow conditions.

Therefore, the correction factor Cmix is thought to depend not only on

the heat transfer factor wmix but also on the number of nuclei, in the form:

o = £ Lo Z

mix (wmlx )

Using this concept, a similar influence of Z to that of the heat transfer
factor brings the correlation of the test results of pump J nearer to the

acceptable range in the AEV ~ Bmix diagram.

Also it is possible to show that for pump H, the minimum AEV at Tcrit of
" 110°C can be explained in the same context of changing Cmix with test temp-

erature.

Since, the bubble growth results in both a thermodynamic and inertial
effect, the decrease in the growth rate of the binary mixture, produces both
a reduction in the temperature depression and in the inertial effect, which

2
is related to R .

Therefore it could be said, that for the binary EG/W mixture, extremely
low AEV values are associated with the restraint on bubble growth both due to

reduced temperature depression at the vapour bubble wall, and due to increased
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number of nuclei. As a result both the thermodynamic and inertial effects

are reduced considerably depending on the growth restraint factor Cmix

Further experiments are required to verify the validity of the correction
factor Cmix concept for the binary mixtures. The importance of both the heat
transfer reduction and the number of nuclei are to be investigated separately.
Making use of pure deareated mixtures is likely to help reduce the number of

gas nuclei significantly and therefore a better correlation with wmix only

may be possible.
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TABLE 9.1

FIGURES 9.1 to 92.19
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CHAPTER 10

VISUAL OBSERVATION AND PHOTOGRAPHY

10.1 Experimental Technigue

In order to gain a better understanding of the flow pattern and cavity
development at pump inlet channel and impeller entrance, it was decided to
fit some glass windows to the cast iron body of the relatively large auto-~
motive pump J. In figure 10.1 the dimensions of the glass windows and their
placement in the body is given schematically. 1In figure 10.2, the pictures

of the pump body fitted with the glass windows are shown.

From both figures 10.1 and 10.2, the external glass windows A, B and C
are required to introduce sufficient lighting into the pump inlet flow channel
and allow for visual observations and photographs to be taken. The internal
glass ring D replacing the pump body part immediately near the open end of
the impeller is to allow an insight into the impeller channels and therefore

cavity development can be observed during pump operation.

In figure 10.3 the installation of the test pump is shown. In order to
avoid any damage to the turbine flow meter mounted at pump discharge, the twin
discharges of pump J were cut down to a single discharge pipe which is provided
with a fine mesh strainer (picture) to collect glass debris in the case of an

accident.

Visual ocbservations were made using two different light sources. The
first is a 150 W (microscope) light source employing two fibre optic light
discharges (figure 10.3). Since this source provides a continucus light,
its application was limited for observation of the flow pattern at the pump
inlet chamber and the first appearance of the cavitation bubbles (inception).
The second light source used for the purpose of observation is of the strobo-
scope type which can be adjusted to match the speed of the impeller. If

successful matching is obtained, the impeller blades can be frozen in space
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and the cavity development around the blade can be studied during pump

operation.

Photographic work was performed by using a Pentax camera with a focal
extension piece which allows the camera to be installed ~ 15 cm from glass
B (figure 10.1) looking foward into the impeller channel through glass ring

D.

The exposure time was set by the pump speed to aveid any distortion to
the picture. At a standard pump speed of 4000 rpm, the blade speed inside the
frame range varies between 12 and 20 m/sec. Therefore an exposure time of no
more than 5 usec (corresponding to ~ 0.1 mm maximum dislocation of the blade)
was thought to be reguired to avoid any significant distortion of the picture.
A specially acquired Zenon strobe was therefore used with the facility to give
a single flash with an exposure time of 2 usec and at a strobe power of 10

Joule.

The application of this flash however, provided some difficulties. Since
a sufficient amount of light is reqguired to enter the pump through window B
in order to obtain a reasonable focal depth at the cavitating region, the
strobe light had to be collected by two lenses installed between the strobe
and the pump. Space limitations at window B which had to accommodate the
camera made it extremely difficult to obtain sufficient light into the pump

to produce wholly satisfactory pictures.

10.2 Visual Observations

Hub vortex: The design of pump J (and perhaps most automotive type centri-
fugal pumps) allows the flow to enter the suction cavity in front of the
impeller from the side and parallel to the impeller (figure 10.1). The
location of the inlet pipe is not concentric (figure 10.2) but set rather at
an angle because of space limitation. All this is likely to promote some
degree of pre-rotation of the flow entering the inlet cavity. Furthermore,

the rotation of the drive shaft and the near side of the mechanical seal



lel.

turning in the same direction as the initial swirl is likely to add to the
strength of the flow whirl and therefore a free vortex near the impeller hub
is created. Such a vortex was clearly visible when observing through the

glass windows of pump J, using the microscope type light source.

Inside the core of the free vortex (usually near the rotating shaft
boundary where the velocity is maximum), the local pressure is expected to
be exceptionally low and therefore cavitation bubbles (mostly gaseous) were

visible even at relatively high suction pressures (and NPSE).

Examination of the inception cavitation number Gi of the vortex revealed
that Gi is dependent on several factors such as flow velocity, impeller
geometry and the type of fluid. In Chapter 7 the theoretical analysis of the
vortex cavitation is discussed in some detail. In general it was found that
Oi is influenced by the circulation strength of the vortex which is Re number

dependent, and by the soluble gas pressure.

Gas nuclei: In Chapter 7, the amount of gas content in the liquid was found
to be of major importance for the cavitation process of pump J, especially

when cold EG/W mixtures were being circulated.

As the liquid enters a low pressure region in the system, then depending
on the gas concentration of the liquid, some gas will come out of solution
and form gaseous bubbles which can act as cavitation nuclei. FEarlier test
results [135] showed that the vortex flow field associated with the centri-
fugal impeller acts as an excellent gas bubble generator. Some of these
bubbles redisolve as they enter a high pressure region in the system, but
some of them persist much longer and stabilize as cavitation nuclei, the
amount of which depends on the ailr saturation and the pressure field

around the system.

Pump J has an optimum flow rate of % 240 L/min at a pump speed of 4000
rpm. Bearing in mind that the total liguid capacity of the test rig

(reservoir and piping) is in the region of ~ 250 Lit. , then at QOpt the total



circulation time does not exceed 1 minute. Although this time seems quite
a lot compared to actual cooling systems (average circulation time about 2
seconds), it is doubtful that it is long enough to allow all gas bubbles to

redissolve again, especially those cf larger diameter [66].

In figure 10.4 the cavitation test results of pump J were plotted in
terms of percentage head drop against inlet (suction flange) static pressure
at Qopt' Two conditions were considered, the first (upper curve) is that of
the mixture 25/75 EG/W mixture having a relatively low air content. The

second is of the same mixture being fully saturated with air (lower curve).

As the liquid passes the glass window B before entering the low pressure
region of the pump, it was possible to observe the amount of gas bubbles
(nuclei) carried around the system depending on the inlet pressure and the
gas content of the liquid (nuclei size observed is in excess of 100 um).
Three concentrations of nuclei intensity were recorded on figurel!0.4 for both
soluble air contents. (1) is the condition where only few visible bubbles
appear in the liquid, (2) is that when a significant amount of gas nuclei
(in the range 0.1 - 1.0 mm in diameter) are circulated around the system, and
(3) is when the amount of bubbles entering the pump is so great that they

block the sight to the internal parts of the pump .

Two features can be established from figure 10.4. The first and obvious
one is that the lower the inlet pressure becomes the more gaseous bubbles are
released and recirculated in the system. The second and more important feature
is the significant influence of the dissolved gas content of the mixture on
the amount of gas nuclei generated and recirculated as cavitation nuclei. As
the first few bubbles appear when the degassed liquid mixture is circulated,
at the same inlet pressure (v 0.6 bar, abs), the saturated liquid would have
developed so many gas nuclei that they block the view to the inside of the
pump completely. Hence cavitation breakdown of the saturated liquid is

accelerated due to promotion of gaseous diffusion (see Chapter 7).

Similar effects of the dissolved gas content were less pronounced with

water. The reason behind this seems to originate from the surface properties
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cf the EG/W mixtures which allows for the gas bubbles generated inside the
low pressure zone to expand sufficiently in size to be stabilized as cavi-
tation nuclei in the high pressure region in the flow system. As for water,
on the other hand, the higher surface activity helps to restrain the growth
of these bubbles and redissolve most of the smaller size ones, as they enter

the high pressure region.

Fixed cavity development: Cavitation bubbles (mostly gaseous) appear inside

the core of the hub vortex at an early stage of the cavitation process (at
relatively high NPSE). As the NPSE reduces, the number of cavitation bubbles
(both vaporous and gaseous) inside the vortex increase in number and eventually
a stage will be reached where a permanent cloud of cavities is created at the

impeller entrance even before any performance drop can be detected.

Observations of the cavity formation and development were made using
pump J running at 4000 rpm and delivering 240 L/min (corresponding to Qopt)'
Inhibited water and three different mixtures of Ethylene~-glycol and water were
used. From all test liquids, hot water was found to be the one which allows
for a better observation, mainly because the recirculated cavitation nuclei
are less in number and therefore the developed cavity could be clearly seen

when viewed from glass B (figure 10.1) down to near performance breakdown.

This was not found possible when using hot EG/W mixture because of the
increasing cavitation nuclei passing glass B at low inlet pressures although
the red colour dye also helped to reduce the visibility. Eventually the view
is completely blocked whence 10% head drop is reached and ocbservation was not

possible beyond that point.

In figure 10.5, visual observation of the developing cavity was recorded
for the cavitation process of pump J using hot water (at 90°C) at a constant

flow test.

Positions 1 and 2 on this figure show how the cavity develops inside the
vortex at an early stage of the process without any detectable performance

drop but with some increase in the noise level of the pump .
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When the inlet energy is reduced further, the vortex cavity pushes
nearer to the impeller entrance (position 3) and partly extends along the
suction side of the blade. When position 4 is reached the cavity has pushed
more inside the impeller channel and nearly covers the whole channel width.

At this stage the first sign of performance drop is recorded (v 1% head drop) .

As the inlet pressure drops further, the fixed cavity has pushed itself
well inside the impeller channel (positions 5 and 6). At the same time the
fixed cavity no longer extends along the suction side of the blade. A shift
toward the pressure side is noticed here, with the cavity taking an oval shape.

This is evidently shown in position 6, where the head drop has reached v 5%.

When cavitation progresses towards full (v 20%) head breakdown (position
7)., the fixed cavity has pushed itself almost completely inside the impeller
channel. At the same time the shift from the suction side is more pronounced
with the cavity almost covering the whole length of the pressure side of the

blade.

As far as the visual observation allowed, the general appearance of the
cavity cloud observed with water seems to hold also for the mixture EG/W down
to a head drop of 10%, below which the visibility deteriorates sharply due to
the great number of nuclei entering the inlet cavity and blocking the view
when looking through glass B. The only difference seems to originate from
the fact that due to limited bubble growth of the mixture as discussed in the
previous chapter, smaller bubbles are produced than with water and therefore
the fixed cavity does not show a similar continuity of the vapour phase as

observed with water, but rather more bubbles in abundance can be observed.

10.3 Photography

The photographic work was done in two phases. The first phase was to
explore the shape of the cavity at impeller entrance without considering the
particular details of the impeller. This phase was performed at an earlier

stage of the test series at a time when the Zenon fast flash was not available
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for the test. Instead of that a Medical Nikkor flash of an exposure time

of v 200 usec was used.

In figure 10.6, two sample photographs of this first phase are shown.
Impeller J-6-50 was run at 4000 rpm and delivering 240 L/min. Inhibited
water at 90°C was used for the test. At low head drop (a), the fixed cavity
is mostly outside the impeller channel and inside the free vortex at impeller
hub, therefore blocking the entrance to the impeller. As the cavitation

advances (b) the fixed cavity pushes more and more inside the impeller channel.

The second phase of the photographic test was performed with the Zenon
flash and therefore pictures could be taken with 100 times less exposure time
(2 usec) and therefore the internal details of the impeller could be easily
distinguished. However, some problems were associated with the use of this
flash because of its bulky size and the high scatter of its light rays, which
necessitated in the use of two collecting lenses. This however made it
difficult to get sufficient light directly through glass B because of space

limitations.

Hot inhibited water and 45/55 EG/W mixtures were examined in this test
series using impeller J-8-70 running at 4000 rpm and delivering 240 L/min.
In figure 10.7, the fixed cavity is photographed for the hot water at a small
head drop (corresponding to position 6 on figure 10.5). Two frames at
different focal depth were used at a similar exposure time of 2 uUsec. Although
the blade is clearly identified here, the fixed cavity is not very well defined.
The main cavity seems to build up at the impeller entrance and extend ingside

the channel not necessarily attached to the suction side of the blade.

The picture is much clearer when looking at figure 10.8 where the fixed
cavity for the hot water has reached an advanced stage thus producing a sig-
nificant 22% head drop (corresponding to position 7 of figure 10.5). Here
again two frames are presented, from which one can identify (with some
difficulty) the whole channel between two adjacent blades. Here it should
be obvious that the fixed cavity has pushed well inside the impeller channel
and is firmly attached to the pressure side of the blade. It is also worth

mentioning here that the pblade in frame (b) is covered parly with a vapour
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layer. This is to be related to the flow across the tip clearance from the
high pressure to the low pressure side of the blade, thus a reduction in the

cavity size may occur.

Photograghic work with the hot EG/W mixture was hampered by two obstacles.
The first is the red dye of the mixture which reflects some of the light. The
second and more important is the amount of recirculated bubbles in the systems
which block the view through window B (figure 10.1) below a head drop of ~ 10%
(similar bubble population was also observed at the sight glass about 1 metre

upstream the pump suction pipe).

In figure 10.9, two frames taken of the hot mixture 45/55 EG/W are shown
for a head drop of ~ 10%. The external shape of the fixed cavity does not vary
much from that of the hot water, with the cavity pushing nearer to the pressure
side of the impeller. However, the density of the vapour phase is less
accentuated than in the case of water. The reason behind this can be related
to the retardation in bubble growth of the mixture due to the main concentration
gradient at the bubble wall, thus giving more bubbles of smaller size. Also
with EG/W the amount of larger size bubbles recirculated in the system, which
appear in the picture of an average size of ~ 0.5 mm, do contribute to a further
increase in bubble number in the fixed cavity. All this seems to be responsible

for the significant drop in the thermodynamic effect of the mixture.

10.4 Concluding Remarks

Visual observation and photography of the fixed cavity at the impeller
channel of the automotive pump J provides with some very useful information
on the inception and development of the cavity for both water and EG/W mixtures

studied at Qopt' The main points of interest are listed below.

1. A free vortex is formed at the impeller hub due to the side suction pipe
design and the high speed rotation of the drive shaft and seal, which are
situated inside the flow channel. First cavitation bubbles appear inside this
vortex at an early stage of the cavitation process. As the inlet NPSE reduces,
a fixed cavity inside this vortex is created, the downstream end of which blocks

the entrance to the impeller.
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2. Dissolved gas released from the liquid in the low pressure zone of the
pump recirculate in the system, the amount and size distribution of which
depends largely on the percent saturation of the liguid with air, but also
on the particular liquid of the test. EG/W mixtures were found to be
especially affected by air content. Recirculated gas nuclei reach such a
high number that they block the view at NPSE as high as 60 J/kg for the
saturated 25/75 EG/W mixture. Much lower effect was established with sat-

urated water.

3. After the cavity has developed well at the impeller entrance, the att-
achment to the suction side of the impeller becomes weaker with further NPSE
drop and eventually below " 3% head drop the fixed cavity starts to detach

itself from the suction side of the impeller, and as the cavitation process
advances, the cavity becomes fully attached to the geometrical pressure side

of the blade.

4. Vapour mass transfer across the tip clearance of the semi-open impeller
could be established at an advanced stage of cavitation (22% head drop). The
transfer from the pressure side to the suction side of the impeller may help
to reduce the size of the fixed cavity and hence improve the suction perform-

ance of the pump.

5. Advanced stage of cavitation (above 10% head drop) for the hot EG/W mixture
could not be photographed because of the increasing amount of recirculated
nuclei which block the sight to the impeller. Bubble sizes in the range 0.1

~ 1.0 mm in diameter could be established from the photographs.

6. Increased nuclei number and reduced heat transfer across the bubble wall
of the mixture are believed to be responsible for the reduced bubble size and
the increase in their number inside the fixed cavity. This may explain the
more broken up pattern of the vapour phase of the fixed cavity in the case of
the mixture EG/W as compared to that of water. Although the coloured dye used
with these mixtures may also influence the picture, it is however believed that

in the case of the mixture more bubbles appear in abundance.
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FIGURES 10.1 to 10.9
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Fig. 10.2 Photographs of pump J's body fitted with the glass windows.

Glass ring fitted inside the pump

adjacent to the impeller.

Three external glass windows fitted
to the pump at the vicinity of the inlet

flow channel.
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Fig. 10.6 Develeopment of the vortex cavity cloud at small head drops.

Pump J, impeller J-6-50
Pump speed 4000 rpm

Qcav = Qopt = 240 lit/min
Inhibited water at 90°C

Gas content v 60% sat.

a. 2% head drop
Fl6, exposure time 200 usec

0 times enlargement

b. 5% head drop
F16, exposure time 200 usec

6 times enlargement






Fig. 10.7 Photographs of the developed cavity at small head drop with
water.
Pump J - impeller J-8-70
Pump speed ~ 4000 rpm
= = 24 i i
Qcav Qopt 0 lit/min
5% head drop
Inhibited water at 90°C

Gas content v 60% sat.

a. F8, exposure time 2 usec

4 times enlargement

b. F 5.6, exposure time 2 usec

4 times enlargement






Fig.

10.8

Photographs of the developed cavity at advanced stage

water.

Pump J, impeller J=-8-70
Pump speed - 4000 rpm
Qcav = Qopt = 240 lit/min
22% head drop

Inhibited water at 90°C

Gas content " 60% sat.

F8, exposure time 2 usec

4 times enlargement

F 5.6, exposure time 2 usec

4 times enlargement

with






Fig. 10.9 Photographs of the developed cavity at advanced stage with
45/55 EG/W.

Pump J, impeller J-8-70
Pump speed - 4000 rpm
Qcav = Qopt = 240 lit/min
45/55 EG/W mixture at 90°C

Gas content v 70% sat.

a. 7% head drop
F8, exposure time 2 Usec

4 times enlargement

b. 12% head drop
F8, exposure time 2 usec

4 times enlargement
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CHAPTER 11

CONCLUSIONS

Three small, automotive type centrifugal pumps were tested, using both
inhibited water and binary (polar) mixtures of Ethylene glycol and water.
Use of an amperometric oxygen monitor was made to measure the total air
content of the liquid directly during the test. One body of pump J was
fitted with glass windows which made it possible to examine the flow pattern
at pump inlet and take some photographs of the fixed vapour cavity inside the

impeller channels.

Concluding remakrs were made at the end of each chapter. Below are the

summaries of those remarks:

A. Efficiences and Scale Effects

1. Overall efficiences of the test pumps are low (v 20% for pumps H
and K and ~ 50% for pump J). Improving the hydraulic design of the impeller
such as blade number and shape gave reasonable performance improvements for
the volute type pump J, and only marginal improvements for the voluteless

pump H.

2. Volute to impeller matchingof pump J using slip factor according to
Wiesner [181], showed that impellers of larger 82 are more suited to this type
of volute and therefore performance optimization is cbtained using more radial

vanes.

3. Developed head and overall efficiency were found to be influenced
by the presence and size of the axial tip clearance at the open end of the
impeller. However for these small pumps the presence of the tip clearance
proved to be more important than its size with the shrouded impeller having

the superior generated head and efficiency.
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4. Predicted input power estimated from ngiHi was found to be lower
than the actual Pi (= PS - Pm) in almost all cases. The difference between
the two is assumed to be consumed to overcome the recirculatory flow in the
impeller channel. This Prec was found to depend on the impeller and pump
gecmetry and was successfully correlated to the solidity of the impeller of

pump J.

5. High power scale effects were found to exist for all test pumps with
respect to changes in pump speeds. Analysis of the various losses in the
speed range 3000 - 6000 rpm for pumps H and K showed that these scale effects
can be related mainly to 6rec and ém. Re number effects due to surface rough-

ness were found also important at speeds below 3000 rpm.

6. Using the Cordier plot it was possible to show that for the same
pump diameter, geometrical improvements leading to increased wp/¢p ratio
pushes the correlation point nearer to the optimum range of the diagram, thus

suggesting optimization of the pump diameter for the duty it performs.

B. Suction Performance

1. Inlet conditions such as cramped inlet and the situation of the shaft
and seal inside the flow channel make the suction performance of these pumps
rather inefficient. Analysing the impeller inlet velocity triangle showed
that for these pumps, pre-rotation, impact losses and various other energy
losses are likely to reduce their suction performance appreciably below the
optimum value.

2. The influence of the test flow ratio Qca /0 for pump J showed

v’ Topt
that the cavitation number GOS is likely to increase at low flows and

approaches infinity at ~ 0.5 QOp below which it decreases again. The

£
critical flow rate is accompanied by an increase in the required NPSE.

3. The presence of an axial tip clearance was found to improve the
suction performance of the pump slightly when tested at the same flow rate.

This improvement, however, was not necessarily proportional to the size of
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the tip clearance. An optimum clearance of ~ 0.7 mm could be established

for pump J.

4. Impeller geometry influence such as inlet angle and number of blades
was examined for pumps H and J using different impeller designs. 1In general lamge
Bl was found to improve the suction performance in all cases. Increased
number of blades improved the performance at advanced cavitation, but proved

less favourable at small head drops.

5. Using a contraction number Cn which correlates all the geometrical

factors at impeller inlet, it was possible to show that ¢ rises steadily

05
with increased Cn, although some scatter was apparent. By including the
length of the blade and using a geometrical parameter {/w instead, a better

correlation with 005 could be established for pump J.

C. Gas Content Effect

1. Use is made of an amperometric oxygen sensor to monitor the percen-
tage air saturation in the liquid at 20°C. 1Installed in a loop, this monitor
was made to measure the 02 content continucusly during the test. Reservations
about its use arise from the fact that gases may redissolve in different rates

to their percentage in air.

2. In the present rig, the level of O2 saturation during the test was
found to change depending on the type of liquid and the method of controlling
the inlet NPSE. Using a free surface in the main reservoir for this purpose,
results in an equilibirum O2 saturation of 60% for water after one hour re-
gardless of the initial saturation level. EG/W mixtures, on the other hand,
were found to be less influenced by test time, with initial saturation re-

tained during the test period depending on EG concentration.

3. Depending on the gas concentration gradient (Cw~ CS)/R it was found
that pump performance can be effected at various degrees. Saturated EG/W

mixtures were found to produce high gas content scale effects with the suction
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performance of pump J significantly impared. High gas concentration gradient
is believed to promote gaseous diffusion for the mixtures, and to a much

lesser extent with water.

4. Hub vortex observed at pump inlet was found to promote early cavi-
tation bubble formation which are believed to be of the gaseous type. Test-
ing for oi at various pump speeds with water at 90°C it was possible to show
that Oi v Ren and may be influenced by impeller gecmetry. Tests with 45/55
EG/W at 90°C showed that o, increases for similar impeller geometry and pump
speed. Approximate theoretical solution showed that the difference in S,
for the two fluids can be successfully related to increased partial gas

pressure of the mixture.

D. Thermodynamic Effect

1. Contrary to water, the EG/W mixtures do not show a progressive increase
in the thermodynamic effect with temperature rise up to a temperature of ~
110°C. Some thermodynamic effect is obtained for 50/50 EG/W at < 35°C, above

which it reduces and eventually reaches a minimum at v~ 105°C for three pumps .

2. For pump J, operated with 50/50 EG/W, low values of Qcav/Qopt (< 0.7)
is likely to produce negative value of AEV. This is believed to be related
to the Re number effect of the hub vortex which is found to produce low GOS
values for the more viscous cold mixture. This suggests that the AEV is

preferably estimated at high Re numbers.

3. Air content effect was shown to give high discrepancies in the
estimation of AEV, especially for the EG/W mixtures. To minimize these
effects, correlations at low gas content (v 25% saturation) and 10% head drop

were found to give reasonable accuracy for the mixtures.

4. Correlation of AEV test results to the B-factor have shown that
inhibited water can be reasonably correlated in the temperature range 20 -

110°C, although the absolute values of AEV are higher than is expected in
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this temperature range. Similar correlations for the mixture 50/50 EG/W
from results obtained with three pumps up to 120°C were not possible,

especially around the critical temperature of ~ 105°C.

5. AEV test results at 90°C obtained with water and three concentrations
of EG/W mixtures at relatively low gas content and 10% head drop, could not
be successfully correlated to the B-factor. By introducing a modified B-
factor for the mixtures which includes the mass and heat transfer properties
of the mixture, represented by the correction factor wmix' better correlation

could be obtained with respect to Bmix (= B/wmix), but not fully satisfactory.

6. Gas filled nuclei circulated in the system was found to be highly
pronounced when EG/W mixtures are handled. Including the influence of these
nuclei as a second factor to reduce AE_ so that B ., = B/C .- with the new

v mix mix
correction factor Cmix = £ , 2), a better correlation for AEV with Bm,

mix ix
is sought.

7. Using the concept of Cmix' better correlation for the mixtures could
be demonstrated (although only tentatively). It is also possible to show
that for the same B . and different C . values, the minimum AE at 105°C

mix mix v

for 50/50 EG/W can be justified.

E. Visual Observations

1. Observations of the flow field at impeller inlet made it possible to
observe the appearance of the first cavitation bubbles inside the hub vortex.
Gas filled bubbles were observed to recirculate in the system in great numbers
for the EG/W mixtures and much less for inhibited water. Unstable surface
properties at the bubble interface are believed to allow initial gas bubbles
to grow sufficiently in size to be stabilized at pump discharge and become

travelling nuclei.

2. The attached cavity was observed to start forming inside the hub

vortex and gradually pushes into the impeller channel as the NPSE is reduced.
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Cavity cloud was found to cover the whole entrance to the impeller before

any head or efficiency drop could be detected. At small head drops the

fixed cavity extends only marginally along the suction side of the blade,

and as the inlet pressure decreases it deflects from the suction side towards
the pressure side. When 10% head drop and more is reached the fixed cavity

was observed to be firmly attached to the pressure side of the blades.
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CHAPTER 12

FUTURE RESEARCH

Discussions of the test results in this work suggest further research
in the field of pump performance with binary liquid mixtures. Since the
non-cavitating performance of the centrifugal pump is not much influenced
by the type of the liquid for similar density but rather by its viscosity,

only the cavitating flow performance is of interest here.

Suggestions for future work in this field are listed below according

to priorities.

1. The use of the oxygen monitor is to be extended further to include
testing at the maximum allowable sensor temperature (v 45°C). By making use
of the special cooler (figure 2.4) air content of circuit liquid temperatures
up to about 100°C can be measured. Since the 02 monitor cannot distinguish
between free and dissolved gas, extra arrangements to measure the free gas
content simultaneously with the O2 monitor is desirable.

2. Thermodynamic effect test results were limited to the maximum temperature
of 120°C with the present rig. To gain a better picture for the binary mix-

ture, the temperature is to be extended to a higher temperature (v 200°C).

This of course necessitates major improvements to the present rig.

3. Correlations of the thermodynamic test results with respect to the fluid
properties were attempted for three concentrations of EG/W mixtures in add-
ition to water, and one temperature only. This is to be extended to include
several more concentrations at higher temperatures and preferably for more

than one pump geometry.
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4. Photographic study of the fixed cavity for the binary mixtures is to
be extended and improved by using larger windows and better lighting and
photographic techniques. Colourless mixtures are required to eliminate the

negative influence of the colour dye.

5. The correction factor to the B-factor of the mixture (Cmix) is of wvital
importance for the correlation of the thermodynamic effect of the binary
mixtures. Its concept and theoretical background are to be further investi-
gated and strengthened. Successful correlation with respect to the heat
transfer problem only (Cmix = wmix) is required to support the theoretical
concept of wmix’ This can be done either by using gas free mixtures thus

minimizing the free gas nuclei number or by measuring the number of nuclei

and account for their presence.

6. Measurement of the gas nuclei in the flowing stream is of great import-
ance for the successful correlation of the cavitating behaviour of the hy-
draulic equipment. This seems to be of additional importance for the binary
mixtures. Light scattering method is to be attempted to measure the active

nuclei.

7. On the theoretical front more information is required about the physical
properties and heat and mass transfer phenomenon of the binary mixtures. Gas
diffusion and surface activity at the bubble interface is to be analysed for

the mixture in some more depth.

8. To extend the research further, pure Ethylene glycol (mixed with dis-
tilled water) is required to eliminate undesirable impurities. Few more
binary (preferably polar) mixtures are also required to support the theory.
Furthermore, a straight inlet, larger centrifugal pump of wider applicability

may be required.
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APPENDIX I

CENTRIFUGAL PUMPS DESIGN CONCEPTS

a) Theoretical Head

The theoretical (Buler) energy transfer per unit mass of the

flowing liquid is given by the following equation:

For the shock-free entrance case (C = (0), we have;

ul
gH = U, C (I-2)
Using simple trigonemetrical relationships of figure 3.1, we obtain;

2
gH = u, - u, Cm2/tan 62 (I~3)

b) Reaction Effect

Using trigonemetric relationships of figure 3.1, equation (I.l) can

be represented as follows [156];

gH = + + (I.S)

Both terms-i(U 2 U é) and~£(w 2 W 2) represent static energy
272 ll " 2.1 2

gains, whereas the term E(Czé - Cl ) represents the dynamic part of the

energy transfer equation. The ratio of the static energy gain to the

total energy transfer is termed the reaction effect [41]. For the radial

2 2
entry case with cul =0 (Wl = Cl2 + Ul ), the theoretical reaction effect



will take the form;

G 2 W 2 . C 2
o= 2 2 L (1.6)
e 20, C
a2
For Cl = le and CmL Z sz, we obtain;
1
T = - .
o 1 5 we (1.7)
c) Slip Factor

Due to the presence of a finite number of blades, the whirl

178.

component of the absclute discharge velocity Cu2 is reduced by an amount

ACu2 due to head slip (figure 3.1b). For the radial entry case

we obtain for the input energy;

gHi = U2 (Cu2 - Acuz) (1.8)
and;
Acu2
g, = U, C., (L =~ c ) (1.9)
u2
or;
= 1
Hl g He (r.10)
whereby;
AC
2
g = 1 - Y (I.ll)
C
a2

According to Stodola [161] and from figure 3.1d, we obtain;

1
Acu2 = 3~a W (I.12)

(c. =0),

ul
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Substituting for a = Wd2/2;

™ sin B

ACu2 = o U2 (I.13)

Dividing both sides of equation (I.13) by U, and subtracting from

2
one we get;

AC 5 T sin 62
1-—% = 1 - — = (I.14)
c VA
ul
Note that slip factor ¢' is equal to ¢ for radial blades (Cu2 = Uz).

Pfleiderer (126, 127] introduced another factor to represent the slip

phenomenon as follows;

(I.15)

MSt is the static moment of the central stream line through the

impeller passage; for the radial impeller;

R _ 2 _ L. 2 _ 2
Ast = f rdr = 5 (r2 r ) (I.16)
r.
1
Therefore;
K
cp = % (I.17)
Z 1 - (., /r )2
1"72
According to Pfleiderer [126];
K = a + b sin 82 {1.18)

According to Eck [417;

K = a+b (82/90) (I.19)
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APPENDIX II

GAS SOLUBILITY OF WATER

a) Oxygen Solubility

According to Henry's Law:
P = C B (IT-1)
s

Whereby CS is the concentration (mol gas/mol liquid) at saturation

and B is the Henry's constant.

At 20°C, for water of low salinity the concentration of 02 at a

standard atmospheric pressure is 9.1 ppm, or

MW (H,0) 6
Cg(0,) = ppm (0,) —m ©,) * 10
18 -6 . -6
Cs(OZ) = 9,1 x I3 % 10 = 5,12 x 10 (mol 02/mol HZO)'

From critical tables [7] the Henry's constant for 02 at 20°C is

3.043 x 107, hence for the partial pressure;

P (0,) 5.12 x 10°° % 3.043 x 10’

g 2

[t}

It

Pg(oz) 156 mm Hg (in water)

For dry air at standard pressure of 760 mm Hg, the partial pressure

of the oxygen is proportional to its volume or;

v (02)
I (02) = G*TXIET x 760 = 0.2095 x 760
P (0,) = 159 mm Hg (in air)
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Hence the oxygen partial pressure above the liquid is equal to that

in the liquid (with reasonable accuracy).

b) Air Solubility

Air is a mixture of gases. 1In a mixture of gases in contact with
a liguid, each gas obeying Henry's Law, their solubilities will be

proportional to their corresponding partial pressures.

From the definition of the Bunsen absorbsion coefficient oa; we get
for any gas;
Vo 760

L2¥ (I11-2)

¢ -V p

g

Where v is the volume of the dissolved gas reduced to N.T.P. and V
is the volume of the liquid. The unit volume of dissolved air will

contain a fraction of any one gas [84];

a.p
Y - o + al - + o (1I-3)
11 7 %Py T 4Py
Whereby 1, 2, ... n corresponds to the different gases constituting

the air.

The Henry's constant for any gas can be found from the critical

tables [7]. At 20°C, these constants are;

3(0,) = 3.043 x 107
BN = 5.9 x 107
B(CO,) = 0.107 x 107

From the definition of 3, we obtain:

17032400 p

o = W (B=P ) (II-4)
g



p and MW are those of the solvent. After substituting we obtain:

a(0,) = 0.031
a(NZ) = 0.016
a(COz) = (.882

Substitution in equation (3) for the various gases;

u(OZ) = 33.28%
u(Nz) = 64.85%
u(COZ) = 1.87%

This shows that the percentage of 02 in air increases from 20.95%

in the gaseous state (standard) to the dissolved state (in water).

As for the concentration of the saturated air in water

Number of moles (air) moles (02)/u(02)

Number of moles (HZO) = moles (HZO)

C (Alr) =
s

At 20°C, 9.1 ppm of 02 concentration is equivalent to

2L 1107 = 2.84 x 107 moles 0,/litre H,0
and hence
2.84 x 10°° 1000
Cs(air) = 0 3355 ) / 5
Cs(air) = 15.38 x lO~6 {moles air/moles HZO)

182.

From critical tables [7], B for air at 20°C is 4.93 x 107, and hence

Pg(air) = 15.38 x 10°° x 4.93 x 10’

Pg(air) = 758 mm Hg

which agrees well with standard atmospheric pressure.
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As we have seen, the number of moles (air) in solution was found

from;
moles (0.) -4
2 - 2:84x10 8.53 x 10 4 (moles air/litre
u(0,) 0.3328
2 H,.0)
2
To convert this ratio into ppm basis;
. ~4 3
ppm (air) = 8.53 x 10 ~ x 10" (MW x u(OZ) + MW x u(N2) +
MW x u(OZ))
ppm (air) = 0.853 (10.65 + 18.2 + 0.823)
ppm (air) = 25.31 (in water)
. 3 .
For pf(air) = 1.19 kg/m™ at 20°C we obtain;
25.31 ppm = 25.31 X _'LO“3 = 2.1% in volume.

1.19
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APPENDIX III

ACCURACY OF TEST RESULTS

The measurement of any test variables is associated with some errors

which can be expressed either as random error or systematic error.

Random errors appear as scatter around the average value of the
measured variable. These errors are caused by characteristics of the
measuring systems and/or changes in the measured quantity. The standard
deviation, SD, of the whole population of measurement is used to character-
ise errors. A small standard deviation would indicate high precision in

the data.

For a small sample, the standard deviation can be estimated according

to [99, 132]:

n
Mean value x = Zzl (IT1.1)
n
and I o(x - §)2
Standard deviation 8D = ; ) (I11.2)

Systemic errors are characterized by bias and are normally too high
Oor too low with respect to the true value. If the bias can be quantified
it may be used as a correction factor which can be applied to all measure-

ments, or minimized by instrument calibration.

When repeat measurements are not available, which is generally the
case for pump performance testing, where separate measurements are numerous
and time consuming, the uncertainty in the individual reading must be
estimated according to the maximum error to be reasonably associated with
any measurement. Factors including the resolution, sensitivity and nominal

accuracy of the measuring instrument, variation in the controlled input,
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variation in the quantity being measured and reading errors should be

considered.

In section 2.3, the most important instrument and reading errors for
the test rig are listed. The combined effect of these errors on the final

estimated performance parameters is discussed separately below.

1. Flow rate: Two turbine flow meters were used to measure the flow
downstream the pump discharge. The measurement is displayed digitally in
litre per minute with a resolution of 0.1 lit/min. Such instruments have

an accuracy of £ 0.5% for 10 - 100% of the flow range for ligquid viscosities
below 5 cSt. If two meters are used simultaneously, the combined instruments

error is % 0.5% of the combined reading.

Reading errors due to test fluctuations take the maximum value of * 0.5

litres/min. Hence for two meters operating in parallel,
Q0 = * (0.5% Q * 0.5) lit/min

2. Pressure rise : Errors in the static pressure reading can arise from

the location and shape of the pressure tapping, the pressure transmitting
lines, the inaccuracy of the pressure gauge, and as a result of improper

observation [132].

To minimize the partial sensing of any dynamic pressure in the static
pressure reading, tappings of 1 mm diameter were used with their contact to
the liquid stream being kept both tangential and smooth. Therefore dynamic

pressure influence is believed to be only negligible.

Other dynamic influences such as pre-rotation in the suction line or
velocity gradient in the test suction such as near an elbow were avoided by
placing the tappings in a straight piece of pipe and not too close to the

suction cavity of the impeller.

Errors due to the existence of pressure gradient in the lines between

the 6-way valve and gauge were minimized by allowing ample time for pressure
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equalization between readings. Precautions were always made not to allow

for air to be trapped inside these lines.

The accuracy of the precision burdon tube gauge 1is given by the manu-
facturer as = 0.1% of full scale. For a full scale of 7 bars, this accuracy
amounts to = 0.007 bar. A further * 0.005 bar error is caused by reading
and sample discrepancies and therefore a combined error for any single

reading is about * 0.012 bar.

For the pressure differential between pump discharge and inlet, the

total error margin is twice that or:

3dp = * 0.024 bar
3. Pump speed: Speed was measured by an electro-magnetic pick-up in

conjunction with a sixty toothed gear wheel on the drive shaft, and
digitally displayed on an electronic counter, directly in rpm. Speed
control was done through a magnetic coupling which has an accuracy of

+ 0.05%.

Test fluctuations on the digital display unit amounts to t 3 rpm. This
error amounts to only + 0.1% at 3000 rpm shaft speed, but reaches a signifi-
cant * 1% at 300 rpm. In general:

N = * (0.05% N + 3) rpm

4, Shaft torque: The gross torque absorbed on the rig was measured with

a strain gauge transducer, and directly displayed in Nm on a digital
indicator reading to 0.0l Nm. An instrumental error of * 1% over the range
of test is given by the manufacturer. Further + 0.03 Nm error is present

which takes into account fluctuations during the test.

A further inaccuracy is the estimation of the pump torgue lies in the
uncertainty in the value of the parasitic torque absorbed by the shaft

bearing. This torque is normally measured by running the rig with the pump
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disengaged, and therefore a no-load condition is created [28]. This torque,
however may change when load is applied. The random error during parasitic

torgue measurement is £ 0.02 Nm. Hence:

3Tp = (1% Tp + 0.05) Nm

5. Liquid temperature: A five-way temperature recorder with matched

thermistor is used to monitor the temperature of the liquid, and display
the measurement digitially in degrees Celsius with a resolution of 0.1°C.
Two temperature probes are used to measure the temperature near the pump.
The first is placed Vv 50 cm from the suction flange, and the second is some

50 cm downstream the pump discharge.

Instrument error in the range 0° - 150°C isg given as £ 1°C. The
accuracy of the thermostat is * 2°C and is therefore not suitable for
accurate pump testing. By using a controlled by-pass cooler flow with the
reservoir heater continuously switched on an accuracy of £ 0.2°C can be

easily maintained. Hence:
0T = % 1.2°

6. Overall pump efficiency: This is nermally expressed by the simple

formula:

..l —
n = pgQOHTIT w . (II11.3)

and therefore errors associated with each of the non-dependent variables
are likely to effect the total magnitude of the accuracy in the estimation

of n. One way to express the relative error in n is given by [164]:

2 2 2 2 2
3 = * //k (8 + & + &8 + &8 + §
n nQ n, np ) nTp Ny

(III.4)

Whereby K expresses the average value of the test points and is small

for a high number of test points and a small standard deviation. Other
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factors are those expressing the change in pump efficiency with respect to

each individual test parameter.

For a single test point (k = 1), equation (III.4) can be simplied as
follows:

/ 3T
an 90,2 N, 2 30, 2 D, 2 3H, 2
FolL R //“ET) S RIS R <32;> + (5D
(III.5)

Example: Pump J at 2500 rpm torgue-shaft speed (5000 rpm pump speed).

Two turbine flow meters at pump discharge. Water at 95°C.

For 2500 rpm; 3N/N is 0.17% and can be neglected. For 1.2°C temper-

ature error, 9p/p is only 0.1% and can also be neglected. Other parameters

depend on the flow rate as follows:

3T
Q n 3 3 sg + 8N + 3n
{(1it/min) (%) Q H TS (%) T on -

(%) (%) 9 (%) (%)
350 45.3  0.63 1.17  1.51L  2.02 0.92
200 47.3  0.75 0.85  1.66 2.01 0.95
80 24.7  1.12 0.77  1.80 2.62 0.65

7. NPSE:

The net suction energy is defined by equation (5.1), and

according to reference [164], the relative error in measuring the NPSE is
expressed by:

NPSE = =+ ¥V (== + (—¥) 2 4 (—in 2 (II1.6)

Inlet pressure reading error is found from 2 above to be + 0.012 bar.

The error in SPV is dependent on the accuracy of the temperature measurement.

Since BPV/BT rises with temperature., the absolute value for SPV is only

important at elevated temperature (above 60°C) .
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The accuracy of measuring the inlet velocity depends on the accuracy

of the measured flow rate Q and the pipe section area.

Example: Pump J running with water at 95°C and Qcav = 280 1/min, NPSEO5 =
2 2
39.0 m" /sec

0.03 bar
0.024 m/sec

T = 1l.2°C - dp
3 =

v

.9 1/min -~ av,
in

[

i

/ T

/0:012 x 10> 2 0.03 x 10°.2  0.024% 5 |

ONPSE = # 567 )T+ (—*—”§€§-—) + 0**j§*ﬂ
BNPSE = =+ 3.4 m2/sec2

INPSE

———— 8.6%

NPSEOS

The gas solubility of the ligquid has been assumed to be negligible
influence in equation (III.6). If this is not the case, then a systematic
error must be included to take into account the gas content effect. If the
gas solubility can be measured, a correction to ﬁhe required NPSE over that
of the gas free liquid can be applied depending on the type of liquid and

percentage saturation.

High combined errors in the estimation of NPSEO5 make the estimation of
AEV according to equation (8.1) highly risky. However it is believed that
the instrumental errors of both differential pressure and f£luid temperature
cancel out since these errors are expected to have similar signs when
estimating AEV. Hence only reading errors are important here, which are

normally kept small.
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APPENDIX IV

PROGRAMME FOR PUMP PERFORMANCE ESTIMATION

Input Test Constants (data file)

Pump inlet pipe diameter din (m)
Impeller inlet diameter (tip) dl (m)
Impeller exit diameter d2 (m)
Discharge angle 8, )
Percentage glycol in mixture EG (% volume)
Bulk liquid temperature T (°C)

Pump speed N (rpm)

Input Test Results (data file)

Input matrix with R = number of rows and M = number of columns.

Flow meter No. 1 Ql (lit/min)
Flow meter No. 2 Q2 (lit/min)
Strain gauge torque ng (Nm)

Inlet pressure A (bar, abs)
Outlet pressure pout (bar, abs)

Input Fluid Properties (20 - 120°C) (sub-routine)

Liquid density o (f(2G,T)) Ref. 6 (kg/m3)
Liquid viscosity u (£(EG,T)) Ref. 6 (cP)
Vapour pressure D (£(EG,T)) Ref. 37 (bar, abs)



Estimation of Dimensional Parameters

= ((N - 2000) /5000)]

Total flow rate o = (Ql + Q2)/6O x 1000
P ' Ap = (p - P, ) 105
ressure rise P out in
Generated head H = Ap/pg
Pump t S
ump torque o 5 sg
Rotational velocity w = 27N/60
I P =wT
nput power s b
Kineamtic viscosity v o= p/lOOO o
md 2
Inlet velocity v = Q/ (- =L )
in 4
Relative velocity W= /0.8 wdz b2 sinB2
2
‘ v, o
NPSE = 22 10° 2 10°
P p
dl
Inlet peripheral velocity Ul = W=
Estimation of Non-Dimensional Parameters
Pump overall efficiency n = Ap Q/PS
Flow coefficient (ext.) ¢p = Q/wdz3
Head coefficient (ext.) wp = gH/w2d22
3.5
Power coefficient (ext.) Ap = Ps/pw d2
Specific speed n_ o= w Q‘Zx/(qH)O'7
Free stream Re number Re = W 2/v
Cavitation number g = NPSE/—£ vV, 2
2 'in
Thoma sigma o = NPSE/gH

5
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(m3/sec)

(N/mz)

(m)

{Nm)
(1/sec)
(watt)

{(cst)

(m/sec)
(m/sec)

(mz/secz)

(m/sec)
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1 2
Inlet cavitation number Gul = NPSE/E Ul
. e % 0.75
Suction specific speed n. = w Q" /(NPSE)
Head ratio HR = Cav/Hnc
Flow ratio FR = Qcav/an
6. Curve Plotting (X-Y digi~plot)
Non-cavitating flow:
X-plane Flow rate Q
Y-plane Generated Head H, dinput power PS, and
overall efficiency 7.
Cavitating flow (constant Q )
cav
X-plane cavitation number ¢
Y-plane Head ratio HR and suction specific speed N
Cavitating flow (variable flow-constant system)
X-plane NPSE
Y~plane Head ratio HR, Flow rate FR, and suction
specific speed n_
Example: Pump J, semi-open impeller J-6-50, single entry and discharge
pipes.
, = 0.042 {(m)
in
dl = 0.0565 {m)
5 = (.09 (m)
EG = 50 (%)
T = 90 (°C)
N = 4000 {rpm)
Q = 240 (lit/min) constant
3
0 = 1033 (kg/m™)
u = (.85 (cP)
P = 0.535 {(bar, abs)



€

in

a2 < <

Non-cavitation parameters (Q

It

(]

418.9
0.823
2.89
2.00
11.9

i}
0O

T
sg
in

out

Cavitating flow parameters

opt

5.52
1.43
2.96
(1.53)
15.1
1150
53.4
0.88 x lO5
0.624

105

(v 3% head drop)

T
sg
pin
Pout
Ap

cav

cav
NPSE

03

TH

ul
n

ss

/H

H
cav’ nc

[

5.52
0.78
2.26
(1.48) 10°
14.6
1150
51.8
27.9
6.65
0.195
0.099
2.19
0.967
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(1/sec)
(cst)

(m/sec)
(m/sec)

(m/sec)

(Nm)
(bar, abs)
(bar, abs)

(N/mz)

{non-dim.)

(non~dim.)

(Nm)

(bar, abs)
(bar, abs)
(N/mz)

{m)

(Watt)

(%)

(I/kg)

oo

(non-dim.)
(non-dim.)
(non-dim.)
(non-dim.)

(non-dim.)



APPENDIX V

PROGRAMME FOR LOSS ANALYSIS

Input Test Constants (data file)

Pump inlet pipe diameter

Impeller inlet diameter (tip)
Impeller exit diameter

Percentage glycol in mixture

Bulk liquid temperature

Pump speed

Number of impeller blades

Blade thickness

Impeller inlet channel depth
Impeller exit channel depth

Axial tip clearance

Impeller exit angle

Best efficiency flow

Best efficiency head

Mechanical power losses

Disc clearance

Length of neck ring gap (equivalent)
Thickness of neck ring gap (equivalent)

Leakage factor for semi-open impeller

Input Test Results (data file)

Input matrix with R = number of rows and M

Flow meter No. 1
Flow meter No. 2
Strain gauge torque
Inlet pressure

Outlet pressure

D
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= number of columns

Q2

T
Slef

pin

out

(lit/min)
(lit/min)
(Nm)

(bar. abs)

{(bar, abs)
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Input Fluid Properties (20 - 120°C) (sub-routine)

C o . 3
Liquid density p (f£(EG,T)) Ref. 6 (kg/m™)
Liquid viscosity u (£(EG,T)) Ref. 6 {cP)
Estimation of Pump Performance Parameters
Test flow rate = (Ql + Q2)/6O x 1000 (m3/sec)

5
Developed head H (Poue = p;,) 107 /eg (m)
Rotational velocity w = 27N/60 (1/sec)
1 N
Input power Ps =35 W [ng (5665/5000)] (watt)
Overall efficiency n = (ngQ/PS)

Estimation of Design Parameters

for the Closed Impeller

Inlet peripheral velocity Ul = dl/Z (m/sec)
Exit peripheral velocity Uy, = o d2/2 (m/sec)
Leakage head HL = 0.75 (U22 - Ulz)/2g (m)
Leakage area AL =T dls (mz)
-1
Discharge constant Cq = (0.08 L /2s) °
. 3 2
Leakage flow QL = CdAL (ZgHL) (m” /sec)
S1i imit (Wi - . i
ip limit (Wiesner) £ =1/In 1 (8 16 SlﬂBz)
Slip factor g' =1 - sinBy [1 - (Ellfé.iﬁé)z}
0.7 I -t
Z
3
Input flow rate Q; =Q+ Q (m” /sec)
Impeller exit area A2 = b2 (Trd2 - zt/sinBz) (mz)
Exit meridi velocity sz = Qi/A2 (m/sec)
Exit relative velocity W2 = Cm2/51n62 (m/sec)
C
: . _ 2 m2 . 2.%
Exit abs. velocity c, = [Cm2 + 5 tanBz) 17 (m/sec)
Flow coefficient b = sz/U2
coefficient p o= gH/U22
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U, C
2
Theoretical head H = l‘[U -2 m2] (m)
e g 2 tanB2
2
U U, C
2
Input head H =g’ 2 _ 2w (m)
i g g tan82
. 2
Input head coefficient wi = gHi/U2
Reaction effect T, =1 - i-w.
i 2 i
Correction for the Semi-Open Impeller
. , 1
Tip clearance ratio A= AX/E (bl + b2)
2
Leakage flow QL = gA Qopt/(l - QM) (m /sec)
Head loss factor B = 4a/3
Head loss (clearance) AH = BA Hopt/(l ~ BA) (m)
Uzz Yy Cn2
Input head H, = ¢ - - AH (m)
i g g tan82
Estimation of the Various Power Scale Losses
, , . , 2
Kinematic viscosity v = u/1000 x p (m /sec)
d2 2
Rotational Re number Rew = U2 (750 /v
Disc friction power losses:
6 1/6 d. + 5Se
. _ -4 10 3.2 72
Closed impeller: Pd(cl) = 7.3 x 10 (Re ) 5 d2 ( 3 )
w 2
(watt)
) , 1
Semi-open impeller Pd = E-Pd(cl) (watt)
External (mehcanical) Power loss P =P + P (watt)
m bs d
Mechanical scale loss § = (p + P ) /P
m bs d S
Volumetric power losses Pv = pg QL H, (watt)



Volumetric scale loss 8
Hydraulic power losses P
Hydraulic scale loss §
Predicted total scale losses $
Recirculation scale loss 8

Example: Pump H, semi-open impeller H-8-90

in

3
3
3

24.0 x 10
41.2 x 10~
56.6 x 10
50

95

6000

4 x 10~
12 x 10~
9 x 10
0.75 x 10
90

100

5.5

80

3 x 10
1

1030
0.77
105/60 x 1000
5.6

628.3

493

20.3

3

i}
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Design parameters

@]
o % 0 @ 0

[

==

-3 € o o e o

e

Scale losses

<

&

(SN o B v
B # o

<

pred

Oy O O Or O
joy

rec

17.8
0.071
7.7/60 x 1000
0.62

1.33

0.56

112.7/60 x 1000
1.31 x 107°

1.4

1.4

17.8

0.081

0.175

32.2

19.4

0.597

0.7

0.748 x 10
0.673 x 10
16.8

96.8

.196

.051

.496

. 797

. 743

.054

o O O O o O

{m/sec)

(m3/sec)

-

(m‘/sec)

(watt)

(watt)
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PROGRAMME FOR ESTIMATING THE B-FACTOR FOR BINARY MIXTURES

Input Liquid Properties

Bulk temperature

Glycol concentration in the mixture
Saturation vapour density
Saturation liquid density

Specific heat of the liquid
Equilibrium vapour pressure

Molar fraction glycol in mixture
Latent heat of vapourization (EG)
Latent heat of vapourization (Hzo)
Thermal cooling

Saturation curve slope

dpv/dT

(°K)

(% weight)
(kg/m’)
(kg/mB)
(J/g °K)

{bar, abs)

(J/qg)
(3/9)
(J/kq)
{bar /°K)

9.1 and 8.2, X from

Py from fig. 9.1, sz from fig. 9.2, P, from fig.
9.4, LEG and LHzO from fig. 9.5, dpv/dT from fig. 8.1.
Estimation of Mixture Properties
£ = {
(pv)water corrected for local pressure <Qv)water
(p ) p—Ti%i
v ' Clapeyron v Lmix dar
= X L + (1 ~ L
Lmix EG ( X) H2O
. . , Cpﬁ Py
Growth restraint factor 1y B e T
mix L, 0
mix “wv

T found from figures 9.14 and 9.15 (ref. 15 and 150} .

(3/9)



Correction for growth restraint:

mix

mix

Correction for growth restraint

mix

mix

where C . = (n > 1)
mix

mix

Example: Pump J, semi-open impe

mix

w

v o mix

and nuclei number:

ller J-6-50, 4000 rpm, 240

200.

1/min, single

entry and discharge, gas content &~ 25% sat.,, 10% head drop.

T = 90
EG = 52
(pv)clap. = 0.383

p2 = 1020
C = 0.87 x 4.187
pL
P, = 0.54

X = 0.23

LEG = 245 x 4.187
LHQO = 545 x 4.187
L . = 476 x 4.187
mix

AE = 1.7

\

B = 2,65

B = 3.5

I‘bmix = 1.46

B, = 4.0

mix

B . = 6.8

mix

B . 7 = 5.7 for C
mix

B ! = 9.6

ml

~
— 4l <

mix 1'jmix

{°c)

(% weight)
.3
(kg/m")
(kg/m”)
(J/g °K)
{(bar, abs)

(J/g)
(J/g)
(J/q)
(J/kq)
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Comparison of 2 Methods to Estimate B

AEV ~ based on L and pv of water corrected for the local pressure of
the liqguid.
kk
AE - based on L_, according to equation 9.2 and o - from the
v mix v

Clapeyron equation.

B =4
90°¢
* * k

% EG AE AE

v v

(J/kg)

10 2.45 2.50
20 2.29 2.31
30 2.21 2.15
40 1.89 1.83
50 1.62 1.69
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